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RTM PROCESSING OF HIGH PERFORMANCE
COMPOSITES

Walter Krenkel, Volkmar Dollhopf

DLR Institute of Structures and Design, Pfaffenwaldring 38-40 70569 Stuttgart, Germany

SUMMARY:  Resin transfer moulding (RTM) has a high potential for the cost effective
manufacture of net-shaped structures of continuous fibre reinforced polymer composites. The
future application in primary structures requires the reliable processing of resins which
polycondense during curing, resulting typically in a high release of gaseous products. The
basic approach of this paper was directed towards the development of a technique applying a
condensation-like polymer and fibre preforms of carbon, ceramic and quartz fibres with high
fibre volume contents of 50 to 65 %, resulting in void-free composites which are competitive
to autoclave processed parts. A RTM process has been established which allows the
infiltration of fabrics of nearly any shape and contour. Processing details as well as
mechanical properties which have been evaluated at temperatures up to 300° C are described.

KEYWORDS:  resin transfer moulding, viscosity, polycondensation, polystyrylpyridine, 2D-
fibre architecture, permeability

INTRODUCTION

The resin transfer moulding process is a well known technique for the injection of a liquid
thermosetting resin matrix into a closed mould containing a positioned fibre preform of
continuous fibres. Principally, the RTM technique is one of the most promising
manufacturing processes for high performance composites with respect to costs, as expensive
raw materials like prepregs are not necessary. Additionally, the  process can be principally
fully automized e.g. by cutting the preforms with water jet or by stacking the preforms with
roboters into the moulds. In the past, many investigations have been conducted concerning
numeric modelling and simulations of the RTM process and manufacturing of prototypes. For
that, specifically fabrics with low flow resistance and one-part epoxy resin systems, specially
adapted to RTM conditions, have been developed [1,2].

Nevertheless, to compete with other composite manufacturing routes and to enter the civil
engineering market with composite primary structures, high fibre volume fractions of more
than 50 % of commercially available fabrics must be achieved via RTM. Additionally, high
temperature matrix systems, often cured via a polycondensation reaction, must be available as
resins of low viscosity. Resins, which polycondense during curing, result typically in a high
release of gaseous products, which consequently lead to a more or less porous matrix when
processing in a closed mould, resulting in poor mechanical properties.
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In this study, the resin polystyrylpyridine (PSP) has been chosen to establish a RTM
technique which should solve these problems exemplarily and, demonstrate that high
performance composites with nearly void-free matrices and high fibre volume contents can be
fabricated reproducibly. PSP resin, prepared from the polycondensation reaction of a
methylated pyridine and aromatic dialdehyde, was originally developed by the French
company SNPE and modified by Dow Chemical [3,4]. This commercially available polymer
exhibits excellent thermomechanical properties and very good flame resistance but failed to
attract widespread commercial application because it requires a long cure schedule and
evolves volatiles during the polycondensation curing. Nevertheless, this one-part polymer is
an attractive candidate as a matrix system for structures of aero-engines and aircrafts.

MATERIAL DESCRIPTION AND MOULD DESIGN

Generally, the resin’s viscosity should be as low as possible when infiltrating the highly
packed array of fibres in the mould. This is desirable since high injection pressures may cause
mould deformation or fibre wash-out, i.e. the reinforcement is washed away from its original
position. The mould should be heated to a temperature where the resin reaches the desired
viscosity. This is not necessarily the lowest possible one, since higher temperatures not only
reduce the viscosity but also reduce the time of gelation. The key point for infiltration is
therefore to determine a mould temperature providing a viscosity as low as possible without
causing premature gelation. During curing, polycondensation-like resins form volatile by-
products like vapour which may lead to a high content of voids in the finished composites. As
a consequence, the curing pressure must be beyond the vapour pressure, resulting in stiff and
tight moulds of steel.

At room temperature, neat PSP resins are solid with a density of 1.14 g/cm³. When increasing
the temperature, the viscosity of the resin decreases drastically and reaches the lowest value of
about 15 mPas at 200° C. The time remaining at this viscosity amounts to 30 minutes which
seems to be sufficient for the infiltration of even large and complex shaped reinforcements.
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Figure 1: Viscosity of PSP resin at constant temperatures after heating-up with 2 K/min
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Nevertheless, lower levels of constant temperatures combined with a higher viscosity increase
the time of injection considerably (Fig. 1). As a good compromise between low viscosity and
long infiltration time, a infiltration temperature of 170° C was chosen for all studies.

Commercial 2D-fabrics of carbon, ceramic and quartz fibres have been used as reinforcement
(Table 1). The carbon fibres were evaluated in all common modifications of high tenacity
(HT), intermediate modulus (IM) and high modulus (HM), representing typical
reinforcements for structural CFRP components. Ceramic and quartz fabrics were investigated
with three different types of fibres as possible reinforcements for composites with more
functional properties, i.e. in radome applications. The number of filaments, the fibre radii and
the areal weight in terms of gram per m² differ considerably for all materials. As a result, a
variable number of fabric layers were necessary to keep the fibre volume contents relatively
constant in the mould.

Table 1: Typical data of woven fabrics used as reinforcements

Material Fibre Type Weaving
Mode

Filament
Number

Fibre
Radius
[µm]

Areal
Weight
[g/m²]

Fibre
Density
[g/cm³]

Akzo  HTA Plain 3000 3.5 245 1.76
Carbon Toray  T800 Plain 6000 2.5 270 1.81

Toray  M40 Twill 2/2 3000 3.25 200 1.81

Ceramic
Nicalon
NL 207

Plain 500 7 275 2.55

Ube Tyranno
Lox M

Plain 1600 5 260 2.37

Quartz Ciba Lyvertex
20766

8 H Satin 68 7.5 290 2.32

A composite panel size of 300 x 300 x 3 mm³ was selected to be suitable for principal
investigations. An injection mould has been manufactured, designed as a two-chamber mould
with an integrated reservoir for heating-up the resin as well as the fibres simultaneously
before infiltration. The RTM mould was fabricated out of a steel alloy to ensure durablility
and to allow high internal pressures without any essential deformations. To protect the steel
against acid agents while curing, the mould was coated with chromium as a corrosion-
resistant surface coating. The mould was tightened with plates and covered with electric
cartridge heat elements and insulation packages of glass felts to ensure a homogeneous
temperature distribution within the total mould. A cross-view of the RTM-mould is depicted
in Fig. 2, showing the basic elements of this injection tool.

For impregnation, the dry preform of fibre reinforcement was arranged into the fibre chamber,
whereas the solid resin was placed into the resin chamber, both connected by a tubular
channel. After closing the mould the total arrangement was set up vertically as shown in Fig.
2. Two valves, each on the top of the two chambers, ensured the flow of the resin into the
fibre chamber after reaching the infiltration temperature. The valve in the resin chamber was
connected with a tank of pressured nitrogen to facilitate the injection as well as to apply the
necessary pressure while curing. The ventilation port at the rear side of the fibre chamber was
connected with a vaccuum pump to evacuate air and volatiles before and during infiltration.
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Figure 2: Two-chamber RTM-mould
1 Gas inlet 4 Resin chamber
2 Steel frame 5 Fibre chamber
3 Sealing 6 Ventilation port

As the resin was embedded before melting and as the mould was hermetically gas tight except
the valves, any exposure of workers to chemicals and toxic volatiles could be excluded. This
was one essential goal of the mould design ensuring a high process safety and acceptance for
a future usage as a medium to high volume production facility.

PROCESSING PARAMETERS

The resin flow through a three dimensional fibrous preform can be described by Darcy’s law
in vectorial form :

V K p= − ⋅ ⋅ ∇
1
η

(1)

where η is the viscosity, p the pressure, V  the infiltration velocity and K  the tensor of

permeability. If one considers the vertical position of the mould and assumes a horizontal
resin front, which is constant over the preform’s thickness, the infiltration kinetics can be
written one-dimensional as

V
k

L
p= − ⋅ ⋅

1
η

∆ (2)

where L is the length of the preform and k the permeability in the direction of infiltration. The
macroscopic flow in the mould is governed mainly by the geometry of the fibre architecture,
i.e. by the fibre volume content Φ and the fibre radius r [5,6]. The permeability k can then be
expressed by the formulation of Carman and Kozeny
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with Kz as the Kozeny constant.

This equation indicates for example that for fibre contents of 100 % or for infinitively small
fibres, respectively, the permeability leads theoretically to zero. Vice versa, the infiltration
velocity increases with thicker fibres and lower fibre volume contents. Practically this means
that fibre preforms made of T800 fibres show half of the infiltration velocity of HTA
preforms with the same fibre content, because of their by 30 % thinner fibre radius (see Table
1).

To validate the theory, a number of tests have been conducted. In several pre-tests the
permeability constant k has been determined experimentally for carbon fabrics. With HTA
plain woven fabrics of 61 % fibre content, k amounts to 1.63⋅10-11 m², corresponding to a
Kozeny constant Kz of

Kz = 0.03

Assuming, that this is a material constant for this kind of preform and mould, the dependance
of k on fibre radius r and fibre volume content φ can be determined according to equation (3).
Fig. 3 shows this relationship for technical relevant values of r and φ in general.
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Figure 3: Relationship between permeability and fibre volume content and fibre radius,
respectively, for HTA carbon preforms

With these results, an estimation of a suitable RTM cycle in terms of pressure difference ∆p
and the infiltration time t for a complete preform impregnation can be conducted. By
transformation of equation (2) one obtains the equation for the pressure difference between
the two ends of the preform
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∆p
L

k t
=

⋅
⋅ ⋅

2

2

η
(4)

Fig. 4 shows graphically for three distinct viscosities, that low pressures below 1 bar can only
be achieved with long infiltration times of up to 30 minutes for HTA preforms of the required
impregnation length of 300 mm. Considerably faster impregnations within 10 minutes are
possible with preforms of fibre contents lower than 60 % and applied pressures up to 10 bar.
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Figure 4: Required pressure difference ∆p vs infiltration time t for the impregnation of HTA
carbon fibre preform of 300 mm in length

These calculations and the rheological properties of PSP resin lead to a RTM manufacturing
cycle which has been standardized for all investigations, i.e. each fabric was infiltrated with
the same process parameters. Generally, this process can be divided into four major steps:
•  Melting of the resin in the heated mould,
•  Infiltration of the preform at 170° C under low pressure,
•  Degasing of condensates between 170° C and 208° C,
•  Polymerisation under high pressure (21 bar).

Prior to infiltration, woven fabrics were cut to size and reliably stacked into the fibre chamber
to obtain controlled fibre volume contents of 50-65 %. Orthotropic as well as quasi-isotropic
lay-ups have been examined. After sealing and closing the mould, both chambers were heated
up simultaneously with a rate of 2 K/min up to 170° C without any pressure. The duration of
infiltration depended on the permeability of the fabric and the applied pressure difference,
which was determined from the process simulation parameters. In all cases, the mould
temperature increased after 30 minutes with a heating rate of 0.5 K/min up to the curing
temperature of 208° C. During this period, the ventilation port of the fibre chamber was open
to allow volatiles to escape. Polymerisation was conducted at 21 bar, i.e. beyond the vapour
pressure of water at this temperature. The composite panels were cured for 8 hours at 208° C
within the mould. After cooling they were removed from the mould and partly post-cured in
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an oven at 240° C for 8 hours. Fig. 5 shows the main steps of the selected RTM cycle in
combination with the curve of the resin’s viscosity.
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Figure 5: Manufacturing cycle for the resin transfer moulding of PSP resin into woven
fabrics

EXPERIMENTAL RESULTS

After curing and post-curing, respectively, the microstructure of the composites has been
examined by SEM microscopy. Typically, only cured samples showed a matrix which is
nearly free of voids and encloses the fibre filaments with a high degree of regularity (Fig. 6).

The open porosity, measured via water absorption by the Archimedes method, lay in the range
of 1 %, corresponding to a density of ca. 1.50 g/cm³ for carbon fibres, 1.65 g/cm³ for the
SiO2-quartz fibre reinforcements and 1.75 g/cm³ for the composites reinforced with ceramic
fibres.

After post-curing, a certain amount of transversal cracks occured in the matrix, due to the
mismatch of thermal elongations between fibres and the relatively brittle matrix. As a result,
the open porosity was measured to be twice the one of the non-treated samples.

Mechanical tests have been conducted at temperatures up to 300° C to evaluate the thermal
stability of the composites. In place of all fibre variations, only carbon fibre reinforced
composites will be described in the following. All post-cured samples showed relatively
constant levels over the temperature concerning short beam strength with the lowest values
for HM fibres (Fig. 7). The post-curing treatment led to a strong and stable bonding between
the carbon fibres and the matrix, even at high temperatures.
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Figure 6: SEM micrograph (100 x) of a CFRP composite with 57 % fibre volume content.
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Figure 7: Interlaminar shear strength vs testing temperature of CFRP composites before and
after post-curing at 240° C / 8 h

In contrast, only the cured samples showed a high degree of dependance on test temperature
and fibre type. Differing widely at room temperature, all ILSS values at 300° C were far
below the strength levels of post-cured materials at the same temperature indicating the
necessity of the post-cure step after curing to get a composite of high thermal stability.
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Additionally, plates with thicknesses of 1 to 30 mm (Fig. 8) as well as thin walled tubes of
300 mm length have been fabricated in similar moulds with the same RTM process. First
prototypes with complex geometries like blades and vanes have been realized for
demonstration purposes and have shown the feasibility of this RTM technology for the
manufacture of high performance components in principal.

Figure 8: Examples of CFRP plates with various thicknesses, manufactured via RTM

CONCLUSIONS

A process for resin transfer moulding has been established using commercially available 2D-
fibre fabrics and polystyrylpyridine resins. Carbon, quartz as well as ceramic fibres have been
embedded in a mould of steel and impregnated with a RTM cycle, derived from numeric
simulation models based on Darcy’s law. A suitable design of the mould as the most critical
step to achieve homogeneous and thermal stable matrices via condensation-like resins has
been realised. Despite of the relatively long processing times and the still labour intensive
manufacture, a RTM equipment is now available which allows the near-net shape fabrication
of components with high fibre contents. These investigations demonstrated the suitability of
the RTM technology for high performance composites in advanced aerospace and automotive
structures.
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SUMMARY: Void shape, size and content were investigated in laminates containing two
different carbon reinforcements, manufactured by resin transfer moulding (RTM). The effect
of voids in each laminate system on the interlaminar shear strength was determined and a
difference in the void-strength relationship between the two laminates was observed. The
difference was correlated to the variation in void morphology, arising from the different pore-
space geometries of the reinforcements. The fracture mechanism of the short beam shear test
and the effect of voids on crack failure behaviour during this test were investigated.  Cracks
were observed to initiate from medium to large sized voids with sharp corners, but not from
small spherical voids. Voids were also observed to affect the crack propagation path, with
cracks terminating at voids.

KEYWORDS:  voids, resin transfer moulding, fracture mechanisms, interlaminar shear
strength

INTRODUCTION

The basic aim of the resin injection stage in resin transfer molding (RTM) is to completely fill
a reinforcement preform with resin without the formation of defects. Defects can cause a
reduction in the mechanical properties of polymer composites [1]. Defects common to the
RTM laminate are commonly referred to as dry spots, voids or porosity [2]. A dry spot is
defined as a region of preform that has not been filled by resin while porosity is primarily
caused by  the mechanical entrapment of air or volatiles [3-5]. This entrapment arises from
the combination of an irregular resin flow front and obstructions within the reinforcement,
such as crimps and stitches [5]. Leaks are a problem in vacuum-assisted RTM, allowing air to
displace resin from the impregnated preform and thus creating voids.

Lundstrum et.al. have shown that voids formed within fibre tows have the shape of cylindrical
tubes, while voids formed between tows resemble spherical bubbles [6]. The size and
geometry of the free space located between fibre tows is a function of the fabric design and
level of compaction within the preform. This free space influences the  morphology of
bubbles, which are not always spherical in shape. Therefore, RTM laminates with different
reinforcements will have different void shapes and sizes. The mechanisms of void formation,
the level of bubble transport during mould filling, and void stability during cure will
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determine the distribution and content of voids within the laminate. Parameters such as
injection pressure, vacuum assistance, resin viscosity and wet-out all influence void
formation, stability and transport during the RTM process [3,6].

The effect of voids on the mechanical properties of polymer composites has been reported in a
number of papers. Many researchers use the interlaminar shear strength test (ILSS) to
investigate the effect of voids on the strength of a laminate.  A comparison of published
results shows a significant variation in the decrease in strength caused by void content.
Ghiorse determined that the  differences can be related to the accuracy of the void content
measurement technique used [7]. Oliver et.al.  showed how void size differences within
prepreg laminates of identical void content can cause a difference in the extent of strength
reduction [8] while Hancox suggested that void locations, shapes and sizes may influence the
values of measured strengths [9].

While previous research studies have identified the general morphology of voids in RTM
laminates, and other research studies have suggested that void morphology influences the
level of strength reduction, there is a lack of research combining these two areas. The
objectives of this study were to determine how different fabric types influence the size, shape
and distribution of voids within carbon/epoxy RTM laminates, and how the nature of voids
formed within the laminate affect the interlaminar shear strength. It is considered important to
combine property data on void-strength effects with detailed investigations into the void
location,  shape and size for  specific laminate systems to help determine the mechanism by
which voids reduce the ILSS. Post-test optical image analysis studies of defective and non-
defective RTM laminate coupons were also carried out to determine the types of failure
cracks common to the ILSS test, and how such cracks interact with voids.

EXPERIMENTAL

Specimen Manufacture

Carbon/Epoxy Laminates

Two laminate systems were selected to determine the effect of void shape, size and location
on the interlaminar shear strength. The difference between the laminates was the type of
weave for the carbon reinforcement selected. Two 3K AS4 carbon fibre fabrics, supplied by
Ciba Composites, a plain weave of  200 g/m2 and a 5-harness satin weave of 285 g/m2 were
used. Figure 1 shows the weave geometry of each fabric type. The epoxy was a three part
system (Araldite F), containing LY 556 resin, HY 918 hardener and DY 052 catalyst. The mix
ratio was 100:90:1 (resin:hardner:catalyst). The fibre volume fraction was calculated as 57%
for both laminates.

Laminate Manufacture

The laminates were manufactured by RTM using a pressure pot as the injection source. An
aluminium mould base with cavity dimensions of 480 mm x 13 mm x 3.2 mm was used, with
a toughened glass plate as the mould top. Resin was injected at one end of the mould, and air
was removed from the opposite end. A partial vacuum (-80 kPa) was applied to the mould
outlet during injection. The injection pressure was 200 kPa, and the mould temperature was
20°C. After injection the laminates were cured at 80°C for one hour.
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                Plain Weave                        5 Harness

Fig. 1: Schematic diagram identifying reinforcement geometry for a plain weave and 5-
harness carbon fabric

Defect (Void) Formation

Defective laminates were produced with varying levels of porosity content. This was achieved
by intentionally producing a dry spot within the panel. The level of porosity around the
perimeter of a dry spot varied from 0 to 20% void volume fraction (Vv). During the initial
stages of injection the resin was allowed to “racetrack”  around the perimeter of the preform.
The resin reached the outlet before the preform was completely filled, resulting  in the
formation of an unfilled region. The inlet end of the panel was already completely filled out
when the dry spot was originally formed. The porosity content within the inlet region of the
panel was between 0 and 2%Vv. The flow front through the preform in this region of the
panel was relatively smooth, with the resin flow front between the tows slightly ahead of the
flow front within the tows. Any bubbles formed were flushed towards the flow front edge
near the dry spot perimeter. When the dry spot was trapped, the flow front around it became
slow and irregular, with resin leading within the tows. This lead to the entrapment of voids
between the tows around the perimeter of the dry spot. During the early stages of cure, the
resin continued to move into the dry spot region within the tows, while porosity remained
between the tows.

Void Content Determination

The void content, shape, size and location within a section of the laminate  was determined by
Optical Image Analysis. The image analysis system included a Reichart optical microscope, a
Videk camera, a Videk Megaplus frame grabber, and a Macintosh computer with the image
analysis software Image 1.58. Non-destructive Ultrasonic C-scan inspection was also used to
determine the void content throughout a laminate panel. The equipment used was an
Infometrics “Test Pro” system and a Meccasonic laboratory scanning tank. The Test Pro is a
PC based ultrasonic testing instrument incorporating scanning frame control. Ultrasonic
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signals were provided by a Panametrics receiver (model 5052PR), driving a 15MHz focused
probe. The total system gain was 26 dB. The scanning grid was 1mm x 1mm.

In selecting an ILSS test coupon, a laminate section adjacent to it in the panel was used to
estimate the void content of the mechanical test specimen. This was done by locating two
adjacent samples which contained the same level of surface porosity and the same level of dB
loss. The level of surface porosity was determined by OIA. The level of dB loss was
determined by C-scan analysis. One of the adjacent sections, which had the same dimensions
as the potential test coupon, was then cross-sectioned into three segments. The samples were
mounted in polyester resin, and finely polished by an automatic Prepamatic polishing
machine. The porosity content was determined at X32 magnification, with 6 random areas
chosen from each of the three segments. The average of 18 measurements was calculated and
taken to be the volumetric porosity content of the coupon.

Interlaminar Shear Strength Testing

The interlaminar shear strength test was conducted according to the short beam shear test
method ASTM D2344. Fifty samples for each laminate system were selected from defective
laminates, which contained varying porosity contents, to determine the effect of void content,
size, shape and location on the interlaminar shear strength. The ILSS coupons were prepared
by cutting with a diamond saw, and the sides polished with 400 wet and dry paper to remove
any flaws caused by cutting. The tests were performed using an INSTRON 4505 mechanical
testing machine. A 100 kN load cell was used, with the crosshead speed set at 1.3 mm/min.
The dimensions of the specimens were 19.2 mm x 6.4 mm x 3.2 mm.

RESULTS AND DISCUSSION

Void Characterisation for Carbon/Epoxy Laminates

Void Shape

A comparison of the voids present in the two carbon fabric composites was made  for the
laminates containing less than 10%Vv porosity. In the plain weave laminate, the most
common void shape observed between the tows was an elliptical bubble, as shown in Fig. 2.
At the ply interface, the bubbles were observed to be linked, forming a much larger void, but
this void tended to retain a symmetrical shape, with the corners avoiding a low radii of
curvature. For the 5-harness weave laminate, the shape of voids located between tows ranged
from elliptical to the more common asymmetric shaped void, as shown in Fig. 3.  The radii of
curvature of the asymmetric voids varied between 5 and 20 µm for the 5-harness fabric,
compared with 35 to 110 µm for the elliptical bubbles observed in the plain weave fabric, as
shown in Fig. 4. The higher irregularity in void shape for the 5-harness fabric compared to the
plain weave fabric can be explained in terms of the fabric design.

The 5-harness fabric is a much tighter knit compared with the plain weave fabric, as shown in
Fig. 1. The distance between adjacent fibre tows for the plain weave fabric is typically 0.5
mm, compared with 0.1 mm for the 5-harness fabric. The available space at a fibre tow
intersection is larger than that between adjacent tows for both fabrics. A plain weave fabric
contains five times more fibre tow intersections per ply than a 5-harness fabric. A plain weave
fabric, therefore, would be expected to accommodate larger bubbles with more energetically
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favourable shapes at fibre tow intersections. This was confirmed by through-thickness OIA of
void-containing laminates.

Fig. 2: Micrograph showing void morphology in the plain weave carbon  laminate

Fig. 3: Micrograph showing void morphology in the 5-harness carbon laminate
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Fig. 4: Distribution of radii of curvature of voids located in the plain weave and 5-harness
laminates

Void Size and Distribution

The size of each void was characterised by its cross-sectional area, for a known void content.
This showed that the 5-harness composite contained a higher quantity and distribution of
small voids (usually asymmetric in shape), than the plain weave laminate, which contained a
higher level of medium to large voids, but a relatively low quantity of small voids.

The majority of the large voids within the plain weave laminate did not contain sharp corners.
This contrasted with the 5-harness laminate where, within the 5 to 8.6%Vv range, the majority
of the available pockets between tows were occupied by a sharp-cornered void.

For the plain weave fabric the size of voids which incorporated no more than two adjacent
fibre tow intersections varied from 50 µm to 1.2 mm in length, and 20 to 500 µm in height.
For the 5-harness fabric, the size of an equivalently positioned void ranged from 50 µm to 3
mm in length, and 20 to 350 µm in height. With a loose knit design, such as the plain weave
fabric, voids had greater through-thickness linkage, while for the 5-harness fabric voids had
greater in-plane linkage.

Effect of Porosity on ILSS for Carbon/Epoxy Laminates

Level of ILSS Reduction

Fig. 5 compares the effect of porosity on the interlaminar shear strength for the two different
laminate systems. For the 5-harness fabric laminate the trend showed a 7% reduction in ILSS
per 1% increase in porosity up to 10% Vv. The plain weave fabric laminate showed a 4%
reduction in ILSS per 1% increase in porosity over this range.
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Fig. 5: Effect of porosity on ILSS for Carbon (5H,3K)/Araldite-F RTM laminate and for
Carbon (plain weave, 3K)/Araldite-F RTM laminate

The failure of the short beam shear coupons tested in this study were mainly dependent on the
formation of a series of inter- and intra-laminar cracks, rather then by one single crack. The
effect of voids on reducing the strength of the laminate can be observed by its influence on
crack failure.  Intralaminar cracks were observed to initiate at voids, as seen in Fig. 6 [11].
These intralaminar cracks propagated to the ply interface, and were transformed into
interlaminar cracks.

Fig. 6: Micrograph of failed ILSS coupon showing crack failure at voids.
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The difference in the effect of porosity on the ILSS for the plain weave and 5-harness
laminates, seen in Fig. 5, can be attributed to the void morphology, size, and distribution
[8,9]. Firstly, the 5-harness fabric contains a higher level of asymmetric voids with corners of
lower radii compared with the more symmetrically shaped elliptical voids within the plain
weave composite. Voids of lower radii of curvature lead to higher stress concentrations [10].
Therefore, a crack is more likely to initiate at a sharp void than a smooth-cornered void. In
addition, the voids in the 5-harness laminate were of greater length, which results in a higher
stress intensification [11]. Furthermore, cracks are likely to be initiated in a 5-harness
laminate at a lower applied stress due to the higher population and distribution of voids
throughout the laminate.

Post-mortem Study of ILSS Coupons for Carbon/Epoxy Void-Free Laminates

Microcracks

Further analysis of ILSS carbon/epoxy  composite beams showed the presence of resin
microcracks at the initiation point of intralaminar and interlaminar cracks  within the central
region of the beam. It appeared that crack initiation occurred at the fibre/matrix interface, with
the microcracks being oriented at 45ο to the longitudinal fibres, and ultimately coalesceing
into larger intralaminar and delamination cracks. The form of these cracks were similar to
those referred to as 'shear hackles' which are a fracture characteristic observed in mode II
studies. They have been identified as a series of parallel platelets of fractured resin formed
perpendicular to the maximum resolved tensile stress[12].

CONCLUSIONS

The main findings of this study were:

• The 5-harness laminates contained a greater number of small asymmetric voids than the
plain weave laminates, which contained larger, spherical voids. This is attributed to the
different reinforcement geometry and resulting 'free' space within the fabric .

• The reduction in ILSS for plain weave laminates was less than that of 5-harness
laminates with comparable void content. This resulted from the greater numbers of
cracks formed in the 5-harness laminates due to the higher population of sharp-cornered
voids.

• Both intra and inter-laminar cracks formed during ILSS testing and resin microcracks
were also observed. Voids acted to initiate cracks.
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SUMMARY:   Resin transfer molding (RTM) is an attractive process of fiber reinforced
polymer composite manufacturing.  The permeability of the preform or flow mobility is an
important parameter which indicates all the detailed microscopic interactions between the
fluid and the fiber preform architecture.  It influences the flow of resin in the mold.  This
work took random distributed continuous glass fiber mat as an example which is widely used
in RTM process, studied the relationship between preform permeability and fiber volume
fraction in the mold. The influence of the preform architecture on the permeability and mold
filling time as well as resin impregnation was analyzed.  The relationship between
permeability and mold filling time was investigated.

KEYWORDS:  resin transfer molding, preform permeability measurement, polymer
processing

INTRODUCTION

Resin transfer molding (RTM) is an attractive process for polymer composites manufacturing.
In this process, a fiber preform of reinforcing material is placed in the mold.  The mold is then
closed, and the precured resin is injected into the mold.  The resin impregnates the fiber
preform and fills the mold where it cures to create a composite part.

The mold filling pattern for flow of a fluid through the fiber preform depends on a number of
parameters.  The part geometry, the location of the injection gates, injection pressures or flow
rates are perhaps the most obvious ones. Another parameter which will influence the mold
filling pattern is the structure of the fiber preform.  Fiber preforms with different geometries
or fiber arrangements will offer different resistance to the flow[1].

Most liquid composite molding (LCM) such as resin transfer molding (RTM) and structural
reaction injection molding (SRIM) mold filling models apply Darcy’s law in which the flow
characteristic of the fabric reinforcement is represented by the permeability[2]. For one-
dimensional flow of Newtonian fluids, the Darcy’s law is given by

                                                              u
k dp

dx
= −

µ
                                 (1)
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in which u is the volume averaged velocity in the porous medium, k is the permeability of the

porous medium, µ is the viscosity of the fluid and 
dp

dx
 is the pressure drop.

Although the permeability of simple fibrous structures such as unidirectional fibers with ideal
packing can be predicted[3], most of commercially used fabric reinforcements do not have
simple structure and their permeability has to be measured experimentally[4].

The random distributed continuous glass fiber mat is a kind of reinforcement which is widely
used in RTM process.  The measurement of its permeability will give a great help to the
composites industry.  In this work, the permeability of different volumes of random
distributed continuous glass fiber mat reinforcement in the mold was measured.  In order to
compare the permeability between random distributed continuous glass fiber mat and other
different structure reinforcement, the permeability of certain volumes of bi-directional woven
fabric in the mold was measured too.  The relationship between the permeability of glass fiber
mat and the mold filling time was investigated, and the influence of the preform architecture
on the permeability and mold filling time as well as resin impregnation was analyzed.

EXPERIMENTAL

Materials

The measurement liquid is DOP oil (diphenyl-octyl-phthalate).  Its viscosity was a function of
temperature and ranged from 0.038 to 0.050 Pa • s (38 to 50 cp) at room temperature.  A vinyl-
ester resin (MFE-2, Hua Chang Polymer Corporation, Shanghai) was used for analyzing the
difference  of the permeability and the mold filling time between random distributed
continuous glass  fiber  mat and bi-directional woven fabric.    The viscosity of the resin was
0.45 to 0.55  Pa • s(25°C, spinning viscosity meter) at room temperature.

The two types of glass fiber mats were random distributed continuous glass fiber mat of
450g/m2  surface density ( Nanjing Institute of Glass Fibers, Nanjing) and a bi-directional
woven fabric of 283g/m2 surface density (Yao Hua Glass Fiber factory, Shanghai).

Equipment

In this work, the one-dimensional flow experiments were conducted.  A rectangular mold
cavity was created by placing a 4 mm thick spacer between two platens of metal.  The cavity
dimension was 250×110×4 mm. The spacer was drilled at both ends to create an end gate and
a vent directly across from the gate.  The fiber mats were positioned in the mold cavity 10 mm
from the inlet to leave the injection point uncovered.  Thus, it eliminates radial flow and
create a line source for axial flow.  The liquid was forced through the molds from a pressure-
pot system.  The fluid flow was measured at a mold exit with volumetric measurements.  The
pressure was measured at the inlet with a pressure transducer.

Permeability Measurement

It is well known that many of the difficulties in the experimental permeability measurement of
composite reinforcements lie in the cutting and handling procedures required to place the
materials in the experimental molds [5].  Therefore, the fiber reinforcements are prepared and
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placed in the mold very carefully in order to minimize the edge effect and achieve constantly
reproducible results.

Assuming Darcy’s law is valid during the mold filling, then the flow Q and pressure p data
collected during the experiments were analyzed to get the permeability values.  The surficial
velocity u was computed by dividing the flow by the total cross sectional area of the fluid
flow path A and the superficial velocity was then plotted as a function of the pressure
gradient.  According to the Darcy’s law, the slop of a linear least squares fit of the data is k/η.
The value used for the fiber volume fraction was the total preform weight divided by the
approximate density of glass (≈2.5g/cm3).

In the actual permeability measurement, because the flow leakage along the side of the fabric
reinforcement, the effective permeability must be larger than the real values.  In fact, the edge
effect is unavoidable in the one-dimensional flow in the actual production.  Therefore, here
the effective permeability were measured.

If we want to account for the edge effect, the proposed method estimating the edge flow effect
in  Ref. 6 can be used.  The method in Ref. 6 can be summarized as following.  In the
unidirectional flow measurement, in addition to the central region with bulk permeability kc,
the regions  near  the side walls are assumed to be with a different permeability ke,,  as shown
in Fig.1. Using two fiber samples with  different widths, we can derive the following
relationship,

Q L

hp
W k W k k W ke e c c

1

1
1 1 12

µ
= = − +( )                   (2a)

Q L

hp
W k W k k W ke e c c

2

2
2 2 22

µ
= = − =( )                             (2b)

where the subscripts 1 and 2 represent two different sample widths, and k1  and k2 are the
effective permeabilities.
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Fig. 1: Schematic of the edge flow effect in unidirectional flow
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RESULTS AND DISCUSSIONS

In-plane Permeability of Random Continuos Fiber Mat

For random distributed continuous glass fiber mat, the measured effective permeability and
calculated permeability using the empirical model suggested by Raymond Gauvin et al. in
Ref.7  are shown in Table 1 and Fig. 2.

Table 1:  The measured and calculated permeability data  for random distributed continuous
glass fiber mat

Layers
of fiber
mat  n

Fiber volume
fraction vf

Measured effective
permeability k /×10-9

m2

Calculated
permeability k /×10-9

m2

4 0.180 2.83 2.92
5 0.225 1.76 1.88
6 0.270 1.23 1.42
7 0.315 0.97 1.15
8 0.360 0.85 0.96
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Fig. 2:  The relationship between permeability k and fiber volume fraction vf

From Table 1 and Fig. 2, it can be seen that the fiber volume fraction in the mold has the
important effects on the preform effective permeability.  For in-plane permeability of random
continuous glass fiber mat, the relationship can be roughly expressed as

where n is the number of layers of fiber mat, ξ the surface density of the reinforcement (g/m2),
H the laminate thickness (m) and ρg the glass mass density (kg/m3).
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The experimental data of effective permeability is close to the calculated permeability using
the empirical model for the permeability prediction of continuous strand reinforcing mats by
Raymond Gauvin et al. in Ref. 7:

                            k a b c= + exp( )φφ    for 0.65≤φ≤0.90              (4)

where φ is the porosity.  Taking a, b, c from the Table 2 of Ref. 7 (U101 from Vetrotex, they
are 736.6, 4.46×10-3, 15.95 respectively).

Filling time vs. Effective permeability
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Fig. 3: The relationship between mold filling time t and permeability k

Fig. 3 shows the relationship between mold filling time t and measured effective permeability
k. it indicates, at a constant flow rate (here 10ml/s).  The higher the permeability, the shorter
the mold filling time is needed.

In the experiment, some considerations must be taken into account. The volume of the fiber
reinforcement can not be too high and too low.  If the volume fraction of the fiber is too high,
it is very difficult to close the mold.  The excessive clamping forces must be applied, which
will cause the deformation of the mold. The higher fiber fraction and lower permeability in
the mold need higher mold filling pressure which may cause the deformation of the mold or
make the reinforcement deform.  It will affect the distribution of the preform in the mold.  In
molding practice, it decreases the size accuracy of the molded parts and the deformed
reinforcement will affect the properties of the designed article.

If the volume fraction of the fiber reinforcement is too low, The preform may slip and form
wrinkles or fold locally, when the fluid passes through the fiber preform.  A small change in
flow rate or filling pressure can be sensed during mold filling.

The effects of the preform architecture

Fig. 4 shows the comparison of the mold filling time for random distributed continuous glass
fiber mat with bi-directional woven fabric.

In order to analyze the effect of the architecture of the fabric reinforcement on its
permeability, the bi-directional woven fabric was chosen as an example to compare with the
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random distributed continuous glass fiber mat.  We measured the permeability of bi-
directional woven fabric.  When the vf  =0.36, its effective permeability is 0.42×10-9 m2.  This
value is almost half the permeability of random distributed continuos fiber mat.

At the same filling pressure (0.1 MPa), the mold filling time is shown in Fig. 4 (150 seconds
for random distributed continuous glass fiber mat, 341 seconds for bi-directional woven
fabric).  The filling time of bi-directional woven fabric is more than two times than that of
random distributed continuos fiber mat.
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Fig. 4: The comparison of the filling time for random continuous glass fiber mat
          with bi-directional woven fabric

After the resin cured, we cut some samples from the molded parts to analyze the fiber
impregnation.  It was found that the impregnation of the random continuous glass fiber mat is
much better than that of bi-directional woven fabric.  Especially at the filament-filament
crossover points of bi-directional woven fabric, the impregnation of the fabric is poor.  The
reason of poor impregnation was analyzed as following.  In bi-directional woven fabrics
system, we can treat it as two kinds of regions.  The first kind of region is associated with
regions bordered by adjacent filaments of each weave direction.  The second kind of region is
the filament-filament crossover points.  At a crossover point, filaments of one weave direction
intersect filaments of another.  The permeability in these regions is much lower than the first
kind of regions.  They offer the largest resistance to the forced penetration of a fluid.  From
the macroflow point of view, the fluid passed through those regions.  But from the microflow
point of view, the fluid did not penetrate the fiber filament.  The poor fiber impregnation will
affect the interface bound strength  of fiber and resin and the mechanical properties of the
molded composites.

CONCLUSIONS

The fiber volume fraction in liquid composites molding (LCM) influences the preform
permeability.  The relationship between permeability k and fiber volume fraction vf for
random distributed continuous fiber mat can be expressed as a polynomial equation.  In one-
dimensional flow permeability measurement, the edge effect is inevitable, but it can be
minimized by careful sample preparations to get the reproducible results.  The architecture of
the fiber reinforcement has great influence on the preform permeability.  For the preform of
same fiber volume fraction, but different architecture, their permeability can be much
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different.  In the actual LCM production,  the permeability measurement and calculation
should be carried out for different architecture and different fiber volume fractions.  The mold
filling time depends on the reinforcement permeability at some extent.  The random
continuous fiber mat has much higher permeability than bi-directional woven fabric even the
fiber volume fraction is the same.  The molded composite using random continuous fiber mat
as reinforcement has better fiber impregnation than that using bi-directional woven fabrics.
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ANALYSIS OF RESIN TRANSFER MOLDING
PROCESS WITH PROGRESSIVE RESIN INJECTION

Moon Koo Kang and Woo Il Lee

Department of Mechanical Engineering, Seoul National University, Seoul 151-742, Korea

SUMMARY:  In resin transfer molding, the increase of fiber volume fraction decelerates the
resin flow. For a fast resin flow without increasing injection pressure, multiple injection ports
are used. If all the injection ports are opened simultaneously, the resin front become very
complicated and numerous weld lines and air bubbles may form. In this study, injection ports
were opened in a sequential manner as the resin front advances. Mold filling process was
simulated numerically using Control Volume Finite Element Method (CV-FEM). An
optimized schedule for opening each resin injection port was obtained from numerical
simulation. Experiments were performed following the proposed schedule. The resin front
shapes observed from the experiments were compared with the numerical results. Close
agreement was found. The progressive opening of the injection ports reduced the injection
pressure as well as the injection time by a big margin.

KEYWORDS:  resin transfer molding (RTM), progressive opening of multiple injection
ports, mold filling simulation, visualized mold filling experiment

INTRODUCTION

Resin Transfer Molding (RTM) is an effective method for the manufacturing of composite
parts, especially for large and complex geometries. RTM is performed at low pressure and
low temperature (typically below 5atm. and 100°C). As the process is performed at a low
pressure, the mold can be made of light metals, or even of composites. The tooling cost for
molds can be remarkably saved and the manufacturing cost may be also broken down by a big
margin compared to other composite processes. Therefore, RTM is suitable for manufacturing
composite parts with frequent model changes at a low capital investments. RTM is performed
by injecting catalyzed thermoset resin through a gate into the mold cavity pre-loaded with
porous fibrous reinforcement, which is called a preform. The impregnation of fiber preform
with resin is performed by transferring resin through the micro pores within the fibrous
texture until the mold is fully charged (see Figure 1). As the fiber carries most of the
mechanical load, the increase of the volumetric fraction of fiber is crucial in enhancing the
specific strength and modulus, and thus reducing the weight, of the product. In order to
achieve the premium properties of RTM products, it is necessary to enhance the fiber volume
fraction. As the fiber volume fraction increases, the size of the micro pores within fibrous
texture is decreased and the permeability of preform is also decreased. Thus, high fiber
volume fraction leads to a deceleration of the resin flow speed during the resin impregnation
into the preform, subsequently increasing the manufacturing time. Higher injection pressure
enables faster resin flow, but the preform may be deformed or washed out at excessively high
injection pressure. As a result, mold filling in RTM gets difficult with increasing fiber volume
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fraction, so RTM process becomes impractical to manufacture relatively large parts for fiber
volume fraction over 40~50%.

In order to reduce the processing time, one of the widely used practice is to elevate the resin
temperature by heating the mold. If the resin is heated, the viscosity decreases and thus the
flow speed is enhanced. Due to the heat transfer from the mold to the thermoset, cure reaction
take place during the mold filling. Since the cure reaction during mold filling advances the
gelation of resin, the time required for the post-curing can be reduced. Hence, the heated mold
reduces the total manufacturing time by accelerated curing as well as by reduced resin
viscosity. However, if the resin temperature is raised excessively, the gelation of resin may be
reached too fast and the resin flow may prematurely stop before completion of mold filling.

A more effective method for enhancing the flow is to use multiple injection gates. Each
injection gate in a multi-gate system fills smaller area than was responsible for in a single gate
system, and the time required for mold filling can be remarkably reduced. The problem in a
multi-gate system is the entrapment of numerous air bubbles where the flow fronts from two
or more gates merge together (see Figure 2a). In this study, the opening of the gates is
progressively performed along a well-designed sequence, not simultaneously. Each injection
gate in the present multi-gate system is automatically controlled to be opened at the exact
moment when the flow front has just passed over the gate. Thus the flow front remains simple
and the number of ventilation ports can be minimized (see Figure 2b). Another advantage
from the progressive opening of multiple injection gates is that the flow front velocity can be
regulated within a bounded range. The flow front slows down as it moves away from the
injection gate, because the gradient of pressure decreases with increasing distance between the
gate and the flow front. The flow front velocity can be restored by opening a new gate at the
moment when the flow front passes over the gate as shown in Figure 3.

The mold filling simulation for resin transfer molding has been conducted using different
numerical techniques. A number of investigations have been performed using finite difference
method (FDM) using boundary fitted coordinate[1] and finite element method with moving
grids[2]. In these techniques, the calculation meshes change every time step as the calculation
domain changes. Even though the flow front can be traced precisely, regeneration of the
meshes at each time step imposes a great amount of extra computational efforts. In order to
circumvent the problem with mesh regeneration, control volume finite element method
(CVFEM) [4,5] is widely used. In this numerical scheme, computation is relatively fast due to
the fixed finite element mesh, while the exact location of the resin front is difficult to
determine. Um and Lee [3] applied boundary element method (BEM) for two dimensional flat
mold in which the permeability and the resin viscosity are constant.

The progressive opening of multiple injection gates in RTM has been previously practiced in
the industrial manufacturing processes. Chan and Morgan[6] investigated the resin flow
during mold filling with progressively opened multiple injection gates focused on the
microscopic flow within fiber bundles for a simplified one dimensional rectangular flow.

In this study, control volume finite element method (CVFEM) was employed to simulate the
flow of resin during mold filling. Especially, the effect of the progressive opening of the
injection ports on the fill time was investigated both numerically and experimentally for
realistic multidimensional geometries. In the experiment, sensors were developed to detect the
arrival of resin front. The sensors were validated by comparing the detection signal with the
observation of a visualized flow during mold filling.
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MATHEMATICAL MODELING

Consider a mold with a thin cavity loaded with fibrous preform. The permeability of the
preform may be anisotropic and nonuniform. The mold cavity is assumed as a three
dimensional shell, as the thickness of the cavity is negligibly small compared to other
dimensions. Resin is injected at a number of designed points. The mold is heated to facilitate
the resin flow and the curing. The problem is to find out the resin front location, pressure,
temperature and degree of cure distributions as functions of time.

The flow of the resin inside the mold through the fiber preform can be assumed to follow the
Darcy's law given by

                                           

&
V

K
p= − ∇

µ
       (1)

where 
&
V  is the resin velocity, p is the pressure and µ is the resin viscosity. [K] is the

permeability tensor for anisotropic porous media and can be a function of location. The mass
conservation requires

                                               ∇⋅ =
&
V 0   (2)

Substituting Eq.(1) into Eq.(2) yields

                                       
         (3)

The energy conservation equation is given by
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where ρ, c and k are the density, specific heat and thermal conductivity, respectively. φ is the
fiber volume fraction and the subscript r denote the resin. �G  is the heat generation due to the
curing reaction and is given by

                                                �

�G Hm= ∆   (5)
where ∆H is the heat of reaction and �m is the generation of mass of cured resin.

The conservation of the chemical species is given by

                                             

∂α
∂ φ

α
t

V m+ ⋅∇ =1 &
�     (6)

where α is the degree of cure. �m is given by an empirical relation[7]

                        

   (7)

where m, n, A1, A2, E1, E2 are constants which are determined from experimental data.

The boundary conditions for the above governing equations are given as
Flow Inlet: 

                                  P=P0 or V=V0; T=T0; α=0

Solid Boundary:                                               
dp

dn
= 0    (8)
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Free Surface:                             p = 0; q c V T Tin f f n f =  ( - ) ( - )1 φ ρ
where Tf  represents the temperature of the fiber.

During and after mold filling, the resin undergoes an exothermic cure reaction after which the
resin can be solidified.

Dusi et al [8] suggested a modification to the model of Kamal and Sorour[7] to account for
that resin curing reaction cannot proceed beyond a certain level if the resin is exposed to a
given temperature below a critical value. In this model, the isothermal degree of cure, β is
defined similar to the degree of cure in Kamal and Sorour’s model.

              (9)

The actual degree of cure α is related to the isothermal degree of cure β as,

                                                      
α β= H

H
T

U

  (10)

where HT is the heat of reaction which can be liberated under a given temperature, while HU is
the total heat of reaction possibly generated when the temperature is sufficiently raised so that
the resin is perfectly cured. The relation between HT and HU is again approximated as a
piecewise linear function of temperature as,
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            (11)

where C1, C2 and Tc are the constants which can be experimentally obtained.
The viscosity of the resin can be modeled as follows as a function of temperature and degree
of cure [9].

                                     
 (12)

Here, µ µ∞ ,∆E  and κ are constants which can be determined experimentally.

In order to optimize the design of the injection gates and opening time, numerical simulation
is required for the resin flow during mold filling. The present mold filling problem has a
moving boundary, continuously changing the shape at every time step. In order to solve the
governing equations along with the boundary conditions, the control volume finite element
method (CVFEM) is used in combination with the fixed grid method for the efficiency in
solving the present moving boundary problem. By applying the control volume approach to
the governing equations, a system of algebraic equations can be obtained. The detailed
formulation process can be found elsewhere[10].

EXPERIMENTS

Experimental setup used in this study is shown in Figure 4. Lower mold plate was made of
steel while upper plate was made of 30mm thick transparent Plexiglas. Location of the
injection port was selected by inspection. The moving resin front was recorded using a video
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camera located right above the mold. Oil was supplied from a cylindrical reservoir which was
pressurized by compressed nitrogen. Pressure of the oil was measured using a pressure
transducer installed right before the injection port. The pressure of the nitrogen gas was
regulated to maintain a constant injection pressure. The viscosity of the oil was also measured
using a rheometer (RMS). In order to detect the resin front passing over the individual
injection gates, flow front sensors are required. Photo-sensors, made by assembling an
infrared LED and a photo detector in a single package, were flush mounted near the injection
gates to detect the flow front. The mechanism of the detection of the flow front is illustrated
in Figure 5. The optical refractive index of resin is very similar to that of glass fiber, while the
refractive index of the air is much different to that of fiber. Before the resin front arrives, the
dry fiber preform scatter the infrared light emitted by the LED, and much of the emitted light
will be refracted back to the sensor, to produce a high output voltage (see Figure 5a). When
the resin front reaches the sensor, since the refractive indices of fiber and resin are quite
similar, the infrared light emitted by the LED passes through the wet medium of resin-fiber
mixture with little refraction, and the output voltage from the sensor by the refracted light is
low (see Figure 5b). Figure 5c illustrates the output voltage from the sensor before and after
the arrival of the resin front. A clear difference of no less than 2.0V was observed in the
output voltage. In order to prevent a premature opening of the injection gates, the sensors
were located at some distances downstream to the resin flow. Each injection gate was
logically connected to their neighboring sensors except for the first injection gate which must
be initially open with the start of mold filling. Three additional sensors were planted in order
to verify the numerical prediction of the flow front location at more points. The locations of
the injection gates and sensors are shown in Figure 6.

An experiment for the single gate injection has been performed at a constant pressure of
100kPa. The mold assembly was maintained at room temperature of 15oC. Engine oil (SAE
10W-30 from Honam Petroleum, Inc.) was used to imitate the resin in the experiments. The
viscosity at the room temperature was 0.1569Pa s⋅ . The fiber preform was made by stacking
seven plies of chopped glass strand mats (LG Owens-Corning CM450-723). The fiber volume
fraction was found to be 0.393. The permeability of the preform was measured following the
procedure described in [12] and found to be 2.40×10-10 m2. The experimental result of the
shape of the flow front at different times injected at a single gate is illustrated in Figure 7.
Numerical predictions are also compared with the experimental observations. Close
agreement was found between the numerical prediction and the experimental results. The
contour plots in the numerical simulation is the distribution of pressure at each time step.
Progressive injection has been performed in the designed sequence. The process conditions
were identical to those in the single gate injection. Figure 8 shows the experimental and
numerical results for this case. Close agreement was also found between the two results. The
volumetric filled fraction of the mold cavity during mold filling has been compared for the
single and multiple gate injections. As was predicted, Figure 9 shows that multiple gates
reduce the mold filling time by a big margin of 39% compared to the case of single gate
injection. In order to emphasize the effectiveness of the multi-port injection, another
numerical result was shown for a comparison. The additional numerical result was obtained
for the case of single port injection when the injection pressure is doubled to 200kPa. The
comparison shows that the mold filling time for single gate injection may still be longer than
multi-gate injection even if the injection pressure is doubled.
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FURTHER NUMERICAL EXAMPLES

In this example, the method of progressive opening of multiple injection gates has been
applied to a realistic three dimensional geometry. The geometry considered was the front
panel of a tourist bus, the dimensions of which have been taken from the actual values of an
existing model. The width of the panel is 2844mm, and the height is 670mm at the front face.
The depth of the panel was 468mm. The geometry and mesh system are shown in Figure 10a.
The striped plot is for the flow front location at an equal time interval of 40s. The result from
single gate injection is shown in Figure 10b. The injection has been performed at a point on
the center line of the panel. The time interval for each stripe is 40s. The mold filling time was
estimated to be 2,390s. With a multi-gate system, the injection has been performed starting at
the same point as the single gate injection. Four more injection gates, prepared at some
designed points optimized through a number of numerical simulations, were progressively
opened as the resin flow advances, and the flow front velocity is restored. Figure 10c
illustrates the location of flow fronts at an equal interval time of 40s. The restoration of the
flow front velocity at the opening of new gates can be clearly seen from the figure. The
processing parameters were identical to the case of single gate injection. The total mold filling
time was reduced down to 940s by multi-gate injection, and hence the reduction in filling time
was as much as 60%.

CONCLUSION

A numerical code was developed to simulate resin transfer mold filling process with
progressive opening of multiple injection ports. The resin flow can be predicted using the
developed code considering heat transfer and resin cure reaction. To verify the validity of the
numerical code, experiments were performed, showing a close agreement with the numerical
prediction. The effectiveness of multi-gate injection was confirmed through numerical and
experimental observations. The computer code developed in this study can be applied with
reasonable accuracy in predicting the resin flow and related process variables and thus aids in
the design of the mold and process conditions.
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(b) t=300s

(c) t=540s
Figure 7. Experimental observation (left) and numerical prediction (right) of resin flow by

single point injection

(a) t = 30 s

(b) t = 150 s

(c) t = 330 s
Figure 8. Experimental observation (left) and numerical prediction (right) of resin flow by

progressively opened multiple injection gates
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SUMMARY:    An in-line microwave resin preheating system has been used to reduce the RTM
cycle significantly.  Microwave preheating lowers the resin viscosity during injection and
modifies the thermal “age” of the resin, potentially influencing the quality of RTM laminates.
Tensile properties of RTM laminates were measured with regard to improved fibre wet-out by
the lower viscosity resin.  Microwave resin preheating had an insignificant effect on the tensile
modulus and strength of the laminates.  Degree of cure measurements established that
microwave resin preheating does not alter resin conversion within the laminate significantly.
Localised pressure that develops within the mould during the cure phase can lead to mould
deflections.  Variations in the laminate thickness associated with these deflections are presented,
and the use of microwave resin preheating to reduce these variations is discussed.

KEYWORDS:    microwave heating, resin preheating, injection temperature profiling, thermal
quench, resin transfer moulding, RTM, cycle time, laminate tensile properties

INTRODUCTION

Widespread acceptance of resin transfer moulding (RTM) within the high volume manufacturing
sector has been inhibited by excessive production cycles.  RTM comprises a fibre preforming
stage, followed by resin injection into the preform with subsequent curing.  Methods to
accelerate the preforming stage are ongoing [1], with parallel research efforts being directed
towards reductions in the moulding cycle time [2].  Thermal quench occurring when ambient
temperature resin is injected into a heated mould has been identified as a principal cause of
extended cycle times.  Additional time is required to heat the mould and laminate to the resin
initiation temperature, permitting the curing process to begin.  The processing delays caused by
thermal quench are compounded by lightweight shell tooling, having rapid thermal response
characteristics.  Previous work has demonstrated that thermal quench, and consequently, the
cycle time can be reduced significantly by preheating the resin prior to injection [3].  An in-line
microwave resin preheating system has been developed for this purpose at the University of
Nottingham.  The effect of microwave resin preheating on RTM laminates is addressed in this
paper.  Preheating alters the viscosity and thermal “age” of thermosetting resins.  A lower resin
viscosity was expected to improve fibre wet-out, increasing the mechanical properties of the
laminate.  Furthermore, altering the thermal age of the resin was anticipated to affect the degree
of resin cure.  In addition, microwave resin preheating can reduce the pressure that develops near
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the injection gate during the cure phase.  As a result, mould deflections and laminate thickness
variations were expected to be reduced.

IN-LINE MICROWAVE RESIN PREHEATING FOR RTM

A rapid temperature drop (thermal quench) occurs near the injection gate as cool resin contacts
the hot mould surface.  This region remains quenched until the end of injection at which time
heat is recovered gradually and the resin activation temperature is reached.  Resin cures last at
the injection gate, dictating the cycle time, as a result of thermal quench and a comparatively
short residence time within the mould.  One means of reducing thermal quench is to preheat the
resin prior to injection. More rapid curing occurs since the heat required to initiate cure is
decreased, resulting from a decreased temperature differential between the resin and the mould.
Furthermore, the resin viscosity is lowered by preheating, facilitating flow through the mould
and fibre reinforcement.  Consequently, both impregnation and cycle times can be reduced.

Rapid heating of low thermal conductivity polymers (typically 0.3 W/mK [4]) is difficult to
accomplish using standard conduction heating methods.  A large thermal gradient between the
heat transfer surface and the resin core is likely develop, inducing premature cure of reactive
thermosetting resin systems.  Unlike conduction heating, microwave heating is primarily
volumetric, providing an even temperature distribution throughout the material.  Rapid heat up
rates and fast response times resulting from the low thermal capacity of the resin are possible due
to the high power densities achievable using microwaves.  The power density (P) within a
dielectric material exposed to a microwave field can be expressed as:

            P = 2π fE2εo ε″                                     (1)

where f is the microwave frequency (2.45 GHz), and εo is the dielectric permittivity of free space.
Equation 1 indicates that the power density within the material is a function of the electric field
squared (E) and the dielectric loss factor (ε″ ) rather than the thermal properties of the material.

The effects of microwave processing on laminate properties is disputed.  Research in this area
has been confined to microwave curing, as opposed to microwave preheating.  Yue and Boey [5]
measured a 50% increase in the tensile modulus of epoxy cured using microwaves as opposed to
conduction heating.   Marand et al.[6] concluded that microwave processing led to a lower
degree of cure and was expected to result in inferior mechanical properties.  Lewis and Shaw [7]
attempted to reconcile these contradictory findings by suggesting that the cure reaction rate is
altered by microwave processing.  Resins that contain a great number of microwave absorbing
functional groups could produce a highly crosslinked laminate by microwave curing.  These
same reactive functional groups would not be affected by conventional conduction heating.

THE EXPERIMENTAL RTM FACILITY

Figure 1 is a schematic of the in-line microwave resin preheating system installed within the
experimental RTM facility at the University of Nottingham.  Prototype automotive undershield
components were produced within a lightweight nickel shell mould. The undershield protects the
engine and transmission assembly from heavy impact damage under rally conditions.  The mould
was instrumented with thermocouples and pressure transducers for process control.  Hot oil
heating was used to maintain a stable mould temperature.  A constant pressure injection system
consisting  of a 30 litre resin storage vessel (maximum pressure of 7 bar) was used.  Precatalysed
resin was delivered to a centrally located pin gate in the lower mould half via the microwave
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preheater. The distance between the microwave outlet and the injection gate was limited to 380
mm to minimise heat losses within the preheated resin before entering the mould.  Resin flowed
through the mould to two peripheral vents, expelling air in the process.

The microwave resin preheating system was operated within the automatic RTM cycle.  A
digital to analogue (DAC) board was installed within the personal computer (PC), and was
linked, in turn, to a programmable logic controller (PLC).  A digital switching facility on the card
turned the power ON and OFF at appropriate times during the moulding sequence.  Microwave
power was adjusted through an analogue channel on the board via a proportional-integral-
derivative (PID) controller.  A feedback control loop based on the resin temperature at the
microwave outlet and incorporating the PID power controller enabled a user defined resin
temperature to be maintained during injection.  A load cell on the resin storage vessel was used
to monitor the amount of resin that entered the mould.

RTM CYCLE EFFECTS DUE TO IN-LINE MICROWAVE RESIN PREHEATING

Use of the in-line microwave system allowed resin to be heated at either a constant temperature
during injection or according to a prescribed heating profile.  Cycle time reductions of 26% have
been demonstrated using constant temperature resin injection, however, this approach does not
permit cycle time optimisation.  Profiled resin preheating allowed the cure sequence to be
controlled, minimising the cycle time, and limiting the in-mould pressure during cure [8].

A series of mouldings was produced by profiling the resin temperature during injection to alter
the cure sequence.  A benchmark moulding, representing conventional RTM, was made by
injecting polyester resin [Synolac 6345 initiated with 2% acetyl acetone peroxide (Trigonox
44B) and 0.5% cobalt accelerator (NL49P)] at ambient temperature (24°C) into a mould heated
to 40°C.  Four additional mouldings were produced by ramping the resin temperature as follows:
40-45°C, 40-50°C, 40-55°C, and 40-60°C.  The preheating sequence was based upon a linear
ramping of the resin set point temperature as a function of the total mass of resin injected.  The
set point temperature was initialised to 40°C at the start of injection (0 kg injected), and
increased to the maximum temperature by the end of injection (9 kg injected).  Applying a
temperature ramp from 40-50°C led to coincident resin cure across the mould surface with a
36% reduction in cycle time compared to the moulding produced by conventional RTM.  This
situation represented the minimum cycle time possible for the given moulding conditions.

Figure 2 shows that the pressure within the mould cavity during cure increased along the
diagonal from the mould periphery to the injection gate for mouldings produced by conventional
RTM (resin temperatures of 22°C and 24°C).  This high pressure, termed the pre-exotherm
pressure, was identified by Kendall [9] as a characteristic of centre gate injection.  Resin cured
first at the mould periphery creating a rigid seal, entrapping a pool of uncured resin within the
mould.  The resin temperature increased through mould heating and the exothermic cure
reaction.  As a result, thermal expansion of the resin occurred, generating a pressure that was
transmitted into the liquid pool.  Compression within the liquid pool increased as the cure front
advanced inward, generating a consecutively higher pre-exotherm pressure.  Thus, the intensity
of the pre-exotherm pressure was greatest at the injection gate.  Kendall [9] recorded pre-
exotherm pressures five times greater than the injection pressure, concluding that they were an
important consideration in mould design.  Constant temperature resin injection had no effect on
the cure sequence so that high pre-exotherm pressures were measured at all elevated resin
temperatures.  Ramping the resin temperature to promote coincident cure reduced this pre-
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exotherm pressure to the hydrostatic level as no entrapment of the pool occurred.  This suggested
that mould deflections were reduced during the cure phase.

THICKNESS VARIATIONS IN RTM LAMINATES

High pre-exotherm pressure could lead to damage in moulds not designed to prevent pressure
induced deflections.  In addition, these deflections could result in part thickness variations.
Kendall [9] produced a series of plaque mouldings with pre-exotherm pressures ranging from 0
bar to 28 bar.  The thickness of the laminate increased by an average of 10% at 28 bar leading to
the conclusion that high pre-exotherm pressures influenced component quality appreciably.

A study was performed to determine whether high pre-exotherm pressures at the injection gate
affected the thickness of the undershield component.  Disks (19 mm in diameter) were cut from
four laminates near the mould periphery and the injection gate.  Two mouldings (Numbers 5454
and 5456) exhibited a typical cure sequence from the periphery to the centre of the mould and
had high pre-exotherm pressures at the injection gate (between 17 bar and 25 bar).  The other
two mouldings (Numbers 5437 and 5435) were produced using a coincident cure sequence and
exhibited low pre-exotherm pressures at the injection gate (approximately 1 bar).  Variation in
thickness of the disks between the mould periphery and injection gate was determined with the
results being presented in Tables 1 and 2.

The thickness across the mouldings with a high pre-exotherm pressure (Table 1) increased on
average by 8.8% from the mould periphery to the injection gate.  The average increase was
reduced substantially to 4.1% for mouldings produced with a low pre-exotherm pressure
(Table 2).  These results confirmed the findings by Kendall, and suggested that component
quality is related directly to the pre-exotherm pressure.

Table 1:  Variation in Laminate Thickness for Mouldings with a Maximum Pre-Exotherm
Pressure of 25 Bar

Reference No. Moulding Thickness Thickness Increase(%)
Periphery Gate

5456 7.84 8.51 8.5
5454 7.48 8.16 9.1

Average Values 7.66 8.34 8.8

Table 2:  Variation in Laminate Thickness for Mouldings with a Maximum Pre-Exotherm
Pressure of 2 Bar

R e fe re n c e  N o . M o u ld in g  T h ic k n e s s T h ic k n e s s  In c re a s e (% )
P e r ip h e ry G a te

5 4 3 7 9 .2 6 9 .5 9 3 .6
5 4 3 5 9 .1 0 9 .5 1 4 .5

A v e rag e  V a lu e s 9 .1 8 9 .5 5 4 .1

TENSILE PROPERTIES OF RTM LAMINATES

Rudd and Revill [10] demonstrated that the tensile properties of RTM laminates were sensitive to
cycle time.  Decreasing the cycle time reduced the period available for fibre wet-out, prompting a
decrease in the tensile modulus and strength of continuous filament random mat (CFRM)
laminates.  Reducing the resin viscosity was expected to promote better flow through the



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 41

preform and enhance fibre wet-out, for improved tensile properties. Hayward and Harris [11]
showed that lowering resin viscosity by increasing the mould temperature produced no
difference in the shear strength or modulus of moulded components.

Five laminates were produced by injecting polyester resin [Synolac 6345 initiated with 2% bis t-
butyl peroxy dicarbonate (Perkadox 16)] at 22°C, 30°C, 40°C, 45°C and 50°C into a mould
heated to 60°C.  A CFRM reinforcement was used resulting in a fibre volume fraction of 16%.
Seven specimens were cut from each undershield (250 mm × 25 mm × 6 mm) along the weft
direction of the glass mat as shown in Figure 3.  The tensile modulus (E) and ultimate tensile
strength (UTS) of the specimens were measured. The laminates were tested to
BS 2782:Part 10:Method 1003 on an Instron Universal Mechanical Tester Model 1195 having a
100 kN load cell.  Longitudinal displacements were recorded by an extensometer at a crosshead
speed of 5 mm/min.

Figure 4a shows the variation in modulus as a function of the resin preheat temperature. Average
modulus values ranged from 5.5 GPa to 7.0 GPa, although no statistically significant difference
was measured.  Figure 4b shows similar results for the laminate tensile strength as a function of
resin preheat temperature.  Variation in average strength values were negligible ranging from
112 MPa at 40°C and 126 MPa at 22°C.  These results suggested that preheating the resin to a
constant temperature during injection did not affect the tensile properties of RTM laminates
appreciably.

Analysis of tensile properties provided information on the overall effect of resin preheating on
fibre reinforced laminates.  However, further investigation was necessary to determine its effect
on the resin system.

DEGREE OF CURE MEASUREMENTS BY GAS CHROMATOGRAPHY

Compared to resin injected at ambient temperature, resin injected at a constant elevated
temperature experiences a different thermal history.  As a result, the properties of the matrix
could be altered.  Preheated resin would be nearer to its activation temperature at the end of
injection, so that the polymerisation reaction may be initiated preferentially, resulting in a more
highly crosslinked structure.  Tensile tests on the laminates did not confirm this hypothesis.
However, the strength of the fibre reinforcement, and the fibre to matrix interface was expected
to dominate these results.  A measurement of the degree of cure was necessary to understand
fully the effect of resin preheating on the matrix.

Experimental Procedure for Degree of Cure Measurements Using Gas Chromatography

A polyester resin consists of an unsaturated resin molecule dissolved in a styrene monomer to
form a homogeneous solution.  Curing involves copolymerisation of the styrene and unsaturated
resin.  In principle, copolymerisation will cease automatically when all the styrene has
reacted [12].  Based upon the homogeneous nature of the resin, it is convenient to define the fully
cured state as having 0% residual styrene and the uncured state as having 100% residual styrene.
The amount of residual styrene in the polyester resin can be measured by gas chromatography.

Residual styrene content measurements were made on two laminates produced by constant
temperature resin injection at 20°C and 50°C in a mould heated to 60°C.  Glass fibre blanks were
removed from the preform at eight locations along the mould diagonal before injection to form
pure resin samples at those locations.  Resin disks (19 mm diameter) were cut from the laminate
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directly after demoulding.  The samples were prepared for gas chromatography testing according
to a modified version of BS 2782:Part 4:Method 453A.  A Perkin-Elmer 8500 Gas
Chromatograph was used to measure residual styrene content in the samples.

Results of the Degree of Cure Measurements Using Gas Chromatography

The amount of residual styrene at locations along the mould diagonal (positions 2-5) is shown in
Figure 5.  Insignificant variations in residual styrene levels were measured between the two
mouldings.  The majority of the laminates (positions 2-4) were cured to approximately 93%.  A
higher degree of cure (97%) was measured at the injection gate for both laminates.  The reason
for a higher degree of cure at the injection gate was not clear, however, Huang et al. [13] have
suggested that increased pressure could increase the overall degree of cure.  This explanation
would be compatible with the higher cure pressures occurring near the injection gate as shown in
Figure 2 for conventional RTM.

The results shown in Figure 5 demonstrate that resin preheating had no significant effect on the
degree of cure for RTM laminates.  Figure 6 provides further evidence to support this claim.
Preheating the resin to 50°C reduced the amount of thermal quench at the injection gate
compared to the moulding produced with resin at 22°C.  However, the similarity in shape of the
thermal histories above the mould temperature (60°C) suggests that the cure reaction proceeded
at the same rate for both mouldings.

CONCLUSIONS

Use of an in-line microwave resin preheating system reduced RTM production cycle times by
compensating for thermal quench at the injection gate.  Profiling of the resin preheat temperature
reduced localised in-mould pressures during the cure phase, and decreased mould deflections.
As a result, the variation in the component thickness along the length of the component
decreased by more than 50%.  Furthermore, this suggested that lighter and more thermally
responsive shell moulds could be employed.

Resin preheated to a constant temperature during injection had an insignificant effect on the
tensile properties of RTM laminates.  Tensile tests on laminates produced at a series of resin
temperatures showed an insignificant effect on the modulus and strength.  This implied that
preheating the resin to lower its viscosity did not improve fibre wet-out.  However, since
impregnation times were reduced, this suggested that the equivalent fibre wet-out had occurred
over a shorter interval.  These results indicate that resin preheating could be used to reduce cycle
times without lowering the structural integrity of RTM components.

Preheating resin was determined to have no effect on the degree of cure for the laminates.  This
suggested that while resin preheating altered the thermal history of the resin, it did not change the
kinetics of the cure reaction.
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Figure 1:  Schematic of the RTM Facility
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Figure 2:  Effect of ramped resin temperature injection on the peak 
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Figure 5: Degree of cure along undershield moulding produced with resin 
               injected at 20C and 50C 

Figure 6:  Thermal histories at the injection gate (position 5) demonstrating 
    the simularities in resin cure kinetics between mouldings made with
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Figure 2: Prototype tooling schematic



Volume IV: Composites Processing and Microstructure

IV - 58



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 59



Volume IV: Composites Processing and Microstructure

IV - 60



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 61



Volume IV: Composites Processing and Microstructure

IV - 62



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 63



Volume IV: Composites Processing and Microstructure

IV - 64

RTM PROCESSING OF GRP-PHENOLIC
COMPOSITES

Nigel A. St John, James R. Brown, Mark W. Taylor and Karen E. Challis
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SUMMARY:  GRP-phenolic composites are inherently fire retardant and resin transfer
moulding (RTM)  provides several advantages for their fabrication. To facilitate a better
understanding of the issues associated with RTM of acid-catalysed phenolic resole resins, the
cure has been studied using isothermal differential scanning calorimetry and viscosity
measurements over a range of temperatures. The results are analysed using a series of
empirical formulas that describe the changes in extent of reaction, heat flow and viscosity
with time and temperature.  The total heat of reaction is 347 J.g-1 and the consequences for
RTM processing are discussed.  Also identified is the importance of additional cure above
70°C to achieve satisfactory mechanical properties.

KEYWORDS:   phenolic resole resin, GRP-phenolic, DSC, viscosity, RTM, chemorheology

INTRODUCTION

The increasing use of glass reinforced polymer (GRP) composites in the transport, building
and maritime industries has required the development of materials with improved
performance under fire conditions.  Phenolic resins are inherently fire retardant so that on
exposure to fire they give longer ignition times, lower heat release rates and a lower amount
of smoke compared to polyester, vinyl ester and epoxy resins [1]. The development of low
viscosity phenolic resole resins that are curable at low temperatures and pressures using acid
catalysts has enabled their application as laminating resins for the production of GRP-
phenolic composites [2].  The phenolic laminating resins have several features, including a
short pot life, that have limited their use in GRP composites fabricated by conventional
methods such as hand lay-up.  Resin transfer moulding (RTM), as well as providing general
improvements to part quality, including improved fibre wet-out, also offers the advantage of
removing the pot-life constraint.  RTM processing is thus becoming a preferred method of
fabricating GRP-phenolic composites [3].

RTM processing of phenolic resole resins requires special attention to temperature control as
there is a temperature ceiling of approximately 90°C imposed by the water that is present in
the neat resin and which is generated by the cure reaction [4].  If this temperature is exceeded,
the vaporisation of the water can be catastrophic in a closed mould due to the increased
internal pressure.  The issue becomes more critical because the reaction is exothermic which
results in a temperature feedback loop as described by Scheme 1.
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The parameters that control the degree of feedback and thus the temperature stability are the
chemical kinetics and the reaction exotherm, which are intrinsic properties of the resin, and
the heat transfer properties which are dependent on the design and material properties of the
mould, the shape and dimensions of the part being fabricated, the reinforcement and the
environment.  If either the reaction exotherm is too high or the heat transfer is too slow, the
heat flow will be positive and cause the temperature to rise and the reaction rate to increase.
If this feedback is too strong the temperature will quickly reach the point where water will
vapourise.

Another important parameter in RTM processing is the resin viscosity which is dependent on
both the temperature and the extent of reaction (Scheme 2), as well as in some cases the shear
rate.   The viscosity can be related to the resin flow rate and the mould filling pressure using
the permeability of the reinforcement and Darcy's law [5].

Once the chemical kinetics-reaction exotherm-viscosity relationships (i.e. chemorheology) are
determined for a particular resin system, RTM simulation software can be used to model the
filling of a resin transfer mould if its physical properties are known [5].  Little information
exists in the literature on the chemorheological behaviour of low viscosity acid-catalysed
phenolic resole resin systems, so this work has focussed on characterising these properties.

EXPERIMENTAL

The phenolic resole resin ResinoxCL1916 and acid catalyst ResinoxAH1964F from the
Huntsman Chemical Co. Australia Pty Ltd were used in a ratio of  7 parts catalyst to 100 parts
resin. Differential scanning calorimetry (DSC) was performed using a Dupont Instruments
910 Differential Scanning Calorimeter with 15-20 mg samples in hermetically sealed pans.
Viscosity measurements were made using a Brookfield DV II digital viscometer with
controlled isothermal temperature.
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RESULTS AND DISCUSSION

Resin Chemistry

Phenolic resole resins are produced from the alkali-catalysed reaction of phenol and
formaldehyde which results in varying degrees of methylol group substitution at the para and
ortho positions of the phenol ring [6].  The resin is primarily the mono-substituted species
(eg. 1 in Scheme 3) and when catalysed with an acid, reacts via the formation of benzylic
carbonium ions (2 in Scheme 3), with vacant substitution sites on phenol rings to yield
methylene links (3 in Scheme 3) or with other methylol groups to yield ether links (4 in
Scheme 3).  The ether links can then thermally decompose with the release of formaldehyde
to yield methylene links, though this occurs at temperatures higher than the usual cure
temperatures.  The resin also contains 20 - 30 % disubstituted phenols which provide the
crosslinking necessary to form a rigid material.  Thus, for the production of methylene links,
one unit of water is produced for every unit of  methylol groups reacted.  For the full cure of a
phenolic resole resin, this results in approximately 11 wt% water being formed.  The variety
of different species in the resin and their different reactivities [6] mean that there is no simple
mechanistic description of the cure kinetics.

Differential Scanning Calorimetry

The cure of the catalysed resin can be followed by DSC which measures the heat flow from a
sample under controlled conditions.  The amount of heat flow (dq/dt) is proportional to the
rate of chemical reaction (d[A]/dt) and the heat of reaction (∆HA) as shown in Eqn 1 where A
and B refer to different reactions.  The integration of Eqn 1 with respect to time yields a value
for total heat released and thus the heat of reaction.  The cumulative integral also gives a
measure of the extent of reaction (α) versus time.

dq

dt
H

d A

dt
H

d B

dtA B= + +∆ ∆
[ ] [ ]

�     (1)

Fig. 1 shows heat flow data for a catalysed resin sample during a 5°C.min-1 dynamic DSC
scan.  The curve follows the same trend to that obtained by Focke et al. [7] for a similar resin
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system with two peaks being evident which is indicative of two separate reactions.  The
higher temperature peak may result from the thermal decomposition of ether links (2 in
Scheme 3) but this has not yet been confirmed by spectroscopic studies.  The total heat
obtained by integrating the peaks is 346 J.g-1 which is significantly higher than the 228 J.g-1

obtained by Focke et al., however Gupta et al. [8] have shown that the heat of reaction for the
cure of phenolic resoles is very sensitive to the pH.

Isothermal DSC measurements can provide accurate kinetic data at the temperatures of
interest that closely reflect the conditions used in practice.  Fig. 2(a) shows the isothermal heat
flow produced by a resin sample cured at 40°C, starting at a maximum and then decreasing
rapidly.  This is significantly different to what is observed for the cure of polyester and vinyl
ester resins which show no significant heat produced until the resin gels.  This 'front end'
exotherm is significant in relation to RTM processing when Scheme 1 is considered as it
means that the major heat effects occur during and just after the filling of a mould.

Fig.1:  Dynamic DSC scan
at 5°C.min-1 of catalysed
phenolic resole resin

Fig. 2:  DSC of catalysed phenolic resole resin (a) isothermal at 40°C and (b) residual heat
 scan at 1°C.min-1
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Table 1:  Heats of reaction (∆Hiso,∆Hres, ∆Htot) and isothermal extent of reaction (αiso) for
catalysed phenolic resole resin

Temperature (°C) ∆Hiso (J.g-1) ∆Hres  (J.g-1) ∆Htot (J.g-1) αiso

35 222 125 347 0.641

40 228 119 347 0.657

45 242 110 352 0.687

50 261 98 359 0.728

55 262 87 349 0.751

The total heat produced at various isothermal temperatures, ∆Hiso, are summarised in Table 1.
After each isothermal run, the sample was subjected to a 1°C.min-1  dynamic DSC scan to
measure the residual heat of reaction, ∆Hres (Table 1), and the sum of the two measured heats
yields a value for the total heat of reaction, ∆Htot (Table 1).  Also shown in Table 1 is the
extent of reaction at each isothermal temperature (αiso) calculated using the heats of reaction.
The extent of reaction (α = ∆Ht/∆Htot) calculated using the cumulative integral of heat flow
∆Ht and ∆Htot are plotted versus time in Fig. 3.  The results show that while the maximum
extent of reaction increases with cure temperature, the increase is not large and even at 55°C
25 % remains unreacted.  The significance of the extra cure at high temperatures to the matrix
properties  was investigated by measuring the tensile properties of cast resin cured for 5 h at
40°C and then postcured for 5 h at 80°C.  The results (Table 2) show a major increase in
properties with postcure which is indicative of an increase in crosslink density.  The effective
degree of functionality of the phenolic resin is about 1.2 which means that at 70 % conversion
the resin matrix is probably more akin to a high molecular weight branched polymer than a
crosslinked network, which would explain the low strength and modulus after curing at 40°C.
The final 30 % conversion is thus essential to achieving a well crosslinked matrix and this can
only be obtained by further cure above about 70°C (see Fig. 2(b)).

Fig 3:  Extent of reaction versus cure time for catalysed phenolic resole resin at different
temperatures.
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Table 2:  Tensile properties of cast resin

Cure Tensile Strength
 (MPa)

Tensile Modulus
 (GPa)

Elongation to
 Break  (%)

5 h at 40°C 10.2 1.37 0.79

5 h at 40°C + 5 h at 80°C 33.4 2.79 1.28

Modelling the filling of a resin transfer mould requires mathematical descriptions of the cure
kinetics and their temperature dependence.  As discussed earlier, a mechanistic description of
the cure kinetics is very complex and thus impractical, so an empirical approach has been
adopted.  The analysis of the cure profiles revealed that it was necessary to distinguish
between a fast reaction that occurs during the initial stage of cure and the remainder of the
cure.  The early reaction, designated as reaction A which represents 0.08 of the total measured
reaction, was found to follow a first order kinetic relationship (Eqn 2) with the rate constant
kA (min-1) described by an Arrhenius relationship (Eqn 3) with temperature, T, in absolute
units (K).

d

dt
kA

A A
α α= −( )1 (2)

ln .k
TA = − +

8199
22 56 (3)

The remainder of the isothermal cure (i.e. 0.92 of the total), designated as reaction B, can be
described by a modified second order kinetic relationship (Eqn 4) in which  the rate constant
kB is described by Eqn. 5 and the total isothermal conversion, αiso, calculated using Eqn. 6.
There may be a more appropriate form for the kinetic relationship for the cure but Eqns 2 and
4 give very good correlations with the experimental results.

d

dt
k forB

B B iso B iso
α α α α α= − − − <( ( ) ( ) )1 12 2  (4)

ln .k
TB = − +

9990
28 26

(5)

ln .α αiso isoT
for= − + ≤

846
2 29 1  (6)
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The kinetic relationships enable the reaction rate to be calculated, and thus the extent of
reaction, at a particular temperature.  Eqn 7 can then be used to calculate the heat flow (W.g-1)
generated by a reacting sample which either goes to raising the temperature or is lost through
heat transfer.

dq

dt

d

dt

d

dt
A B= +0 458 5 325. .

α α
(7)

It should be noted that the kinetic relationships were derived using isothermal data between
35 and 55°C and so do not cover the higher temperature reaction seen in Fig. 1.  However the
main focus of this work is to describe the resin behaviour during, and immediately following,
the filling of a resin transfer mould.  The relationship derived for maximum conversion at a
particular temperature (Eqn 6) predicts total conversion at 96°C and above, however this
assumes the same reaction occurs through to total conversion which as discussed earlier may
not be the case.  For this type of resin system, a postcure at 80°C is usually recommended,
which according to Eqn 6 will only yield a conversion of 0.9.  Further work is being
undertaken to determine the most appropriate postcure schedule.

Viscosity

The isothermal shear viscosities of the catalysed resin versus time for temperatures between
25 and 45°C are shown in Fig. 4.  The viscosity upper limit of 60 Pa.s imposed by the
viscometer used is well beyond the values applicable to the filling of a resin transfer mould,
which are usually below 1 Pa.s (1000cps).  The viscosity increases during cure from the onset
and rises rapidly with increasing cure reflecting the fast reaction rate early in the cure
observed in the DSC studies.

A plot of the logarithm of shear viscosity, µ, versus time yields a linear relationship as shown
in Fig. 5.  After an initial decrease due to temperature equalisation, a fast increase in viscosity
is observed for a short period before settling into a slower linear increase for the rest of the
measured results.  The point of crossover from the faster to the slower rate of increase was
assigned as occurring at time Xt minutes.  The slopes were measured as CA and CB for the
early and later regions, respectively.  The intercepts were also recorded as pseudo initial
viscosity values µA

0  and µB
0 . All these terms follow an Arrhenius type relationship, with

correlation coefficients of 0.999 or better.  The equations describing the changes in viscosity
up the maximum measured values are shown as Eqns 7-13.

It is notable that the activation energies derived from the Arrhenius equations for the reaction
rate constants (Eqns 3 and 5) and the viscosity rate constants (Eqns 9 and 10) summarised in
Table 3 correlate closely for the two cure stages.  This supports the analytical approach, with
the early reaction clearly reflecting a different reaction to the bulk of the cure.  The nature of
reaction A is not known though it may be the reaction of the 9 % free phenol present in the
resin, which may react faster than the substituted phenols and would have a more pronounced
effect on the resin viscosity.  The faster cure from reaction A is significant for RTM
processing as it generates extra heat and a faster viscosity increase during the mould filling
stage.
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Fig.4:  Viscosity versus time for
catalysed phenolic resole resin
at different isothermal cure
temperatures

Fig. 5:  Analysis of viscosity
data at 35°C.
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Table 3:  Arrhenius parameters

Term Activation Energy (kJ.mol-1)

A B

k (DSC) 68 83
C (viscosity) 63 84

The derived relationships enable the viscosity to be calculated at any time for an isothermal
cure.  However for use in simulations using a variable temperature, it is necessary to describe
a relationship between viscosity and extent of reaction.  By interpolating the DSC extent of
reaction versus time data to match times with those of the viscosity data, a plot such as Fig.
6(a) for 40°C is obtained.  It is important to note however that there is always a degree of
uncertainty introduced when combining data collected from different techniques that use
different sample masses and environments.
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Fig. 6:  Plot of  (a) viscosity versus extent of reaction (α) and (b) ln(viscosity) versus 1/(1-α)
for isothermal cure of catalysed phenolic resole resin at 40°C.

The viscosity of a polymeric fluid is related to its viscosity average molecular weight, Mv,
which in turn is related to the number average molecular weight Mn.  If it is assumed that up
to a conversion of 0.5, the level of crosslinking is small such that the cure can be characterised
as a step-growth polymerisation, then Mn can be estimated using the Carothers equation (Eqn
14) where M0 is the molecular weight of the repeat unit and α is the extent of reaction as
described earlier.

M
M

n =
−

0

1( )α
              (14)

A plot of the logarithm of the viscosity versus 1/(1-α), as shown for 40°C in Fig. 6(b), gives a
linear relationship from which Eqns 15 and 16 were derived. The relationship underestimates
the viscosity during the first 10 % conversion which may be due to reaction A, although there
may be some errors in the viscosity and DSC data in this region due to warm-up effects.  Eqns
15 and 16 are essentially empirical but the term B in Eqn 15 can be viewed as a temperature
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shift factor that reflects through Eqn 16 the energy required for molecules to leave their
equilibrium position and move across one another.  It is quite likely that the relationship
breaks down at higher conversions as gelation is approached, but this is irrelevant to RTM
processing.

ln
.

( )
µ

α
=

−
−

8 005

1
B (15)

B
T

= − +
8740

3176. (16)

RTM Processing

Despite the inherently complex nature of the acid-catalysed cure of phenolic resole resins, it
has been possible to derive empirical relationships to describe the cure kinetics and viscosity
changes over the temperatures of practical interest for RTM processing.  Only one
stoichiometry of a commercial resin has been studied, however the approach developed
should be applicable to other similar systems.  The utility of the derived empirical
relationships lies in their predictive capacity for actual RTM processing applications and this
can be realised through simulation models that include the physical properties of the
reinforcement and mould, the filling pressure and the applied temperature profile [5].

There are some general observations from the results that can be made in relation to the
processing of  acid-catalysed phenolic resins.  Firstly there is the degree of exothermicity of
the cure reaction which for total cure is 347 J.g-1.  This is sufficient to raise the temperature of
the resin (CP = 2.1 J.g-1.°C-1 ) by 165°C, or to raise the temperature from 25 to 100°C and then
convert 0.12 g  of water to steam for every 1 g of resin.  However, in practice under stable
conditions, it is only the first 60 % of reaction (Fig. 3) which produces 208 J.g-1 that is
important.  Of course normally the heat effect is much less, as most of the heat is lost to the
surroundings, but when the heat flow profile seen in Fig. 2(a) is considered in conjunction
with Scheme 1, it is clear why the acid-catalysed phenolic resole resins have short pot lives
(eg. 5 min at 20°C for 1kg).  The pot life is not a problem in RTM processing if the resin and
catalyst are mixed just prior to injection into the mould as this avoids having to handle any
bulk catalysed resin.  Once the resin is distributed with the reinforcement there is more heat
required to raise the temperature, for example with a 50 wt% glass loading a potential
increase with no heat loss of 72°C (60 % conversion) is calculated.

The higher temperature cure reaction highlighted by the DSC work (Fig. 2(b)) is essential to
the development of satisfactory mechanical properties.  While this final reaction can be
completed with a postcure after removal from the mould it is probably judicious that a part
experiences above 50°C before demoulding.  It is thus necessary to have the capacity to heat a
resin transfer mould if it is to be used with these resins.  An interesting aspect of the cure
modelling is that it potentially allows one to determine a temperature schedule that uses the
heat produced by the cure to raise the overall temperature to a desired level without additional
external heating.  However to achieve this a good knowledge of the heat transfer properties of
the mould used is needed.
The relevance to RTM processing of the viscosity changes during cure depends on several
features related to the part being made.  The fill time and maximum injection pressure are
important, as when a large part is being made it is necessary to ensure that the viscosity at the



Volume IV: Composites Processing and Microstructure

IV - 74

flow front does not increase to a level  where a greater pressure than is available is required to
complete the filling of the mould.  This can be overcome by filling the mould faster using a
higher initial injection pressure or by using a lower initial temperature to reduce the rate of
viscosity increase, though this will tend to increase the fill time.  It is also important to
achieve good wet-out of the reinforcement and if the resin flow is too fast, bubbles can get
entrapped behind the flow front.  This depends on the type and volume fraction of the
reinforcement used.  It is thus usually necessary to compromise between the fill time,
injection pressure and temperature, and such decisions require a knowledge of viscosity
changes during filling of a mould.

CONCLUSIONS

The RTM processing of GRP-phenolic composites requires an understanding of the nature of
the cure behaviour of phenolic laminating resins which differs in several ways to that of
polyester and vinyl ester resins.  To facilitate this, the cure of an acid cured phenolic resole
resin has been studied using isothermal DSC and viscosity measurements over a range of
temperatures and the results have been described by a series of empirical formulas.  These
empirical  formulas can be used to simulate the changes occurring during RTM processing of
a particular part which would identify any risks associated with the high exothermicity of the
cure reaction.  The need for an additional cure step above 70°C to achieve satisfactory
physical properties has also been confirmed.
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SUMMARY:   It has been established that composite parts with considerable geometric
complexity and close dimensional tolerances can be fabricated with high fiber volume, low
void content and a dependable fiber architecture by using the resin transfer molding (RTM)
process.  This paper addresses the techniques utilized for obtaining a composite box section
with 55-58% fiber volume using  eight plies of a  4-harness carbon fabric with a quasi-
isotropic stacking sequence.  One of the enabling features of the fabrication procedure was
using a tackified fabric to shape a preform that fits into the mold cavity.  The mold was heated
with hot oil.  The matrix, 3M’s PR-500 Epoxy, was injected into an evacuated mold using a
Graco RTM Injector.  Test coupons were cut from the composite boxes to determine various
mechanical properties.  The properties from sides of the box were compared with those from
the bottom of the box. The mechanical properties of the corners (through-the-thickness tensile
strength) of the box were also determined.  The tensile properties from the box compared
favorably with the panel data but compression properties did not.  The properties of the sides
and the bottom of the box compared favorably.  The paper contains the details of the
composite box fabrication process as well as the determination of its mechanical properties.

KEYWORDS:   Resin transfer molding;  Composite fabrication and testing; Casket molding
techniques; Tackified textile fabrics; Mechanical property evaluation.

INTRODUCTION

The interest in the fabrication of geometrically complex aircraft parts utilizing the resin
transfer molding (RTM) processes is increasing.  RTM parts are now being used in critical
structural components of both commercial and military aircraft.  This use is due, in part,  to
improvements in RTM fabrication methods which allow parts to be produced with greater
geometric complexity and closer dimensional tolerances than possible using  other
(customary) composite manufacturing  methods [1].  RTM fabrication also allows parts to be
manufactured with fiber volume ratios comparable to those achievable with autoclave
processing techniques [2-7].  The objective of the present research was to design, fabricate,
analyze and test a high performance RTM composite component.  The composite component
should incorporate a complex geometric configuration, close dimensional tolerances  and a
high fiber volume using a high performance matrix and fiber. This paper details the mold
design, RTM process and the evaluation of the mechanical properties of an illustrative aircraft
part.

TECHNICAL  APPROACH

The design of the part was based on an aircraft type spar that might be included in the tail
section of an advanced aircraft.  The part was sized to be compatible with existing RTM
equipment.  It contained eight plies of IM7-6k-4HS carbon fiber fabric stacked in quasi-
isotropic sequence.  It was designed in an open-box configuration about seven inches long and
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three inches wide with a uniform wall thickness.  The sides were two inches high and were at
right angles to the base.  The selection of the size was based on an interest in obtaining the
tensile-, compression-, and ‘L-beam’-  test coupons from the same box section.  The angle
(called here as L-beam) section,  subject of an earlier research [8], required two-inch long legs
for comparative studies.  The eight (fabric) plies were to be consolidated to 0.067 inches of
wall thickness to obtain a fiber volume in the range of 55-58%.

The matrix used was 3M company’s PR-500 Epoxy Resin.  It is an advanced fluorinated
epoxy packaged as a one component system especially formulated for RTM [1].  The matrix
system is compatible with our Graco Heated RTM Supply Pump.  Since the matrix is a thick
paste at room temperature, the pumping and plumbing system must be controlled at an
elevated temperature. The mold design selected was of the casket- type.  This type of mold
concept is especially useful for vacuum filling because it only has two matrix ports and one
O’ring seal.  In addition, the casket components are heated by hot oil which provides for rapid
heating and cooling as well as uniform temperature control.  The casket design concept is
especially useful as it provides an opportunity to reduce the cost of individual composite
components by injecting a multi-cavity mold with one injection cycle.

Because of the geometric complexity of the part design, tackified woven fabric was used so
that the preform could be fully consolidated into the part configuration before it is placed into
the mold cavity.  This concept assures the stability of the ply architecture when the sides of
the preform are put in shear as the mold closes.  The mold was held in a compression press
during the RTM process because the liquid matrix was to be held at 150 psi during the
fabrication process.  The press platens keep the mold closed and minimize the deflection of
the mold components at this hydraulic pressure as well as affect a vacuum- and fluid- seal.

MATERIALS

Matrix:  The matrix chosen for this project was PR-500 Epoxy Resin produced and marketed
by the 3M Company [2].  It is a proprietary one-component  fluorinated epoxy resin
especially formulated for the fabrication of advanced composites by the RTM process. It is a
high strength epoxy with exceptionally good mechanical properties, especially under wet
conditions.  The Graco Heated RTM Supply Pump [8] was designed for injecting the matrix
material into an RTM mold.  The matrix contains a powdered catalyst suspended in the thick
epoxy matrix paste.  The catalyst melts at approximately 2800 F.  The latent catalyst must be
melted before it reaches the fiber preform., otherwise the preform would filter the powdered
catalyst out of the matrix before it dissolves in the epoxy.  This feature was particularly useful
for the RTM process because it allowed the matrix to be pumped through the plumbing before
the matrix was activated by dissolving the powdered catalyst.  Therefore,  the plumbing
between the pump and the mold was almost all reusable between injection cycles without
cleaning.

Reinforcement:  The reinforcement chosen was IM7-6k-4HS provided by Dow-UT  It was a
4-harness fabric woven from 6k-IM7 carbon fibers with a tackifing agent added to one
surface.  Dow-UT distributes and fuses a powdered version of PR-500, labeled as PT-500, to
the fabric as a tackifing agent.  The tackifing agent allows for the construction of a preform
out of a stack of fabric plies to fit a mold cavity with complex geometry.   The tackified
material melts during the preform molding and resolidifies upon cooling.  The preform not
only was shaped but also consolidated to the part thickness to minimize the stress on the
preform during mold closing.

FABRICATION PROCESS

Mold:  The following illustration, Fig. 1,  is useful in describing the primary features of the
casket mold design.  The casket cavity and casket top plate are designed to contain hot oil
channels for heating and cooling the mold.  Inside the casket cavity was the cavity insert.
This insert contains the mold cavity which forms the outside surface of the composite part.
Attached to the casket top plate was the cavity punch.  One of the surfaces of the punch



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 77

formed the inside surface of the composite part.  The cavity insert also contained the matrix
manifold.  The matrix manifold distributed the matrix along the long edge of the part.  The
matrix entered the casket cavity along one edge of the part and overflowed on the other edge
as it exited the mold cavity.  An O’ring seal was used to form the required vacuum seal
between the casket top plate and the casket cavity.  The carbon fiber preform fits into the
mold cavity as shown.  The entire assembly was clamped by a compression press.  The fit
between the casket cavity and the cavity insert was a slip fit.  The space shown between the
mold components in Fig. 1 is for the purpose of illustration only.  The illustration also
exaggerates the taper  between the cavity insert and the casket cavity.  The mold was
machined from tool steel to close tolerances and with a good machine finish on important
surfaces.

The Graco Heated RTM Supply Pump:  The Graco Heated RTM Supply Pump [3] was
designed to inject a single component matrix with a high room-temperature viscosity.  The
machine was designed to utilize the matrix shipping container as the matrix supply vessel.   A
can opener was used to convert the shipping container to matrix supply vessel by cutting off
the friction fastener ledge.  The temperature controlled Wiper Plate Assembly was pressed
into the top of the can by the two air cylinders and allowed to rest on the top of the matrix
surface as shown in Fig. 2.  The heat from the Wiper Plate Assembly reduces the viscosity of
the matrix so that it may pumped into the mold.  The matrix was pumped with an air powered
reciprocating piston pump.  Each stroke of the pump delivers 6 ml of matrix.  A needle valve
in the plumbing system regulates the matrix flow rate.  The flow rate selected for this part was
6 ml per minute.  It is imperative that the temperature of the plumbing be carefully controlled.
If it is too cold, the matrix will not flow, and if it is too hot, the matrix will set-up in the
plumbing thereby stopping the flow and damaging the plumbing for future use.  For PR-500,
the in-let plumbing temperature was set at 1500 F.  The out-let plumbing temperature was set
2000 F.  As the matrix is pumped out of the container, the air cylinders keep a constant
pressure on the matrix hot plate to maintain its contact with the surface of the matrix in the
supply container.  In addition, the system only heats the matrix in contact with the heated hot
plate.  It minimizes the heat history of the matrix not immediately required.

Plumbing System:  The plumbing system is illustrated in Fig. 3.  The mold was placed in the
compression press and the copper tubing was assembled as shown.  Copper tubing, 1/4 inch
outer diameter with 37 degree flared tube fittings, was used throughout.  At the time of
assembly a small amount of vacuum grease was applied to each joint to enhance the vacuum
seal.  All of the plumbing on the matrix entrance side of the mold was wrapped with electrical
heating tape and adjusted to 1500 F.  The plumbing temperature on the matrix exit side of the
mold was set at 2000 F.  The exit side of the mold contained a shut-off valve, a matrix trap,
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vacuum gage and a vacuum pump.  The entrance side of the mold contained a shut-off valve,
a needle valve and the Graco Heated RTM Supply Pump.
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The plumbing was vacuum tested to determine if the system was vacuum tight.  This was
accomplished by closing the inlet valve, opening the outlet valve and turning on the vacuum
pump. After the vacuum reached about 30 inches of Mercury, the vacuum pump was turned
off and the vacuum gage was observed for vacuum leaks.  If the gage indicated a leak of over
one inch in 15 minutes, all of the plumbing connections were retightened and retested. A
vacuum tight plumbing system is required for a successful RTM molding cycle.

Fabrication:  The preform was constructed of eight plies of IM7-6k-4HS tackified carbon
fiber fabric stacked in a quasi-isotropic sequence.  A template was developed which provided
a preform that exactly fit the mold cavity.  The template was positioned on the fabric in
various positions to obtain fiber orientations of +45, -45, 90 and 0 degrees.  The plies were
then stacked in a sequence of [ +45/0/-45/90]s.  The stack was placed on the preform molding
tool and vacuum bagged as illustrated in Fig. 4.

The preform tool was fitted with a thermocouple for temperature measurement.  The vacuum
bagged preform was placed in an oven preheated to 2200 F and the vacuum was then applied
to the bag.  As the vacuum level increased, the plies of fabric were pulled tight against the
preform tool.  When the tool reached the oven temperature, it was held for 20 minutes.  At
this point, the resin had melted.  The tool was cooled down to room temperature before the
vacuum is released.  The result is a molded preform having the shape of the tool and
compressed to the approximate consolidation thickness.  The preform at this stage can be
handled, inspected, and the edges trimmed to precise dimensions. The box design included
partially opened corners.  The open corners were obtained by trimming the preform about 1/8
inch from each corner.  This minimized the problem of trying to mold corners in the box
which was unnecessary for the intended  box design.

Matrix Injection:  The set-up and conditions illustrated in Fig. 3 are used to inject the matrix.
A coat of mold release was applied to all surfaces of the mold.  The O’ring and O’ring groove
were cleaned, lubricated with vacuum grease, and assembled.  The preform was placed on the
punch and pressed into the mold cavity with the compression press.  The equipment
arrangement (without the plumbing and the hot oil heating lines) is illustrated in Fig. 5.  The
vacuum pump, heat to matrix plumbing, heat to Graco wiper plate assembly and heat to the
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mold were turned on and allowed to stabilize.  Thermocouples were attached to various
locations in the matrix plumbing- and mold- equipment.  The mold temperature was set at
3500 F, the matrix in-let plumbing and Graco wiper plate assembly temperatures were set at
1500 F and the matrix out-let plumbing was set at 2000 F.

Before commencing the matrix injection, the vacuum seal was rechecked to determine if the
plumbing joints continued to seal at elevated temperature.  If a leak was found, it was repaired
and rechecked.  The compressed air to the Graco was adjusted to 40 psi with the needle valve
closed.  The air to the air cylinders was set at 10 psi and the air to the matrix pump was set at
22 psi.  The vacuum pump was turned off.  The needle valve was slowly opened and the
frequency of the pump stroke was observed and the needle valve adjusted to provide one
stroke per minute.  When the matrix was observed to flow into the matrix trap, the matrix exit
valve was closed and the matrix pump increased the liquid matrix pressure to 150 psi.  The
exit valve was opened briefly two times to “burp” a small amount of matrix through the mold.
Finally,  the matrix was pressurized to 150 psi  and held for 30 minutes..  The referenced
literature indicated that the matrix would gel in 30 minutes at 3500 F.  This pressurization
reduced the size of any remaining air voids and matrix polymerization shrinkage.

Cure and Part Removal:  The mold was held at 3500 F for two hours as recommend by the
matrix manufacturer to achieve a full cure.   The removal of the part from the mold caused
some initial difficulty.  After a number of attempts, the following part ejection technique was
determined.  Four undercut slots, 0.25” wide x 2.0” long x 0.030” deep, were added to the
cavity punch.  These under cuts aided removal of the part from the cavity insert by having the
part remain on the punch as the mold halves were separated.  The mold halves were separated
at the cure temperature of 3500 F and the part was removed from the punch after the punch
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reached room temperature.  This sequence was necessary because the part had a lower thermal
coefficient of expansion than the mold steel.

MECHANICAL TESTING

The mechanical properties of the molded box were determined by extracting test coupons
from both the bottom and sides of the box.  The data determined for the bottom and side
coupons were kept separate in order to compare the properties of the composite materials
from the two locations.  A difference in properties may occur because the sides  of the
preform are in shear and compression as the mold closes while the bottom is only in
compression.  The mechanical test selected are: tensile, compression and L-beam.  Standard
ASTM test procedures  were  used in testing the specimens.  The L-beam test method was
described in detail by Avva et. al. [8].  This test method measures the “through-the-thickness”
tensile strength which is useful for designing structures subjected to out-of-plane loads.

Test Coupon Dimensions:  The procedures for the compression and tensile testing follow the
ASTM D 3410 and ASTM D 3039 standards, respectively. The test coupon size was scaled
down to fit the size limitations that resulted from the composite box.  For example, normally
the standard ASTM tension coupons are cut from panels with 0.100-inch thick, but the box in
the present case was only 0.067-inch thick.  The scaling resulted in coupons that were
approximately 67% of the ASTM’s standard size. The L-beam specimen includes material
taken from the side, corner and bottom  of the box section.  The L-beam coupons tested here
are also scaled-down versions of geometry and dimensions as shown in [8].

Tensile Data - Box Bottom

Box/Number        Failure Strength         Axial Strain   Modulus Poisson’s Ratio

5/21 99.8 ksi 1.31 % 7.6 Msi .32
5/30 102.8 1.40 7.6 .33
6/18 97.4 1.30 7.5 .34
6/25 92.7 1.20 7.6  ---
7/30 95.4 1.30 7.3 .30
8/19 107.7 1.27 8.2 .30
8/26 98.0 1.30 7.7 .33
9/30 106.3 1.34 8.0 .38

     Average          100.0/689( ksi/MPa) 1.30 %              7.7/53( Msi/GPa) .33

Tensile Data - Box Side

Box/Number    Failure Strength        Axial Strain   Modulus  Poisson’s Ratio

5/21 95.5 ksi 1.30 % 7.3 Msi .32
5/30           100.7 1.30 7.8 .33
6/18           102.1 1.38 7.4 .31
6/25 93.6 1.21 7.7 .34
7/30 91.5 1.20 7.6 .31
8/19           100.1 1.32 7.6 .31
8/26 91.3 1.30 7.2 .34
9/30           107.3 1.34 8.1 .39

    Average         97.8/674 ( ksi/MPa)            1.29 %           7.6/52 (Msi/GPa) .33
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Compression Data - Box Bottom

Box/Number  Failure Strength Axial Strain  `Modulus Poisson’s Ratio

5/21 60.7 ksi 1.20 % 5.5 Msi .30
5/30           56.6 0.81 6.9 .30
6/18 57.7 1.00 5.6 .31
6/25 70.6 1.06 6.5 .32
8/19            71.5 0.71 7.6 .36
9/30           67.9 0.70 8.4 .40

    Average       64.2/443(ksi/MPa)             0.91 %          6.8/46.9 (Msi/GPa)         .33

Compression Data - Box Side

Box/Number  Failure Strength             Axial Strain    Modulus Poisson’s Ratio

5/21 54.9 ksi 0.88 % 6.3 Msi .36
5/30           62.4 0.98 6.3 .32
6/18 68.6 1.06 6.6 .35
6/25 57.4 0.90 6.5 .31
8/19            69.8 0.80 7.9 .40
9/30           66.2 0.70 8.5 .40

  Average      63.2/436(ksi/MPa)                0.89 %            7.0/48.2 (Msi/GPa)       .36

Fiber Volume

Box/Number         Fiber Volume Specific
Gravity

5/21 54.7 % 1.53
5/30 54.7 1.53
6/18 49.4 1.51
6/25 52.6 1.52
7/30 55.2 1.57
8/19 53.7 1.60
8/26 61.8 1.60   
9/30 58.1 1.62

       Average 55.0 % 1.56
L-Beam Data

Box/Number Failure Strength, ksi

8/26- 1 1.18
2         1.75
3 1.89

Average 1.61/11.1 (ksi/MPa)
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ANALYSIS OF DATA

One concern of the fabrication process was the possibility of observing differences in the
mechanical properties obtained in testing coupons extracted from the bottom and sides of the
molded composite box.   In this case,  a significant variation of mechanical property data
obtained from the referenced two locations was not indicated.  One may therefore conclude
that the fiber architecture of the side panels was not disturbed by the shear of the preform as
the mold was closed.

The only published data for property comparison located in the literature was in the 3M
Company’s PR-500 Product Bulletin [2].  The 3M data for tensile properties on IM7-6k-4HS
in a quasi-isotropic lay-up were on coupons that were 0.100 inches thick and a 58% fiber
volume.  For this condition, the data reported for the tensile strength was 110 ksi and the
tensile modulus was 8.0 Msi.   When the tensile data for the box bottom was normalized to a
58% fiber volume,  the tensile strength was 105.5 ksi and the tensile modulus was 8.1 Msi.
These results compare favorably.

The compression properties do not compare as well as the tensile properties described above.
The 3M data for compression strength was 87 ksi and the compression modulus was 7.7 Msi.
When the data for the box bottom compression strength was normalized to a 58% fiber
volume, the compression strength was 67.7 ksi and compression modulus was 7.1 Msi.
Compression testing is a complex arena.  It is felt that the scaling from a coupon thickness of
0.100 inches to a thickness of 0.067 may not be logical and could be a source for obtaining
property variation.  This issue need to be addressed  further at a later time.

The L-beam data also proved to be a problem to verify. Through-the-thickness tensile strength
[8] for laminated and 3D braided composites were much higher than the present material.  A
possible explanation could be the difference between the thickness of the test coupons.  The
data reported in [8] was 2 to 3 times greater than that determined  from the coupons taken
from current RTM part. To further explain the lower strength values,  it is suggested that
additional studies be conducted to assess the effect of ‘scaling down or up’ of the ‘standard’
specimen dimensions.

CONCLUSIONS

This research was successful in producing a quality aircraft type composite component by the
RTM process using the state-of-the-art materials and processes.  Test coupons removed from
the molded parts were tested for tensile, compressive and through-the-thickness properties.
The tensile properties agreed very well with published data , but, unfortunately, the
compressive and through-the-thickness data was below the expectations.  Scaling down the
dimensions of the test coupons was believed to be a problem, however, additional work would
be required to verify this belief.
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SUMMARY:   Automated heated placement of consolidated fiber reinforced polymer
ribbon/tape is a rapid, cost effective technique for net shape fabrication of high performance
composites. Several research efforts in the United States are developing the heated head
robotic hardware and associated software needed to bring this technology into widespread use
for building aircraft parts. These efforts emphasize the use of pre-consolidated thermoplastic
ribbon or tape which is thermally welded on-the-fly. The approach provides in-situ
consolidation and obviates the need for autoclave processing and massive debulking, thereby
reducing costs.

Addressed in this paper are some key issues being pursued at NASA Langley related to this
technology.  These include (a) preparation of high quality intermediate materials forms such
as thermoplastic powders, powder-coated towpreg and consolidated ribbon/tape and (b)
achievement of precise control of the following: robot head positioning on the tool; material
placement; heat delivery to the lay-down zone; and cut/add, start/stop capabilty.  Heated head
development has dealt with the use of hot gases alone and in combination with focused
infrared radiation as heat sources.

KEYWORDS:   automation, powders, ribbon, tape, robot, polyimides

INTRODUCTION

To be economically viable in competition with metals for high performance applications, fiber
reinforced polymer composite fabrication must utilize high quality material forms and fully
exploit automated processing technology.  Automated processes employed in the composites
industry include pultrusion, filament winding, automated tow/tape placement (ATP) and the
textile processes of weaving and braiding in combination with resin transfer molding or resin
infusion molding.

The automated placement of composite tow/tape is one of the most promising fabrication
methods for rapid, cost effective, net shape composite part manufacture.1  To apply this
technique in various aerospace research programs, NASA Langley Research Center is
emphasizing an approach where preconsolidated high temperature, thermoplastic, graphite
fiber reinforced ribbon or tape is thermally welded on-the-fly. This approach provides for in-
situ consolidation of the part and eliminates the need for laborous debulking and autoclave
post-placement processing.  As ATP research and development efforts proceed, important
issues that require resolution have been identified. Examples include open section residual
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stresses, autohesion requirements, prepreg material quality and post annealing of semi-
crystalline polymers.

PRECONSOLIDATED COMPOSITE RIBBON AND TAPE

Most basic of these issues is the requirement for high quality, fully consolidated,
thermoplastic ribbon and tape having close dimensional tolerances.  The old axiom, ìgarbage
in, garbage out,î cannot be overemphasized in ATP practice.  An important part of the NASA
program has dealt with developing ways to fabricate the required product forms.  The
necessary and important restrictions on the processes were as follows.  (a) Utilize no solvents,
therefore no solvents would have to be removed in subsequent fabrication steps.  (b) Avoid
melt impregnation; it is almost an impossible task with the high melt viscosities of high
performance polymers such as polyimides and polyarylene ethers.  The scheme finally
developed at Langley utilized impregnation of finely ground polymer powder onto a spread
unsized carbon fiber tow bundle followed by thermoplastic forming of the towpreg into
consolidated ribbon and tape.

fiber spools with 
magnetic brakes 

air roller

impregnator 
bars

screw-type  
powder feeder 

pneumatic 
spreader

powder hopper 

tension control 
and take-up 

DIRECTION OF PROCESS

Figure 3. Schematic of the NASA  Powder-Coating Line

Powder Impregnation

Processes for making towpreg have been developed from both slurry and dry powder
techniques.2  An optimized process, called ìpowder curtainî was found at Langley to be the
most efficient way of  distributing solid polymer particles throughout continuous filament
tows (see Figure 1). The resulting towpreg yarn was flexible, bulky and abrasive.  Composites
made with this material by frame-winding followed by press molding gave mechanical
properties quite favorable to those made from solution prepregging (Table 1).3
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Table 1.  Mechanical properties of LARC IAX/IM7 polyimide composites made by       
   solution and powder-coated prepreg*

Property Test Temp., ºC Solution Coated Powder Coated

SBS Str., ksi RT 15.8 22.1
177 7.9 8.9

0°Flex. Str., ksi RT 213 314
177 105 213

0°Flex Mod., msi RT 18.6 19.8
177 15.1 19.8

0°Compress. Str., ksi RT 167 202
0°Compress. Mod., msi RT 23.4 23.7

*Data normalized to 60/40 fiber/resin vol. %;  Polyimides were formulated to 4% offset in
favor of the diamine and endcapped with phthalic anhydride.

Consolidated Ribbon/Tape

Robotic placement heated heads are generally designed to utilize stiff, preconsolidated
ribbons or tapes having consistent cross-section.  A number of debulking techniques were
studied to convert  powder-coated towpreg yarns into fully preconsolidated ribbon and tape.4

Issues included towpreg material quality, transverse squeeze-flow, appropriate timing for
heating and pressure application and tool contact/release.  Several processing methods were
designed, built and experimentally evaluated.  Four powder-coated towpreg yarns, Aurum-
500/IM-8, PIXA-M/IM-7, LARC-IA/IM-7 and APC-2 (PEEK/AS-4) were used in this
evaluation.  Reactive plasticizers and solvents were excluded. The work concentrated on the
fabrication of 0.63 cm wide ribbon from two 12K IM-7 powder coated tows and 7.6 cm wide
tape from twenty-five powder-coated tows.4,5
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air-cooled
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bar assembly

rear view
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Figure 4: Schematic of NASA Ribbon/Tape Line

By utilizing desirable attributes of several of the designs, a novel processing technique was
developed. The equipment was comprised of two primary components (Figure 2). The
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ceramic hot bar fixture facilitated transverse melt squeeze flow while the cool nip-roller
assembly solidified the ribbon/tape into preconsolidated ribbon/tape with consistent cross-
section. The heat transfer and pulling force were modeled from fundamental principles to
develop a basic understanding of the process for application to a variety of polymer materials.

AUTOMATED FIBER PLACEMENT

ATP Process

During automated placement, preconsolidated composite ribbon and tape are fed from spools
through a delivery system located on the placement head.  A band of collimated ribbons or the
tape is placed with heat and pressure to laminate it onto the work surface.

Fiber placement differs from filament winding in that it requires the tow placement tool tip to
contact the surface of the part rather than floating off the part. This allows for placement in
non-natural paths which may be required for complex parts.1  Contrasted to filament winding
which is limited to continuous placement on closed part geometry, ATP with its cut/add
capability can place on open as well as closed parts.

Specific work cell configurations for fiber placement depend upon the geometry of the parts
to be fabricated. However, the following elements are common to all fiber placement
machines:

•  Placement Head
•  Automated Machine Platform
•  Electronic Controls and Software
•  Placement Tool

The placement head is a stand alone end effector that feeds, cuts, places and laminates the
ribbons or tape.6  The platform is usually a commercially available gantry or an articulated
arm unit to which additional degrees of freedom may be  added.1

NASA ATP Facility

Acquisition and utilization of an automated thermoplastic fiber placement machine for
materials and processing evaluation was an important part of the NASA program.7  The
machine, shown in Figure 3, was manufactured by Automated Dynamics Corporation (ADC)
and is comprised of an Asea Brown Boveri robotic arm with an ADC thermoplastic fiber
delivery head (Figure 4) and placement tools.  The latter are comprised of both flat and
cylindrical steel tooling.  The computer control system and software for the work cell were
jointly developed by ADC and Composite Machine Company (CMC). ADC performed the
total system integration.
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Figure 5. Photograph of  NASA Robot, Heated Head and Heated Flat Tool

Machine Development

Materials and processing evaluation activities carried out with the  ATP machine at Langley
were an intergal part of several NASA aereospace research programs involving even larger
and more sophisticated proprietary machines being developed at several corporate research
laboratories. These NASA/industry research programs continue to address ATP requirements
such as precise control of robot head positioning, material placement rates, heat delivery to
the lay-down zone and cut/add, start/stop capability. Machine development for thermoplastics
has dealt with the use of hot gases, lasers, focused infrared radiation and combinations of
these as heat sources. Current work also is directed toward start-on-the part, turning radius
limitations, autoadhesion requirements and development of sensors that give on-line part
quality information that could be used for on-line placement defect repair.  The latter would
yield a remarkable cost-savings for fabrication of commercial aerospace composite structure.

Modeling

Consolidation models have been developed to relate ATP machine design, operating
parameters and sensor readings to the processing conditions necessary for making good
quality composite parts.  In-situ bonding models have served to establish a processing
window bounded by the upper and lower limiting values of the processing conditions within
which acceptable parts can be made. The models attempt to describe the mechanisms
involved in the ATP process. These include heat transfer, tow thermal deformation and
degradation, intimate contact, bonding and void consolidation.8  Finite element analysis,
neural networks and fuzzy logic techniques have been used in these computer-based models.9

One of the primary purposes for developing models has been to aid on-line control. The
computer execution time is therefore critical. Unfortunately, even in their most simplified
form, most models take too long for predictive use on-line.  As a result, the models are run
off-line for various parameters in the processing window and a computer look-up table
constructed that can be used as a guide to on-line control.9
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Figure 6. Schematic of the NASA Heated Head

Table 2. Open Hole Compression Strengths of Quasi-isotropic Thermoplastic Composites

Process APC-2
(PEEK)/AS4

APC-2
(PEEK)/IM6

AURUM 
PIXA/
IM7

Hand Lay-
up/Autoclave

47 ksi 46 ksi 46 ksi

Adv. Tow
Placement

40 ksi 43 ksi 39 ksi

% Retention 85 93 85

Composite Fabrication/Testing

During the past year, in-situ consolidated laminates have been prepared from high
temperature polyimides such as AURUM PIXA/IM7, AURUM PIXA-M/IM7 and
LARC PETI-5/IM7 and polyarylene ethers and sulfides such as APC-2 (PEEK)/AS4),
APC-2 (PEEK)/IM6, PEKK/AS4 and PPS/AS4.  It should be noted that thermosetting
materials such as the LARC PETI-5/IM7 require a high temperature postcure to optimize
their performance.  Some properties of PEEK and PIXA panels made by ATP on large
industrial equipment are given in Table 2 and compared with properties obtained from panels
made by hand lay-up/autoclave procedures.  The ATP panels exhibited from 85 to 93 percent
of  the properties of composites made by hand lay-up/autoclave.  These results indicate that
heated head ATP technology can be used to effectively fabricate quality high performance
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composite materials.  The ATP goal of the period ahead is to achieve 100 percent of hand lay-
up/autoclave results.

CONCLUDING REMARKS

Significant progress has been made in developing automated heated head tow/tape placement
technology for the fabrication of high performance composites. The key activities included
development of methods for making good quality thermoplastic ribbons and tape,
determination of machine design and operating requirements for in-situ placement and
establishment of a base knowledge of the fundamental mechanisms involved in both
ribbon/tape preparation and in-situ consolidation.

Studies during the period ahead will include the development of focused infrared/hot gas
heating, on-line sensors and start-on-the part methods.  Particulary important will be material
qualification studies at NASA and the fabrication of large test specimens and component
structures at several industrial laboratories.
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SUMMARY: An on-line consolidation system, which includes a computer-controlled
filament winding machine and a consolidation head assembly, has been designed and
constructed to fabricate composite parts from thermoplastic towpregs.  The present study
examines the impact of processing conditions on thickness reduction, void content, density,
degree of crystallinity, and interlaminar shear strength (ILSS) of the consolidated parts.  A
central composite experimental design was used to select the processing conditions for
manufacturing the composite cylinders and to analyze the effect of processing parameters on
quality of resulting composite cylinders.  A response surface of ILSS was constructed to
reveal the impact of the individual parameters.  In general, higher nippoint temperature and
lower winding speed tend to yield composite cylinders with higher ILSS and lower void
content.  APC-2 (PEEK/Carbon fiber) composite cylinders fabricated by the on-line
consolidation technique had an ILSS of 58 MPa and less than 1% void content.

KEYWORDS:  On-line (In-situ) consolidation, thermoplastic composites, design of
experiments, interlaminar shear strength, APC-2 towpreg, void content, degree of
crystallinity.

INTRODUCTION

On-line consolidation is a composite manufacturing process where the resin impregnated fiber
bundles (“towpreg” or “prepreg”) are continuously oriented, laid down, consolidated, and
cured onto the tool surface in a single step.  Once the surface of the designed structure has
been covered and the thickness has been achieved, the part is finished.  Secondary processing
steps such as autoclave or hot-press consolidation are eliminated.  When integrated with a
computer controlled system, the process can be fully automated which leads to further cost
saving in fabrication by increasing productivity and reducing labor cost.

In addition to the reduced cost, on-line consolidation also offers benefits for design flexibility
and performance.  With localized heating, this process is inherently suitable for
manufacturing parts with large surfaces and moderate curvatures, such as fuselage structures
and deep submersibles [1].  Because the towpreg is fully consolidated and locked in the
vicinity of the melting point as it is placed onto the structure, conceptually there is no
limitation on producing parts with thick cross-sections and large surface areas [2].
Furthermore, complex, non-geodesic, and even concave winding paths are also achievable,
thus allowing design flexibility [3].
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In order to realize the potential advantages of on-line consolidation, the significant processing
parameters must be identified and the effects of the processing parameters on the quality of
the composite must be understood.

Therefore, the objectives of this investigation are to use a design of experiments approach to
determine the importance of the processing parameters and their effect on the mechanical and
physical properties of the consolidated composite.

EXPERIMENTAL

On-Line Consolidation System

Over the past decade, many investigations have been devoted to development of the on-line
consolidation manufacturing technique [4-12].  Almost all existing on-line consolidation
systems have similar processing steps that start with unwinding preimpregnated towpreg from
the spool.  The continuous towpreg passes through a tensioner and guide rollers and then
arrives at the nippoint, where the towpreg and composite substrate meet.  Energy from a
highly focused heat source melts the interface while, at the same time, the compacting roller
compresses the material and squeezes out excess resin.  Finally, the towpreg is solidified and
consolidated onto the tool surface.

The on-line consolidation system used in the present investigation is schematically illustrated
in Figure 1 and includes a towpreg delivery system, a computer-controlled filament winding
machine and a consolidation head assembly.  Figure 2 shows a photograph of the on-line
consolidation system.

The on-line consolidation system, described above, was used to manufacture composite
cylinders from 6.35 mm wide APC-2 towpreg (carbon fiber and PEEK) from Fiberite, Inc.
The winding pattern was generated by the computer software, CADWIND®.  The winding
procedure was performed on a computer controlled two-axis filament winding machine.  All
cylinders investigated are hoop-wound and have an inner diameter of 146 mm (5.75 in).
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Figure 1 Illustration of the on-line consolidation system.

Figure 2 Photograph of the on-line consolidation system.
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Mechanical and Physical Tests

Once a composite cylinder was produced, its thickness was measured and recorded at twenty
different locations around the circumference.  The composite cylinders were then sent to the
machine shop for fabricating test coupons.  First, a 6.35 mm wide ring was cut out from the
center portion of the cylinder.  Second, a thin diamond cutter was used to cut open the ring
and the opening dimension was then recorded.  Different displacements indicate that the
process-induced residual stresses have varied due to different processing conditions.  Third,
fifteen ILSS coupons were machined to conform to the dimensional requirements as described
in ASTM standard D2344.

To gage the overall quality, density and void content tests were performed on all composite
cylinders.  The density measurements were performed in accordance with ASTM standard
D792-91 and the void content measurements were performed in accordance with ASTM
standard D2734-91.  The material densities required by the void content calculation are given
in Table 1.  The density of APC-2 at 30% crystallinity was determined following the
procedures described in Ref. 13.

Table 1 Material Properties for Density Calculation.

Property AS-4 Fiber PEEK
Amorphous Crystallinity

Volume Fraction 60% 40%
Degree of
Crystallinity

na na 30%

Density (kg/m3) 1780.0 1262.6 1400.6

STATISTICAL INVESTIGATION OF THE PROCESSING WINDOW

The motivation for using a statistical method was to study the impact of individual processing
parameters and to establish the processing window for a given material system.  In contrast to
randomly selected processing conditions or to conducting one-factor-at-a-time studies, a
carefully planned experimental design for studying the impact of all variables and their
interactions will be more cost-effective.

Processing Parameters

In the present design, there are five separately controllable system parameters namely,
winding speed, pressure of compaction roller, nozzle temperature, distance between nozzle
and nippoint, and air pressure for the heater.

Observations from initial experiments showed that the nippoint temperature can be several
hundred degrees Celsius lower than the nozzle temperature and is very sensitive to the
following three system parameters: nozzle temperature, air flow rate in heater and distance
between nippoint and nozzle.  Meanwhile, we found that using nippoint temperature to
construct the processing window has two major advantages.  First, it is more realistic since
nippoint temperature is the actual temperature that the towpregs are subjected to.  Second, by
using nippoint temperature to represent three of the system parameters, the number of
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parameters was reduced from five down to three, i.e. winding speed, roller pressure, and
actual nippoint temperature.

Nippoint Temperature

In order to investigate the individual impact of these three parameters and their interaction on
the nippoint temperature, a three-factor, Box-Behnken design was conducted [14]. There are
fifteen possible factor-level combinations in this experimental design.  The low, midpoint,
and high values are listed as the following.
• Distance between nozzle to nippoint: 12.7 mm (0.5 in), 19.1 mm (0.75 in) and 25.4 

mm (1.0 in).
• Air pressure: 27.6 kPa (4 psi), 55.2 kPa (8 psi) and 82.7 kPa (12 psi).
• Nozzle temperature of hot air heater : 538°C (1000°F), 593°C (1100°F) and 649°C 

(1200°F).

The nippoint temperature was measured by a K-type, air-probe thermocouple for each factor-
level combination.  A second-order linear regression analysis for three independent variables
yields,

                     

1LSSRLQW 7HPSHUDWXUH �°&� =

������ + ������'− �����3 − ������7 − �����'�

−�����3� + ������7 � + �����'3 − ������7' + ������37

              (1)

where ' is the distance from nozzle to nippoint, 3  is the heater air pressure, and 7  is nozzle
temperature.

Processing Window For On-Line Consolidation System
The processing window for the on-line consolidation system is determined by adjusting the
three system processing parameters, namely roller pressure, winding speed, and nippoint
temperature.  To simplify the approach a step further, a fixed roller pressure of 380 kPa (55
psi) was chosen for fabricating all cylinders.  It should be noted that we are not presuming
that there is no significant impact of pressure on the quality of composite cylinders; a fixed
roller pressure is simply a system constraint for the present design.  For now, the study is
focused on the impact of winding speed and nippoint temperature on composite quality.

First, a two-factor central composite design of experiments was used to define the
combination of processing parameters.  Second, the density and the thickness of the resulting
cylinders were measured and then, as described in the previous section, their void content was
calculated.  Micrographs of the cross sections of each consolidated part are used to
qualitatively describe the consolidation for a set of processing conditions.  Differential
scanning calorimetry (DSC) was used to measure the degree of crystallinity.  Finally, the
interlaminar shear strength of consolidated parts was measured.

Central Composite Design

A central composite design of experiments was used to systematically study the processing
window and to maximize the quality of composite parts.  An illustration of the two-factor
central composite design is given in Figure 3.  The levels for winding speed range from about
4-10 mm/s and the nippoint temperature has a high value of 660°C (1220°F) and a low value
of 493°C (920°F).  Nine composite cylinders, 26-ply thick and 19 mm (3/4 in) wide were
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fabricated under the prescribed processing conditions given by the experimental design.  The
winding time ranges from 77 to 172 minutes.

� ��� �&� ���� PP�V�

Corner point

Star Point Center Point

� ��� �&� ���� PP�V�

� ��� �&� ���� PP�V�

� ��� �&� ���� PP�V� � ���� ���� �

� ���� �����

� ���� ������ ���� �����

� ���� �����

Figure 3 Illustration of a two-factor central composite design.

Micrograph Study on Quality of Consolidated Cylinders

The purpose of the optical micrographs taken at cross sections of each composite cylinder is
three-fold.  First, we can visually observe the degree of intimate contact between layers since
intimate contact is the necessary condition for good bonding.  Second, we can examine
whether or not the fiber distribution is uniform.  Third, we can observe the size and location
of voids, for void content reflects composite quality.  As a result, the micrographs give a
qualitative description of the composite quality.

Specimens were cut from each composite cylinder and mounted in an epoxy potting
compound.  Each cross section was carefully polished and analyzed under an optical
microscope.  Figure 4 shows results for cylinders #2 and #8.  Cylinder #2 was manufactured
under a nippoint temperature of 633°C (1172°F) and a winding speed of 3.71 mm/s (8.76
in/min.), and the micrographs are shown in Figures 4(a)-4(c).  Virtually no voids are observed
at the interply region (Figure 4(a)) and the fiber distribution is uniform (Figure 4(b)).  No
significant fiber waviness confirms that on-line consolidation does have an advantage over
conventional autoclave consolidation where fiber waviness usually occurs (Figure 4(c)).

As expected, not all cylinders yield the same high quality. In the case of cylinder #8,
manufactured under a nippoint temperature of 517°C and a winding speed of 7.91 mm/s,
large, resin-rich areas exist at almost every interply region as shown in Figure 4(d).  Under
external loading, the resin-rich areas are the most vulnerable due to the lack of surrounding
reinforcement.  This observation suggests that the specimens from cylinder #8 may fail much
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more easily than the specimens cut from a well-consolidated cylinder in which the fibers are
distributed more uniformly.

(a)                                (b)

500 µ 125 µ

(c) (d)

250 µ 500 µ
Figure 4 Photo micrographs of cross-section of Cylinders #2 and #8.



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 99

Table 2:  Properties of towpreg and consolidated APC-2 cylinders.

Cylinder
Number

Nippoint
Temp. °C

Processing
Speed
mm/s

Density
kg/m3

(std. dev.)

Void %
(std. dev.)

Thickness
mm

(std. dev.)

ILSS Mpa
(std. dev.)

Degree of
Crystallinity%

APC-2 na na 1470.1
(6.0)

7.3
(0.8)

na na 15.1

1 572 6.34 1543.5
(3.4)

2.9
(0.2)

3.20
(0.03)

45.20
(0.66)

32.8

2 633 3.71 1584.2
(6.3)

0.4
(0.3)

2.91
(0.04)

58.4
(1.49)

29.4

3 572 9.97 1523.3
(2.9)

4.2
(0.2)

3.47
(0.02)

33.44
(1.50)

29.0

4 572 5.53 1563.4
(3.3)

1.7
(0.2)

3.18
(0.07)

52.38
(1.90)

32.7

5 517 3.71 1544.5
(3.0)

2.8
(0.2)

3.25
(0.02)

49.00
(0.82)

33.6

6 662 6.34 1565.6
(3.6)

1.5
(0.2)

3.06
(0.03)

54.67
(1.26)

29.2

7 496 6.34 1514.6
(13.8)

4.7
(0.9)

3.58
(0.02)

30.74
(1.74)

30.4

8 517 7.91 1516.0
(4.0)

4.6
(0.2)

3.60
(0.02)

24.74
(1.20)

26.5

9 633 7.91 1545.6
(3.6)

2.8
(0.2)

3.26
(0.02)

46.26
(0.84)

27.4

Effect of Processing Parameters on Interlaminar Shear Strength

After investigating the impact of processing parameters on the density, void content and
degree of crystallinity, the next logical step was to conduct interlaminar shear strength (ILSS)
tests that give a quantitative description of the bonding quality of the resulting cylinders.
Table 2 shows the density, void content, degree of crystallinity and ILSS for all consolidated
cylinders.  For an APC-2 composite, an interlaminar shear strength of 72 MPa (10.4 ksi) has
been reported by
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DESIGN AND MANUFACTURING STUDY FOR A
SMALL, COMPLEX COMPONENT REQUIRED IN

LARGE PRODUCTION VOLUMES

K. D. Potter, A. Towse & M. R. Wisnom

Department of Aerospace Engineering, University of Bristol, Queen’s Building.
University Walk. Bristol. BS8 1TR. UK.

SUMMARY:  The purpose of this paper is to demonstrate that it is possible to develop an
approach to the design of small, complex, composite components that is driven by the
requirements of  minimum cost manufacture. The approach depends on identifying those
geometrical features that are critical in the required component and allowing the rest of the
component geometry to be dictated by the deformation characteristics of the chosen
reinforcement. To explore the applicability of this concept a study has been made of one
specific component required in large numbers at low cost, to form the node elements in a truss
structure for a space-plane application. This application has been studied by both practical
manufacture and test of components and by FEA. Both practical test and analysis agree that
the design approach gives rise to a structurally acceptable solution of very low manufacturing
cost.

KEYWORDS:  design for manufacture, reinforcement deformation, finite element analysis

INTRODUCTION

Conventional practice in composite component design and manufacture has followed the
procedures used with metallic design. That is to say that a design is drawn, analysed and
released for manufacture. In view of the constraints that are placed on many designs by the
necessity to fit within predetermined geometries this methodology is, in general, the
appropriate way to proceed. If rigidly applied this sort of approach can lead to designs that are
difficult or costly to manufacture. Additionally, defects can be induced during manufacture if
the design does not accurately reflect the capabilities of the reinforcements and processes used
and the skill of the labour force used to convert them into components.

Over the years a body of understanding has grown up that defines thicknesses, bend radii, lay-
up procedures etc. that serve to minimise the probability of defects in mouldings (ref. 1) and
experienced designers will incorporate this understanding into their designs. Utilising these
“best practice” approaches to maximise moulding quality does, however, tend to have a
negative influence on both the costs of lay-up and the amount of training and support required
to be given to shop floor labour. In part offsetting this influence there is increasing stress
being laid on design for manufacture and ensuring that the required geometry and properties
can be achieved at the minimum costs. One might paraphrase the traditional approach as
asking “how can the fibres be persuaded to have the necessary trajectories?”. The design for
manufacture approach builds on this simply by adding the caveat “at the lowest possible cost”
to the above formulation.
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This paper describes an alternative approach to the design of composite components and
illustrates this by reference to a specific case study. The approach described here is essentially
to drive the design process from the manufacturing end, specifically from the geometries that
can be formed from the reinforcement with minimal deformation and thus can be
manufactured by less skilled labour to high quality standards. Clearly such a methodology
cannot be used for the great bulk of components, however where the approach is usable a
stable, low cost, high quality result should be obtainable.

Reinforcement Deformability

All reinforcements are capable of some deformation, by a variety of modes and over a wide
range of deformations limits (ref. 2). However, when an attempt is made to deform
reinforcements it is often found that wrinkling of the reinforcement occurs well before the
theoretical deformation limits are reached (ref. 3). The key to successful generation of shapes
from hard to form reinforcements lies in minimising the deformation required. Even the
limited deformability that is available with unidirectional prepreg can be used to create
complex 3D geometries in conjunction with techniques such as curved line folding.

The critical point being made here is not, however, that the complex shapes that we draw on
component lay-up diagrams can be made by utilising the deformability of the reinforcements;
this is very often simply not the case and substantial tailoring is required with high associated
costs. The point is rather that, at least in some cases, an understanding of what the
reinforcements would “like” to do can be used to drive the definition of the geometry to be
moulded. It should be fairly clear that, if the reinforcement does not have to be extensively
tailored, simpler lay-ups should be possible; and that the prospect is held out of lay-up in flat
format followed by a simple and rapid forming operation to give the required geometry. The
concept of laying up a flat or generically shaped preform followed by a shaping step is not
novel (ref. 4), indeed it is central to many applications of RTM processing (ref. 5). However
applying the concept of following “natural” deformation paths should greatly reduce the
probability of deformation induced defect formation. These deformation induced defects
include wrinkles and folds in the preform and are very deleterious to the properties of the
cured components. Additionally, if “natural” fibre paths can be generated one would
intuitively expect smoother stress distributions, especially in terms of out of plane stresses.

It should be noted that the use of the word “natural” does not imply that no deformations must
be imposed, nor that the deformation modes initiated will be those that are required unless
some element of control is established. It would be very difficult to determine a rigorous
definition of a natural deformation path and for the purposes of this paper we will define it as
that deformation path that leads to the minimum deformation to achieve the required
geometry. Ideally, one would like to be able to define these “natural” paths analytically so that
the application of this concept to part design could form part of the, more or less, normal
CAD design approach. Initially, however, it was necessary to test out the concept; to
determine whether “natural” paths could be established; to determine the ease of manufacture
of  components utilising such paths; and to determine the performance of such components.

To meet these aims a demonstrator component was chosen and a mould was manufactured in
such a way that the reinforcement could follow a “natural” path. The demonstrator component
chosen for this study was a connecting node for a UK based private enterprise one stage to
orbit space plane concept, designed by Reaction Engines Limited. The Reaction Engines
Skylon vehicle fuselage (refs 6&7) is built up from a trusswork of carbon fibre tubes bonded
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together at 10 way nodes. At each node six of the tubes lie essentially in one plane and the
other four are out of the plane. In order to ensure that joints can be assembled it is necessary
to split the nodes into sections. The main split will be between the six way node element and
the four way node element. The six way node element will also have to be split “horizontally”
to allow ease of assembly and a relatively simple route to be used for node manufacturing.
The necessity for a simple manufacturing route is driven by the fact that around 30,000 nodes
are required in one Skylon structure, equating to 60,000 mouldings just for the six way
elements. This production volume is far in excess of the volumes normally experienced for
high strength composite components. It is generally accepted that no ideal manufacturing
routes exist for the mass production of small complex components from high performance
composite materials (ref. 8). The work described here was aimed at demonstrating some
elements of a suitable manufacturing process. These were; lay-up of a preform in flat format
to minimise costs and simplify the development of a suitable automated process, and the
conversion of the flat preform into a contoured shape that could function as a node. One
critical element in this is that the conversion must not introduce unreliability into the
component, the choice of a “natural” fibre path is seen as been critical to this aim of ensuring
reliable low cost manufacturing.

DESIGN OF NODE FOR MANUFACTURING STUDY

The basic design chosen is a half shell, split on the mid line of the tubes, with all tubes
intersecting on their axis. UD carbon fibre has been chosen as the reinforcement to be used
and this is utilised in prepreg form to maximise strength and simplify handling. In keeping
with the aim of minimising manufacturing costs through simplicity of design, constant width
strips of prepreg are used, the width being set at half the circumference of the relevant tubes.
If increased strength is required additional material in the form of woven cloth prepreg could
be introduced in the crossover region without disrupting the basic design aim of simplicity.
The basic design is as shown in fig 1.

It should be noted that the geometry shown in
figure 1 is derived from an attempt to model the
geometry produced experimentally using a solid
modelling package. The match between
experimental and analytical geometry is close but
not perfect.

As can be seen from fig 1, the node may be
subject to bending failure when loaded along the
arms in tension; due to the out of plane fibre
trajectories. To overcome this, several possibilities can be considered. A low density foam can
be used to fill the centre part of the node; the two half shells could be held together with a
titanium bolt that also serves as the attachment point for the out of plane tube end fittings; a
block could be bonded between the two halves during node assembly. This last option was
selected for this study.

Definition of Geometry and Mould Tool Manufacture

The basic geometry chosen was 15mm ID for the major tube node connection and 10mm ID
for the minor tube node connection. (Dimensions chosen largely for ease of manufacture of a
master model) The major and minor tubes intersect on their centre line at an angle of 26.60,

Fig 1. Schematic geometry of the six
way node
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see fig 2. A master model to this geometry was acquired and strips of glass fibre/913 epoxy
prepreg were then laid up along each arm of the master and taped down to the surface at some
distance (~4.5cm) from the intersection point of the node arms. The positions of the tape were
adjusted until the fibre trajectories appeared to be smooth without excessive local changes in
fibre direction.

This lay-up was cured at 1200C without the application of any pressure. The inside surface of
the resulting glass fibre moulding represented the required outside surface of the mould tool.
The surface roughness of the GRP was then filled with wax and the GRP shell was used to
manufacture a mould tool from Al filled epoxy that could be used at cure temperatures up to
1200C, see fig 3.

Lay-up of Reinforcement

The lay-up was selected as 6 plies of reinforcement along each arm of the node,
corresponding to 0.75mm cured thickness in the arms.

The reinforcement used for the manufacture of prototypes was XAS/913 prepreg as this had
the correct cure temperature. Zero bleed moulding was used in conjunction with vacuum bag
moulding to simplify the moulding process as far as possible.

Two approaches were taken to the lay-up of reinforcement on to the mould tool. The first was
to lay up directly onto the tool surface forming each ply as it was laid down. This was done
primarily to prove out the tool and demonstrate that the geometry of the tool was correct. It
proved very easy to lay up the prepreg such that it followed the tool contour. However, there
was a tendency for the prepreg to stretch in the 900 direction as it was laid down producing a
slightly over width moulding and great care had to be taken to ensure that the edges of
subsequent plies of prepreg coincided.

The second approach was to lay up all six plies on a flat surface (without any debulking stage
to minimise costs). A 10mm wide strip of prepreg was laid up at the end of each arm at the
mid point of the lay-up with the fibre direction across the arm. This strip was intended to
counter the tendency of the prepreg to stretch sideways. It proved to be much quicker to lay
up the prepreg in flat format and much easier to keep the edges of subsequent plies coincident.
Equally, it proved to be very easy to conform the flat prepreg lay-up to the geometry of the
tool, although care was needed to ensure that the lay-up stayed central with respect to the

160mm15mm

10mm

30mm

35mm

24mm

16mm

Fig 2. Basic dimensions of master
model

Fig 3. Approximate dimensions
of finished tool
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arms of the node. In a production node tool (based on compression rather than vacuum bag
moulding) some feature would have to be provided to ensure perfect orientation. A series of
mouldings were made using unskilled labour with no previous experience of handling
composites. All mouldings appeared to be of high quality with good fibre alignment. The
weight of the mouldings was approximately 11 gr. The cost of the manufacturing route cannot
currently be quantified as it is intended that a large measure of automation be applied. Even in
the absence of this it should be possible to streamline the manufacturing process to give
production costs that are acceptable in view of the proposed application.

ASSEMBLY AND TEST OF NODE

The prototype node mouldings were wet assembled into a six way node structure using
aluminium rods to simulate the tubes that would be required in the real structure, the adhesive
used was 3M9323 a high strength, 1200C cure, two part epoxy.

The assembled node was set up in a model 1341 Instron servohydraulic test machine
operating under displacement control.

Failure of the bondline in one node arm occurred
at 12.56KN. Failure occurred at the CFRP/
adhesive interface. The bondline was seen to be
partially voided and the rod was offset in the arm
as shown in fig 4.

Factoring from Reaction Engines data for loads on
the Skylon vehicle a load in this arm of 12KN
represents the worst case condition. The bond-line failure therefore occurred at 5% above the
maximum load. The measured thickness of the node arms was 0.8mm giving a cross sectional
area of 27.14mm2 at an ID of 10mm. At the failure load of 12.56KN the average stress in the
loaded CFRP node arms would be 463MPa and the strain would be 0.35%. The joint strength
was 400N/mm of joint width. The test was carried out on one of the pairs of 10mm arms, the
deviation of the fibre paths on these arms is greater than for the larger arms so the result for
the 10mm arms should also be indicative for the 15mm arms. From previous work on bonded
joints (ref. 9) the mode of failure exhibited in this joint is unexpected. The most likely modes
of failure are adhesive cracking for joints with large fillets and adhesive
cracking/delamination in the CFRP for joints with small or no fillets. The release agent used
on the node tool was mould wax, because of the tendency for cast moulds to have slightly
rough and porous surfaces. It is possible that a transfer of this release agent occurred and that
insufficient material was removed from the CFRP to guarantee a good bonding surface. It
should be possible to greatly improve on the bond strength exhibited in this test by
improvements in surface preparation and better geometry at the end of the joint.

Visual and microscopic examination (up to x 100) of the tested node showed no damage as a
result of the test on the outside surface of the node. It would not be possible to disassemble
the bonded node without damage, so the condition of the inside of the node is unknown. The
out of plane misalignment of the prepreg in the node in the cross-over regions at the centre of
the node will increase from the inside to the outside of the node. As the most likely form of
damage would be cracking and delamination at these cross-over regions the absence of
damage on the outside is strongly indicative that no damage will be seen on the inside of the

Voidage here

Al rodCRFP

Fig 4. Misalignment of rod with respect
to node and position of voidage
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node. The indication is therefore that the node has some strength in reserve in the mode
tested. It is not possible to determine what level of strength reserve is available at this time.

Despite the great simplicity of the design from the manufacturing viewpoint it has proven to
be much more difficult to model the geometry analytically to permit FEA. The procedure that
was arrived at to model the geometry on I-Deas is outlined below.

FINITE ELEMENT MODELLING

The geometry is as depicted in Fig 5. Only one dimension was taken from the final moulding,
and this was the dimensions of the (assumed) arc ADB of Fig 5. This arc was used to locate
point B in space, the only other line which was known was the straight line AE which extends
out along the top of the Dia 15 arm of the node. The surface was built in sections, with the
lines BC and EC related to the circumference of the semicircle on the Dia 10 arm and the
quarter circle on the Dia 15 arm respectively. Hence, BC was constrained to be (π.10/2), or
15.71mm and EC to be (π..15/4)/(cos(26.6°)) or 13.17mm in length. In this way, the surface
has not stretched in the transverse fibre direction and therefore the fibre trajectories as
modelled by the software will bear close relation to the practical moulding. The length of the
arms was 45mm from the centre to the end of the flared section, as indicated previously.

A quarter model was used, which was meshed
using eight-noded quadratic quadrilateral shells
wherever possible, and quadratic triangle shell
elements where necessary. The fibre trajectories
were based on the underlying CAD part, and
were seen to bear close resemblance to what
would be expected in the actual moulding,
although no data is available to support this.

Element Formulation

As would be expected from the previous discussion on the lay-up, the moulding is neither
balanced nor symmetric. Furthermore, although the tooled surface is smooth, the outside
surface alters between 6, 12 and 18 ply thickness. Consequently, four lay-ups were used in the
model, as depicted in Fig 6. The main arms (light grey) were [0°]6, area CEF was [0,-63]6,
area BDF was [0,+53]6 and ADFE was [0,+53,-63]6. All these lay-ups are relative to the local
directions which were defined in I-Deas, as shown in Fig 7, and are referred to as lay-ups
A,B,C and D respectively.

It can be seen from Fig 6 that between 6 and 12 ‘null’ plies have been included to ensure the
correct offset between areas of differing lay-up in the model.

The lay-up for each area was input into the I-Deas FE program, which calculated the A,B and
D matrices from Classical Laminate Theory. The properties of each individual lamina in the
lay-up were based on unidirectional T800-924 from Hexcel, as this material would be used in
production. The null material was taken to be 1% of the elastic moduli of the T800.

    Fig 5. FE quarter model schematic
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Analysis and Results

A linear elastic analysis was carried
out with mechanical loadcases of
8kN on the dia 15 arm, and 4kN on
the dia 10 arm (equivalent to 32kN
and 8kN tension/tension for the full
node). Symmetric boundary
conditions were applied along the
cut edges, and a rigid tube was
modelled at the centre of the node as
shown in Fig 5 as mentioned earlier.

The greatest cause for concern in
terms of the stresses in the node was
seen to be the transverse tensile
stresses on ply 1, the inside surface
of the main diameter 15 arm. As the
tensile load is applied, the node will
attempt to straighten out, resulting in
a bending moment on the main arm.
This will place ply 1 into transverse tension, and ply 6 into transverse compression. It was
seen from the results that the loading in the transverse direction on the dia 15 arm was not
pure bending, but approximately 59MPa of transverse tensile membrane stress was also
present. The stresses from the mechanical load on the main arm are shown in Fig 8.

It can be seen from Fig 8 that a peak transverse tensile stress of 205MPa acts on the
unidirectional main arm. This stress is driven directly from the geometry of the flare of the
node. It is highly likely that a transverse crack would appear in the arm at relatively low loads,
which, as the lay-up is UD, would rapidly crack the remaining plies until the main arm would
split into two pieces. The consequences of such a crack on the structural integrity of the node
(especially under compressive loading) would be severe.

It can also be seen that a high in-plane (intralaminar) shear stress is present at the end of the
node, due to the differing axial stiffness of the main arm centreline and edge. This results in a

Fig 6. Model lay-ups Fig 7. Local element ‘x’ direction

Fig 8. Transverse tensile and intralaminar shear for
main arm under tensile loading (MPa)
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non-uniform stress distribution, with the top (initially straight) edge carrying most of the load,
with the free (curved) edge carrying essentially no load. A large deflection, non-linear
analysis would be needed to see this curved edge begin to pick up load. This has not been
carried out to date.

It was also seen that the ‘B’ lay-up ([0,-63]6) also suffered from high transverse tensile
stresses on ply 1, due to bending of the section caused by the offset in neutral axes between
lay-ups A and B.

Suggested Modified Lay-Up

In light of the high transverse tensile stresses seen in the model, the logical solution was to
stiffen the unidirectional arms to both membrane stresses and against bending. The easiest
way to achieve this would be by placing a single 90° ply as far away from the neutral
axis as possible.

To minimise deformation of this extra ply between areas of differing lay-up, is was decided to
place the 90° material on the tool edge side of the neutral axis. Ideally (from a bending
stiffness viewpoint) this would mean ply 1, although that would mean bonding directly to a
90° ply, which was believed to be disadvantageous. The compromise was to include an extra
90° layer to the lay-up at ply 3, meaning  the lay-ups were now (from the tooled surface):

A’: [0] 2[90][0]4[null] 14 B’: [0,-63]2[90,+26.6][0,-63]4[null] 7

C’: [0,53]2[90,-37][0,53]4[null] 7 D’: [0,53,-63]2[90,-37,+26.6][0,53,-63]4

The analysis was repeated with these new lay-ups, and it was seen that the peak transverse
tension in the main arm was reduced from 205MPa to 131MPa (a reduction of 36%). The
stress distribution was now almost pure bending, with ply 3 (the 90° layer) picking up the
membrane stresses. The level of the transverse tension is, therefore, reduced, but is still at a
level at which ply cracking can be expected from the tooled surface under tensile loading.
However, the consequences of this First Ply Failure (FPF) would now not be as severe as the
90° ply is likely to arrest transverse cracks from jumping from ply 2 to ply 4. The B’ lay-up
peak transverse tension was also reduced, from 169MPa to 120MPa (a reduction of 29%),
although it is still well above that required to crack the ply. Again, the lay-up here is
sufficiently multidirectional to ensure that this FPF would probably not lead to global failure.

The main thrust of this paper has been the fact that the geometry has been driven by what is
practically quick and easy to achieve, and by what the fibres ‘naturally’ wish to deform into.
To demonstrate the difference compared with a node designed without considering the
manufacture of the node, a second FE model was built based simply on interconnecting tubes
filleted together, as shown in Fig 10. A diam 15 tube was intersected by two diameter 10
tubes, which were then filleted with 8mm and 6mm fillet radii. It was assumed that a similar
method to that used before would be used to manufacture the node, i.e. laying down strips of
material for each arm, and to that end the surfaces were trimmed to ensure the reinforcement
widths did not alter. This resulted in the same lay-ups A,B,C and D as before, but with
different shapes as shown in Fig 10 (e.g. EFC is again the [0,-63]6 lay-up).
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Fig 10. Conventional CAD geometry

The results from the stress analysis showed generally higher transverse tensile and
intralaminar shear stresses, especially in the highly deformed B lay-up. At this point the peak
transverse tension increased from 169MPa (for the standard lay-up manufacture-led node) to
213MPa (for this filleted tube version), an increase of 26%. The stresses in other parts of the
model showed slight worsening of performance over the manufacture-led node, with the
exception of the main arm. As noted previously, high transverse tensile stresses were
encountered in the inside surface of the main arm under tensile load due to the flare out of the
node arm. This transverse tension is purely geometry driven, and as the filleted tube version
has no long sweep, the transverse tension is lower (at 157MPa cf. 205MPa for the ‘good’
design). It must be noted, however, that this value of 157MPa is still too high and a 90° ply
would still be required. It must be emphasised that there would be considerable difficulties
involved in the manufacture of defect free nodes to this design.

GENERAL DISCUSSION

The prototyping exercise reported here has been entirely driven by low cost manufacturing
considerations based around the concept of designing the component and mould tool around
the geometries easily available from the reinforcement. Initial test results indicate that the
design can carry the required load in tension straight across the node in one pair of arms. No
effort has currently been made to establish the adequacy of the design in compression across
the node. Even if the design requires modification the basic concepts of laying up a prepreg
preform in the flat state and deforming this onto a tool whose dimensions have been chosen
for ease of forming should be retained as it is these features that lead to controllable costs and
quality.

It has been assumed above that a measure of automation of the lay-up process will be required
in a production environment. The symmetry of the node preform would allow several nodes
to be laid up at once, either manually or by tape-layer. Simple changes to lay-up practices
such as this should have major impacts on overall economics.

CONCLUSIONS

For at least some components the concept of designing the geometry to follow the
characteristics of the reinforcement has been demonstrated.
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1. This has been demonstrated via the manufacture of a complex composite node.
2. In this case the geometry was only fixed at the load introduction points and allowed to

follow “natural” paths elsewhere.
3. The design is quick to produce and good results can be obtained with unskilled labour.
4. Testing has shown that the design is capable of carrying the required tensile end load in

arms that are directly opposite across the node.
5. The performance of the node has yet to be established in terms of compressive loads or

loads applied between adjacent arms.
6. The theoretical performance of the node has been seen to be lacking in strength when

subjected to large tensile loads due to the flare of the main arm. It has further been
demonstrated that the inclusion of a 90° ply is beneficial to the overall stress state in the
node, to a point where it is capable of carrying the loads required of it.

7. The standard CAD geometry based node is seen to be inferior in stress state to the
manufacture-led node, but only marginally so. The important point to remember is that the
CAD part contains large deformations, and it is almost inevitable that the moulded node to
this shape would contain splits and wrinkles. The manufacture led node is, by definition,
extremely quick and easy to prepare as well as being superior in performance to what
would have been designed without paying attention to design for manufacture.
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MANUFACTURING OF THERMOPLASTIC

COMPOSITES
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SUMMARY:  With a newly developed impregnation tool it is possible to produce
thermoplastic intermediate composite material forms such as tapes and/or to manufacture on-
line, i.e. in one processing step, thermoplastic composite components. The impregnation tool
is small in size, so as to be flexible for handling in front of established manufacturing
processes such as pultrusion or filament-winding. Fibers and molten polymer matrix will get
in contact at the outer surface of the impregnation wheel, which is the centre-piece of the
impregnation tool. The molten polymer is provided from a commercial extruder. Testing of
the process is illustrated by a combination of impregnation and filament-winding, in order to
produce small sized tubes.

KEYWORDS:  thermoplastic matrix, fibre-bundle, on-line impregnation, melt, filament-
winding, pultrusion, process-combination

INTRODUCTION

Thermoplastic composites show a different property spectrum compared to thermosetting
composites, which in many applications can provide advantages, such as: high fracture
toughness, possibility of post-thermoforming, fast fabrication cycles and easy recycling. One
interesting and new application of thermoplastic composites is the combination of different
manufacturing techniques such as filament winding and injection moulding in order to carry
high loads (filament wound inner part) and at the same time realize a complex shape
(injection moulded outer part) [1]. However, a basic problem in manufacturing of
thermoplastic composites is the fast, void free impregnation of fibre bundles or rovings with
the highly viscous matrix. Many routes, such as film stacking, impregnation with
thermoplastic powder, commingling of thermoplastic fibres with reinforcing fibres, or using
an additional solvent to reduce the viscosity of the thermoplastic resin exist in order to
overcome this problem. All of these pre-forms were necessary while manufacturing
thermoplastic composites. In order to realize economic manufacturing processes it is of
interest to reduce the machinery and intermediate costs. However, with the current state-of-
the-art technology it is still necessary to use pre-impregnated materials which make such
processes rather expensive for high volume production of pultruded or filament wound
components.

This paper reports about the combination of an impregnation and a manufacturing process
which is now possible because of the development of a new impregnation tool. This
impregnation tool is small of size and very flexible in handling because of an open and
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accessible design. The thermoplastic melt is provided from an extruder. No solvent or other
additional chemicals for viscosity reduction are necessary.

BACKGROUND

Pultrusion and filament winding employing thermoplastic matrix systems have many
advantages over the traditional thermosetting systems in terms of mechanical and impact
behaviour, possibility of post-thermoforming, recycling and less curing time. Many more
advantages but also drawbacks exist between thermoplastic and thermoset matrix materials
for composite applications. The decision which kind of matrix is the most suitable one for a
special part application must be determined in connection with the global demands of the part
to be realized. It is false to favorite one of both matrix materials without the background of
the later application. However, many advantages are in favour for thermoplastic matrices, but
also disadvantages make the manufacturing processes more demanding. The most important
difficulty in manufacturing continuous fibre reinforced thermoplastic composites is to gain a
high degree of impregnation. This is especially true for the connection of the highly viscous
and glutinous thermoplastic melt and the very slender filaments of the reinforcing material.
The viscosity of the thermoplastic melt is, depending on the selected matrix, often more than
two or three orders of magnitude higher in comparison to thermosets (Fig.1) [2].

Fig. 1: Viscosity values of different liquids

While the impregnation of thermosetting composites often occurs immediately in front of the
manufacturing device, e.g. in filament winding and pultrusion processes, this could not be
achieved so far with thermoplastic matrices in an economic range. The reasons are not only
the difficult impregnation because of the high viscosity of the melt, it is also difficult to
handle the heated melt and all the machinery parts, that must be heated. To overcome these
problems it is up to now state-of-the-art to separate the impregnation and manufacturing
processes. The impregnation of thermoplastic composite intermediates itself is devided into
many different techniques, and a few of them are described in the following: In an overview,
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the totally impregnated intermediates like tapes or organic sheets and the semi-impregnated
intermediates like powder impregnated fibre bundles, commingled fibre bundles or cowoven
mats must be separated. The main difference between these two groups is that the
impregnation step is completely finished (in the tapes and organic sheets) in contrast to the
semi-impregnated intermediates which are not really impregnated. In this case only the fibres
and the matrix material are mixed in such a way that the distibution of the matrix and the
fibres is optimized in order to reduce the way of flow for the melt when the matrix is molten.
Figure 2 gives an overview of the most important impregnation techniques.

Fig. 2: Impregnation techniques

 The main drawback of the semi-impregnated intermediates is that the impregnation does not
occure before the part processing takes place. The consequence is that the impregnation
quality is not easy to control. The degree of impregnation of the totally impregnated
composite intermediates is close to those of the manufactured parts. For filament winding
processes with tape e.g. it is not necessary to heat up the complete tape, but it is enough to
heat the contact zone right in front of the nip-point between tape and the already wound
structure [3]. Therefore it is possible to achive higher processing speeds.

An additional drawback of the pre-impregnated intermediates is that the users are restricted to
the materials which are on the market available. That means, the composition of fibre and
matrix material, the fibre volume content, the colour and all the other qualities are depending
on the suppliers offer. Up to now only a few different kinds of thermoplastic composite
intermediates are available. This limits the application development despite the many
advantages of a thermoplastic matrix. Additionally, the cost of the long fibre reinforced
thermoplastic composite intermediates is higher, compared to the material costs for
thermosetting composites.

The aim for this research project was to overcome these mentioned drawbacks for
thermoplastic composites and to develop a new process which combines the impregnation and
the manufacturing process.
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DEVELOPMENT OF A SUITABLE IMPREGNATION PROCESS

To be not depend on the special offers of intermediate material suppliers, raw materials for
thermoplastic composite parts should be generally available. It is possible to choose from a
very large amount of suppliers of fibres and matrices when direct melt impregnation is used.
Additionally, the direct impregnation via melt compared to other techniques mentioned above
has the advantage, that no “preprocessing” of the matrix except of melting is necessary. To
produce a high-quality composite it is important to realize a high degree of impregnation
without any voids or defects. At this point the existing melt impregnation techniques are
discussed, in order to find out their strengths and weaknesses:

In one commonly used melt impregnation technique for fibre rovings today, the impregnation
is carried out by feeding fibre bundles alongside a number of pins which are situated in a
heated bath of molten polymer matrix (Figure 3) [4].

Fig. 3: The melt bath impregnation technique

However some drawbacks are connected to this technique, which are: (a) fibre damage caused
by physical contact with the pins, (b) fibre tension generated by the diversion of the fibre
bundle together with the high sliding friction (caused by the presence of viscous melt at the
surface of the pins), and (c) that the impregnation step takes only place when the fibre bundles
are in contact with the pins. This “melt bath”-technique has also been studied by several
research groups and qualitative and quantitative models exist to describe the tension build up
in the fibre bundles and the impregnation process in this technique [5,6]. This understanding
can be used to optimize the melt bath impregnation technique, yet the basic drawbacks of this
process related to the high fibre tension, the very sensitive process and the short impregnation
time need further attention. Negative for a combination with a filament winding or pultrusion
process is the large geometric size and weight of the melt bath. Additionally, the close design
makes an easy set up (change of fibre bundles or matrix material) difficult. For a filament
winding process the achievable processing speeds are low and not economic enough.

Another melt impregnation process exists of two ore more dies in which a nozzle supports the
melt through the fibre bundle. Also in this process the impregnation takes place in a short
time step in which the fibre bundle crosses the nozzle. A high fibre tension must be generated
in order to keep the fibre bundle in contact with the dies, so that the melt can penetrate
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perpendicular through it. Figure 4 shows a schematic drawing of this impregnation process
[7].

Fig. 4: The melt injection impregnation technique

The main drawback is the high fibre tension that must be adjusted in the manner that the fibre
bundle is in contact with the dies. The impregnation time is very short. An impregnation can
only take place when the fibres passes the nozzle. The pressure of the melt must be very high
to ensure that the high flow resistance of the fibre bundle can be exceeded.

The evaluation of these melt impregnation techniques with a simple mathematical equation
shows which are the most important parameters for a penetration process:

Darcy´s law describes the basic parameters of a penetration process through a porous medium
(such as a fibre bundle). The value of the penetration speed vMatrix  of a liquid medium is
described as:

vMatrix = K
η

⋅
∆pFB

∆l FB

where ∆lFB is the thickness of the fibre bundle, η  the viscosity of the polymer melt, K a
geometric constant, and ∆pFB the pressure difference. The integration shows the depth of
penetration z in function of these parameters: [6]:

z= K ⋅ 2 ⋅ ti ⋅ ∆pFB

η

When all constants are combined to one constant( z is also constant and equal to the bundle
thickness ) only the relevant variables of penetration are shown:

const=
ti ⋅ ∆pFB

η

It is now recognizable for a high value of this constant (equal to a better impregnation) that
these three parameters of impregnation are the most important ones. The viscosity should be
low, whereas the time of impregnation and the melt pressure should be high.
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For both impregnation processes described the real time of impregnation is very short. In case
of the melt bath technique it takes place only in front of the contact zone with the pins [6],
while using the melt injection, impregnation occurs only in the range of the nozzle. Because
of the short impregnation time, the melt pressure must be high so as to realize equal
impregnation depths. Therefore the value of fibre bundle tension must also be high to keep the
filaments in close contact with the nozzle. To overcome these geometric and theoretical
drawbacks a new impregnation tool was developed which unites all the important conditions.

NEW IMPREGNATION TOOL AND PROCESS COMBINATION

The aims of the new tool design for impregnation of fibre bundles with a themoplastic melt
were: (a) to verify a longer impregnation time, thus allowing a higher line speeds (out-put),
(b) to prevent the build up of high fibre tension, (c) to allow easy and smooth processing of
the fibre bundles (no sharp diversion angles), even when a number of broken filaments exists
in the fibre bundle (decreasing the sensitivity of the process), and (d) to design a simple
structure of the tool in order to allow fast set up times, easy handling, and the possibility to
situate it in front of a manufacturing process. All of these citeria could be met by the new tool
(impregnation wheel) (Figure 5)[8].

Fig. 5: The new impregnation tool (impregnation wheel)

The impregnation wheel consists of a ring, which allows the molten thermoplastic matrix to
penetrate through it and through the fibre bundle, which is pulled between a supporting rail
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system placed at the edges of the wheel. The fibre bundle is in physical contact with the outer
surface of the ring along half of its perimeter (up to 180°), and this section of the ring is
permeable. By increasing the diameter of the impregnation wheel, the duration of the
impregnation step can be largely extended. This means that the effective impregnation time ti
is much longer compared to the processes described above. Because of the high shear rate
while the molten polymer matrix penetrates through the porous material the viscosity η  is
reduced to a minimum value. Therefore, the impregnation pressure ∆pFB can be reduced to
reach a lower fibre bundle tension which reduces fibre damages due to the impregnation step.
The latter allows to produce high quality impregnated fibre bundles. As this wheel is
positioned right in front of the pultrusion die or the filament winding mandrel, it is not only
possible to precisely control the winding or pultrusion temperature but also to vary the fibre
volume fraction within a certain range. Because of the fully molten polymer, the impregnated
fibre bundle is completely welded with the surface of the wound layer manufactured before,
or to the neighbouring strands during pultrusion.This design therefore promises high output
due to the adjustable impregnation time, no or low fibre bundle tensioning due to its low
diversion (by the large diameter of the wheel), and short set up times as well as easy handling
due to the fact that there are no dies through which the fibre bundle has to be pulled through.
The fibre volume fraction is adjusted by controlling the amount of molten polymer.

The station has to be placed next to a commercially available extruder that provides the
molten polymer through a flexible heated tube, thus feeding the molten matrix into the
impregnation tool. The impregnation head was built in a small size to allow attachment to
commercial filament winding supports (Figure 6). It is very easy to change or replace the fibre
bundles in short times. In addition, it will be attemped soon to adjust the impregnation tool to
an existing thermoplastic pultrusion line.

Fig. 6: Principle of  the combined impregnation and filament-winding process
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CHARACTERIZATION OF MANUFACTURED PARTS

All these advantages are demonstrated on the example of filament wound tubes (Figure 7).

Fig. 7: On-line impregnated and wound tubes

The inner perimeter of these tubes was 70mm and the length up to 700mm. The materials
used in the study were three glass fiber bundles, each with 1200 tex and different matrix
polymers (e.g. PP; PE; PA12). Microscopic inspections of polished samples obtained by these
winding tests showed that a satisfactory impregnation quality is achievable. However,
optimisation of the governing processing parameters is expected to further improve the
quality of the wound parts. In these first test runs only winding angles of 90° were realized.
The determination of the degree of impregnation was carried out by embedding three samples
(which were taken from different positions of the wound tube) into an epoxy resin. After
curing and polishing, the degree of impregnation was determined by the ratio of the
impregnated fibers to all counted fibers in the analyzed surface of a sample (cross section of
the tube). One polished surface of an impregnated fibre bundle embedded in epoxy is
presented in Figure 8.
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Figure 8. A cross section sample of a wound tube, manufactured with the combined
impregnation and winding process (PP-GF winding speed: 5m/min)

CONCLUSIONS

A new process consisting of a new melt impregnation tool, the so called “impregnation
wheel”, in combination with a common manufacturing process is presented; it shows some
promising and innovative manufacturing aspects. The combination makes processing of
continuous fibre reinforced thermoplastic composites in one manufacturing step possible; it is
therefore very attractive from a economic stand point. Compared to other existing techniques
it is now possible to save the cost for manufacturing intermediates and to be free in combining
various fibre and matrix materials. Generally the measured degrees of impregnation of the
wound glass fibre reinforced PP-tubes are very high. Hence the results presented here allow to
speculate, that higher processing speeds together with a high degree of impregnation can be
realized with further optimization of this new processing facility.

ACKNOWLEDGEMENTS

The work was financially supported by the Deutsche Forschungsgemeinschaft (DFG FR
675/23-1). Further thanks are due to the FONDS DER CHEMISCHEN INDUSTRIE,
Frankfurt, for support of Professor Friedrich's personal research activities in 1997.



Volume IV: Composites Processing and Microstructure

IV - 122

REFERENCES

1. F. Haupert, C. Chen, K. Friedrich: Manufacturing of Thermoplastic Composite Parts by
Combined Filament Winding and Injection Molding, in Proc. Int. Conf. Comp.
Materials ICCM-10, August 13-18, 1995, Woodhead Publishing, Whistler, Canada,
1995, Vol. III, p. 381-388.

2. Pahl, M.; Gleißle, W.; Laun, H.-M.: Praktische Rheologie der Kunststoffe und
Elastomere, VDI-Verlag GmbH, Düsseldorf, (1991) p. 34.

3. Haupert, F.; Friedrich, K.: Processing Related Consolidation of High Speed Filament

Wound Continuous Fiber/Thermoplastic Composite Rings; 3
rd

 International
Conference: Flow Processes in Composite Materials ´94, 7th-9th July, 1994, University
College Galway, Ireland; Conference Proceedings

4. ICI, New European Patent Specification, Publication Number: 82300150.8, 1982.

5. Longmuir, A.J.; Chandler, H.W.; Gibson, A.G.: Continuous Melt Impregnation of Glass
Fibre Tows, in 6th. Int. Conf. on Fibre Reinforced Composites, FRC´94, March 29-31,
Chameleon Press, 1994, Newcastle, England, p 23/1 - 23/10.

6. Bijsterbosch, H.; Gaymans, R.J.: Impregnation of glass rovings with a polyamide melt.
Part 1: Impregnation Bath, Comp. Manufac., 4, (1993) p. 85 - 92.

7. E. I. Du Pont de Nemours and Company, United States Patent, Publication Number:
4,640,861, 1987.

8. Lutz, A.; Harmia, T.; Friedrich, K.; Halonen, E.-R.: Development of a new
impregnation-tool for manufacturing void-free, melt-impregnated continuous fibre
bundles; 17th International Conference & Exhibition SAMPE EUROPE, May 28 - 30,
Basel, 1996



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 123

SIMULATION OF TEMPERATURE AND CURING
PROFILES IN PULTRUDED COMPOSITE RODS

Basuki R Suratno, Lin Ye and Yiu-Wing Mai

Centre for Advanced Materials Technology (CAMT), Department of Mechanical and
Mechatronic Engineering, The University of Sydney, NSW 2006, Australia

SUMMARY:  Pultrusion is one of many composite manufacturing techniques with potential for
rapid and cost-effective production. In this paper, an iterative procedure was developed to
simulate the pultrusion process of polymer matrix composites, involving both heat transfer and
curing sub-models. A two-dimensional finite element model was applied to simulate heat
transfer and temperature profiles inside the die during the pultrusion process, which was coupled
with numerical approximation of the curing kinetics for thermosetting polymer resins. Major
pultrusion mechanisms (heat transfer and degree-of-curing) can be simulated for two-
dimensional pultruded polymer matrix composites. The pultrusion processes of AS4/EPON-
9420/9470/537 CF/epoxy composite rods were simulated and the results were compared to those
in the literature. The approach developed in this study can be easily adopted to tailor two-
dimensional pultrusion processes in practical applications.

KEYWORDS:   pultrusion, heat transfer, degree-of-cure, finite element model

INTRODUCTION

Pultrusion is one of the most cost-effective techniques for manufacturing composite structural
components with a constant cross-section, being applicable for both thermoset and thermoplastic
matrix composites. A typical pultrusion system, Figure 1, consists of creels for feeding dry
reinforcing fibres, a resin bath for impregnation, a heated forming die for consolidation and
curing, pulling mechanisms for pulling the product at constant speed, and a cut-off saw to cut the
part to the desired length.

In most practical approaches to pultrusion, a variety of means have been applied to impregnate
reinforcing materials with resins. Almost all types of filamentary reinforcing materials can be
used, such as rovings, tows, mats, cloth or any hybrid of these. The most widely used reinforcing
material is fibreglass, e.g. E glass and S glass fibres. Pultrusion-grade resin matrices are available
in a variety of systems such as polyester, epoxy, vinyl ester and phenolic resins. Unsaturated
polyester resins are most commonly used because of low heat input required with faster gelation
compared to other resin systems.

To produce pultruded products with consistent and high quality, it is important to tailor and
control the pultrusion process. To achieve a uniform degree-of-cure in the cross section of a
product, the temperature profile inside of the pultrusion die is an essential aspect.  Therefore, it is
important to develop mechanics models to simulate the pultrusion process, and in turn to tailor
the process.
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As the resin-impregnated fibre tows enter the die, the heat is transferred from the die wall to the
compacted fibre-resin blend. Due to the low thermal conductivity of the blend, the temperature at
the centre of the material is lower than that near the die wall. However, when the temperature in
the blend reaches a critical level at which the catalyst becomes activated, the curing reaction
begins and generates heat due to the exothermic reaction, which causes the temperature at the
centre to be higher than that near the wall. Therefore, the temperature profile in the composite
material inside the forming die is a balance of heat transfer and exothermic reaction.

Figure 1. The diagram of the pultrusion process

Several models have been developed to gain a fundamental understanding of pultrusion process.
Using a finite difference method, Han and Lee [1] applied an empirical kinetic model with a
prescribed wall temperature profile in the simulation. Pultrusion characteristics were studied with
variables such as resin type, fibre type, catalyst type, and the pulling speed. It was concluded that
kinetic parameters need to be determined individually for each material system and each
pultruded cross-section profile. Batch and Macosko [2] developed a pultrusion model based on a
kinetic approach that includes a heat transfer model, a resin pressure model, and a pulling force
model. The resin pressure was described assuming that the fibre-resin blend acts like an
anisotropic porous media. Darcy's law was used for the fluid continuity to express the
dependency of fluid pressure on the resin density, viscosity, and the volume fraction of fibres.
Hackett and Prasad [3] applied a one-dimensional finite element model based on the Galerkin
weighted residual method to solve the heat transfer equations, with liquid and solid sub-models
to define the gelation point. This approach was later extended to predict temperature distributions
and the degree-of-cure inside pultruded composites along the pultrusion line [4], and a
convective boundary condition was assumed to replace the prescribed wall temperature profiles.
An unsteady state model was developed by Wu and Joseph [5] to describe transient conditions
for start-up or change of operation conditions, which includes the degree-of-cure, and
temperature distributions in the material and die. Ma and Chen [6] developed a kinetic model for
heat transfer to predict profiles of temperature and degree-of-cure in a pultruded glass fibre
composite of a rectangular cross section for a block polyurethane resin using a finite difference
method. It was found that the proposed kinetic model described well the curing behaviour of
reinforced block polyurethane resins using appropriate kinetic parameters. Batch and Macosko
[7] developed a more comprehensive model to describe the effects of radio frequency (RF)
preheating, changes of thermal properties with temperature and degree-of-cure, hindered cooling
due to shrinkage of the profile away from the die wall, air cooling of the profile while outside the
die.  The equations of transient heat transfer and reaction kinetics were solved by implicit finite
difference methods. Gorthala et al [8] focused on the development of models for describing
effects of velocity profiles including slip velocity as well as gelation length. Degree-of-cure, and
viscosity of the resin at gelation were simulated.



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 125

In the previous studies simulations were mainly conducted using a self-developed finite
difference or finite element program coupled with the curing kinetics. The main objective of this
study is to develop a new procedure to simulate the pultrusion process using a commercial finite
element software and numerical approximation of curing kinetics. The major principles can be
applied to any other commercial finite element packages, which in turn makes the simulation of
pultrusion process much more cost-effective.
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Figure 2: Pultrusion model in cartesian coordinates

PROCESS MODELING

From previous analyses, the basic assumptions of the present pultrusion model are:
1) the process is two-dimensional at a steady state;
2) the matrix and fibre have the same temperature at any point, i.e. the material is

homogeneous; and
3) the influence of pressure on the heat of reaction is neglected.

Based on those assumptions, the equation of heat transfer can be expressed as [4],

where
T = temperature of the material
k = thermal conductivity of the materIal
c = heat capacity of the material
u = pultrusion line speed
Hr = ultimate heat of reaction
mm = mass fraction of matrix
α = degree-of-cure
ρ = density of the material

This global heat transfer model can be further divided into two basic sub-models: i.e. heat
transfer defined by the first three terms and curing process by the last term. In this study, the
solution of Equation 1 is approached using an iterative technique of two sub-models.
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Heat Transfer

Since the top and bottom heat platens of the die are assumed to be at the same temperature, the
process is symmetric about its mid-plane. Therefore, the process is only simulated for the bottom
half shown in Figure 2. The boundary conditions can be expressed as,

T(0,y) = T0 (2a)
T(x,0) = TD(x) (2b)

where T0  is the material temperature at the entrance of the die, and TD the die wall temperature.

As a first order approach, it is assumed that for the composite within the die, thermal properties
are independent of the curing state of the composite. In this case, the thermal properties of the
composite can be approximated using micromechanics analysis of fibre reinforced composite

materials from the constituent properties [9], where the subscripts m and f refer to matrix and
fibre, respectively, kx,y the thermal conductivity in the x and y directions, c the heat capacity, vm

the matrix volume fraction, and mm the matrix mass fraction.

Curing Model

The curing within the pultruded composite is a complex chemical reaction process that has not
been clearly understood [4]. Relationships among temperature, degree-of-cure, and rate-of-cure
have been established for several commercial pultruded grade resins [4,10]. Differential scanning
calorimetry (DSC) was normally applied to measure the heat reaction and the rate-of-cure. The
relationship between the rate-of-cure (dα/dt) and the degree-of-cure (α) can be approximated
using a modified Arrhenius type equation [10],

where Ko is a pre-exponential constant, ∆EA the activation energy, R the universal gas constant,
and n the order of reaction.

Numerical Simulation

From the governing differential equation (Eq. 1), it can be seen that the temperature state and the
degree-of-cure are coupled, and they have to be solved simultaneously. In this case, an iteration
technique is applied. Firstly, it is assumed that the degree-of-cure is zero everywhere in the
composite. Then the finite element analysis is performed to obtain the initial state of the
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temperature for each element. Using the temperature profile, the rate-of-cure for each element is
calculated using Eq. 6. At the entrance of the die, the resin enters the die in the form of an
uncured liquid such that starting from this entrance line, the degree-of-cure is equal to zero at any
step of iteration, i.e.

α(0,y) = 0 (7)

As it was mentioned in the previous section that the process is assumed to be at a steady state,
and the flow of composite is assumed to be only along the x axis of the die (the velocity in the y
direction is neglected), such that time is only a function of x [4].  Therefore, the rate-of-cure can
be defined by the derivation with respect to x rather than to time.

Once the rate-of-cure with respect to x for each element is obtained, the next step is to integrate
the gradient to find the degree-of-cure (a) [4].

where ∆x is the distance between the centers of the adjacent elements.

This degree-of-cure profile will be applied to calculate the temperature profile for a new step of
iteration using the finite element analysis. In general, the iteration procedure may be simply
summarised as a flowchart shown in Figure 3. The criterion for convergence is set such that the
difference in temperatures at each node obtained between two consecutive iterations is not
greater than 1°C.

EVALUATIONS AND DISCUSSION

Simulations were performed for pultruded composite rods with a diameter of 0.95 cm, using the
data obtained by Valliappan et al [10] for a AS4/EPON 9420/9470/537 graphite/epoxy system.
This reference was chosen since it provides experimental and numerical results for verification.
The die length was 91.4 cm with three different pulling speeds of 20, 30 and 40 cm/min,
respectively. The thermal properties of the system and kinetic parameters for the epoxy are given
Tables 1 and 2, respectively.  The typical profile of die wall temperature and the simulation of
centerline temperature distribution are presented in Figure 4. In the region near the entrance of
the die, the die wall temperature is higher than that of the centerline, with the die releasing heat
to the composite during the curing reaction. The length of this zone depends on the pulling
speed; the higher the pulling speed is, the longer this zone [4].  The temperature of the composite
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beyond that zone is higher than that of the die wall due to accumulation of heat generated by the
exothermal curing process. In evaluations, the solution of the heat transfer sub-model was
obtained using an ABAQUS FEM package, and the curing sub-model was approximated using
numerical solutions, based on the procedure in Figure 3.

Effect of Mesh Discretization

Since the heat is transported from the die to the composite by two mechanisms (convection and
conduction), the relative amount of heat transferred is expressed by the Peclet Number (Pe) [11]
defined by,

(10)

where L is the length of the element along the direction of the flow. Because the nature of finite
element method is the central difference [11], it yields a reasonable solution only when the value
of Pe is low (should be less than 2 theoretically) [12]. However, when Pe is too large (convection
dominates the system), false oscillations are generated, which may conceal the true solution[11].

Table 2. Kinetic Parameters of Shell EPON
9420/9470/537 epoxy resin [10]

Parameters Symbol  Value

Pre-exponential constant Ko 19.14 x 104 [s-1]

Activation energy EA 60.5 x 103 [J/mol]

Heat reaction ∆H 323.7  [J/g]

Order of reaction n 1.69

Table 1. Thermal Properties of AS4/EPON
9420/9470/537 Composite Material [10]

Material Density
(g/cm3)

Specific
Heat
(J/g.K)

Thermal
Conductivity
(W/m.K)

Fibre 1.790 0.712 kfy = 11.6
kfx = 66.0

Matrix 1.260 1.255 0.2

P e  =  
c u L

k

ρ
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In this study, the small Peclet Number was
obtained by refining the element size in the
direction of the flow. Three different
meshes were created uniformly using four-
node elements, producing Peclet Number
of 96, 12 and 3 at a pulling speed of u = 30
cm/minute. The element number for each
mesh along the centerline was 99, 792, and
3168, respectively (with two rows of the
element along the y axis for every mesh)
and the boundary conditions of Eqs 2a and
2b were applied to each mesh. Figure 5
shows the effect of Peclet Number on
temperature profiles at the centerline.  For
Peclet Number = 96, the result shows a
sharp increase in the middle of the die
length to a value of above 600 °K. This
divergence is caused by the coarse mesh
being used. The results for Peclet Number
= 12 or 3 show a good agreement with that
obtained by Valliappan et al [10]
(prediction and experimentation). Figure 6
presents the effect of Peclet Number on
degree-of-cure. Since the degree-of-cure is
dependent on temperature, the results are
correlated to the temperature distributions.
For Peclet Number = 96 the curing process
is already complete at the middle of the
die, which is not realistic. For the cases of
Pe=12 and Pe=3 the results are in
agreement with those obtained by
Valliappan et al [10].

Effect of Initial Boundary Condition

Before entering the die, the temperature of
the material (fibre and resin) was assumed
to be close to the ambient temperature (300
°K). This assumption was then applied to
the finite element model for heat transfer
with Peclet Number of 96 at a pulling speed
of 30 cm/min. The results are presented in
Figures 7 and 8 together with those
obtained from the finite element model for
Peclet Number = 3 but without the initial
condition. It  can  be seen that both results
show the same temperature distribution
along the die length.
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Figure 3. Iteration procedure to solve
temperature and degree-of-cure.
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This phenomenon is caused by the iterative starting point of the FEM analysis. If the initial
condition for temperature is not specified, the finite element program assumes that the initial
condition is 0 °K. It was found that the initial boundary condition does not has a visible influence
on the results if Peclet Number is small. Furthermore, it can be seen that coarser mesh can still
achieve accurate results by adding the initial boundary condition to the model.  However, some
commercial FEM packages do not provide the initial boundary condition which means that
application of the fine meshes to avoid inaccuracy of the results becomes necessary.

Effect of Pulling Speed

Three different pulling speeds were applied in the simulations with Pe = 96 and the initial
boundary condition. Figure 9 shows centerline temperature distributions with different pulling
speeds but with the same die wall temperature. It can be seen that when the pulling speed is
increased, the initial lag of the centerline temperature increases. This is caused by the fact that as
the pulling speed is raised, the time available for heat transfer to the center of the composite
becomes shorter, which causes the centerline temperature of the composite to be less than that at
a low pulling speed. On the degree-of-cure profiles, it can be seen that when the pulling speed is
increased, the degree-of-cure at the die exit decreases. To obtain a sufficiently cured product at a
high pulling speed, either the die wall temperature or the die length has to be increased.
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CONCLUSION

Combining the finite element model (FEM) for heat transfer and the numerical approximation
for curing kinetics, profiles of centerline temperature and degree-of-cure were simulated for a
pultruded carbon/epoxy composite. Effects of finite element mesh, initial temperature condition
for FEM analysis and pulling speed on the pultrusion process were studied. Comparisons of the
results to those published by Valliappan et al [10] show good agreements. Based on the
methodology used in this study, a procedure to simulate profiles of temperature and degree-of-
cure of pultruded composites can be easily adopted using a commercial finite element software.
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THE USE OF A SMALL PULTRUDER FOR SPECIMEN
PREPARATION

John O. Outwater

Department of Mechanical Engineering, University of Vermont, Burlington, Vermont 05405

SUMMARY:  One of the difficulties in studying composite materials lies in the preparation of
uniform specimens easily and quickly.  It must be possible to change various characteristics of
materials and the cure cycle with a minimum of $fuss#.  It must also be possible to test such
specimens without a quantity of specialized equipment so that a small production facility can
have the quality control and flexibility for quality monitoring that is characteristic of larger
production units.  This paper will describe a small pultruder which is compact and versatile
enough to produce such specimens and also some apparatus that will test the debonding
energy of the resin-fiber bond which property is, perhaps, the key item in developing reliable
properties of the composite itself.

KEYWORDS:  pultruder, benchtop, debonding energy in shear, property determination

INTRODUCTION

The process of pultrusion is deceptively simple: an impregnated strand is pulled through a
heated die.  It cures and the hard rod is pulled to a cutoff and simply severed into the correct
lengths. The problems that need to be addressed include the following:

1. What is the optimum material?
2. What are its curing characteristics?
3. What is optimum pultrusion speed?
4. What kind of properties can we expect?
5. Is it possible to readily change the materials without incurring an unreasonable cost?
6. Can I use simple apparatus to determine various properties?

We have developed a small benchtop pultruder (1) to address each of these problems and
believe that it is a useful production tool as well as being a splendid research apparatus.

DESCRIPTION OF APPARATUS

The benchtop pultruder consists of the following items:

1. A small temperature controlled hotplate to determine the gel times of resins at 
different temperatures.

2. An impregnation bath which uses disposable plastic cups.
3. A controllable speed puller.
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4. A stainless steel die with two heat zones: the first zone is 0.11 m long, the second zone
is 0.18 m long and each has a separate temperature controller.

5. The pultruder produces a specimen 3 mm diameter.  This is large enough to show the 
properties of a larger section and small enough to require a minimal creel. It is also 
small enough to permit manual cutting so that expensive saws are not needed.

6. The overall dimensions are 1.6 m long, 0.6 m wide and 0.4 m high. The spools of fiber
will  sit on the floor under the bench that is supporting the pultruder so a minimal 
floor space is needed.

7. The die is removable so that it can be slid out of the heating elements and simply be 
burned out if it should jamb.  It can then be rethreaded and restarted with a minimum 
of $fuss#.

8. The fibers can be lifted out of the resin bath and run to dryness so that it can easily and
cleanly be restarted after being stopped.

What we have tried to produce is equipment that is eminently simple for any experimental
use.  Fig. 1.

USING THE SYSTEM

There are three key items to be measured before it is possible to scale up the sections sizes:

1. The gel-time plot for various temperatures.
2. The fracture energy is shear for various combinations of materials and time-

temperature relationships.
3. The shear modulus in torsion of the pultruded rod.

The temperature-time relationship for gelling and curing is determined by using the small
temperature controlled hotplate.  Drip some of the resin on it.  Stir the resin to gel and note the
time of gelling demanded at the temperatures you might expect.  A typical plot is shown in
Fig. 2.

This curve is the key item for determining the speed and temperature of the die.

The curve in Fig. 2 is for a typical resin system (Owens-Corning E-606 polyester resin with
1% benzoyl peroxide and 1% SP-48 Specialty Products release agent) the curve shows a sharp
decrease in time as the temperature is increased.  The inflection in the curve occurs here at
about 150% C.  This we shall refer to as the Critical Cure Temperature Tc.  It will control the
speed of pulling and temperature of the die.  It is essential that both the surface and interior of
the pultrusion reaches this temperature.

We found (2) that raising the temperature of cure to more than 25(C above Tc is deleterious
as the resin becomes more waxy than if cured at Tc.  This can be avoided by raising the
surface temperature to about 10(C below Tc .  This allows the exotherm to bring the interior
up to Tc .

The time needed to reach Tc is about 7 s so, with a 0.3 m die we can expect to need a
pultrusion speed of about 0.3/7 = 0.04 m/s.  It should be recognized that the resin will shrink
in the die.  This will tend to pull the product away from the die so it will be practical to use a
slightly lower pulling speed than directly calculated - or we can use a postcure oven when the
product can be exposed to radiant heat, again at a controlled temperature.  The ovens supplied
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with the system are 0.3 m long so we can essentially double the pulling speed when we use an
oven.

QUALITY CHECKING

The checking of the quality of a pultruded product is central to optimizing the pultrusion
variables.  The optimum way of doing this is by a measurement of the fracture energy in shear
of a rod.

This parameter is exactly what we seek - a measure of the bonding of fibers to resin.  The
problem with doing just this is that the measurement of such properties is somewhat awkward
and described in reference (1).  What we also notice from (2) is that the fracture energy in
shear closely parallels the shear modulus in torsion.

This is a much simpler quantity to measure and can easily be done using a small torsion tester
- this can be commercial Fig. 4 or it can be made from a simple construction kit (3).

The results of such a test are shown in Fig. 3

Essentially, what we see from this test is that there is definitely an optimum dwell time in the
die.  This translates to an optimum speed of draw and can be determined easily and
experimentally for any material combination.  It also shows that there is a sharp drop-off in
properties if we wander from this optimum value.

SCALE-UP TO LARGER SECTIONS

The experimental work has been done on 3 mm rod which is often not a useful pultrusion site.
It is incumbent to be able to decide speeds and temperatures on a larger section.  This can be
done by making the assumption that the diffusivity of the specimen is a constant and about -
7x10-8 m2/s (2).  Then we can calculate the time required for the center temperature to be
within 10(C of the outer surface.

This is done by approximating from simple heat transfer formulae (4).

The results are that values of Tc are related by the inverse square of the diameter of the rod.
So an easy scale up is possible after we have determined the Tc for the 3 mm rod.

These values of Tc will depend on many factors and must be computed on the basis of
approximation  when sections of unusual shape are being made.  It is often desirable that a
post curing oven be used to ensure complete cure and to obviate the necessity for an
impractically long die.
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CONCLUSIONS

The usefulness of a small pultruder lies in its ability to determine some vital parameters of the
process:

1. The optimum die temperatures
2. The optimum die dwell time
3. The optimum material for your purpose
4. The expected material properties.

And this all being done in a small space and with a minimum expenditure of material and
time.
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Figure 2: The time required for a resin system to gel when in contact with surfaces at various
temperatures

Figure 3: The shear modulus of the pultruded rod plotted against various dwell times in the
die, for different die inlet temperatures, showing an optimum dwell time and die temperature

exists
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Figure 4: Mechanical torsion tester
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CHARACTERISATION AND MODELLING OF THE
HIGH SPEED PULTRUSION OF COMMINGLED

GLASS FIBRE / POLYPROPYLENE COMPOSITES

A. Miller and A.G. Gibson

Centre for Composite Materials Engineering, Materials Division, Department of Mechanical,
Materials and Manufacturing Engineering, Herschel Building, Newcastle University,

Newcastle upon Tyne, NE1 7RU, UK

SUMMARY:  A thermoplastic pultrusion line has been developed which is capable of
pultruding polypropylene / glass fibre (PP/GF) commingled tows into flat strip and circular
rod sections at line speeds up to 10m/min. A heat transfer model was used to predict the
temperature profile of the composite at any point during processing allowing for accurate
process conditions to be evaluated. A consolidation model has also been developed which can
be used to evaluate the effect of pressure and velocity on impregnation conditions. The
pultruded sections exhibit good mechanical properties and are of minimal void content. SEM
microscopy is used to highlight the impregnation quality of the composites.

KEYWORDS:  commingled fibres, thermoplastic composites, pultrusion, consolidation.

INTRODUCTION

For production of a thermoplastic composite it is important that its microstructure is
uniformly wetted out and that it has a strong resin/fibre interface [1]. The processing of
composites involves impregnating a fibrous bed with resin, then shaping and consolidating it
to a high fibre volume fraction. To overcome the design restriction in the forming of complex
parts, impregnation can be delayed until the material undertakes its final shape. This mingling
operation brings the solid polymer and fibre reinforcement together to intimate contact. The
aim of this is to reduce the distance the polymer melt must flow in order to fully impregnate
the fibre bed. A high degree of intimacy can be achieved by providing the matrix in fibre form
and intermingling, or coweaving, polymer fibres with reinforcing fibres. These commingled
fibres should ideally be combined in the same strand to minimise the flow distance for
impregnation.

Continuous commingled tows are produced when the matrix is spun into a fibre yarn and
combined with the reinforcement to produce a commingled hybrid tow. A problem incurred in
this route is that intimate mixing is difficult to achieve and may lead to resin rich and
unwetted areas of the composite [2]. Therefore, to assure a good distribution of the polymer
and reinforcing fibres, it is essential that the matrix fibre diameter is matched as closely as
possible to that of the reinforcement [3].

Some workers have recently investigated the potential of commingled fibres for use in the
continuous pultrusion process. Michaeli and Jürss [4], claim to have successfully pultruded
sectional products such as a strip, a rod and a pipe using a pull braiding system with PP/GF
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tows finding that the 'mechanical properties, surface, dimensional and impregnation quality
are good, although refinable' but, due to the necessary cooling and consolidation time, high
pultrusion speeds were not achieved. Larock et al [5], also encountered some difficulties
pultruding Graphite/PPS hybrid yarns stating that 'commingled fibres offer unique problems
with the initial pultrusion start up'

EXPERIMENTAL

A schematic of the process used for the continuous pultrusion of commingled polypropylene /
glass fibres (PP/GF) can be seen in Fig. 1. The process was used to pultrude flat strip and rod
sections at line speeds up to 10m/min. The commingled tows were manufactured by Vetrotex
under the trade name “Twintex” with 70% by weight (45% by volume) of glass, with an
overall tex value of 680. The fibre cheeses were stored on a creel stand and delivered to the
process under controlled tension. For production of a 20x2mm rectangular strip 96 tows were
used, and for the production of a 2mm diameter rod 8 tows were required. A “bar and plate”
tensioning device was used to maintain even tension throughout the system during processing,
with uniform pre-tension values varying between 5 and 10 Newtons with line speed.

The pre-tensioned tows then passed through an infra-red oven to preheat the polymer to its
melt temperature and initiate wet-out of the reinforcement. The preheat temperatures were
dependent on processing speed and thus varied accordingly. The tows were then passed over a
series of impregnation pins, a widely accepted technique used to aid the impregnation of
thermoplastic matrix composites [6-8]. As the tows travel over the impregnation pins, an
applied pressure is generated which increases the polymer melt flow through the
reinforcement and reduces the void content of the composite. The tows are then passed
through a series of heated forming dies which gradually reduce the product to the required
shape. The minimum die contact lengths which are employed in the process preserve a low
pull force, which was measured on-line throughout processing using a data acquisition unit.
The maximum pull forces measured during processing of the strip varied from 0.375 KN at a
line speed of 1m/min to 1.2 KN at 10m/min. Final consolidation and finishing of the product
took place in the cold forming die and the finished section consolidated to minimum void
content was then spray cooled and hauled off at the end of the process.

In order to understand the cooling and product consolidation stage of the composite, a heat
transfer model, derived using finite difference equations, was applied to the process. The
model divides the pultruded section into a series of nodes at which the temperature at each
point is calculated. This enabled the temperature at any point in the section to be predicted at
any position during the pultrusion process. This and the temperature measurements taken on-
line were used to define the product and die temperature range where die adhesion ceases and
maximum consolidation occurs, allowing for production of composites with minimum void
content.

The sections produced from the process were then tested for impregnation quality (void
content) using the immersion technique ASTM D-792 and samples were also subjected to the
flexural strength test, BS2782 : Pt 3 : Method 335A.

CONSOLIDATION MODELLING

A consolidation model has been developed which can be used to express the degree of
consolidation (or reduction in void content) of the composite against pressure and time. This
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model can be applied to the pultrusion process and used to determine the optimum pressure
and die contact times required to achieve full product consolidation.

The impregnation model should allow for the pressure dependence of impregnation behaviour
and the possible power law behaviour of the resin. A flow length, X, can be used to describe
the distance (on a microscopic scale) that the resin must flow to achieve the required
impregnation level at the end of stage 1 (Fig. 2). For stage 2 a simple model, discussed for
instance by Gibson and Månson [9], relates the flow velocity (U) of the resin in the fibre bed
by Darcy's law to the pressure gradient from the following equation :

U
dx

dt

SP

x
= =

η
                                (1)

The model does not allow for pressure dependence or power law behaviour of the resin. The
power law behaviour of the impregnation process was discussed by Aström et al [10] who
proposed the following equation :

dx

dt

k

Y

P
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n
= 





'
1 (2)

where n is the power law index and k’ and Y are constants. If k’ is a function of pressure then,

k AP m' = − (3)

where A and m are constants. Substituting eqn. (2) into (3) produces the following :
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which can be expressed as
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−
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(5)

where B is constant from A and Y.

Constant velocity conditions

A series of compaction trials were undertaken to investigate the consolidation behaviour of
the commingled material. Layers of material were stacked together in a matched die mould at
a temperature of 190°C and compressed at 5, 20, 50 and 100mm/min as shown in Fig. 3. The
variation of pressure versus flow length was measured during each test, until the samples were
consolidated to minimum void content. For these constant velocity conditions the cross head
speed, V is related to eqn. (5) below,
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V B
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(6)

therefore

( )V x B Pn n nm= −1 (7)

Plotting P versus Vnx varying n until the curves close together is shown in Fig. 4 for a value of
n = 0.25. Taking a Log - Log plot of this gives the graph shown in Fig. 5 in which the slope
approximates to 1. It can therefore be said that, to a good approximation, m = 0. So from this,

V B
P

x

n
= 





1 (8)

The value of B can be found from the graph and is equal to 0.14.

Constant pressure conditions

Constant pressure conditions occur during the pultrusion process as the tow passes over the
impregnation pins. Since m = 0 we know from eqn. (5) that :

dx

dt
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Rearranging we obtain,

x dx BP dtn n

1 1
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(10)

Integrating this expression gives
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and since when x = 0, t = 0 so C = 0, so the time for consolidation under constant pressure
conditions can be expressed as :
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where n = 0.25 and B = 0.14. The results from this model can then be compared to the
experimental conditions observed during pultrusion processing, where a constant pressure is
observed.
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Variation of void content initial conditions

The variation of void content against impregnation level can be found from the unit volume of
material described in Fig. 2. At the initial condition, before any resin flow has taken place, the
flow length, x, is equal to zero. As the volume of fibres is equal to Vf1, the same as at the end
conditions, the volume of matrix will be equal to 1 - Vf1 which is also the same as the end
conditions. Thus the volume of voids occupied at the initial condition will also be equal to 1 -
Vf1, which is the volume that will eventually be occupied by the matrix. The total unit volume
can therefore be written as :

Total unit volume =  2 1−Vf (13)

where the initial void volume fraction, Vv0, is given by :

V
V

Vv
f

f
0

1

1

1

2
=

−
−

(14)

which, for a 45% by volume of glass commingled composite is equal to 0.35.

Variation of void content - intermediate conditions

As the resin flows a distance x (Fig.2) the degree of impregnation, x*, is defined as x/X. The
volume of voids occupied at this stage can be expressed as

( )( )Volume of voids =  1 11− −V xf * (15)

Therefore the intermediate void fraction will follow this relationship :

( )( )
( )( )
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1 1 1

1

1
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*
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At the end condition x* = 1, which is the condition of full impregnation, where Vv = 0

RESULTS AND DISCUSSION

Pultrusion processing results

The graph shown in Fig.6 represents the comparison between measured and theoretical void
content reduction against impregnation time for the pultrusion of a 20x2mm commingled
PP/GF strip at a line speed of 1m/min. The modelled impregnation time (solid line) was
calculated from eqn. (12) in which the theoretical reduction in void content was calculated
from eqn. (16).

The average pressure induced as the tows passed over the impregnation pins was constant for
each line speed and calculated from
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P
T

rw
=

2

(17)

where T is the tension in the tows (measured pull force during processing), r the impregnation
pin radius and w the tow width as it passes over the pins. Thus for a line speed of 1m/min the
average pull force was measured to be 375N and with a pin radius of 15mm and tow width of
40mm, an average pressure over the pins of 0.312MPa was achieved. The experimental data
points were taken as the tow passed over each pin and were measured using the immersion
technique ASTM D-792. It can be seen from the graph that the results correlate well with the
models predictions. The minimum void content achievable through pin impregnation was
found to be 8%. The void content was then further reduced to a minimum value as it passed
through the consolidation dies further down the process.

Mechanical properties results

The mechanical properties in relation quality and line speed were measured in terms of
flexural strength for the pultruded sections of a 20 x 2mm strip and 2mm diameter rod
section. Figs 7 and 8 show that the mechanical properties are slightly reduced as the line
speed is increased, due to the reduction in impregnation time and increase in void content.
The final void content values were found to vary between 0 and 2% for speeds 1 to 5m/min
and from 1 to 4% for speeds 5 to 10m/min. The values of flexural strength for both sections
are good varying between 600 - 700 MPa according to these conditions. Fig. 9 shows the
SEM micrograph of a 20x2mm strip pultruded at 7m/min. The impregnation level is seen to
be good, with few dark areas observed which demonstrates the minimum void content of the
composite.

CONCLUSIONS

A consolidation model has been applied to commingled fibres which relates impregnation
time to pressure and velocity and can be used to predict optimum conditions for pultrusion
processing. The pultrusion line developed can successfully produce continuous sections of
strip and rod with minimum void content and good mechanical properties at high line speeds.
The results demonstrate that the pultrusion of commingled fibres is a promising technique in
the development of thermoplastic composites and now that the base technology is established,
more complex shapes can be attempted in the future.
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Fig. 1 : Schematic of the process used to pultrude continuous commingled PP/GF tows into
product sections
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Fig. 2 : Impregnation of a porous fibre bed under an applied pressure, P.
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Fig. 8 : Flexural strength versus line speed for a pultruded 2mm diameter rod

Fig. 9 : SEM micrograph of a pultruded 20x2mm strip produced at a line speed of 7m/min.
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NUMERICAL MODELLING OF RESIN CURE USING
A GENERAL PURPOSE FE PACKAGE

S.C. Joshi , Liu Xiao-Lin and Y.C. Lam

Department of Mechanical Engineering, Monash University,
Clayton, Victoria 3168, Australia.

SUMMARY : This paper proposes a procedure for using a general purpose finite element
package with a transient thermal analysis facility to perform cure modelling. In the procedure,
a general purpose finite element package was employed to carry out transient thermal analysis
and a user program was developed to simulate the cure kinetics using nodal control volumes
based on the finite element mesh. Theoretical background and numerical implementation of
the procedure are described in the paper.

Application of the procedure was demonstrated by modelling the curing of a 140 layer
T300/3501-6 uni-directional prepreg laminate in an autoclave as a one-dimensional as well as
a three-dimensional problem. The stability of the procedure with the mesh density and length
of the time step used was investigated. The temperature profiles predicted by the present
approach were in excellent agreement with the available experimental data.

KEYWORDS:  resin cure, finite element thermal analysis, nodal control volume

INTRODUCTION

The manufacturing of fibre reinforced composite parts are complex, require special
environment and can be costly to control. This is because the composites consist of two
different material systems, namely fibre and matrix systems. Most commonly used fibres are
glass, armid, boron, carbon and graphite while matrices are generally thermosetting resins.
The successful production of a composite part depends mainly upon the use of a proper cure
cycle that leads to complete and uniform curing. As a high exothermic reaction is a
characteristics of curing of thermoset resins, the temperature profiles in the curing part depend
upon not only the amount of heating power supplied to the tool but also the amount of heat
generated by the resin cure reaction. The generated heat is a function of the total mass fraction
of resin in the mould and the resin system used. The exothermic reaction associated with low
thermal conductivity can lead to excessively high temperatures at some locations in the part
and, as a consequence, result in a non-uniform state of cure. Therefore, it is desirable to study
the effects of this temperature rise when setting up a cure cycle for the component.

It has been proven that the process of resin cure and the related thermal response of the
component can be modelled relatively accurately by a numerical method, such as the finite
element method [1-4]. However, most of the results reported were obtained using specially
developed programs in which two major tasks of the cure modelling: solution of the
discretised energy equations and simulation of the cure kinetics, are coupled. Development of
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such a program is usually lengthy and costly, especially when a three-dimensional geometry
and complicated boundary/interface conditions are to be accommodated.

This paper proposes a procedure by which a general purpose finite element package can be
employed to perform cure modelling. The theoretical background and numerical
implementation of the procedure are described. The application of the procedure to the cure
modelling of a thick graphite/epoxy prepreg laminate with and without considering the three-
dimensional heat transfer effect, is presented. The results obtained were in excellent
agreement with the experimental data.

THEORETICAL BACKGROUND

Governing Equations

For simplicity, let us consider a prepreg moulding process. In this case, the resin is more or
less evenly distributed in a prepreg lay-up and the convective heat transfer effect caused by
the resin flow can be safely ignored. It is also assumed that the resin and fibres are at the same
temperature at any point in the curing composite and form a macroscopically homogeneous
material system for heat transfer purpose. Under these assumptions, the energy equation
governing heat transfer in the curing product is simplified as:
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where ρc , cp , and K i x y zi  ( , , )=  are lumped density, specific heat and directional thermal

conductivities of the lay-up material respectively.

The internal heat generation source term 
∂
∂
Q

t
 represents the exothermic effect of the resin

reaction. By ignoring the effect of resin flow on the species, it is related to the rate of cure
directly by the following equation:

ρ ρ α
c r r total

dQ

dt
V Q

d

dt
=

(2)

where, α  is the degree of cure which is defined as the ratio of the heat released to the total
heat of reaction, Qtotal is total heat of reaction and, ρrVr is mass content of the resin.

Cure Reaction Kinetics
The heat release rate for a particular resin system can be determined by a Differential
Scanning Calorimeter (DSC) experiment. The experimental data obtained from DSC is
usually fitted into some semi-empirical model representing the rate of cure as a function of
temperature and the degree of cure. One of the most frequently used and simplest model is the
following Arrhenius relation [5-8]:

d

dt
f T B E RTCα α α= = − −( , ) ( ) exp( / )1 ∆ (3)

where R is the universal gas constant, T is absolute temperature, B, ∆E and C are material
constants to be determined by the experiment.
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In some cases, it is more accurate to fit the data by two Arrhenius equations [8]. Namely, one
have:
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Let B B E RTT = −exp( / )∆ , Eqn 3 can be rewritten as:

1
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Integrating Eqn 5 produces:
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where S is an integral:
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Adapting an explicit scheme, the integral can be evaluated approximately as:

S S B E RT t t t t tt t t= + − ∈ +
0 0 0 0exp( / ) [ , ]∆ ∆ ∆     (8)

Once S is evaluated for a time step, α, 
d

dt

α
 and 

∂
∂
Q

t
 can be calculated using Eqns 6, 4 and 2

respectively.

NUMERICAL IMPLEMENTATION

Solution Procedure

From the above presentation, it is obvious that cure modelling can indeed be considered as a
transient heat transfer analysis by taking into account the effect of the resin cure reaction.
Numerically, It can be divided into two sub-tasks: formulation and solution of the heat
transfer equations, and simulation of the cure kinetics. Although most of the general purpose
finite element packages can be used to perform the first sub-task, they usually do not provide
facility to evaluate the cure kinetics.

A procedure is proposed in which a general purpose finite element package is employed to
perform transient thermal analysis and a user program is developed to simulate the cure
reaction using nodal control volumes based on the finite element mesh. Once the temperature
field is obtained by the finite element analysis, the user program is activated to simulate the
cure kinetics and heat generation at each of the nodal control volumes. These are then lumped
and applied as heat sources at those nodal points for the finite element transient thermal
analysis of next time step. This can easily be achieved through modification of the input data
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file to the finite element package. If necessary, a few iterations can be performed to achieve
higher accuracy. The procedure is repeated until the curing process completes. The modelling
process is automated by executing the user program and the finite element package
alternatively in batch mode. Fig. 1 illustrates the flow chart of the procedure.

Begin

Run finite element package to obtain temperatures

Run user program to conduct cure simulation and 
prepare data file for next FE heat transfer analysis
1. read temperatures at sampling points
2. evaluate f(α,T), α and Q at the sampling points

3. keep a record of α  

4. modify input data file for FE package

t=t+∆t

End of Cure cycle ?

End

batch 
command

Convergence test for T

Converged ? No

Yes

No

Yes

Fig. 1: Flow chart of the cure modelling procedure.

Numerical Evaluation of Nodal Heat Sources

The major computation involved in the user program is the evaluation of the equivalent nodal
heat sources caused by the cure reaction. In this paper, the evaluation is conducted based on
the finite element nodal control volumes.

A control volume is an/a area/volume over which the parameters such as temperature,
pressure, etc., are assumed to be constant. The concept of nodal control volumes has been
successfully used by investigators for the flow simulation [2,3,5]. In this technique, initially
sub-control volumes are created by connecting a centroid of the finite element to the center-
points of its surfaces. The boundary of each sub-control volume contains only one finite
element node and that volume is assumed to be linked to that particular node. This way, all
the sub-control volumes surrounding the node formulate a nodal control volume, see Fig. 2.
Heat generated within the volume is then lumped as a point heat source applied at the node.
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Once the finite element mesh is defined, all the geometrical data are available and can be used
to calculate the area/volume of each of the control volumes.

j

Control
Volume ‘j’

FE M esh

Fig. 2: Nodal control volume based on finite element mesh.

The resin content of control volume j can be determined as:

V V Vr
j j

r= (9)

where, Vr
j : resin content of control volume j, V j : area/volume of control volume j, Vr : resin

volume fraction.

Total heat generated in control volume j is:

( )Qj QTotal Vr
j d

dt

j

= ⋅ α
(10)

This is applied as a lumped heat source at nodal point j.

CURE MODELLING OF A THICK LAMINATE

Modelling Conditions

The procedure was applied to simulate the curing process of a thick square laminate in
autoclave as a one-dimensional as well as a three-dimensional problem. The same problem
was analysed using CURE, a specially developed finite difference cure modelling program
[8]. The laminate was made up of 140 plies of T300/3501-6 uni-directional prepreg. The
bagging materials were assumed to be a combination of one layer of release film, two of
breather and one of nylon. Geometric details of the tooling configuration are shown in Fig. 3.
Physical properties of the tooling, prepreg and bagging materials are given in Table 1.
Reaction kinetics of Hercules 3501-6 resin system can be expressed by Eqn 4 [8]. Table 2 lists
the parameters in the equation.



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 155

Bagging (2.52 mm)

120 mm

38
.6

3
4 

m
m140 Layer T300/3501-6 Unidirectional Prepreg Laminate

(23.114 mm)

Aluminium Tool (13.00 mm)

Fig. 3: Cross section of tooling configuration.

Table 1: Physical properties used in the model

Material Aluminium T300/ 3501-6 Bagging
Density [kg/m3] 2692.12 1555.00 355.65

Specific Heat [J/kg. K] 916.91 909.00 1256.0
Conductivity [W/m. K] 216.30 0.556 0.069

Table 2: Parameters in cure kinetics model for Hercules 3501-6 resin system

Qtotal  (J/kg) A B1 B2 ∆E1 (J/mol) ∆E2 (J/mol) C1 C2

3.8×105 0.18 3.49×108 2.53×105 94828 73445 10 1.2

The one-dimensional model of the laminate, as shown in Fig. 4a, was created using different
number of 4-noded quadrilateral field elements. The three-dimensional model of a quarter
(because of 2-axes symmetry) of the laminate fabrication assembly is illustrated in Fig. 4b
which consisted of 210 (49 for the tool, 80 for the laminate and 81 for the bagging), 8-noded
solid field elements.

Laminate

Tool

Bagging

a: one-dimensional model

Laminate (60 mm X 60 mm)

 Bagging (covers 
          85 mm X 85 mm
                    area)

 Tool (100 mm X 100 mm)

b: three-dimensional model
Fig. 4: Finite element models.
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As reported by Vodicka [8], a heat transfer coefficient of 85W/m2.K was used between the
autoclave air and the tool/bagging materials in the present analysis. The autoclave temperature
cycle adapted is given in Fig. 5.
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Fig. 5: Autoclave temperature cycle.

RESULTS AND DISCUSSION

To investigate the stability of the procedure, the problem was first analysed using different
number of elements and different size of time increments in one-dimensional modelling. No
iterations were applied in the analysis. Fig. 6 illustrates temperature response in the central
layer of the laminate. Very negligible variations were observed. This suggests that the results
are not sensitive to both the mesh density and the size of time increment. In the following
analyses, a 30 seconds time step was used with no iteration performed.
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Fig. 6: Temperature response at central lamina

Using the same computational conditions, the problem was modelled using both the present
procedure and CURE. The temperature results obtained for the central layer were compared
with the experimental data in Fig. 7. Also shown in the figure is the simulated temperature
response without considering the exothermic effect.

The results indicated that both procedures predicted temperature responses generally in good
agreement with the experimental result. However, the result obtained by CURE tended to shift
away from the true response after the temperature overshoot caused by the exothermic effect.
The maximum temperature predicted by the present model and CURE was 207.1ºC and
210.6ºC respectively while the experimental value was 205.6ºC. The exothermic effect of
resin cure is obvious, causing a temperature overshoot of more than 25°C in the central layer.
This highlights the need for a cure modelling to be conducted for the thick laminate.
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Fig. 7: Temperature response at central lamina obtained by different methods.

At the initial stage of the cure cycle, autoclave temperature was hold at 55ºC for 80 minutes to
allow the temperature in the tooling set-up to homogenise. Very negligible cure (α=0.0013)
was observed during this stage. Therefore, this segment of the cure cycle was ignored in
three-dimensional analysis to save the computational efforts. Significant solidification was
observed from 126.5 minute. The degree of cure at central lamina reached a value of 0.6
(approximate gel point) at 138.0 minute and 0.95 at 156.5 minute, see Fig. 8.
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Fig. 8: Degree of cure at central lamina Vs. time (1D simulation).

Fig. 9 compares the temperature responses at the centre of the laminate predicted by one-
dimensional and three-dimensional simulations respectively. The two predictions were
generally in good agreement, giving the highest temperatures of 207.1°C and 207.0°C
respectively. The temperature predicted by one-dimensional analysis had a slower rate of
decrease after the temperature overshoot as compared to the three-dimensional result. This is
because that in one-dimensional analysis heat could only be dissipated into the air from the
top and bottom surfaces, while in three-dimensional analysis additional dissipation was
allowed from the edges.
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Fig. 9: Temperature response by 1D and 3D Cure Modelling using present procedure

To further investigate the edge effect which can only be considered by three-dimensional
analysis, temperature contours of the central lamina at two different timings are illustrated in
Fig. 10. At the early stage of curing, there was little reaction and heat was transferred from the
autoclave air into the laminate through the tooling/air interface. Therefore, temperatures at
central locations were lower than those of the positions close to the interface. At the later
stage, significant exothermic effect of curing caused higher temperature in the laminate than
that of the autoclave air and heat was dissipated from the laminate to the air. Temperature was
then decreasing from the centre of the laminate to the interface. Maximum temperature
difference observed for the central lamina was 8°C.
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Fig. 10: Temperature contours in the central lamina.

Fig. 11 shows temperature distribution in thickness direction at 139 minutes. Since the
bagging materials have very low thermal conductivity, heat was very difficult to dissipate
from the top surface. This resulted in a temperature difference of about 20°C in thickness
direction. Such a significant difference in temperature would affect the uniformity of the cure.
Fig. 12 gives the distribution of α at the corresponding sections. A 10% difference in the
degree of cure was observed.
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Fig. 11: Temperatures after 139 minutes of curing.
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Fig. 12: Degree of cure after 139 minutes of curing.

CONCLUSIONS

A procedure was proposed to employ a general purpose finite element package in cure
modelling for composite manufacturing. Thus, the costly development of a numerical thermal
analysis program can be avoided. The procedure was validated by the simulation of the curing
process for a 140 layer T300/3501-6 laminate. It can be concluded that

1. The procedure is numerically stable and produces more accurate results than the specially
developed finite difference cure modelling program CURE.

2. The procedure can make use of all the features pertaining to the finite element package
used. Therefore, cure modelling for composite parts with complicated geometry and
material properties can be conducted by the procedure. In particular, it can perform three-
dimensional cure modelling.

3. The results of cure modelling for the thick laminate indicate that the one-dimensional
simulation can only predict the temperature and the degree of cure along the central axis
of the laminate. A three-dimensional simulation should be performed if more accurate and
comprehensive results are required.
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CURING OF COMPOSITE PREPREG LAMINATES
BY RESISTANCE HEATING OF

INTERNAL CARBON VEILS
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Department of Engineering Science and Mechanics,  227 Hammond Building,
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SUMMARY:   The goal of this investigation is to assess the feasibility of using internal
carbon fiber resistance heaters with temperature feedback to cure laminated composites
comprised of either S2 glass or IM7 carbon fiber reinforced epoxy prepreg. Internal
temperature distributions and cumulative energy consumptions were measured in
unidirectional laminates with 6.4 mm (50 ply) and 38.1 mm (300 ply) thicknesses.  The
temperature distributions revealed a lack of deviations in temperature from the manufacturer’s
recommended cure cycles commonly seen in thick laminates cured by conventional means,
although a means of improving temperature uniformity is needed.  Volumetric energy usage
was five to ten times greater in the thin laminates than in the thick laminates cured with
internal heaters.  This difference was attributed to incomplete curing in certain areas and a
higher volume to surface ratio in the latter.

KEYWORDS:   processing, thick laminates, internal heating, resistance heating

INTRODUCTION

During the cure process of fiber reinforced epoxy laminates, a phenomenon known as
temperature overshoot or spiking has been known to occur.  Temperature overshoot occurs
when the thickness and thermal diffusivity of a volume of material are such that the heat
generated by the exothermic curing process cannot be transferred to the external surfaces of
the material at a rate which will prevent the interior of the material from reaching dangerously
high temperatures.  Scott and Beck [1] measured temperature overshoots in 128-, 64-, and 32-
ply carbon/epoxy laminates processed in an autoclave.  In the 128-ply carbon/epoxy laminate,
the maximum temperature overshoot was 60°C.  Kenny [2] observed 30°C temperature
overshoots in an 8-mm-thick carbon/epoxy laminate cured in a standard autoclave process.
Butler and Engel [3] observed a 70°C overshoot due to the exotherm of 50-cm-thick
glass/epoxy composites made by resin transfer molding.  Overshoot temperatures of these
magnitudes could possibly cause thermal damage in certain epoxy resin composites.

In terms of the potential for temperature overshoot, Kenny et al. [4] defined a thick composite
based on material properties.  The idea of a half thickness, hAD, of the material was introduced,
where the total thickness of a part would be twice its half thickness.  Equation 1 is the
expression for  hAD,

h k C K Q RTAD p 0 c= { / [ exp( / )]} /ρ 1 2 (1)
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where k is the composite thermal conductivity, ρ is the composite density, Cp is the specific
heat of the composite, K0 is a frequency factor used in describing the kinetic rate constant
derived from a thermokinetic model for nonautocatalytic reactions, Q is the activation energy
for cure of the resin, R is the universal gas constant, and Tc is the processing temperature. The
half thickness reported by Kenny [2, 4] for carbon epoxy prepregs is approximately 1 cm.  It
is indicated in Eqn 1 that materials with higher thermal conductivity and processing
temperature and lower density, specific heat, frequency factor, and cure activation energy will
have a greater half thickness and therefore less tendency for temperature spiking for a given
thickness of material.  Since composites composed of glass or carbon fiber are differentiated
in these terms by higher thermal conductivity, lower density, and lower specific heat in the
carbon composite, it can be expected that carbon composites are less likely than glass
composites to undergo temperature spikes during cure — all else being the same.

There have been methods developed for dealing with temperature spiking due to the
exothermic reaction in fiber reinforced epoxy composites.  Among these are the
manufacturer’s thick part processing cycle, continuous curing or simultaneous lay-up and in-
situ cure process [5], staged curing [6], and embedded resistance heating [3].

The objective of this investigation is to evaluate the internal heating method developed by
Butler and Engel [3] for resin transfer molding applications as it applies to carbon and glass
reinforced epoxy laminates of thicknesses of 6.4 and 38.1 mm.  New contributions of the
present work include the following:  the incorporation of a single-zone, internal temperature
feedback loop; the calculation of real-time power and cumulative energy used during the cure
cycle; the application of the method to prepreg material systems; the comparison of two
material systems with identical resin types and resin volume fractions but different fiber
types; and the comparison of thin and moderately thick parts.  Thermocouples were embedded
at various locations through the thickness of the laminates and monitored continuously.
Temperature distributions in laminates cured by two different methods —computer controlled
hot press curing and internal resistance heating element curing — were compared.

EXPERIMENTAL METHODOLOGY

The material systems used in the present investigation were Hercules MAGNAMITE carbon
prepreg tape IM7/8551-7A and Hercules MAGNAMITE S2-glass prepreg tape S2/8551-
7A.  These zero-bleed prepregs were chosen due to their availability and also due to their
having the same volume fraction and type of resin, thereby allowing a controlled comparison
of the effect of fiber type on curing characteristics.  The laminates used were nominally either
50- or 300- plies thick.  The manufacturer’s cured ply thickness were 0.140 mm for the
carbon prepreg and 0.127 mm for the glass prepreg.  Hence, the nominal thicknesses of the
thin and thick laminates were assumed to be 6.4 and 38.1 mm, respectively.  As will be
described below, all laminates were essentially unidirectionally reinforced.  Two layers of 102
by 76 mm carbon veil with randomly oriented chopped fibers were used for each internal
resistance heater, also called the heating patch.  A single veil had an average areal density of
16 g/m2.  Copper wires which had 76 mm of insulation stripped at the end were placed across
opposite ends of the veil so that current passed along the 102 mm dimension.  The two wires
thus sandwiched between two veils comprised a heating patch.  The thin laminates used one
heating patch at the mid-plane location and the thick laminates used three heating patches
connected in series as shown in Fig. 1.
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Fig. 1:  An exploded view of the internal resistance heating setup for a 300 ply, 38-mm
glass/epoxy laminate

In order to determine the resistance and, hence, power dissipation of the patches throughout
the cure cycle, a dummy carbon patch was used in a separate DC voltage divider circuit.  A
low (0.5 - 1 V) DC voltage source introduced current to the circuit while an 8 Ω ceramic
resistor was used as the ballast resistor across which voltage was recorded (Fig. 1).  A 220 µF
capacitor was placed in parallel with the ballast resistor to eliminate electrical noise that
resulted from the proximity of the relatively high AC voltage heating patches to the low DC
voltage dummy patch.  The dummy patches were located 7 and 15 plies from the middle
surface of the thin and thick laminates, respectively.  If the ballast resistor voltage is Vb, the
DC source voltage is Vs, and the ballast resistance is Rb, then the dummy patch resistance, Rp,
is given by Eqn 2.

R R V Vp b s b= −( / )1 (2)

The average power dissipated by the series-connected patches, P, was calculated using Eqn 3,

P V RAC H= ( ) /2 2 (3)

where VAC is the peak voltage output of the AC source and RH is the sum of the resistances of
all the heating patches in the specimen.  At any time during the cure cycle, each heating patch
was assumed to have a resistance equal to that continuously measured with the in-situ dummy
patch, thereby accounting for, in an approximate sense, the effects of contact pressure
between patches and wires, liquid epoxy infusion, degree of cure, and process temperature on
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patch resistance.  To ascertain the internal temperature distribution, at least one type J
thermocouple was inserted near the center of all four patches in the case of the thick laminates
(Fig. 1) and at four comparable locations (scaled for the number of plies) in the thin
laminates.

To manufacture the thick laminates, a rectangular aluminum mold was fabricated with inner
dimensions of 127 by 102 mm by up to 76 mm thick.  A variable thickness, 127 by 102 mm
caul plate was manufactured to fit snugly into the mold and was used to transfer compaction
pressure from press platens to the laminates.  Near the center of one of the 127 mm sides of
the mold, several small holes were made to allow passage of thermocouple and electrical
wires.  The thin laminates were manufactured using a pair of 330 by 304 by 13 mm aluminum
caul plates with putty material used to confine the planar dimensions of the prepreg to 127 by
102 mm.  The laminates were made with all their fibers oriented in the 102 mm direction,
except for the carbon/epoxy laminates which were cured by internal patch resistance heating.
In these exceptions, a [0/90]s laminate of glass/epoxy prepreg was added above and below
each carbon patch to prevent an electrical short circuit with the surrounding carbon prepreg
material.  To account for the added thickness of the glass/epoxy insulation, eight plies of
carbon epoxy prepreg were subtracted for each carbon patch present in the thick carbon
specimen.  No such correction was made in the thin carbon specimen, resulting in added
thickness in comparison with the thin glass specimen.  Attempts were made to minimize heat
loss from the molds to the surrounding environment when using internal patch resistance
heating by wrapping glass wool insulation around the sides of the molds and by placing 13-
mm-thick plywood sheets between the mold and the upper and lower platens of the press.

Two curing methods were investigated:  hot press curing and internal carbon patch curing.
The hot press was a Tetrahedron model MTP-14 with 35.6 cm square platens and computer
controlled force and temperature.  The internal patch curing was done with a 120 VAC (peak),
10 A (peak) variable autotransformer as the power source and the MTP-14 for compaction
force only.  An on/off type temperature controller was used to control the temperature as
measured by a separate thermocouple placed on the center-most heating patch (Fig. 1).

During a typical experiment, a stopwatch and analog voltmeter were used to manually record,
every few minutes, the peak voltage output of the AC source for the heater patches.  Power
source peak voltages for the thin and thick laminates were held constant at values of
approximately 25 and 40 VAC, respectively, throughout an experiment.  Time, thermocouple
readings, the DC dummy source voltage and DC dummy ballast resistor voltage were all
recorded every 50 sec with a computer.  Elapsed time that the AC power was applied to the
heating patches was measured against real time by periodically recording the time from an
analogue clock powered by the same on/off temperature controller which energized the power
patches.  Hence, based on Eqn 3, the cumulative energy dissipated in the specimen, E, was
determined by multiplying the averaged average power during each interval, Pi, by the
respective clock time increment during that interval, ∆ti, and summing as in Eqn 4.

E P ti
i

i= ∑ ( )∆ (4)
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RESULTS

Temperature profiles for a hot-press cured 38.1-mm-thick glass/epoxy laminate shown in Fig.
2 reveal some inaccuracy in the tracking of the temperature versus the MRC cycle,
particularly during temperature ramps.  The two middle thermocouples in this experiment
were located at the middle and at the quarter point along the length of the laminate.  One of
these recorded the maximum temperature spike of 10°C after the beginning of the 177°C
dwell.  The deviations from the MRC were even less in the 38.1-mm-thick carbon/epoxy
laminate and in thinner laminates of either type cured in the hot press (data not shown here).
These data suggest that the materials tested here, in conjunction with the high thermal
conductivity mold and good thermal coupling between the mold and temperature-controlled
platens of the hot press, do not develop dangerous temperature spikes during the standard cure
process.  Based on visual inspection, these specimens appeared to be well-consolidated and
fully-cured.
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Fig. 2:  Temperature profiles in a 38.1-mm glass/epoxy laminate cured in a hot press

Representative dummy patch resistance data from two internally heated 6.4-mm laminates
shown in Fig. 3 indicate a decrease from approximately 3 to 2 Ω shortly after the application
of consolidation pressure.  Dummy patch resistance data for the 38.1-mm laminates were
essentially identical to those shown in Fig. 2.  The 33% drop in resistance attributed to contact
pressure is important from the standpoint of the power dissipation calculation (Eqn 3) as well
as the physical interpretation that liquid epoxy infusion, temperature change and degree of
cure did not significantly affect patch resistance in these experiments.

Temperature profiles in the 6.4-mm internally-heated glass/epoxy and carbon/epoxy laminates
are shown in Figs. 4 and 5, respectively.  Temperature ramps were rather course due the
manual stepwise increase in settings of the temperature controller, but neither specimen
exhibited any significant temperature overshoot.  In both figures, the middle thermocouple did
not measure exactly the same temperature as the nearby but separate controller thermocouple
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which was also located at the midplane of the specimen.  These variations of up to 15°C could
be due to variations in power input across the plane of the middle heating patches, possibly
related to the visually apparent density variations in the patch material from point to point.
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Fig. 3:  Dummy carbon patch resistance during the cure cycle
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Fig. 4:  Temperature profiles in a 6.4-mm glass/epoxy laminate with one heating patch
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The instantaneous average power dissipated by the single heating patch of a 6.4-mm
carbon/epoxy specimen is shown in Fig. 6 to vary from 90 W at the outset to 160 W during
the final dwell due to the decrease in resistance of the heating patch shown in Fig. 3.  The
integrated value of cumulative average energy is also shown in Fig. 6, but it should be kept in
mind that this value is arrived at not by integration of average power along the real time axis
but, rather, along the actual heating time axis (the time the heating patch is energized), which
is not shown in Fig. 6.  Average power dissipation while the internal heater was energized in
the 6.4-mm glass/epoxy specimen was approximately 170 W.
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Fig. 5:  Temperature profiles in a 6.4-mm carbon/epoxy laminate with one heating patch
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The temperature profiles of 38.1-mm specimens indicated spatial temperature deviations of up
to 60°C from the MRC cycle, mainly in the top and bottom regions of the material (Figs. 7
and 8).  However, no evidence of temperature spiking was seen in any region.  It is apparent
that relatively more power needs to be put into the thicker materials near the extreme top and
bottom of the laminates to overcome their natural tendency to become hotter near the
midplane during cure.  Based on visual inspection, it was observed that the 38.1-mm
laminates did not fully cure near the outer extreme positions in the mold due to the cooler
temperature there.
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Fig. 7:  Temperature profiles in a 38.1-mm glass/epoxy laminate with three heating patches

The average power dissipation of the three internal heaters when energized in either 38.1-mm
specimen was approximately 150 W.  The cumulative average energy dissipations of the 38.1-
mm specimens are compared to those of the 6.4-mm specimens in Table 1.  Cumulative
energies of the 38.1-mm specimens are similar to each other and five to ten times less than
those of the thinner specimens, regardless of material type.  The results therefore do not
indicate a strong link between fiber type and energy required to cure.  There is, however, a
strong indication that thinner laminates take more energy per unit volume to cure than do
thick laminates.

CONCLUSIONS

In this investigation of 6.4- and 38.1-mm-thick laminates composed of glass/epoxy and
carbon/epoxy prepreg, minor temperature undershoots and overshoots were recorded in
specimens cured in a hot press according to the manufacturer’s recommended cure cycle,
particularly in the thickest glass/epoxy laminate.  These results suggested that material type
and thickness play a role in the ability to control temperature uniformly in a hot press.
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Resistance of the carbon veil (patch) material used to promote curing by internally heating the
laminates while compaction pressure was applied by a press dropped by approximately 33%
due to the application of pressure.  No other factors such as resin infusion, temperature
change, or degree of cure affected patch resistance.  Variations of up to 15°C in temperature
across the plane of a typical carbon patch during cure were attributed to areal nonuniformities
of patch composition.

Typical values of average power dissipated in all specimens when the internal heaters were
energized were between 150 and 170 W.  This amount of power was unable to fully cure the
38.1-mm glass/epoxy laminate in certain regions, but all other specimens appeared to be fully
cured and well consolidated.  Cumulative energies used were somewhat lower in the thicker
specimens (240-320 W·hr) than in the thinner specimens (410-470 W·hr).  The energy per unit
volume applied to the thin specimens was 5-10 times that applied to the thick specimens,
which may be related to the higher surface-to-volume ratio of the thin specimens and the
higher resulting heat loss to the environment.  However, the differing thermal characteristics
of the carbon and glass fibers did not correlate with significantly different energy
consumptions per unit volume of material.  No temperature spikes were observed in the
internally-heated specimens, although it is clear that more energy needs to be applied near the
exterior regions of thicker specimens due to their tendency to become hottest in the interior
regions during cure.
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Fig. 8:  Temperature profiles in a 38.1-mm carbon/epoxy laminate with three heating patches

Table 1:  Dimensions and energy values for carbon/epoxy (c) and glass/epoxy (g) specimens

Specimen No.
Plies

Actual Thickness
(mm)

Volume
(cm3)

Energy
(W·hr)

Energy/Volume
(W·hr/mm3)

6.4-mm c 66 8.4 108.2 410 3.8
6.4-mm g 50 6.1 78.7 470 6.0
38.1-mm c 300 35.6 458.8 320 0.70
38.1-mm g 300 35.6 458.8 240 0.52
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OPTIMIZED CURE CYCLE TO MINIMIZE FIBER
STRESSES IN POLYMER MATRIX COMPOSITES
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SUMMARY:  A technique for the cure cycle optimization for a thermoset polymer matrix
composites is developed. In this technique, a given polymer is cured around a pretensioned
fiber. As the curing continues, the volume of polymer changes due to its thermal expansion
and polymerization shrinkage. The matrix volume change occurring after the point in the cure
cycle when fiber-matrix interface has developed enough shear strength affects the fiber
tension. An automated feedback system is developed to change the heating rate proportional
to the change in fiber tension so as to produce the minimum fiber tension change. Such a cure
cycle is defined as the optimum. The volumetric dilatometer is also used to independently
monitor the matrix volume change during the standard and the optimum cure cycles. The
comparison between the two techniques show that the cure cycle that produces minimum
change in fiber tension also produces minimum change in polymer volume.

KEYWORDS:  cure cycle, cure shrinkage, thermal expansion, residual stresses,
polymerization

INTRODUCTION

Several studies have been conducted to understand the cure kinetics of thermoset resins [1,2].
One of the main objectives of these studies has been to understand how the chemical and
thermal changes encountered during curing of these resins lead to the residual stresses in
composites [3,4]. The effect of residual stresses generated during curing is reflected in the
mechanical properties of cured composites [5]. In calculating the thermal residual stress in
composites, a stress-free state at the highest temperature in the curing cycle is commonly
assumed. Thus the attention is focused on the optimization of the cooling path so as to
minimize the residual stresses in composites. However,   before the cooldown begins, the
matrix undergoes significant volume changes [6,7]. These volume changes also produce
residual stress in composites. This residual stress is then relieved by several mechanisms such
as fiber waviness, warping, delamination, and microcracking.  The  volume  change during
the cure of a conventional polymer resin is displayed in Figure 1 [7]. Cure shrinkage of the
thermosets can be divided into polymerization and thermal shrinkage. Thermal expansion is
seen in region 1 as the polymer is heated. Polymerization shrinkage (region 2) occurs during
crosslinking and depends on the chemical composition and polymerization reaction (i.e.
addition versus condensation reactions) [8]. A polymer is more dense than its monomer, and
the resulting shrinkage upon polymerization can reach 10 to 20% [9]. In region 3, the system
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has equilibrated after the completion of polymerization. In region 4, thermal contraction is
seen as the polymer cools.

The technique used in this study relies on utilizing the fiber tension change when a polymer is
cured around the fiber to determine the optimum cure cycle. A typical result of fiber tension
change during the standard cure cycle for a carbon/ epoxy composite is shown in Figure 2
[10]. When the temperature is increased from the first dwell to the second dwell period, the
fiber tension drops because of matrix thermal expansion. During the second dwell period the
fiber tension begins to increase because of matrix shrinkage produced by its crosslinking.
Then, the fiber tension remains unchanged suggesting that the  system  has reached
equilibrium and  the   matrix    polymerization  is complete. Finally, during the cooldown the
matrix thermal shrinkage produces an increase in fiber tension. The fiber tension change
profile (Figure 2) correlate quite well with the matrix volume change curve (Figure 1).
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Figure 1: Volume change during cure of a conventional polyester resin (data from ref. 7).
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This paper presents a method to obtain an optimum cure cycle for a given fiber-matrix
system. The optimum cure cycle has been considered to be the one which produces minimum
change in fiber tension during the cure cycle. The results are independently verified by
determining the matrix volume change using volumetric dilatometry.

EXPERIMENTAL METHOD

Material

The materials used in this study were AS4 graphite fiber and 3501-6 epoxy resin, both
obtained from Hercules.

Cure Cycle Optimization Procedure

The procedure involves applying a known tension to a fiber having fixed ends, and then
monitoring the change in the fiber tension when the matrix around the fiber is subjected to a
given temperature-time curing cycle. One end of the fiber is fixed to a rigid support. The other
end of the fiber is passed through a cavity in a silicone mold and glued to a load cell. The
thickness of the base and sides of the silicone mold were kept as small as possible (about 0.3
mm) to minimize the effect of silicone mold volume change on experimental results. A
predetermined tension is applied to the fiber. The silicone cavity is filled with the degassed
polymer  and the cure cycle is applied by a strip-heater (see the top insert of Figure 2). The
temperature is controlled by a computer.  A ceramic plate is placed between the heated zone
and the load cell to prevent heating of the load cell. The temperature is monitored by means of
a thermocouple placed beside the specimen. The output from the load cell and the
thermocouple is recorded during the entire curing process. A fiber pretension of 5 g was
applied in all experiments.

A closed-loop feedback control system is developed which is based on the assumption that it
is possible to find a cure cycle in which the polymer thermal expansion is simultaneously
canceled by its cure shrinkage. The flow chart of the feedback system is shown in Figure 3. In
this system, the polymer is heated to a temperature when the fiber tension begins to change.
At this point, the polymer crosslinking has reached a state when the polymer volume changes
affect the fiber tension. At this instant, the feedback systems is turned on. The computer
program automatically changes the heating rate once every minute proportional to the fiber
tension change. An increase in fiber tension implies that the polymer is shrinking. Hence, the
heating rate is increased to minimize the shrinkage with the thermal expansion. Similarly,
when fiber tension decreases, the heating rate is decreased to allow cancellation of the thermal
expansion part of polymer volume change with polymer cure shrinkage. The feedback system
turns off the heat when there is no change in the fiber tension during a 30 min. temperature
hold. The constant fiber tension implies that there is no polymer volume change hence the
cure is complete.
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Figure 3. The flow chart of the closed-loop feedback system for obtaining the optimum cure
cycle for a giver fiber-matrix system.

Volumetric Dilatometry

The volumetric dilatometer used was the GNOMIX, Inc. PVT Apparatus. This equipment has
been described in detail in ref. [11]. Samples from 0.5 to 1.0 g of 3501-6 resin were used.
Samples were cured using the same cure cycle as used in the fiber tension experiments. A
constant pressure of 10 MPa was always maintained on the sample to prevent any evaporation
of mercury, which boils at 357oC (675oF) at atmospheric pressure. The sample volume was
recorded once every minute.
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RESULTS AND DISCUSSION

Standard Cure Cycle

The standard cure cycle for the 3501-6 epoxy resin consists of: heating the sample from room
temperature to 116oC (240oF) in 30 minutes; hold the temperature at 116oC (240oF) for 60
minutes; raise the temperature from 116oC (240oF) to 177oC (350oF) in 25 minutes; hold the
temperature at 177oC (350oF) for 240 minutes; cool the sample to room temperature in 60
minutes.

Figure 4 shows fiber force profile when the standard cure cycle is applied. During temperature
increase from room to the first dwell at 116oC (240oF), the fiber force does not change
significantly because the polymer is still able to freely flow around the fiber. As the heating
starts again to raise the temperature to the second dwell at 177oC (350oF), a drop in the fiber
tension is noticed. At this stage the matrix has polymerized to the point that matrix volume
change can now affect the fiber tension. During  this period both thermal expansion and
crosslinking shrinkage of polymer occurs. However, the thermal expansion part of the matrix
dominates over its crosslinking shrinkage because of the rapid heating rate. Hence, the net
effect is a drop in the fiber load during this temperature increase. During the temperature hold
at 177oC (350oF), the matrix thermal expansion stops, however, the volume shrinkage due to
its crosslinking continues resulting in an increase in fiber force until it has reached a constant
value. At this point, the resin cure is believed to be completed which results in an almost flat
curve for the fiber force. During the cooldown, a decrease in matrix volume produces an
increase in fiber load. The test was repeated three times using the same cure cycle and similar
results were obtained.
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Figure 4: Fiber tension profile during the standard cure cycle.

Figure 5 shows the volume change of the resin using the volumetric dilatometer during the
standard cure cycle. The results correlate well with the proposed mechanisms that produced
fiber load change (Figures 4 and 5). The only difference is that while the volumetric
dilatometry can detect the matrix volume change at all instances of the cure cycle, the fiber
tension experiment is able to respond to the matrix volume changes only after matrix
polymerization has reached a critical point when fiber-matrix interface has developed enough
shear strength. This  critical  point  occurs   towards the end of the first dwell period. That is
why the matrix volume change detected by the volumetric dilatometer during the first
temperature increase does not correspond with the fiber tension plot. However, during the
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second temperature increase and the subsequent temperature hold, both techniques provide
the same conclusion in regard to matrix volume change, that is, a net volume increase of
matrix during the temperature increase from 116oC (240oF) to 177oC (350oF) followed by
polymerization induced volume shrinkage during the temperature hold. Also, as the
polymerization is completed (after about 4 hours), both fiber tension and volume change
curves reach a plateau (Figures 4 and 5) until cooldown begins at which point the matrix
volume begins to decrease.
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Figure 5: Polymer volume change during the standard cure cycle.. A significant volume
change occurs  dung the standard cure cycle.
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Figure 6: Fiber tension profile during temperature hold period. The increase in fiber load is
due to cure shrinkage of the matrix.

To further verify the proposed mechanism that produce change in fiber tension, another cure
cycle was applied in which the first temperature hold at 116oC (240oF) was eliminated and the
temperature was rapidly raised to the second dwell at 177oC (350oF), and then held constant,
Figure 6. In such heating cycle since all the thermal expansion occurs when matrix is still able
to flow around the fiber, it is believed that the only source of volume changes during the
temperature hold that can be detected by the pretensioned fiber is the cure shrinkage. In such
case, the fiber force is expected to increase with the degree of cure until the cure is completed
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at which point there should be no change in the fiber force. Figure 6 shows the results
obtained for this cure cycle which agree with the results expected with the proposed volume
change mechanisms.

Optimum Cure Cycle

The matrix volume changes that occur during that standard cure cycle are undesirable as they
produce curing induced fiber stresses which may cause fiber fracture [10] and fiber waviness
[12]. The situation can be corrected by finding an optimum cycle that produces the minimum
amount of matrix volume change. Using the fiber tension experiment, two approaches were
adopted to find such a cure cycle, namely a trial-and-error approach and a feedback control
system. These two methods and the results are described below.

Trial-And-Error Approach

A trial-and-error approach was first taken to find a cure cycle in which there is a simultaneous
shrinkage due to cure and expansion due to thermal expansion of the same magnitude. For
such a cure cycle the matrix volume and hence the fiber force will remain constant. Several
different cure cycle experiments were conducted in which each cure cycle was modified based
on the results obtained from the previous cure cycles. In all these cure cycles the curing was
considered to be complete when there was no change in fiber tension during a 30 minute
temperature hold period. The tests were continued until  the cure cycle that produced the
minimum matrix  volume change was obtained. It usually took about four to five iterations to
find an optimum cure cycle. Figure 7 shows the load and temperature profile for what is
believed to be an optimum cure cycle for this particular type of resins. In this cycle the
temperature is first increased linearly room temperature to 138oC (280oF) in 30 minutes and
then again increased linearly to 177oC (350oF) in 210 minutes followed by a 30 minute hold at
177oC (350oF). It is believed that during the first 100 minutes of curing, the matrix is still able
to freely flow around the fiber. As a result, any matrix   volume   change   during   this period
is not detected by the fiber. After that time, matrix thermal expansion produced by the slow
temperature increase is simultaneously canceled by its cure shrinkage which produces almost
no net volume change and hence no fiber tension change.
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Figure 7: The optimum cure cycle obtained using trial-and-error approach. The flat fiber
tension curve indicates minimum matrix volume change.
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The cure cycle obtained using the trial-and-error method was also used in volumetric
dilatometry studies. The results are shown in Figure 8. It should be noted that the initial
changes in polymer volume (during the first 100 minutes do not affect the fiber force since the
bond between the fiber and the resin is not fully developed yet. One more interesting
observation that can be made from the comparison of the net matrix volume change in the
standard and optimized cure cycles is that just prior to the start of cooldown the standard cure
cycle produces larger net volume change (about   2%) compared to almost 0% net volume
change in the optimum cure cycle (Figures 5 and 8). This may have important implication in
the residual stresses developed in closed-mold processes.
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Figure 8: Polymer volume change during the optimum cure cycle. The volume change profiles
correlates well the fiber tension change during the same cure cycle (Figure 7).

Feed-back Control System

In another approach to finding an optimum cure cycle for a given fiber-matrix system, a
Scomputerized closed-loop feedback control system was developed. The details of the
procedure are described in Experimental Method section.

Figure 9 shows results obtained using the feedback system for the same resin used in the trial-
and-error approach. It can be seen that the fiber tension plot is almost completely flat. Also
the heating rate is not linear as was used in the trial-and-error approach. The instantaneous
correction in the heating rate to maintain a constant fiber tension allows the determination of
an optimum cure cycle where there is almost complete cancellation of the matrix thermal
expansion by its cure shrinkage.
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Figure 9: The optimum cure cycle obtained using feedback control system. The flat fiber
tension curve indicates minimum matrix volume change

Mechanical Properties

Some preliminary 3-point flexure experiments were also conducted on resin samples cured
using the standard and optimum cure cycles. 3 specimens were tested for each case. The
average flexural moduli of specimens cured using the standard the optimized cure cycles were
4.9 GPa, and 5.3 GPa, respectively. Considering the experimental scatter, these difference are
not considered statistically significant. Hence, it was concluded that modifying the cure cycle
did not change the polymer mechanical properties. Additional work on the effect of cure cycle
on polymer glass transition temperature, and its strength and toughness is currently underway.

CONCLUSIONS

A new method is developed to understand mechanism of polymer resin cure in composite
materials. The method is based on an observation that when a polymer matrix is cured around
pretensioned fiber, it causes a change in fiber tension. The method was used to obtain a cure
cycle that is considered to be optimum in the sense that it results in minimum change in the
fiber stresses during cure. The fiber tension data is correlated with independent experiments
on volumetric dilatometry. The volumetric dilatometer experiments show that there is a
significant matrix volume change when a standard cure cycle is used. The optimized cure
cycle results in minimum matrix volume change by allowing the matrix thermal expansion
and cure shrinkage to occur simultaneously thus cancel each other out. Composite materials
cured using such optimum cycles may have better dimensional stability and less likelihood of
fiber failure, fiber waviness, etc. The developed procedure can also be used to detect the
completeness of the resin cure which may result in a shorter cure cycle.

ACKNOWLEDGMENTS

The authors wish to thank Wright Laboratory, Materials Directorate for the majority of the
support for this research (contract # F49620-96-1-0085). The assistance of Chad Davis,
undergraduate research assistant throughout this study is gratefully acknowledged.



Volume IV: Composites Processing and Microstructure

IV - 180

REFERENCES

1. Loos, A. C. and Springer, G. S., “Curing of Epoxy Matrix Composites”, Journal of
Composite Materials  Vol. 17, 1983, pp. 135-169.

2. Hodges, J., Yates B., Darby, M. I., Wostenholm, G. H., Clemmet, J.F., and Keates, T.F.,
“Residual Stresses and Optimum Cure Cycle for an Epoxy Resin”, Journal of Materials
Science, Vol. 24, 1989, pp. 1984-1990.

3. Pagano, N. J. and Hahn, H. T., “Evaluation of Composite Curing Stresses”, Composite
Materials: Testing and Design (Fourth Conference), ASTM STP 617, American Society
for Testing and Materials,  1977, pp. 317-329.

4. White, S. R. and Hahn, H. T., “Process Modeling of Composite Materials: Residual
Stress Development During Cure. Part II. Experimental Validation”, Journal of
Composite Materials,  Vol. 26,  1992, pp. 2423-2453.

5. Lee, S. and Springer, G. S., “Effects of Cure on the Mechanical Properties of
Composites”, Journal of Composite Materials, Vol.  22, 1988, pp. 15-29.

6. Russell, J. D., “Cure Shrinkage of Thermoset Composites”, SAMPE Quarterly, Vol. 24,
No. 2, 1993, pp. 28-33.

7. Kroekel, C.H. and Bartkus, E.L., “Low Shrink Polyester Resins: Performance and
Application”, Annual Conference, Reinforced Plastics/Composites Institute, 1968,
Brookfield Center CT: SPI.

8. Daniel, I.M., Wang, T.M., Karalekas, D. and Gotro, J.T., “Determination of Chemical
Cure Shrinkage in Composite Laminates”, Journal of Composites Technology and
Research, Vol. 12, No. 3, 1990, p. 172.

9. Rodriquez, F., Principles of Polymer Systems, 3rd ed. New York: Hemisphere, 1989.

10. Madhukar, M.S., Kosuri, R. P., and Bowles, K.J., “Reduction of Curing Induced Fiber
Stresses by Cure Cycle Optimization in Polymer Matrix Composites”, Proceedings of
Tenth International Conference on Composite Materials, Whistler, British Columbia,
Canada, August 14-18, 1995, Vol. III: Processing and Manufacturing, Poursartip, A.
and Street, K.N., Eds. pp. 157-164.

11. Russell, J.D., “Analysis of Viscoelastic Properties of High-Temperature Polymers
Using a Thermodynamic Equation of State”, M.S. Thesis, 1991, University of Dayton,
Ohio, USA.

12. Madhukar, M.S. and Dutta, P.K., “Effect of Matrix Stiffness on Wavy Fiber Behavior in
Single-Carbon-Fiber-Epoxy Composites”, Special Report 94-10, April 1994, U.S. Army
Corps of Engineers, Cold Regions Research & Engineering Laboratory (CRREL),
Hanover, New Hampshire, USA.



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 181

BISALLYLOXYIMIDES- NEW CO-REACTANTS FOR
BISMALEIMIDES

T. C. Morton and  B. Dao
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SUMMARY:    This paper describes investigations on a new class of reactive monomer which
can be used as a co-reactant in thermosetting polyimide matrix resins. The new materials offer
a number of advantages over the commonly used co-reactants for bismaleimides including
improved thermal stability, higher Tg and in some cases better resin flow properties.  When
these new materials are mixed with suitable bismaleimide monomers and applied to suitable
reinforcing fibres such as carbon, they can be cured into useful composites having
substantially improved thermal stabilities as judged from thermal weight loss at 204_C and
250_C.  The preparation of polyimide oligomers with N-allyloxyimide end-caps for use as co-
reactants or flow and toughness modifiers in other polyimide resins is also described.

KEYWORDS:  Bisallyloxyimides, bismaleimide co-reactants, thermally stable polyimides

INTRODUCTION

Bismaleimide terminated compounds are well known resin types used in the preparation of
thermosetting polyimides [1]. Compared with other polyimide thermosets, bismaleimides
offer the advantage of having processing and curing requirements closest to those of high
performance epoxy systems.  In view of their generally higher thermal stability compared to
epoxies, they have been attractive for advanced composite, and other applications, requiring
higher temperature capability. The versatile chemistry of the maleimide moiety permits
reaction with a range of other groups to make co-polymers of great value as resin matrices
with special properties.

The maleimide double bond is electron deficient and highly reactive to nucleophiles. Thus
amines, hydrazides and thiols readily undergo a Michael type addition across the double bond
to give substituted succinimides. Dienes can undergo Diels-Alder addition with the maleimide
double bond to give fused six member ring structures which can often be aromatized [1].
However the most commonly used co-reactants are  carbon substituted bisallyl compounds,
the allyl groups of which undergo an ene reaction with the maleimide to form styrene
derivatives which react with additional maleimide to form a complex cross-linked, partially
aromatized structure. The nature of this cure structure appears to limit the thermo-oxidative
stability of the matrix and makes conventional bismaleimides unsuitable for really high
temperature applications. Typically, a laminate made from such a system will lose from 4-
10% of its weight on thermally aging at 204_C for six months . These allyl co-reactants can
be as simple as 3,3'-diallylbisphenol A (MATB) as used in the Matrimid™5292 commercial
bismaleimide system or larger molecular weight materials such as the bis[2-
allylphenoxy]phthalimides developed by Stenzenberger and Konig [2]. The present work was
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initiated as an investigation into alternative cure chemistries for bismaleimides as it was
believed that given the right chemistry the above thermal stability limitations could be
overcome.

Simple allyloxyimides have been studied as initiators in free radical polymerization. Thus
Druliner [3] reports the use of N-allyloxyphthalimide as an initiator in acrylate
polymerization. However most of the allyloxyimides reported in the literature have either
been used as synthetic intermediates in the preparation of allyloxyamines or have been
synthesised for biological screening programs. Diallyloxyimides do not appear to have been
described previously in the scientific literature.

Some preliminary experiments with N-allyloxyphthalimide and N-phenylmaleimide showed
that a reaction took place on heating these two materials which appeared to involve the
formation of a polymer. Therefore the previously unknown bisallyoxyimides (Fig.1) were
synthesized and investigated as potential co-reactants for bismaleimides. These compounds
are the subject of Patent application [4].

Figure 1: Structures of the new compounds
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EXPERIMENTAL DETAILS

Characterization

All bisallyloxyimides were characterized by NMR, IR and MS, and also by GPC if they were
soluble in THF. FTIR spectra were obtained by a variety of techniques ranging from films to
reflectance methods using  either a Bomem Michelson Series or a Mattson high-resolution
FTIR instrument.  NMR spectra were recorded in either CDCl3, CDCl3 containing a trace of
MeOH-d4 or in DMSO-d6 using Bruker AC200, 250NMR or DRX500 spectrometers .  Mass
spectra were obtained on a Jeol JMS-DX303 mass spectrometer, using Fast Atom
Bombardment or Field Desorption techniques.  GPC analysis was carried out at 30°C using a
Waters 150-C GPC with Ultrastyragel columns. Molecular weights were calibrated with
respect to polyimide standards. HPLC analyses were performed using a Shimadzu LC-4A
instrument fitted with an Altex Ultrasphere octadecyl silanized (ODS) reverse phase column
using gradients of methanol/water. Mettler TA3000 and TA4000 thermal analysis instruments
were used for differential scanning calorimetry (DSC) and thermal gravimetric analysis
(TGA).  DSC experiments were carried out under nitrogen at a scan rate of 10°C/min.
Dynamic mechanical thermal analyses (DMTA) were run on a Polymer Laboratories Mk2
instrument.  Fracture toughness data was obtained following the approach of Hinkley [5] or
alternatively by a Double-Torsion method [6].  Neat resin static compressive properties were
determined according to ASTM D695M-85, or indirectly from the laminate in-plane shear
modulus using a micromechanical calculation.  Flexural modulus was determined using
ASTM D790M Method 1 procedure A.

Synthesis

The title compounds were made by first reacting the dianhydride with hydroxylamine in
pyridine, followed by allylation. In the case of bis N-allyloxyimide end capped oligoimides,
the oligomers were made by standard procedures [7]  and then end-capped by a variation of
the procedure described below.

2,6-diallyloxybenzo[1,2-c:4,5-c']-dipyrrole-1,3,5,7(1H,6H)-tetrone.
Compound I (DAPMI)

A solution of hydroxylamine hydrochloride (107g, 1.54 mole) in pyridine (1l)  in a three
knecked flask fitted with thermometer, mechanical stirrer, reflux condenser and blanketted
with argon was cooled to 30°C and pyromellitic anhydride (152.7g, 0.7 mole) was added. The
mixture was stirred at room temperature for 10-15 minutes during which the exotherm raised
the temperature rose from 30 to 45°C. The mixture was then heated to 90°C for 45 min. At the
end of this time, the reaction mixture was cooled and the fine precipitate filtered off, washed
with water (the red anion is present in basic aqueous medium), dilute acetic acid and then
finally with water to yield the dihydroxy compound as a cream powder, mp 300-303°C,
111.7g (64.3%).

The dihydroxycompound (74.4g, 0.3 mole) in a mixture of dry DMF (300ml) and
triethylamine (0.6 mole, g, 83.7ml) was stirred at room temperature. Allyl bromide (87.12g,
62.33 ml, 0.72 mole) was added in one lot and a solution was attained while the temperature
rose to 45°C. The initial red colour of the anion was dispelled after about 10 minutes and a
fine precipitate formed. The mixture was stirred at room temperature for 24h and then poured
into water. The precipitated product was filtered off and then washed twice with methanol and
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then dried (64g, 67%). Recrystallization from dichloromethane/light petroleum yielded
Compound I as colourless needles, mp 222-223°C. Mass spectrum (c.i.) 329 (M+1), 357
(M+29). 1H nmr (CDCl3): 4.73, m, 4H; 5.34, m, 2H: 5.42, m 2H; 6.11, m, 2H; 8.26, s, 2H. 13C
nmr  79.14, 118.64, 123.27, 130.81, 134.81, 134.25, 161.36.

The functionality of the oligomers was obtained by  consideration of 1H NMR data and the
molecular weight.

Cured Neat Resin Bars

The bismaleimides used in this study (apart from the reference material Matrimid 5292A
(MAT A)) were experimental materials and their preparation and properties are described
fully in reference [8]. The procedure described here is only one of a number of alternative
procedures used: Two experimental bismaleimides  M/pPDA/UlDA/pPDA/M (M, maleimide;
pPDA, p-phenylene diamine; UlDA, ultem anhydride, called CBR330) and M/Ethacure208/M
(CBR328) were preheated separately at 220oC under vacuum for 30 min to remove strongly
bound solvent. CBR328 (11.2g) was then placed in a resin flask and heated to 220°C where it
formed a melt,  a low molecular weight thermosetting polyimide (PAB, 11g) was then added,
followed by the  bisallyloxyimide compound I (DAPMI) (12.43g). While there is always the
chance of a run-away exotherm in these blending operations this was never experienced using
the quantities described here. When a full melt  had been obtained,  CBR330 (20.4g) was
added in portions to obtain a perfect melt  which was degassed under oil pump vacuum (1-
2mm)  for 10 min.  The melt was either transferred directly into a preheated mould or cooled,
ground to a powder and compressed into a mold on the hot press.  The cure was carried out in
three stages: 1h at 220°C; 2h at 250°C and 2h at 280°C to give a neat resin product with Tg
(by DMTA) 286°C ( 1Hz).  Some skill and attention to detail was needed to obtain cured neat
resin slabs entirely free of voids by this technique.

Preparation of Laminates

A melt was produced as above, then ground up in a mortar and pestle and the micropulverized
with dichloromethane to give a suitable mixture for prepregging. SP Systems RC200P plain
weavecarbon fibre cloth or equivalent was coated  at a rate of 1.1g of resin/g of cloth. The
prepregs were dried in warm air for 60 min and "B" staged at 110°C for 2-5 min. A 10x10cm
coupon for DMTA use was typically made by aligning 5 plies of prepreg in the warp direction
and hot pressing between caul plates under a low initial pressure of a few psi until the platens
reached 220°C, followed by 46psi at 220°C for 1h, increasing to 115psi as the temperature is
raised to 250°C for 2h and then finally 280°C for 2h.

Alternatively the laminate could be partially cured under epoxy conditions: heating 180°C for
2h, followed by 200°C for 6h, and could then be removed from the press  and given a free
standing post-cure of 230°C for 6h. Satisfactory laminates up to 200X150mm and 12 plies
were made by these procedures.
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RESULTS AND DISCUSSION

Thermal Studies

All of the bisallyloxyimides were shown to self-polymerize. When the cure  of Compound I
was studied DSC it showed a bimodal exotherm with individual peaks at 256 and 318°C, the
total energy of which represented 200 kJ/mole of allyl group. Compound II  melted at 150°C
and had an exotherm peaking at 292°C (180 kJ/mole of allyl group) and Compound III, mp
58°C developed a cure peak at 313°C and yielded a cure exotherm of 255 kJ/mole for the allyl
group. The N-allyloxyimide endcapped oligomer CBR371 (Mn 5493) showed an exotherm
peaking at 326°C corresponding to 134 kJ/mole of allyl group.

When the blend of bismaleimides and Compound I described in Section 2.4 was run on the
DSC a melting endotherm was observed at 195°C followed by the onset of a large exotherm
at 230°C, peaking at 285°C. The energy yield  corresponded to 195 kJ/mole of maleimide.
This result is typical of those obtained with all of the allyloxyimide/bismaleimide blends; that
is an exotherm peaking at lower temperature than for the bisallyloxyimide alone with about
the same energy yield per mole as self-polymerization.

Neat Resin Characteristics

The bisallyloxyimides tend to have considerably lower melting points than other imide
derivatives derived from the same dianhydrides and this helps significantly in processing the
materials intolaminates. In contrast the low minimum viscosities reached with some of these
systems caused  difficulty in making void-free, cured neat resin samples. The voids were
generated when the low viscosities reached during cure reduced the hydraulic pressure
developed within the resin inside the die thus preventing the process of squeezing out the  last
traces of volatiles. Table 1  summarizes some of the data obtained for selected systems.
When DAPMI was used  the neat resin was of comparable toughness to the commercial
MATA/MATB system. The use of oligomer Compound V gave a product with higher
toughness, comparable Tg and improved thermal stability. The compressive moduli that were
determined by the indirect method were comparable to the values obtained for MATA/MATB
by the same method.

Figure 2 shows the DMTA traces obtained from the neat resin bar made  by the procedure
described in Section 2.3 taken (a) immediately after cure and (b) after 14 days aging in air at
250°C. The modulus in both samples shows a marked  temperature dependence.  On aging
there is a decrease in modulus as well as a decrease in its temperature dependence and an
increase in Tg.  Similar trends were observed for the other systems.

Some physical properties of cured 5 ply laminates

Table 1 summarizes properties found for some  of the systems when processed into prepregs
and cured into laminates.  It can be seen that the oligomer CBR368 showed the best thermal
stability characteristics. The Tg measured after a 7 day soak in water at 71°C is not altered
significantly for the DAPMI containing system. More detailed thermal weight loss data for
laminates using formulations based on Compound I (DAPMI) with the experimental
bismaleimides  CBR330 and M/TriMe/UlDA/TriMe/M (TriMe, 2,4,6-Trimethyl-1,3-
phenylene diamine; UlDA, ultem anhydride, called CBR331), is shown in Figures 3 and 4.
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The thermal aging figures of laminates at 204°C (Figure 4) showed that the CBR330/DAPMI
system is superior in the long term to CBR331/DAPMI and far superior to the commercial
MAT A/MAT B .  Although the two former systems behave similarly for the first 6-8 weeks
of aging, the weight losses on CBR331 then accelerate, whereas CBR330 maintains the
steady rate. This difference is thought to be due to  oxidative susceptibility of  the methyl
groups of backbone amine (TriMe) in CBR331 over the long term. Subsequent work on
oligomeric materials is aimed at eliminating this amine.

Minimum conditions for cure

The CBR330/DAPMI system could be cured under epoxy conditions (a factor of great
importance in the industry) so long as cure is completed in a free standing post cure. When
two laminates were prepared from the same prepreg and one was cured according to the
standard method and the other as described above, Tg values were 292 and  295°C (1Hz)
respectively and  the shapes of the two curves were very similar. The latter laminate did not
distort  on post cure and did not show any voidage.

Studies on the mechanism of the the curing reaction

A number of model systems have been examined to obtain an insight as to the nature of the
interaction between bismaleimides and allyloxyimides during cure. As expected, an addition
to the maleimide double bond is involved because succinimide species are produced. This was
demonstrated by the observation of succinimide H3 and H4 protons in the 1H NMR spectrum
in the reaction product from N-n-butylmaleimide and N-allyloxyphthalimide. There is also
evidence from this model system for an exchange reaction involving migration of the amine
of the maleimide into the phthalimide ring.  We have shown in an ESR study [9] that the
onset of cure in a maleimide /DAPMI system is associated with the generation of vastly
increased amounts of free radical species at around 250°C. Further work is in progress.
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CONCLUSIONS

A new class of reactive monomer with unique end groups has been developed which can be
used as a co-reactant in thermosetting matrix resins for advanced composite materials.  These
materials offer a number of advantages over the commonly used co-reactants for
bismaleimides including substantially improved thermal stability, higher Tg, in some cases
better resin flow properties, and yet initial cure can still be carried out under epoxy conditions
(typically 180-200°C).  The new end-groups have also been incorporated into oligoimides
which are still easily processible. The synthetic chemistry involved in incorporation of this
end group into polyimide precursors is low cost, straight forward, high yielding and clean.

Thermal stabilities of the materials reported lie intermediate between state of the art
bismaleimides and the current most highly thermally stable polyimides. Further work is in
progress to improve these materials even further.
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SUMMARY:  Cure and flow behavior of SMC during compression molding are rather
complicated due to heat generation, heterogeneous material and so on. This paper describes
numerical analysis method for both cure and flow behavior of SMC in order to establish total
CAE system for SMC compression molding. Analytical method of cure behavior was
combined between numerical and experimental method. The heat generation was determined
by both data and defined as function of temperature inside of SMC. This heat generation
function was used in the unsteady heat conduction analysis. The most important flow behavior
which was clarified by experiment was slippage flow. The slippage flow occurs in both
interlamina and intralamina, and this flow behavior influence on distribution of fiber content
fraction in products, that leads to scattering for the mechanical properties of products.  In
order to understand slippage flow behavior three-dimensional large deformation elastic-plastic
analysis was used. The calculated results were in good agreement with the experimental
results.  These analyses proposed were included into total CAE system for SMC compression
molding.

KEY WORDS:  SMC compression molding, curing, heat generation, initial deformation,
slippage flow, hybrid experimental-numerical approach, elastic-plastic analysis, CAE system

INTRODUCTION

SMC (Sheet Molding Compound) is typical fiber reinforced plastics for high volume
processing and has been used in structural parts of transportation vehicles, water tank, bathtub
and so on.  They have high surface appearance, so that exterior applications are also attractive.
In order to obtain high strength of molded products long fiber and/or high volume fraction
SMC has been developed. Although recycle problems for protecting the earth environment are
appeared, SMC will be still major fiber reinforced plastics in terms of volume of productions.
Accordingly, there have been many research works related to SMC product from both
academia and industry.  The publish works were roughly divided into three categories; one is
the material aspects such as resin, low profile additives, and the effects material system on
properties of molded products [1-5].  The second one is the fabrication system including CAE
system [6-14].  The third one is some defects appeared in the products [15-17].

However for designing of SMC products and compression mold, there is no unified approach.
The reasons are concentrated to two points; one is material flow and the other is curing
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behavior.  SMC flow pattern during compression molding is very complicated because
reinforcing fibers move together with matrix.  As mentioned in the former paragraph Tucker
made very practical work for flow pattern of SMC and developed software [18], however
essential or characteristics flow behavior can not be solved because it did not consider the
effects of reinforcing fibers and also laminated materials.  The second point is curing behavior
that affects post-deformation state of products after the products removed from the mold. The
analysis of curing process is difficult due to heterogeneous materials containing many
different components.  Fiber orientation state of SMC moldings also greatly affects on post-
deformation.  Another difficulty of curing analysis is that final curing state is determined
through temperature distribution from the beginning of compression process and material
thermal properties.  Basically SMC material changes their state from liquid to solid because of
curing phenomenon, so that the thermal properties such as heat conductivity, thermal
expansion and so on are changed abruptly.  The material data base for these properties is not
establishes and these are changed easily by changing their contents.  On the other hand a set of
mold would be expensive, so that changing mold design according to try and error method is
inconvenient.  In order to overcome these problems, CAE system is required for a mold
design.

In this paper we propose total CAE system shown in Fig.1.  The CAE system was constructed
by several parts.  In each part numerical analysis methods were developed by using
commercial numerical software and/or original program that were mainly finite element
method.  The establishment of the CAE system is based on following process.  First, once
material is set into the cavity, and later temperature inside the material increases because of
heat transfer from hot mold to material.  Next, the upper mold moves downward and material
is deformed with slippage flow at interlamina and intralamina of SMC.  After initial
deformation of material, resin with fibers flows and the mold cavity is filled with them.  At
then, it is necessary to consider anisotropy of viscosity that affects on the flow pattern.  At the
curing process, we need to understand distribution of degree of cure and temperature that
affect on occurrence of thermal stress and post-deformation.  Especially we have to consider
thermal history during process.  Finally, above analysis results apply to design of stiffness and
strength of products.

This paper describes usefulness of the total CAE system.  Particularly, a new original method
was introduced to analysis of curing process, which enable to understand curing profile during
flow stage and curing stage.

HEAT GENERATION AND CURING ANALYSIS

Analysis

Three dimensional heat conduction analysis was performed, in which heat generation due to
chemical reaction was included.  The curing phenomenon was considered through the heat
generation term in the equation of three dimensional heat conduction and the construction
method for this term was the most important in this analysis.  The basic equation was:
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where ρ is the density, c is the specific heat, kx, ky and kz are thermal conductivity for x-, y-
and z-direction respectively.  In order to create the heat generation term the difference of
increase of temperature between system with and without  heat generation was paid attention.
The first system was performed by actual materials and the numerical analysis was used for
latter system.  We assume that material is set in a heated mold and then heat is conducted from
the mold into the material.  Temperature inside material increases and reaches to the
temperature of heated mold eventually in the case of system without heat generation, whereas
the temperature increases rapidly and exceeds the heated mold temperature in the case of
system with heat generation.  Typical examples are shown in Fig.2 for both cases.

Fig.3 shows finite element division for three dimensional heat conduction analysis in which
solid elements were used.  Boundary conditions are follows; temperature is fixed on planes-
ABCD and -KLM because of mold surface, and planes-ABK and -ADM are symmetrical
plane, so that adiabatic boundary conditions are applied.  The increase of temperature for
system without heat generation as shown in Fig.2 was obtained from the center point by using
this analysis.  The differences between the analysis and the experiment were caused by the
heat generation, so that calorific value was obtained as following equation.

ρc
T T

t
Q

∆ ∆
∆

2 1 0
− − =                                           (2)

where ∆T1 and ∆T2 are temperature increment in time variation ∆t of the experiment and
analysis respectively, and the derivation of the above equation was mentioned in Appendix
part briefly.

First calorific value was calculated as function of time corresponding to temperature-time
curve and also cumulative calorific value was defined through time as well.  The relation
between calorific value and time was rewritten to that between calorific value and temperature
at the center.  Accordingly, heat generation term was defined by the temperature inside
material.  When temperature reaches a specific value, material emits heat stepwise. The
degree of cure was defined as the ratio of sum of heat generation, ΣQ, to total heat generation,
[ΣQ]Total, as follows.

α = Σ
Σ

Q

Q Total[ ]
                                       (3)

Furthermore, curing was completed when α was 0.8 in the analytical region[19].  The curing
profile could be practical by using this assumption.

This analytical method was combination between numerical and experimental method, and
recently this method was called Hybrid Experimental-Numerical approach for a determination
problem.

Results

Fig.2 shows temperature-time curves obtained by experiment and numerical analysis without
heat generation.  The heat generation occurred from about 130.  Using these results, calorific
value calculated as function of time and also cumulative calorific value defined through time
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as well are shown in Figs.4 and 5 respectively. Total calorific value could be calculated and
was estimated about 7.010-5 kcal/mm3 as shown in Fig.5. The relation between calorific value
and time was rewritten to that between heat generation and temperature at the center.  Fig.6
shows this relation.  Consequently, heat generation term could be defined by the temperature
inside of material.  In order to confirm the validity of this method the heat generation function
obtained was introduced into heat conduction analysis. Fig.2 also shows result of this
analysis.  Temperature-time curve obtained by numerical analysis was good agreement with
the experimental result.

Curing profile of cross section through thickness direction obtained by numerical analysis is
shown in Fig.7.  At holding time 210 sec, curing of the bottom layer was completed firstly.  At
holding time 250 sec, curing of the top layer was also done.  Then, curing have progressed
toward the center at holding time 315 sec, curing of all region was completed finally.  Where
‘holding time’ was defined as time kept material surface in contact with closing upper mold
until start of compression.

In this way, cure behavior in the initial process stage was asymmetry through thickness
direction due to considering with the upper mold closing time.  Consequently, it seemed that
practical curing profile could be obtained by this numerical analysis method.

DEFORMATION ANALYSIS

Analysis

As mentioned in Introduction part the flow pattern is very complicated aspects in SMC
compression molding due to effects of fiber and cure state.  Particularly, at the initial stage a
characteristic flow/deformation states appears as shown in Fig.8.  Fig.8 shows side view of the
initial stage in the case of three layered SMC.  (a) shows that upper and lower layers deforms
precedent to the middle layer, on the other hand (b) shows the preceding middle layer. The
slippage flow was common phenomena that occur at the inter- and intra-lamina. Normally,
decrease of viscosity or elastic modulus of materials due to heat conduction creates the case of
(a), and cured upper/lower layers tend to make the cases of (b).

Basically viscosity or elastic modulus of materials decreases with increase of temperature due
to thermal diffusion.  This situation does not consider the chemical reaction and chemical
diffusion; that is  is 0.  Once chemical reaction occurs these material constants would depend
on the degree of cure and increase dramatically as shown in Fig.9. The dependence of material
constants on temperature could be easily measured, however the dependence on degree of
cure hardly be measured.  In this paper an appropriate assumption was made for analyzing
deformation state that was affected by both thermal and chemical diffusion.

Fig.3 shows finite element division for the initial deformation analysis of three layers.
Boundary conditions are follows; nodes on the plane-KLM were fixed for x-, y- and z-
direction, nodes on the plane-ADM and the plane-ABK of neutral planes were fixed for x- and
y-direction respectively.  Nodes on the plane-ABCD were fixed for x- and y-direction and
were given prescribed displacement -0.1 mm every one step for z-direction.

After heat conduction analysis with heat generation term described in the previous section was
performed, material constants were determined according to the former discussion. In order to
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express slippage flow double nodes were set between not only interlamina layers but also
intralamina layers.  When the difference of shearing strain adjacent elements exceeds a critical
value, it was assumed that separation of the double nodes was initiated.  The material model
used in this analysis was elastic-plastic relations.

Results

Fig.10 shows deformation state in the case of uniform material constants.  The material
constants are same in all the elements, so that frictional effects were appeared at the top and
bottom surface.  The separation occurred at the interlamina.  Fig.11(a) shows the actual cases
in which heat conduction analysis was performed and also dependence of material constants
on temperature was considered.  The lower layer was heated by the mold until upper mold
touched the upper layer and the period of this time was 30 seconds.  The slippage flow was
initiated between lower layer and middle layer and therefore lower layer deformed precedent
to the middle layer.  Fig.11(b) shows another example in which more 6 seconds have passed
since deformation state was above state.  It was easy to imagine that both upper and lower
layers were heated up and material constants were decreased due to thermal diffusion in both
layers.  The deformation state was very similar to the case as shown in Fig.8(a).

Fig.12 shows the case of extreme long keeping time in which the change of material constants
due to curing was considered.  After upper mold touched the materials 100 seconds were kept
at the same condition.  At both upper and lower layers cure occurred and therefore material
constants were dramatically increased.  The slippage flow initiated both sides of middle layer
and finally middle layer was squeezed out.  This result was similar to the case as shown in
Fig.8(b).

The initial deformation state including slippage flow would affect greatly flow behavior of
materials and also fiber orientation of reinforcing fibers, and further post deformation
behavior would be caused.  According to cure state the initial deformation was changed
drastically and this phenomenon indicates an importance of analysis for cure state, so that
analytical method proposed in this paper were very useful technique and enable determine
molding condition such as mold temperature, closing speed of press machine that related to
time to touch the materials and so on. Practically these molding conditions could be
determined considering into material characteristics, because different composition of
materials made different thermal properties. As shown in previous section the analytical
method was suitable for actual material system, therefore proposed method could select
molding conditions corresponding to each material.

CONCLUSION

This paper described analytical method for cure state and initial deformation state of SMC
during compression molding.  The most important result was that database for heat generation
due to chemical reaction could be established by Hybrid Experimental-Numerical approach
and further the degree of cure was calculated.  The initial deformation state was calculated by
three dimensional finite element analysis and particularly slippage flow between inter- and
intra-lamina was considered.  The cure state was very delicate because keeping time of mold
affected dramatically and accordingly the initial state was also changed.
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 APPENDIX

 
The heat conduction equation without the heat generation was shown by equation (a-1).
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where ρ is the density, c is the specific heat, kx, ky and kz are thermal conductivity for x-, y-
and z-direction respectively.

Boundary conditions were shown by following equation.
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Equations (a-1) and (a-2) were applied to the principle of virtual work, then following
equation could be obtained.
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It was considered that the internal energy, Q, was caused by a chemical diffusion and
depended on material temperature, moreover, this was given every step of each temperature.
Then following equation could be obtained.
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where Qw and ∆i represent the energy at the point xi and the delta function (1 : at the
coordinate of the point xi, 0 : at the coordinates except the point xi) respectively.  System 1
and system 2 were named by systems for equation (a-3) and (a-4) respectively.  Here some
assumptions were written as follows.

1. Some property values were constant independent of both systems and material
temperature.

2. The heat generation at minute region without temperature distribution occur uniformly.
3. The heat conduction terms of temperature gradient for both systems were equal in minute

time.

The internal energy Q (=Qw∆i) which was given by the differences between systems 1 and 2
could be shown by the equation (a-5).
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It could be considered that the internal energy represents heat generation due to the chemical
diffusion.  Equation (a-5) could modify following equation for finite time ∆t.

ρc
T T

t
Q

∆ ∆
∆

2 1 0
− − =                                       (a-6)

∆T1 is temperature increment for system 1 without heat generation

∆T2 is temperature increment for system 2 with heat generation
The heat generation per unit time and volume could be obtained by equation (a-6).

Figure 1:  Total CAE system for SMC compression molding.
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Figure 2:  Temperature-time curve.                  Figure 3:  Finite element division.
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Figure 8:  Schematic drawing of a
characteristic flow/deformation states at the

initial stage.

Figure 9:  Typical viscosity variation during
SMC compression molding.

Figure 10:  Deformed mesh in the case of
uniform material constants.

Figure 11a:  Deformed mesh in the case of
holding time 0 sec (10th step).

Figure 11 b:  Deformed mesh in the case of
holding time 0 sec (20th step).

Figure 12:  Deformed mesh in the case of
holding time 100 sec (20th step).
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IMPREGNATION OF THERMOPLASTIC
COMPOSITES MANUFACTURED BY DOUBLE BELT

PRESS TECHNIQUE

Xiaoming Wang,   Christoph Mayer   and   Manfred Neitzel

Institut für Verbundwerkstoffe GmbH (IVW), Erwin-Schrödinger-Str., Geb.58
D-67663 Kaiserslautern, Germany

SUMMARY:  The manufacturing of thermoplastic composites by continuously running
double belt press has become one of the most effective techniques for high quantity
production. The combination of thermoplastic materials and fabric layers during the
manufacturing implies impregnation phenomena of the fabric layers distinct from one in RTM
that has been frequently discussed in many previous papers. Here, the work is focused on the
clarification of the impregnation phenomenon which occurred in the continuous
manufacturing process. Results were presented by the observation of samples that were
fabricated at different process velocity to determine the impregnation time. Meanwhile,
further analysis and experiments revealed that variation of mechanical properties of
thermoplastic composites could be realized by using different process velocity and
temperature boundary conditions to change the impregnation degree of the reinforcing fabrics.

KEYWORDS:  thermoplastic composites, manufacturing science, impregnation, double belt
press

INTRODUCTION

A timesaving manufacturing process to produce composites with expected performance and
as low cost as possible is always a subject to be pursued by industries. The fabrication of
thermoplastic composites by means of a continuously running double belt press is one of the
most effective manufacturing methods for high quantity production. During the process,
thermoplastic materials will melt and then penetrate into the fabric layers under pressure
applied by the double belts. It is evident that the penetration process of the thermoplastic flow
into fabric layers is directly relevant to the impregnation of the fabrics which have dominant
effects on mechanical properties of thermoplastic composites if the fabrics and matrix has
been determined.

As known, the impregnation of fabrics as reinforcement in thermoset composites has become
one of the focused problems since resin transfer molding (RTM), one of favorite methods to
fabricate structural composite, is basically a process of preform mould filling with liquid
resins. Analysis on the impregnation was set up on the basis of Darcy's theory [1, 2] which
has been introduced to analyze mass and energy transfer in porous materials [3], and it
concluded the complicated relation between seepage velocity and pressure drop in fabrics into
a parameter — permeability [4, 5, 6, 7, 8].

It is certain that the supposition and application of the permeability lead to simplification of
analysis and scaling of fabric impregnation process. But it is necessary to point out that the
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permeability described in the Darcy's theory only indicates an overall ability of resins
penetrating into porous preform in macro-scale during the RTM process. Thus the theory can
be applied only when dimensions of pores and reinforcements are many orders of magnitude
less than one in the flow direction. On such basis, the permeability can be determined by
experiments [9, 10, 11, 12].

In the continuous manufacturing processing the double belt press, the impregnation of fabrics
is developed along the direction of thickness rather than in plane usually in RTM. Thus the
dimension in flow direction is comparable with the diameter of the roving constituting fabric
layers. As a result, the impregnation of the fabric layers is estimated to be considerably
distinct from impregnation phenomena in RTM.

This paper was devoted to clarify the impregnation phenomenon of composite sheets
manufactured by using the double belt press with the aid of observation of samples fabricated
under the same pressure and temperature boundary conditions in different process period or
velocity. Meanwhile, it is also intended that the different degree of impregnation of the fabrics
was obtained by applying appropriate process conditions to alter mechanical properties of
thermoplastic composites.

OBSERVATION OF THE IMPREGNATION PROCESS

The utilization of the double belt press technique is actually a process of combining fabrics
and thermoplastic materials along with the penetration of the molten thermoplastic materials
into the fabric layers by pressure. As shown in Fig.1, the thermoplastic materials are
processed by heat transfer and conduction originated from heating and cooling plates under
pressure produced by a hydraulic system and imposed on the continuous laminates by steel
belts. The resident time of the polymer in the high temperature and heating zone will directly
have an impact on the molten polymer percolating into the fabric layers. The impregnation
process will finally be completed in this zones.

It is no doubt that the completion of the impregnation process should take some time. As a
consequence, the abasement or extension of the process period will lead to the decrease or
increase of the impregnation degree of fabrics before the impregnation falls into saturation.
By using an experimental layup as depicted in Fig.2, the completion of impregnation process
could be approximately simulated by the impregnation states of samples produced by the
different process period. To control the process period, it is a simple way to apply different
process velocity in the manufacturing process.
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Fig.2 Experimental layup of polymer films and fabrics for samples

On the basis of the same pressure and temperature boundary conditions in the four zones
depicted in Fig.1, two kinds of samples (1) and (2) with two and four glass fabric layers,
shown as in Fig.2, are fabricated at the process velocity of 1.7, 1.3, 0.9, 0.5 and 0.2m/min.
Different from common alternative layup, two or four layers of polyamide films are all
mounted on the upper surface of the glass fabrics to increase the penetration distance of the
molten polyamide. The fabricated samples are then cut into pieces and fixed in epoxy for
optical microscope analysis.

As shown in Fig.3, (a)-(c) are pictures of cross sections of the sample (1) produced at the
process velocity of 1.7,  0.9 and 0.2 m/min respectively. The ellipses embracing many fibres
are cross sections of rovings, where the local white areas inside and outside the rovings are
filled by epoxy and indicate fibres not being impregnated. It can be found that, in Fig3-(a),
due to the limit resident time to stay in molten state, the polyamide flow infiltrate almost only
into the second fabric layer, whereas the fibers inside the rovings of the layer were almost
unimpregnated. After that, polyamide filled the whole fabric structure, and fibres inside the
rovings lying at the upper layers were gradually partially impregnated at the same time, as
shown in Fig.3-(b). This phenomenon may ascribe to the large difference in permeability
between the fabrics structures and the fiber bundles. The impregnation process is ultimately
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completed with the full fill of all space outside and inside the rovings as displayed in Fig.3-
(c).

A more detailed impregnation process is described in Fig.4. The investigated samples were
produced with the experimental layup as described in Fig.2-(2) at a process velocity of 1.7,
1.3, 0.9, 0.5 and 0.2 m/min respectively. It may be  discovered that the polyamide first
infiltrated the space outside the roving as shown in Fig.4-(a). After that, it began to penetrate
into the roving as illustrated in Fig.4-(b), later gradually spread over the roving (see Fig.4-
(c,d)) and finally impregnated all fibres in the roving as depicted in Fig.4-(e). Obviously, the
white region filled with epoxy became smaller and smaller inside the rovings, thus it
manifested that the samples had the impregnation degree increased. Simultaneously, the
thickness of thermoplastic sheets became thinner and thinner during the process because the
polyamide imposed on the top, as shown in the pictures,  gradually penetrated into the roving,
impregnated the fibres and squeezed out air at the same time.

The complete impregnation process illustrated above exhibits the strong inhomogeneity of
flow pattern in the fabric layers. As described, macro-flow frequently described in the
percolation of polymer and impregnation of fabrics in RTM has already lost its meaning since
the completion of the impregnation process is not marked by the infiltration of flow through
the fabric layers, but determined by the time required to penetrate into the roving. In this
regard, the use of permeability given in Darcy's theory to describe an ability of polymer
penetrating into the fabrics is inappropriate, and thus the impregnation process through the
thickness of the fabrics cannot be predicted by Darcy's theory any more.

It may be concluded that the relative small distance along the infiltration direction of flow
extremely magnified the influence of the micro-flow during the impregnation of fabrics, and
the micro-flow into the rovings has a dominant effect on the actual impregnation of the
fabrics. Such a strong effect of micro-flow on the impregnation is essentially different from
one in RTM. Therefore, the description of the impregnation should also be distinct from one
in RTM, where macro-flow prevails during the impregnation process and Darcy's theory
could consequently be used.

One should pay attention to a case where the micro-flow will gradually lose its dominant
position with the increase in thickness of fabric layers. As shown in Fig.3-(b), partial fibres in
the rovings of the first and second layer had been impregnated to a different degree when the
polyamide reached the bottom of the fabrics. It is logical to think that the micro-flow and
inhomogenous impregnation along the direction of thickness of the fabrics will be too small to
have influence on the global flow and impregnation when the thickness is large enough, and
the impregnation process will be as same as one in RTM.

Finally, it is emphasized that the special impregnation phenomena in the manufacturing of
thermoplastic composites by using a double belt press may give an advantage in obtaining the
thermoplastic composites with different impregnation degree by the control of process
velocity.

EFFECTS OF IMPREGNATION ON MECHANICAL PROPERTIES

To some extend, the impregnation degree shows a degree of combination between polymer
matrix and reinforcements, and must have a deep influence on mechanical properties of
composites. As a consequence, variation of mechanical properties of thermoplastic
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composites may come true by means of the manufacturing process design of composites
featured with different degree of impregnation.

As discussed in the preceding sections, the process velocity in the manufacturing process has
a conclusive effect on the impregnation degree of fabrics in thermoplastic composites.
Additionally, it can also be easily understood that temperature boundary conditions are also
related to the impregnation degree.

By choosing process velocity V0, 2V0, 3V0 and 4V0, where V0 is a reference process
velocity, and different process temperature, differently impregnated samples were fabricate by
alternately stacking glass fiber fabrics and polyamide films. Their flexural mechanical
property was then examined by using a three-point bending test to investigate the effect of
impregnation on the mechanical property.

As shown in Fig.5-(a), the relationship between stress (load/area of cross section) and
transverse displacement at the loaded point of a beam was obtained from the tests. It is
obvious that the samples fabricated at a lower process velocity and thus a longer resident time
in the high temperature zone exhibited brittle failure whereas the samples produced at a
higher process velocity presented ductile fracture, where the step damage might be seen
clearly for the samples at higher process velocity. Meanwhile, as displayed in Fig.6, the
flexural modulus and strength was reduced with the increase of process velocity, while the
deformation endurance was considerably enhanced for the relative high process velocity.
Additionally, a character similar to plastic flow of metal — ductility was first achieved by
increasing the process velocity from V0 to 2V0 (see Fig.5-a) even if the deformation
endurance held almost unchanged. The similar case could be also observed by decreasing the
process temperature from 1.3077T0 to 1.0769T0 at a process velocity as shown in Fig.5-(b),
where T0 is a reference temperature.
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It is necessary to understand that all phenomena observed in Fig.5 and Fig.6 were results
mostly in response to the variation of impregnation no mater what parameters such as process
velocity , temperature boundary conditions or others in the manufacturing process are
employed to change mechanical properties of thermoplastic composites. Evidently,
controlling impregnation would be a way to vary mechanical properties and optimize the
manufacturing process of thermoplastic composites by using continuously running a double
belt press.
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Fig.6 Flexural strength and deformation endurance of samples

CONCLUSION

Results from experiments showed that melted polymer promptly penetrated the fabric layers
during the manufacturing process. The high resistance to the polymer flow into the roving
produced strong inhomogeneity of flow pattern in fabric layers and considerably delayed the
impregnation inside the rovings. Therefore, polymer first filled the space outside the rovings
before fibres inside were gradually impregnated. On the other hand, thermoplastic composites
with different degree of impregnation could be obtained by appropriately controlling the
impregnation process resulting from the design of process velocity as well as temperature
boundary conditions in the manufacturing process. Then mechanical properties of
thermoplastic composites could be varied.
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SUMMARY:   A real-time measurement of internal and residual strains in GFRP laminates
with an optical fiber strain sensor is performed in an autoclave molding. An Extrinsic Fabry-
Perot Interferometric (EFPI) type optical fiber strain sensor is embedded into prepreg sheets
before the molding. The ion viscosity and the temperature of the epoxy resin matrix are also
simultaneously measured with the internal strain measurement. The results of the experiments
shows that the internal and the residual strain of GFRP laminates during the molding can be
monitored by the optical fiber sensor. It is also found that the circumstances around the
embedded optical fiber strain sensor should be taken into account for the interpretation of the
measured internal and residual strain.

KEYWORDS:   internal strain, residual strain, autoclave molding, optical fiber strain sensor,
cure process, GFRP laminate, ion viscosity

INTRODUCTION

Advanced composite materials are usually cured by autoclaves. Mechanical properties of
molded products strongly depends on the molding conditions. The cure conditions such as
temperature, pressure and their timings and rates etc. in the autoclave molding are empirically
determined by some trial-and-error tests. Such process might be time consuming if products
have varieties of e.g., their shape and thickness, of matrix materials and reinforcing fibers.
Therefore it is strongly desired to establish a way of determining an optimum cure condition
which can be automatically adapted to varieties of moldings. For this purpose, the optimum
cure condition has to be determined based on the data of the degree of matrix cure, void
content and residual stress and/or strain etc. within products manufactured under various
molding conditions. Among them, the degree of matrix cure is most important, and residual
stress data are also needed for they considerably affect the mechanical properties of products.
Real-time monitoring during the molding is expected to be the best way to obtain their data.
Recently studies of real-time monitoring of matrix cure with optical fiber sensors have been
performed. Druy et al. have reported a cure monitoring with infrared-transmitting optical fiber
sensors[1]. An ultrasonic detection technique with optical fibers has been applied to a cure
monitoring by Ohn et al.[2]. Myrick et al. have reported a cure monitoring using Raman
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spectrum measurement with optical fibers[3]. Their works have shown that the real-time cure
monitoring at any position in the laminates is possible using optical fiber sensors which have
the same shape as reinforcing fibers. Wang et al. determined residual stresses by curled shape
of unsymmetric laminates after molding[4]. Analysis of residual stresses due to cool-down
from the post cure for the symmetric cross-ply composites has been performed by Chen et al.,
but the experiment has not yet been done[5]. A paper on real-time monitoring of residual
stresses and/or strains has not been found until now.

In the present study, a real-time monitoring method of internal strains is investigated with
embedded optical strain sensors in GFRP laminates during autoclave molding process. In the
experiment, ion viscosity and temperature of the epoxy resin matrix are simultaneously
measured with the internal strains. Comparing their results, the relationship between internal
strains and the cure process is investigated.

OPTICAL FIBER STRAIN SENSOR

In the measurement of internal strains, Fiber Optic Strain Gage System II (FOSS II) (Fiber &
Sensor Technologies) was used. It had an optical fiber sensor whose sensing type was an
Extrinsic Fabry-Perot Interferometric (EFPI) one. A schematic diagram of the EFPI strain
sensor is shown in figure 1. FOSS II detects small changes of the length of air gap and
converts them to strains using a gage factor of each strain sensor. The strain is measured by
the following process. FOSS II transmits laser beam into the input/output optical fiber, and
detects the intensity of the beam reflected by the reflector in the sensor. The operating
temperature and resolution of the EFPI strain sensor in this experiment are -272 to +350 °C
and 10,000 µε in the full scale. The gage size of the EFPI strain sensor was 350 µm ×  4 mm.

350  µm155 µm

Gage  Leng th

Inpu t /Ou tpu t
Opt ica l  F iber

A i r  Ga p Ref lec to r
H igh -Tempera tu re
Po ly im ide  Coa t ing

H igh -Tempera tu re
Adhes i ve

Si l ica  Capi l la ry
T u b e
4  m m

Fig.1 Schematic diagram of the EFPI strain sensor

DIELECTRIC CONSTANT MONITORING

The electric property of thermoset resins is in general dielectric from its liquid to solid phases.
The dielectric response under AC field is the sum of contributions from dipole moments and
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ionic charges. Development of the gelation and polymerization reduces the mobilities of
dipoles and isolated ions. Therefore dielectric response can be an indicator of solidification of
high-polymers, in particular the loss part of dielectric constant is convenient to estimate the
solidification.

Let the complex specific dielectric constant be ε under AC electric field. ε is written as, by
definition,

                                ε ε ε= −' "i                                                                                                (1)

where ε', and ε" are the specific dielectric constant and the loss factor respectively. The latter
is closely related to the solidification process of polymers. The loss factor ε" can be expressed
as

                          ε σ
ωε

ε ε ωτ

ω τ
" ( )= + −

+$

l h

1 2 2
                                                                                (2)

where
  σ = ionic conductivity,
  ω = angular frequency of the applied AC field,
  εo = permeability of the vacuum,
  εl = relaxed permeability,
  εh = unrelaxed permeability,
  τ = relaxation time.

When the frequency is not very high (ωτ<<1), the loss factor is reduced to the ionic
contribution only, i.e.,

                                ε σ
ωε

" =
$

                                                                                                  (3)

Therefore the conductivity measurement gives the loss factor in the low frequency
approximation. The reciprocal of conductivity 1/σ i.e., the electric resistance, is particularly
convenient to estimate the solidification since its minimum (maximum) corresponds to the
maximum (minimum) mobility of ions in polymers. The resistance 1/σ is also called the ion
viscosity since it has a clear correspondence with the usual viscosity measured by a
rheometer. The ion viscosity measurement by dielectric monitoring is more convenient than
usual viscosity because the ion viscosity can be continuously measured through all phases of
polymers. On the other hand, the rheometer can only measure the liquid viscosity [6].

EXPERIMENT

In the autoclave molding experiment, GFRP laminates were used. The prepreg used was GF
Scotch-ply 1009-36 by 3M and the matrix resin was high temperature type epoxy. Their
stacking configurations were [08] and [02/902/02]. Different cure patterns corresponding to
their stacking configurations were adopted. Two EFPI strain sensors were embedded in the
middle plane of the laminates in stacking process of prepregs. Location of two EFPI strain
sensors embedded within composite layers is shown in Figure 2. The dielectric sensor was
also set up within prepregs in stacking process. A schematic diagram of monitoring system in
the experiment is shown in figure 3. The signal cables of EFPI strain sensors (effectively
optical fibers) and a dielectric sensor were connected to measurement apparatus out of the
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autoclave. The way of pulling the cables out of the autoclave were devised in order to keep
sealing up it. The strain responses of GFRP laminates from the EFPI strain sensor were
measured by the FOSS II system, being saved in a personal computer by an AD converter.
The dielectric responses and temperature of resin were measured by Eumetric 100A of
Micromet Instruments, being saved in a personal computer by a RS232C interface.

Reinforc ing f iber  d i rect ion

EFPI  s t ra in  sensor

Prepreg sheet

Fig.2 Location of EFPI strain sensors within a UD laminate

GFRP lam ina te

Au toc lave
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Persona l  compute rPersona l  compute r

Persona l  compute rPersona l  compute r

FOSS I I

D ie lec t romete r  100A

GFRP lam ina te

EFPI  s t ra in  sensor

Fig.3 Schematic diagram of monitoring system
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RESULTS AND DISCUSSION

Unidirectional Laminate

The curing pattern in the autoclave molding for unidirectional laminate is shown in figure 4.
Figure 5 shows the measured results of change in ion viscosity of epoxy matrix and
temperature of the material. The magnitude of change in the ion viscosity is indicated by
log(1/σ). The abscissa of the figure shows the molding time. The ion viscosity rapidly
decreases at the first temperature increasing stage. This corresponds to melting of the epoxy
matrix. From this change of the ion viscosity, it is found that all matrix have finished to melt
at about 50 min of the molding time. Then the ion viscosity slightly changes at the constant
temperature stage. At the post cure stage, it gradually approaches to a definite value, namely,
the cure is almost completed. At the last cooling stage, the ion viscosity rapidly increases.
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Figure 6 shows the experimental results of internal strains by two EFPI strain sensors. In the
figure, A is the strain obtained by the EFPI strain sensor embedded in the same direction with
the reinforcing fiber of unidirectional laminates. B shows the strain obtained by the strain
sensor embedded perpendicularly to the fiber direction. The strain A gradually increases at the
first temperature increasing stage. It shows the maximum value before the ion viscosity shows
the minimum. And then it begins to gradually decrease. It changes from the tensile strain to
the compressive one and it increases until the molding is completed. In the same way as the
result of A, B rapidly increases at the first temperature increasing stage and shows the
maximum value before the ion viscosity denotes the minimum. It changes from the tensile to
the compressive and shows the maximum compressive value at the second temperature
increasing stage. In the same way as the change of the ion viscosity, it gradually approaches
to a definite value. At the last cooling stage, it rapidly increases.
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Fig.6 Internal strain responses of GFRP UD laminate

Crossply Laminates

Figure 7 shows the cure pattern in the autoclave molding for crossply laminates. In the figure,
two kinds of molding conditions with different cooling rates at the last molding stage are
shown. One is the rate of 4.6°C/min and another is that of 2.3°C/min.

Figure 8 shows the measured results of change in the ion viscosity of epoxy matrix and
temperature within the autoclave. They show the same change as those of the unidirectional
laminate do with the change of temperature and pressure in the autoclave molding. The ion
viscosity increases abruptly at the molding time of about 140 min., when the gelation of the
epoxy matrix begins.

Figure 9 shows the internal strains measured by the EFPI strain sensors embedded in the same
direction with the reinforcing fibers in central laminae of the crossply laminate. In the figure
CL1 represents the result of the laminate molded with the cooling rate of 4.6°C/min and CL2
represents that of 2.3°C/min. In spite of the same molding conditions except for the last
cooling rates, the strain responses of CL1 and CL2 show the very different change till 200
min of the molding time. After 200 min, the strain of CL1 keeps the same value till 270 min
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when the cooling stage begins and then it decreases. In the cooling stage, it changes uniformly
and to the compressive strain. CL2 shows the same tendency to change.

Figure 10 shows the internal strains measured by the EFPI strain sensors embedded in the
perpendicular direction to the reinforcing fibers in central laminae of the crossply laminate. In
the figure CT1 represents the result of the laminate molded with the cooling rate of 4.6°C/min
and CT2 represents that of 2.3°C/min. The strain responses of CT1 and CT2 show the very
different change till 200 min. After 200 min, they are constant till 270 min at the beginning of
the cooling stage. This tendency of change is the same in CL1 and CL2. After 270 min, their
strains increase uniformly.
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The residual strain of the laminate in which the EFPI strain sensor was embedded in the same
direction with the reinforcing fibers is the compressive one. On the other hand, the residual
strain of the laminate in which the EFPI strain sensor was embedded in the perpendicular
direction to the reinforcing fibers is tensile. The compressive residual strain is generally
expected to develop in the laminate by the shrinkage of the epoxy matrix at the cooling stage
in the molding. But the contradictory result was obtained in the measurement of the residual
strain in the laminate which contained the strain sensors embedded in the perpendicular
direction to the reinforcing fibers. The reason why the tensile residual strains took place is
investigated below.

As the EFPI strain sensor is very large in comparison with the reinforcing glass fibers, the
strain measured by the sensor can be different from that of the reinforcing fibers. Therefore
the state of the embedded strain sensor within the laminate can influence the result measured
by it. In order to examine, the micrographs of the state of the embedded strain sensor were
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taken. Figures 11 and 12 are the micrographs of the cross-section of the part in which the
strain sensors were embedded in the perpendicular direction to the reinforcing fibers. Figure
11 shows the cross-section which was made by cutting along the same direction with the EFPI
strain sensor. Figure 12 shows the cross-section which was made by the cutting along the
perpendicular direction to the EFPI strain sensor. The diameter of the sensing part of the EFPI
strain sensor is very large in comparison with the reinforcing fibers. The embedding the strain
sensor into the laminate gives rise to the resin rich region neighboring to the sensor. From this
figure, it is known that the sensing part of the sensor is loaded with the transverse
compression. In the case of the sensor embedded in the same direction with the reinforcing
fibers, the resin rich region was not found. It is thought that the different result of the residual
strain is due to such different surrounding conditions of the sensor. However this explanation
is not yet confirmed, so it is necessary to be validated.

EFPI  s t ra in  sensor Resin  r ich  reg ionGFRP layers

Fig.11 Micrograph of the EFPI strain sensor embedded in the crossply laminate
(the cross-section perpendicular to the sensor)

EFPI  s t ra in  sensor GFRP layers

Fig.12 Micrograph of the EFPI strain sensor embedded in the crossply laminate
(the cross-section along the sensor)
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CONCLUSION

In this paper, the applicability of optical fiber sensors to real-time measurement of internal
and residual strains in GFRP laminates was investigated in an autoclave molding. In the
measurement an EFPI strain sensor was used. The results of experiments showed that the
internal strain of GFRP laminates during the molding can be monitored by the EFPI strain
sensor and the residual strains of the laminates can be estimated from the internal strains
measured at the end of the molding. But it was found that the measured data by the EFPI
strain sensor do not directly indicate the internal strain of the reinforcing fibers or matrix
resins. Therefore it was recognized that the measured strain data by the EFPI strain sensor
should be converted to the true internal strain taking account of the embedded circumstances
of the sensor in the laminates.
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PERMEABILITY OF FIBER REINFORCEMENTS
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SUMMARY:  In liquid composite molding processes such as resin transfer molding and
structural reaction injection molding, fiber reinforcements usually experience some
deformation in order to conform to the complex shape of the mold cavity.  Deformation of the
fiber reinforcement is characterized by factors as the local surface curvature of mold and the
type of reinforcements.  For woven fabrics, shear deformation is the major mechanism to
conform to the complicated mold cavity during the preforming process.  The structure of the
woven fiber mat after deformation is rearranged, resulting in variation of local fiber content.
This may cause some significant effects on the fiber permeability and result in quite different
mold filling pattern from expected.  Incomplete wetting of the fiber preform during the mold
filling stage may occur.  Therefore, study of the permeabilities for deformed fiber
reinforcements are quite important.  In the flow simulation of the filling process, success of
the prediction highly depends on the correct values of in-plane permeabilities.  Change of in-
plane permeability of the fabric after shear deformation must be well understood.  This article
investigated the permeability of woven fiber mats under different shearing angles.  Several
flow experiments were conducted on bidirectional woven roving fabrics in different shear
angles.  Two relevant factors, the ratio of principal permeabilities and the direction of
principal axes with respect to the orientation of the fabric, are studied to investigate their
variations with respect to shear deformation of the fiber reinforcements.  It is found that the
shifted angle of the principal axes is increasing with the increase of the shearing angle.  At the
same time, in-plane permeability ratio may decrease as increasing the shearing angle.

KEYWORDS : Permeability, resin transfer molding, polymer composites, fiber deformation

INTRODUCTION

In the fabrication of polymer composites, an important step is to homogeneously bring the
polymer matrix and the fiber reinforcements together.  Several manufacturing processes
accomplish this step by injecting the fluid resin into the dry fiber reinforcements inside a close
cavity.  Among those, resin transfer molding (RTM) and structural reaction injection molding
(SRIM) are becoming increasing popular composite processes because of their fast cycle time,
low labor requirements and low equipment cost.  In the RTM process, the pre-mixed resin is
injected under pressure into a closed mold preplaced with fiber reinforcements.  During this
process, resin flows around and through the fiber bundles until the entire fiber reinforcements
are saturated.  In a reaction injection molding pultrusion (RIM pultrusion) process, resin is
forced into a die to wet out the incoming dry fibers.  This process differs from the traditional
wet bath approach in that resin is injected into the die under a pressure.  Therefore, the
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pultrusion speed and the product quality are both increased.  Also, the types of resin materials
that can be used are less limited.

Among those processes, the most common defect encountered is the poor wetting of the fiber
reinforcements, which leads to the distributions of micro-voids in the final products.  The
appearances of voids in the final product can be attributed to the problems of inappropriate
fiber bundle wet-out and the resin filling path.  Voids can appear as the resin flows unevenly
and encloses air into a large dry spot or as the wetting of the fiber bundle is not complete.
Researchers had conducted numerical and experimental analysis of resin filling in the RTM
process in order to understand the filling flow patterns.  The results can help to estimate the
formation of voids due to the uneven filling flow.  Permeabilities which characterize the
ability of the fluid to penetrate the fiber reinforcements are the fundamental material
properties used in the study of the resin filling process.  Theoretical and experimental works
had been conducted to study the permeabilities of different fiber reinforcements [1~36].

In the experimental measurements of the in-plane fiber permeabilities, two types of
techniques were reported.  For the one-dimensional case, a uniform flow from a line source is
forced to penetrate through the fiber reinforcements [1~8].  The flow rate is kept constant
while the injecting pressure is measured as the fluid passing through the fiber reinforcements.
Based on Darcy's law, the in-plane permeabilities can be obtained from the measured
injection pressure.  The major drawback of this method is the leakage flow at the edges of the
fiber reinforcements during the measuring process, which is called the edge effect[21, 21].
For woven fiber mats, the edge effect is more server due to the loose fiber structure near the
edges.  Therefore, some extra sealing at the edges of the fiber reinforcements is necessary in
conducting the one-dimensional line source measurement.  However, due to the difficulty of
edge sealing, the repeatability of experiments using this method is quite poor.  One other
experimental method utilizes a two-dimensional flow [9, 10, 17].  Fluid is injected from the
center of a circular fiber reinforcement and the inlet pressure and flow front positions are
measured.  A complicated analytical solution of the flow in a circular field is solved based on
Darcy's law.  Then, the measured flow front position and the inlet pressure are used to
determine the permeabilities.

All of the above mentioned measurements were conducted on measuring the undeformed bi-
directional and unidirectional fiber reinforcements.  In liquid composite molding processes
such as RTM and SRIM, fiber reinforcements usually experience some deformation in order
to conform to the complex shape of the mold cavity.  Deformation of the fiber reinforcement
is characterized by factors as the local surface curvature of mold and the type of
reinforcements.  For woven fabrics, shear deformation is the major mechanism to conform to
the complicated mold cavity during the preforming process.  The structure of the woven fiber
mat after deformation is rearranged, resulting in variation of local fiber content.  This may
cause some significant effects on the fiber permeability and result in quite different mold
filling pattern from expected.  Incomplete wetting of the fiber preform during the mold filling
stage may occur.  Therefore, study of the permeabilities for deformed fiber reinforcements are
quite important.  In the flow simulation of the filling process, success of the prediction highly
depends on the correct values of in-plane permeabilities.  Change of in-plane permeability of
the fabric after shear deformation must be well understood.

There are few reports addressing the variation of permeability after deformation of the fiber
reinforcements.  Hammami [35] measured the directional permeability of unidirectional fiber
mat after shear deformation.  Rudd [36] reported the permeability of random and aligned fiber
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mats under shear deformation.  This article investigated the permeability of woven fiber mats
under different deformed angles.  Several flow experiments were conducted on bi-directional
woven roving mats.  Two relevant factors, the ratio of principal permeabilities and the
direction of principal axes with respect to the orientation of the fabric, are studied to
investigate their variations with respect to the shear deformation of the woven fiber mats.

β

θ
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x

y

b

I

J

X

Y

weft

warp

Fig. 1:Description of the shearing angle and the deformed fabric

BASIC CONCEPTS

Deformation of woven fiber mat under forming process has be discussed by many
researchers.  The primary deformation mode is the shear deformation of the fiber roving.  Fig.
1 illustrates the woven fiber roving under deformation angle θ and the resulting main axis that
has an angle β with respect to the original axis.  In this diagram, the warp direction is kept
aligned with the original J direction, and the weft direction  is sheared in an angle θ with
respect to the original I direction.  Due to the change of the fiber structure, the resulting
principal direction of the permeability will shift to the X direction.  Based on the assumption
that the flow rate along the weft and warp directions are kept at the same ratio, the following
relation can be devised:

( )
b

a

k

k
2 2

1

≈ =α (1)

where k1 and k2 are the principal permeabilities of the undeformed fiber fabric.  It is further
assumed that the flow front shape of the deformed fiber fabric remains elliptic.  The
permeability ratio (α ) of the deformed fabric can be expressed as:

α = =( )
y

x

k

k
y

x

2 (2)

where kx and ky are the principal permeabilities of the deformed fabric.  The flow front shape
of the deformed fabric shown in Fig. 1 can be described by the following Equ.

AI BI J J D2 2 0+ + + = (3)
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From Fig. 1, the ellipse passes two points, (acosθ, asinθ) and (0, b).  For the undeformed
fabric, the tangent of the flow front in the warp direction parallels to the weft direction, and
vice versa as shown in Fig. 2.  It is assumed that, for the deformed fabric, the tangent of the
flow front in the warp direction still parallels to the weft direction (also shown in Fig. 2).
Based on this assumption, the slope at point (0, b) can be expressed as:

( ) t an
dJ

dI b = θ (4)

Substituting Equ 4 and the two points, (acosθ, asinθ) and (0, b), into Equ 3, the constants A,
B, and D can be evaluated.  The resulting Equ of the ellipse is

1
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By formula of the ellipse Equs, we have
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2
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If the ellipse Equ is described in X and Y coordinates and the relations that it passes the points
(acos(β-θ), -asin(β-θ)) and (bsinβ, bcosβ) are applied, the permeability ratio, α , is found to
be

α β θ α β
α β β θ

= − −
− −

si n ( ) cos

si n cos ( )

2 2

2 2
(8)

The above relation is based on the assumption that the tangent of the flow front along the
warp direction always parallels to the weft direction.  For the case of unidirectional fiber mat,
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J
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tangent b

Fig. 2: Tangent of the flow front along the weft and warp directions
for deformed and undeformed fabric
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this is close to the reality since the fiber will form a barrier for the transverse flow
perpendicular to the fiber.  For the woven fiber fabric, the crimps of fiber roving create some
vacancy between the fibers.  Therefore, the weft roving only has a partial barrier effect on the
flow along the warp direction.  It is, thus, reasonable to modify the relation in Equ 4 to the
form as:

( ) t an
dJ

dI
mb = θ (9)

where m is a correcting factor between 0 and 1 depending the structure of the fiber network.
It is assumed to be a material constant of the fiber reinforcement.  The resulting ellipse
equation becomes:
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Equs 11 and 12 are used to predict the shift angle of the permeability axis and the
permeability ratio for the fiber fabric that is sheared to an angle, θ.  For the limit case of α =
1, Equs 11 and 12 become:

( )β π θ
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4 2
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2

2

1

1
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As the value of m is equal to 1, Equs 11 an 12 reduced to Equs 7 and 8.  For the case of β=θ
(i.e., the principal permeability axis is always along the fiber roving), m has a minimum value
that can be derived from Equ 11.

m = −1 α (15)

Therefore, the value of m must be located in between (1-α) and 1 to ensure that β is always
greater than θ.

EXPERIMENTAL MATERIALS AND APPARATUS

Fiberglass (E-glass) is the most commonly used reinforcement in RTM process, especially for
automotive body panels.  The bi-directional woven roving fiberglass mats were used in this
study.  A Newtonian liquid, hydraulic oil R68 with room temperature viscosity of 159 cp, was
used with the woven roving fiber mat ( TGFW-600 glass fiber mats from Taiwan Glass Co.,
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Ltd.).  The surface density of the glass fiber, which is defined as the weight per unit surface
area, is equal to 600 g/m2.

Fig. 3:Apparatus for measuring the flow shape in deformed woven fiber mats

The flow shape in deformed fiber mats were measured using the mold filling apparatus shown
schematically in Fig. 3.  A pressure pot was constructed by connecting a steel cylinder to the
high pressure nitrogen cylinder.  The steel cylinder was filled with a non-reactive fluid by
means of a gear pump and driven at a constant pressure by the high pressure source.  The
filling pressure can be varied by adjusting the pressure regulator.

The 30 cm by 30 cm platens of the mold were constructed from 2.5 cm thick aluminum
plates.  A 6.35 mm diameter inlet was drilled into the center of the lower platen.  The upper
platen was cut a 20 by 20 cm opining at the center, which was fitted into a hardened
transparent glass.  The mold cavity was formed by inserting eight pieces of rectangular 2 mm
or 5 mm thick aluminum blocks between the upper and lower molds.  The entire assembly
was clamped together by screw bolts.  Measurements were made by placing in the mold
cavity with a 18x18 cm fiberglass stack containing a 1.8 cm hole in the center.  The fiber
reinforcements were first sheared to the desired angle and, then, cut into the size to fit in the
mold.  As fluid was injected from the center gate, the flow shape was recorded.

RESULTS AND DISCUSSIONS

TGFW-600 glass fiber mats were used to check the first assumption done in the previous
analysis.  The fiber fabric was first sheared to the desired angle, then the fluid was injected
into fiber fabric.  Until a developed ellipse shape was formed, the injection was stopped.  The
wet distances along the weft and warp roving from the inlet to the flow front were measured.
Fig. 4 shows plot of the ratio, (b/a), with respect to different shear angles.  Although, the data
scatters a lot, the mean value seems to keep unchanged with respect to the shear angle.
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The principal directions of the fiber fabric after shear deformation were also measured.  The
image of the flow front was first scanned into the computer, then a best fit ellipse to the flow
front image was found to define the principal direction.  The principal direction angle for
TGFW-600 glass fiber mat is plotted against the shear angles as shown in Fig. 5.  It shows a
gradually increase for the principal direction angle that is always larger than the
corresponding shear angle.  The predictions from Equs 11 and 12 are also shown in Fig. 5
with m equaling to 0.6 and 1.  For this type of fiber fabric, m =0.6 gives a better prediction of
the principal angle.  The permeability ratios for fiber fabric after deformation are shown in
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Fig. 6 together with the prediction with m=1 and m=0.6.  Again, the prediction for m=0.6
gives a better prediction.

From the experimental observation of measuring other type of fiber fabric, it could be
concluded that, as α is less than 0.4, the value of m is close to (1-α).  This is for the types of
fiber reinforcements with strong flow preference in one direction than the other, such as
unidirectional fiber mat.  As mentioned before, for this type of fiber mats, the principal
direction always follows the roving direction, and the value of m will approach its minimum.
For woven roving bi-directional fiber mats, the value of m found in the laboratory is close to
0.6~0.7 for α>0.6.  However, it is a function of α, which is unable to be defined theoretically
in the current status.

CONCLUSIONS

This article investigated the permeability of woven fiber mats with shearing angles.  Several
flow experiments were conducted on bidirectional woven roving fabrics in different shear
angles.  Two relevant factors, the ratio of principal permeabilities and the direction of
principal axes with respect to the orientation of the fabric, are studied to investigate their
variations with respect to shear deformation of the fiber reinforcements.  It is found that the
shifted angle of the principal axes is increasing with the increase of the shearing angle.  At the
same time, in-plane permeability ratio may decrease as increasing the shearing angle.  A
theoretical model was proposed to predict the principal direction angle and permeability ratio
after the fiber fabric was deformed.
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SUMMARY:   An attractive means for combining continuous reinforcing fibers with
thermoplastic matrices entails powder coating spread fiber tows. After fusing the powder to
the tow it is quenched, creating a flexible but bulky towpreg. When nylon 6 is the powder
coating on carbon fiber tow, significant debulking of the towpreg occurs while the towpreg is
being heated. Surprisingly, most of this debulking occurs before the nylon 6 is completely
melted. For an oven setting of 260 °C the void content of a powder coated 12,000 filament
tow dropped from over 90 % to under 20 % in less than 20 seconds even though the
temperature inside the tow does not reach 225 °C, the final melting point of nylon 6, until 30
seconds in the oven. A capillary flow model was developed which effectively represents this
wetting behavior.

KEYWORDS:   nylon 6, carbon fiber, wetting, consolidation, powder coating, prepreg,
towpreg, thermoplastic.

INTRODUCTION

A schematic of a powder coating process for producing flexible thermoplastic towpreg is
shown in Figure 1. By spreading the multifilament tows to expose virtually all the fibers and
then powder coating the exposed filaments, the difficulty of forcing molten polymer with a
high viscosity into a packed bed of fibers is avoided. After powder coating the thermoplastic
is melted to fuse the polymer to the fibers. The hot towpreg is quenched before the spread
towpreg is condensed in order to obtain a flexible towpreg comprised of multiple plies of
partially wet out fibers. Both this process and product form have been patented [1,2] and
commercialized [3]. This flexible towpreg is well suited for making textile preforms by
braiding and weaving

For processes like filament winding and advanced tow placement it is preferable to have a
well consolidated, fully wet out, void-free towpreg with well defined dimensions. The
primary objectives of this research were to develop a process as well as the attendant
processing parameters to convert flexible unconsolidated towpreg into well consolidated
towpreg. In earlier work on this subject [4,5] both roll consolidation and pultrusion were
found to be inadequate for this task because dry fibers would hang up in the die or rollers,
break, and accumulate during operation, ultimately disrupting the process. In this study non-
contact heating is emphasized as a means of wetting out these dry fiber sections. Following
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this thermal wetting and debulking it is possible to make well consolidated and shaped
towpreg without incurring process disruptions

EXPERIMENTAL

The towpreg used for this research was made using 12,000 filament carbon fiber tow, Celion
G30-500, from BASF and later Toray Industries. The powder coating was performed by
Custom Composite Materials, Inc., now Applied Fiber Systems, Ltd [3]. The towpreg was
served with nylon fiber to improve the bundle integrity. This nylon fiber was less than 1 % of
the towpreg. The towpreg contained 60 % fiber by volume. The cross-sectional area of this
towpreg is 8 mm2 whereas the same towpreg after complete consolidation has a cross-
sectional area of 0.91 mm2. Thus, the flexible towpreg is quite bulky due to the incomplete
melting and flow of nylon powder within the towpreg.

The apparatus for investigating wetting in an oven is shown in Figure 2. The towpreg was tied
to a steel rod which was anchored at one end. The towpreg was tensioned using pressure
rollers. The tension was set and measured using an ALPHACELLTM tension measuring
device from Alphatron, Inc. The oven, a ThermolyneTM Type 21100 tubular furnace, was
placed on rails. The oven was heated to a preset temperature while in position over the steel
rod. After reaching steady state the oven was rolled over the towpreg section. The towpreg
temperature was continuously recorded by computer from a thermocouple embedded in the
towpreg. The experiments were repeated for different residence times, oven temperatures and
towpreg tensions.

The cross-sectional areas of the towpregs were obtained from SEM  at 60X magnification.
The outline of the towpreg cross-section was traced using transparent paper which was then
photocopied, cut and weighed. A calibration curve for the paper weight versus magnified area
was used to obtain the towpreg cross-sectional area.
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WETTING EXPERIMENTS

Figure 3 shows the towpreg temperature and cross-sectional area for an oven setting of 260
°C. The cross-sectional area of the towpreg starts to drop rapidly once the towpreg reaches
180 °C. It stops shrinking rapidly around 20 seconds when the towpreg is at 210 °C. There is
a gradual further shrinkage to about 1 mm2, close to the void-free cross-sectional area of 0.91
mm2.

Fig. 3: Towpreg cross-sectional area and temperature versus residence time in oven.

Similar responses were seen at oven settings of 332 and 386 °C. Due to the higher
temperatures, the residence times to approach 1 mm2 were reduced. Also, at 386 °C the
towpregs expanded after 40 seconds due to degradation of the nylon. For all three oven
settings most of the towpreg cross-sectional shrinkage occurred before the towpreg reached
225 °C, the reported melting point for nylon 6.
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The rapid shrinkage still occurred with only nominal tension. Better overall reduction in void
content was achieved with a tension of 4 lbf ( 1.8 kgf ). Increasing tension further led to no
further reduction in void content.

Since so much wetting occurred below the apparent melting point for nylon 6 sections of
towpreg were videotaped in a hot stage microscope. The extent of fiber wetting started to
increase around 180 °C, as in the oven experiments. Most of the wetting was completed by
the time the towpreg reached 225 °C.

Figure 4 shows a DSC scan of this nylon 6 towpreg. There is evidence of melting starting near
180 °C. It is highly likely that considerable melting and recrystallization occurs in this nylon 6
at low temperatures since the towpreg is quenched extremely rapidly in production - on the
order of 100 °C per second. This melting of metastable crystals is sufficient to permit
substantial fiber wetting to occur before the nylon 6 recrystallizes. This virtually concurrent
melting and recrystallization is not evident in Figure 4 because the latent heat effect of
overlapping melting and recrystallization is virtually zero. The hot stage microscopy does
support this basis for the low temperature wetting.
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Fig. 4: DSC trace of towpreg melting at 10 °C/min showing melting beginning near 180 °C.

WETTING MODEL

A capillary flow model was developed for the wetting observed in the oven. The derivation of
the model is presented elsewhere [6]. The area of the tow, Atow, is:

Atow = k1
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where k1 depends on material and system properties, Ea is the activation energy for viscous
flow, R is the gas constant, T is temperature, k2 is a material constant and t is time. The
constant k1 is:
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where the parameters in equation 2 are defined in Table 1.

Table 1  Parameters Used to Estimate k1 in Capillary Flow Model
________________________________________________________________________

Rm Particle Radius             5.5  Microns
Rf Fiber Radius                      4  Microns
θ Contact Angle        42°
vfl

Final Fiber Volume Fraction          0.6

vml
Final Matrix Volume Fraction          0.4

ηο
Viscosity of Nylon 6 at 232 °C      422  Pa•s

γ ο Surface Tension at 0 K          264 Dyne/cm

Ntow
           Number of Filaments in Tow             12,000

___________________________________________________________________________

The first parameter in Table 1, Rm, is the mean particle size. The mean particle radius of the
nylon 6 powder was determined to be 72 microns. However, this radius is before the powder
was fused to the fiber. Furthermore, such large particles bridge multiple fibers and multiple
flow channels. The approach used to obtain Rm equal to 5.5 microns is based on the initial
hydraulic radius of the flow channel. Using the initial tow cross-sectional area of the towpreg
of 8 mm and assuming 12,000 channels, equal to the number of filaments in the tow, a
hydraulic radius was calculated for each channel, assuming each channel was equivalent in
size. Then the hydraulic radius was set equal to Rm. Additional parameters in Table 1 readily
determined from the initial towpreg include the number of filaments in the tow, the fiber
radius, the fiber volume fraction and the matrix volume fraction. The volume fractions were
calculated from the measured weight fractions assuming no voids in the fully consolidated
towpreg.

No data was available for the contact angle for nylon 6 on carbon fiber. An angle of 42° was
selected based on measurements for related polymers on carbon fiber [7]. The surface tension
at absolute zero, γ ο

 , was calculated using the Guggenheim equation [8],

                                      γ = γ ο 1−
T

k2

 

 
 

 

 
 

11

9 (3)

a known surface tension for nylon 6 of 35 dyne/cm at 265°C [9], and an empirical estimate of
k2 obtained by fitting equation 1 as discussed below. The viscosity,ηο

 , was measured by

capillary viscometry at a low apparent shear rate of 46 s-1.

The value of k1 obtained using these parameters is 1.3 x 10-4 mm2•s. This value is fairly

close to the empirically determined value of 3.88 x 10-5 mm2•s. The value of k1 is very
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sensitive to the choice of Rm since k1 depends on Rm raised to the sixth power. For example,
using the measured powder radius of 72 microns leads to a very high estimate of k1 equal to
650 mm2•s.

Unfortunately, the second constant, k1, in Equation 1 cannot be estimated in advance. Based
on the Guggenheim Equation k2 is the imaginary critical temperature of the polymer. For
polymers in general, estimates of k2 have ranged from 600 K to 900 K [8]. Thus, the value of
663 K obtained by fitting the data appears reasonable.

Figure 5 presents a simulation of Atow versus time for an oven setting of 260 °C along with the
experimental results. The empirically determined values of k1 and k2 were used in this
simulation. Since the temperature of the towpreg changes while the fibers are wet out, it was
necessary to use time-temperature superposition to establish equivalent incremental residence
times at a reference temperature. Equation 1 was used as a basis for conducting this time-
temperature superposition. Equation 4 shows the resulting expression.

Fig. 5: Simulation of towpreg cross-sectional area versus residence time in oven.
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The temperature dependence of the contact angle, which is unknown, has been ignored in this
superposition expression. In the simulation shown in Figure 5 the reference temperature time
increments have been converted back to real time. Based on the observation of no flow below
180 °C, dtref was set equal to zero until 180 °C was attained. No further change in towpreg
area was permitted once the simulation reached an area of 0.91 mm2, representing a void free
towpreg.
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The simulation shown in Figure 5 represents the experimental trends well. Once the threshold
temperature of 180 °C was reached both the model and the experimental results show rapid
wetting. Experimentally, complete wetting is not achieved. This discrepancy between the
model and experiment is attributed to the somewhat random distribution of the powder in the
towpreg, the large size distribution of the powder, and the considerable variability of the
cross-sectional areas of the actual flow channels. While some flow channels have excess
resin, others are starved of resin. Hence, not all the voids are removed until external pressure
is applied.

CONTINUOUS CONSOLIDATION

Based on these wetting experiments a new process for converting the flexible towpreg into
consolidated ribbon was developed and tested. Figure 6 presents a schematic diagram of this
process. The towpreg is tensioned since this improves wetting. The oven reduces the void
content of the towpreg to below 25%. The hot towpreg enters a circular die with a cross-
sectional area of 1.4 mm2 in order to induce some pressure driven resin flow. Then the
emerging towpreg is pressed by steel rollers with a gap setting equal to the thickness sought
for the ribbon. At the same time these rollers quench the towpreg.

Fig. 6: Apparatus for continuous conversion of unconsolidated
 powder coated tow into consolidated flat towpreg.

Processing conditions for continuous consolidation have not been optimized. Following is an
example of conditions which led to a well consolidated ribbon with less than 2 % voids. The
tension was set at 1.8 kgf.  The oven and die were set at 260 °C and 275 °C respectively.
Samples were collected at different line speeds. Surprisingly, towpreg with the lowest void
content was collected at the highest speed attempted,  6 m/min.

Since this process incorporates a die, as in pultrusion, it is informative to compare this
experimental line speed with pultrusion speeds. For both thermosets and thermoplastics
pultrusion speeds are typically less than 3 m/min. The high speed achieved in this trial run is
quite promising. By extending the length of the oven and possibly the length of the die,
successful consolidation at even higher speeds is expected.
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DISCUSSION

The rapid wetting and ease of consolidation of nylon 6 coated carbon fiber towpreg may not
occur in other systems. Nylon melt has a low viscosity compared to most polymer melts.
Also, nylon wets and bonds to the oxidized carbon surface very well. Thus, research is in
progress at Georgia Tech to examine the wetting and consolidation of other combinations of
polymers and fibers.

It is common practice to ignore contributions due to wetting in analyzing the consolidation of
thermoplastic composites [10]. This research clearly shows that wetting without the
application of external pressure can lead to substantial debulking and reduction in void
content. Frequently in processing thermoplastic composite preforms the preform is heated
above its melt temperature in an oven before shaping and consolidating it in a mold below the
solidification temperature of the matrix. For nylon 6 powder coated carbon fiber preforms
extensive debuking of the preform occurs before the preform is inserted in the mold. Thus,
these unconsolidated preforms can be molded virtually as quickly as fully consolidated sheets
are stamped.

CONCLUSIONS

Nylon 6 powder coated carbon fiber tows are rapidly wet out and debulked by heating the
towpreg above 180 °C. The nylon 6 behaves like a melt above 180 °C even though the final
melting temperature for nylon 6 is 225 °C. By treating the nylon 6 as a melt above 180 °C a
capillary flow model represents the wetting and debulking of the towpreg well. By combining
an oven, die and roll consolidator in line this flexible towpreg can be converted into
consolidated towpreg rapidly.
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THE ELASTIC STRESS IN A FIBRE NETWORK
IMPREGNATED WITH MOLTEN POLYPROPYLENE
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 S-41296 Göteborg, Sweden

SUMMARY: A constitutive equation was previously derived for disperse planar fibre
networks under transverse compression and validated for non-impregnated fibre networks. In
this work we apply the equation to a fibre network which has been impregnated with a molten
polypropylene. Low velocity compression experiments show that the pressure contribution of
the fibre network is unchanged by the presence of the liquid polymer and hence that the above
equation is applicable to this important case without modification. At sufficiently slow
compression rates the fibre network is undisturbed by the liquid which merely flows through
it. The limits for this behaviour are also established. The equation successfully predicts the
loading response for compression speeds ranging from 10-3 to 5.10-3 mm/s. The viscous
contribution of the resin used becomes significant at compression rates above 10-3 mm/s, and
below 2.10-4 mm/s exceedingly low responses are observed, possibly due to fibre slippage and
rearrangements.

KEYWORDS:  elastic stress, compressibility of fibres, discontinuous fibres, disperse planar
fibre networks, segregation, fibre slippage, fibre rearrangement, concentrated fibre suspension

INTRODUCTION

Fibre networks are common in applications such as paper processing, felts, filters and
reinforcement in composite materials, of which we are particularly interested in the
processing of fibre/resin suspensions into composite materials. In all these cases, fibre
packing is usually such that the fibre network sustains significant elastic compressive stress.
The elastic stress has sometimes to be taken into account in manufacturing processes such as
impregnation, consolidation and flow moulding. In these processes the fibre orientation
distribution is often planar, or close to planar; and the network, compressed in the direction
perpendicular to the plane of orientation, contributes to the stress state of the suspension.
Many attempts have been made to model the network stress, notably by van Wyk [1] for 3D
fibre networks (wads) and Gutowski [2] for the 1D case (unidirectional fibre beds). Toll and
Månson [3] have derived a constitutive model for the 2D case (planar fibre beds). They found
a power law relationship between the loading pressure and the fibre volume fraction, where
the power law exponent was equal to five. The model successfully described compression
data of a planar fibre network.

However, those experiments were all performed ”dry,” without any liquid resin, which might
lubricate the fibre bed and thereby reduce its response. The issue addressed here is whether
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the equation by Toll and Månson is valid in the presence of a liquid matrix, such as molten
polypropylene in glass mat reinforced thermoplastics (GMT). In order to isolate the packing
response of the fibre mat, compression experiments can be performed at low compressive
rates, so that the matrix percolates through the fibre bed without inducing any in-plane fibre
motion. Kim and McCarthy [4] have investigated the compressibility and relaxation of a stack
of impregnated bundle mats with random orientations, and their results are a useful source of
comparison to this constitutive equation.

THEORETICAL BACKGROUND

Toll and Månson [3] derived an analytical solution for the elastic compression of a disperse
planar fibre network:

P =
512

5π 4 Ef 4 φ 5 − φo

5( ),        (1)

where P is the applied pressure, E is the Young’s modulus of the fibres, f is a function of the
fibre orientation distribution, defined by Toll [5], and φ is the fibre volume fraction. The
second term, φo

5, is a parameter that needs adjustment but tends to be negligible at realistic
volume fractions, in which case

P = 512

5π 4 Ef 4φ 5 . (2)

The derivation of this result is based on the concept that each segment of fibre acts as a
bending beam supported by two neighbouring fibres and deflected by a third. Segments of
fibre are deflected under a load P. As a segment deflects, it may encounter another fibre. New
fibre-fibre contact points are thus continuously generated during compression, making the
response highly non-linear. The following assumptions are made about the microstructure:

1. The structure is statistically homogeneous.
2. The fibres are approximately straight and all oriented in the same plane.
3. The fibres are well dispersed in space, in the sense that they do not form bundles.
4. The fibre diameter is uniform.
5. No slippage between fibres occurs.

Two additional assumptions are needed in order to obtain the closed-form result:

6. The incremental force at the fibre-fibre contact points, due to an incremental
change in applied load, is uniform.

7. Contact points are randomly distributed along a given fibre.

Although these assumptions appear realistic in the case of an non-impregnated network,
assumptions 5 and 6 may or may not hold in the presence of a liquid matrix, lubricating the
contact points. If some slippage should occur, the model will predict a too high pressure and
the P-φ curve will shift towards lower pressure. In addition, any viscous or viscoelastic
stresses contributed by the matrix are of course not accounted for by Eqn. 1 and 2. This
contribution will add to the network response, shifting the P-φ curve towards higher pressure.
The elastic response due to the fibre network can, however, be expected to dominate at
sufficiently high fibre volume fractions.
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Kim and McCarthy [4] have tested various fibre mats mainly made of collimated fibres. As
compression speed increases the curve shifts slightly towards higher pressure. Their
conclusion was that lower speeds allows more time for fibre rearrangement to occur for non-
impregnated networks, and thus requires less load to compress the fibre network. The authors
also suggest that lubrication makes the fibre rearrangement easier at low pressures and
reduces fibre breakage at high pressures.

EXPERIMENTAL

Experiments have been performed using a commercial thermoplastic composite from
AZDEL, Inc., with disperse glass fibres and carbon black-filled polypropylene matrix. The
fibre length and diameter were 12.7 mm and 12 µm, respectively. The sheets as delivered
were semi-consolidated, contained up to 50% voids and had a thickness between 6.1 and 6.5
mm. The influence of air entrapment has been analysed by Leterrier [6], and significant
scatter in the material properties and flow results has been mentioned by Ericsson [7]. Fibre
weight fractions were obtained by ashing and weighing each specimen after testing.
Specimens that deviated significantly from the average in thickness or weight were discarded.
Calculations were performed using ρglass = 2.60g cm3  and Eglass = 75GPa. The in-plane fibre

orientation distribution was assumed to be planar random on average, although a slight
preferred orientation is known to be present in this material. Thus the value used for the
orientation function was that corresponding to planar random orientation,f = 2 π .

Specimens of 33x33 mm2 were placed between two 25 mm diameter horizontal parallel plates
of a Rheometrics RSA displacement-controlled rheometer as shown in Fig. 1. They were
heated to 180°C in an oven until a uniform temperature was reached throughout the thickness;
the upper fixture did not touch the specimen during the heating phase. The time of heating
was 15 minutes; longer times were also tried but had no effect on the results. The upper plate
of the rheometer fixture was then displaced to lightly touch the top of the preform and the
initial thickness was recorded. At this moment a small pressure, 20 to 120 Pa, was applied to
the sample, and the value of the unloaded fibre volume fraction φo was extrapolated from that
obtained for these small pressures. This volume fraction is somewhat arbitrary since even
very small loads may have a strong influence on the sample volume in the melt state, but this
procedure only affects the value of φo, which is unimportant other than at low pressures.

Tests were performed at constant displacement rates ranging between 5.10-4 and 1 mm/s and
the pressure response was recorded. These speeds were sufficiently low so as to cause
complete segregation, that is the matrix percolated through motionless fibres and wept out of
the specimen as schematically represented in Fig. 1. As a result, the fibre mass contained
between the plates was kept constant, and the volume fraction could be directly related to the
plate separation.
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P
oven

fibre bed

resin

fixture

resin flow 
direction

Fig. 1: The fibre bed is being compressed vertically, but does not flow horizontally, while the
resin weeps out.

RESULTS AND DISCUSSION

The loading response of lubricated systems shows good correlation with that of previous
experiments made on dry fibre beds. Fig. 2 shows the response of an impregnated network
compressed at 10-3 mm/s and 180°C and that of a dry mat loaded at 0.1 mm/s at room
temperature. The two curves superimpose well; so under these conditions no lubrication effect
is observed. The compression speed of 10-3 mm/s is sufficiently small to ensure that the
elastic response of the fibre network dominates. The experiments reported here were
performed at 180°C. Changing the temperature to 200°C made no difference; this was also
mentioned by Ericsson [7]. No fibre breakage has been detected for the investigated fibre
volume fractions.

The elastic network model, Eqn. (1), successfully predicts the loading response for speeds
ranging from 10-3 to 5.10-3 mm/s; this is shown in Fig. 3. The experimental data also show
good reproducibility. The difference between the theoretical curve and experimental data is
within the uncertainty of the fibre orientation distribution. The results in Fig. 3 suggest a
slight preferred fibre orientation (f=0.53). No effect of the displacement rate, nor of the fibre
rearrangement, is detected within the scatter. The unloaded fibre volume fraction φo was
estimated to 0.033, by extrapolation.
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Fig. 2: Comparison of the compression behaviour between a lubricated and an ashed fibre
network. The temperature is 180°C and the compression speeds are as indicated.
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Fig. 3: Loading response of impregnated networks, for speeds ranging from 10-3 to 5.10-3

mm/s, compared to the prediction of equation (1).

Compression rate effects are detected at rates either below 10-3 or above 5.10-3 mm/s. It would
thus appear that the influence of fibre rearrangement and resin response can be dissociated in
this case, appearing in separate rate intervals. The viscous or viscoelastic response of the
matrix while it is percolating through the fibre bed could only be detected at speeds exceeding
5.10-3 mm/s. This matrix response adds to the network elastic stress leading to higher
pressures than for an non-impregnated network. Fibre rearrangements by slippage, on the
other hand, is apparent mainly at the lower rates. It probably occurs at all compression rates,



Volume IV: Composites Processing and Microstructure

IV - 260

but could only be directly detected from two types of experiment: compression at very low
speeds and pressure relaxation.
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Fig. 4: Compression behaviour for different speeds ranging from 5.10-4 to 1 mm/s at 180°C,
a) lower and b) higher fibre volume fractions

Fig. 4b shows displacement rate effects at compression rates exceeding 5.10-3 mm/s. The
power law exponent of the relationship between the fibre volume fraction and the packing
force tends to decrease slightly as a result of significant matrix response, but is still very close
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to five. Also, the pressure tends to increase with increasing speed for a given volume fraction.
For reasons of accuracy 1 mm/s could not be exceeded. Fig. 4a shows an even clearer effect
of displacement rate at lower fibre volume fractions: the pressure is higher for higher speeds.
Differences between higher and lower fibre volume fractions are explained by the dominance
of the packing force at higher volume fractions.

At the lowest speeds, 7.2.10-4 and 5.10-4 mm/s, the packing force is below that of non-
impregnated fibre networks, as shown in Fig. 4b. This is taken as evidence of fibre
rearrangement. A similar decrease in the stress response at low velocities was observed by
Kim and McCarthy [4]. A general comparison between the model and the above results is
presented in Fig. 5. Fibre rearrangement is also detected by pressure relaxation experiments.
Relaxation can be observed by recording the pressure once the plates have stopped. A
reduction of the packing force with time was also observed by Kim and McCarthy. After 20
minutes the pressure reaches a constant value. The pressure drop, recorded at the highest
volume fractions, ranges between 3% and 8 %, but can reach 18% when loading has been
performed at the highest speeds. Dry fibre mats do not exhibit stress relaxation. The pressure
drop is likely caused by stress relaxation in the matrix and fibre rearrangement. Finally it
seems that the fibre rearrangement and viscoelastic response of the matrix are coupled, the
latter phenomenon increasing the first: total pressure drop of 18% at the highest speeds.
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Fig. 5: General comparison between the model, according to equation (2), and experimental
results for all investigated speeds.

The weak influence of the matrix on the loading response for these disperse networks may not
be valid for other types of fibre beds. In disperse fibre systems the relatively large contact
force at the individual contact points between fibres inhibits fibre motion and renders the
characteristics of the impregnated network similar to those of the ”dry” case.
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CONCLUSION

The packing theory derived for dispersed dry fibre mats can also be applied to commercial
lubricated fibre networks. In preform processing, for instance, this work gives a constitutive
equation directly related to preform compression. The fibre network response is proportional
to fibre volume fraction raised to the power five in all investigated situations. Viscous
resistance due to the resin increases the instantaneous loading pressure for compression
speeds exceeding 5.10-3 mm/s, while possible fibre rearrangement decreases this pressure; this
phenomenon could be detected during compression at speeds below 10-3 mm/s and in
relaxation processes when the pressure response is below the one measured for non-
impregnated fibre networks, but is thought to always be present.
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BLENDS OF POLY(ETHYLENE TEREPHTHALATE)
AND EPOXY RESIN AS A MATRIX MATERIAL FOR
CONTINUOUS FIBRE - REINFORCED COMPOSITES

A. Saalbrink, M. Mureau and T. Peijs

Centre for Polymers and Composites, Eindhoven University of Technology,
P.O. Box 513, 5600 MB  Eindhoven, The Netherlands

SUMMARY:   Epoxy resin is applied as a reactive solvent for poly(ethylene terephthalate)
(PET) to obtain solutions with a low melt-viscosity. These solutions are cured according to
two different cure schedules, the first schedule curing in the melt and the second allowing for
crystallization of the PET prior to curing. Blends cured in the melt show a phase-separated
morphology with a decreased epoxy particle size. The flexural strength and strain to failure
show an increase with increasing epoxy content, whereas blends cured in the melt show
overall lower flexural properties, indicating degradation of PET. The flexural performance of
glass fabric laminates with a PET / epoxy matrix confirm that the reactive processing route
yields good quality composites. The laminate in-plane shear strength is increased with
increasing epoxy content, which is in agreement with the increase in the matrix flexural
properties and the increase in fibre-matrix adhesion due to the presence of epoxy resin.

KEYWORDS:   reactive solvent, epoxy-modified thermoplast, phase separation, in-plane
shear strength, fibre-matrix adhesion, polymer blends.

INTRODUCTION

New developments in fibre-reinforced thermoplastic composites are aiming at cost-effective
composites which may attract large-volume markets such as the automotive industry. Since
the cost-effectiveness of a product is strongly dependent on raw material costs, these
developments are mainly focusing on low-cost materials like glass fibres as a reinforcement
and commodity thermoplastics such as polypropylene (PP), polyamide (PA), poly(buthylene
terephthalate) (PBT) and poly(ethylene terephthalate) (PET) as a matrix.

Glass fibre-reinforced composites based on thermoplastics are often produced by way of melt-
or solution impregnation routes. Because of the relatively high melt viscosities of
thermoplastic polymer melts, melt impregnation is often only achieved in the case of low
molecular weight polymers, resulting in poor mechanical properties in terms of stiffness,
strength and impact-resistance.

In the case of solution impregnation techniques, the solution provides a low viscosity medium
that can easily impregnate the fibres. After impregnation the solvent has to be removed by
conventional drying operations. However, the presence of residual solvent can result in a
reduction in Tg and poor interface conditions, which is widely recognized as a major problem.

In order to overcome these drawbacks in conventional solution impregnation, a new
processing route based on the use of epoxy resins as reactive solvents is currently under
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development in our laboratory [1-5]. An interesting aspect of this reactive processing route is
that in the case of fibre-reinforced composites the epoxy resin is not only an effective solvent,
lowering the viscosity (for tractable polymers) and (or) the processing temperature (for
intractable polymers) of the polymer matrix and thus acting as a processing aid during
impregnation. After impregnation and shaping, the reactive solvent is polymerized and
converted into a non-solvent. This initiates phase separation and, depending on the
composition of the blend, phase inversion. As a consequence, a dispersed epoxy phase results,
which is locked up inside the continuous thermoplastic phase. In this way the cured reactive
solvent provides an essential structural part of the final material and  contributes to interfacial
adhesion between the fibre and the thermoplastic matrix [2, 4, 5].

In this paper we describe the use of epoxy resin as a reactive solvent for PET, a
semi-crystalline engineering thermoplast. Next to this, we report on the application of these
PET / epoxy blends as a matrix material for continuous glass fibre-reinforced composites.

EXPERIMENTAL
PET / epoxy blends

Materials and blend preparation

The PET used in this study (BX5662, Mn = 25 kg$mol
-1

, Mw = 60 kg$mol
-1

) was kindly
supplied by ICI. Prior to blending the PET granules were powdered and dried overnight at
150 °C. As the reactive solvent a standard 2-functional epoxy resin, diglycidyl ether of

bisphenol-A (DGEBA, Araldite LY556, Ciba Geigy), with a molecular weight of 380 g$mol
-1

was used. The resin was cured with a stoichiometric amount of 4-functional amine curing
agent, 4,4'-methylene bis(3-chloro-2,6-diethyl aniline) (M-CDEA), supplied by Lonza.

To study the viscosity of PET / DGEBA solutions, mixtures of PET and epoxy resin (in
absence of curing agent) with a PET content of 40-100 wt.% were prepared in a miniature co-

rotating twin screw extruder (6 cm
3
 volume) at 260 °C and 40 rpm.

PET / epoxy blends (epoxy resin and curing agent) with a PET content of 50-100 wt.% were
prepared by premixing the constituents and feeding this mixture into a Haake Rheomex type
TW-100 twin-screw compounding extruder at 270 °C and 50 rpm screw-speed. After
compounding the blends were compression moulded and cured to obtain 1.8 mm thick plates.
Two different cure schedules were applied. In the first cure schedule (A) the epoxy was cured
in the melt at 260 °C, after which the PET was allowed to crystallize. The second cure
schedule (B) allowed for crystallization of the PET at 180 °C prior to complete curing of the
epoxy. A crystallization temperature of 180 °C was selected because of the maximum in
crystallization rate at this temperature for unmodified PET [6]. The different cure schedules
applied are shown in Table 1.

Table 1:  Cure schedules for curing of  the PET / DGEBA / M-CDEA blends

Cure schedule Step 1 Step 2 Step 3

A 3 min at 260 °C 40 min at 260 °C 20 min at 180 °C
B 3 min at 260 °C 180 min at 180 °C
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Rheology

The zero-shear viscosity of PET / DGEBA solutions at 260 °C was determined in the linear
visco-elastic region using a Rheometrics type RDS-II Spectrometer. An oscillating parallel-
plate test setup with 25 mm plates and a 0.8 mm gap distance was used.

Morphology

The morphology of the cured PET / epoxy blends was studied using Scanning Electron
Microscopy (SEM, Cambridge Stereoscan 200). The samples for SEM observations were
prepared by cryogenic fracture, etched by oxygen plasma for 10 minutes and finally coated
with a thin gold/palladium layer.

Mechanical properties

The mechanical properties of the cured blends were determined by three-point bending tests
on a Zwick type 1445 testing machine. The three-point bending tests were performed
according to the ASTM D790-86 standard (dimensions 50 x 25 x 1.9 mm) at a strain rate of

10
-3

 s
-1 and at span-to-depth ratios of 16.

Composites based on PET / epoxy blends

Materials and composite manufacture

Six-ply laminates were manufactured from woven E-glass fibre 8H satin-weave fabric

(SS0303-8203, 300 g$m
-2

, Ten Cate Advanced Composites). The matrix consisted of
PET / epoxy blends with a PET content of 50-100 wt.%, which were prepared as described in
the previous section. The composites were manufactured by stacking six layers of fabric
alternately with layers of uncured and powdered PET / epoxy blend in a mould and
subsequently moulding and curing them in a hot press at a pressure of 25 bar to obtain
1.9 mm thick plates. The different cure schedules applied are shown in Table 1. The total
volume fraction of fibre in all laminates was approximately 40 %.

Mechanical properties

The mechanical properties of the six-ply laminates were determined by three-point bending
and in-plane shear tests on a Zwick type 1445 testing machine. The three-point bending tests
were performed on 0/90° coupons (dimensions 40 x 25 x 1.9 mm) according to the ASTM

D790-86 standard at a strain-rate of 10
-3

 s
-1

. Span-to-depth ratios of 16 were used. The in-
plane shear tests were performed by uniaxial tensile tests on � 45° coupons (dimensions
160 x 20 x 1.9 mm) according to the ASTM D3518-91 and D3039-93 standards at a cross

head speed of 2 mm$min
-1

. The shear modulus (G12) was measured using both a longitudinal
and a transverse extensometer.
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RESULTS AND DISCUSSION

Rheology of PET / epoxy resin solutions

In Figure 1 the zero-shear viscosities of homogeneous PET / DGEBA solutions at a
temperature of 260 °C are presented. The viscosity of the PET used in this study (300 Pa$s at
260 °C) is low in comparison with melt-viscosities of other standard polymers commonly

used (10
3 

- 10
5
 Pa$s). However, even lower viscosities are obtained for solutions of PET with

epoxy resin. Upon increasing the epoxy resin content a dramatic decrease in viscosity is
observed from 300 Pa$s for pure PET to a value of approximately 0.1 Pa$s at 60 wt.% epoxy
resin. This low melt-viscosity is in the same range as for resins used in structural reaction
injection moulding (SRIM) and in resin transfer moulding (RTM). In this way, our objective
to lower the viscosity of the thermoplast in order to increase the impregnation rate and level
of continuous-fibre reinforcements could certainly be achieved by using epoxy resin as a
reactive solven

Figure 1: Zero-shear viscosities of PET / DGEBA solutions at 260 °C
versus the epoxy resin content

PET / epoxy blends

Morphology

The SEM micrographs of the PET / DGEBA / M-CDEA blends cured at 260 °C and at 180 °C
are presented in Figure 2. In all the cured blends a phase separated and phase inverted
morphology of dispersed epoxy particles in a continuous PET matrix is observed. With
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increasing PET content the dispersed epoxy-phase diameter is decreased. This decrease is a
combined effect of decreasing the epoxy volume fraction and increasing the viscosity of the
solutions upon decreasing the epoxy content. A high viscosity reduces the coarsening of
growing epoxy droplets by coalescence effects, resulting in a smaller epoxy particle size as
has been shown for other thermoplast / epoxy systems [1,7]. However, the effect of viscosity
on the particle size is probably not large because of the relatively low initial viscosities of the
PET / epoxy blends, see Figure 1. Next to this, a decrease in the dispersed epoxy particle size
is observed with increasing initial cure temperature. Obviously, the increased rate of
polymerization of epoxy decreases the time to gelation of the epoxy, at which point the
morphology is set and extensive coalescence is prevented.

Figure 2: SEM micrographs of fracture surfaces of PET / epoxy blends cured at
260 °C containing respectively a) 50 wt.%, b) 75 wt.% PET and cured at 180 °C

containing respectively c) 50 wt.%, d) 75 wt.% wt.% PET.

Mechanical behaviour

Table 2 shows the flexural properties of  the PET / epoxy blends cured at 260 °C and 180 °C
versus the blend composition. For the blends cured at 260 °C and for the blends cured at
180 °C the modulus, strength and strain to failure show an increase upon increasing the epoxy
content. Next to this it is observed that blends cured at 260 °C overall exhibit a lower flexural
strength and strain to failure. Curing at this temperature will cause more chemical degradation
of PET to occur by e.g. hydrolysis or aminolysis reaction, resulting in a lower PET molecular
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weight. This increase in molecular weight will decrease the mechanical properties such as
strength and strain to failure.

Table 2: Flexural mechanical properties of the PET / epoxy blends cured
according to cure schedule A (260 °C) and schedule B (180 °C)

cure schedule A (260 °C) cure schedule B (180 °C)PET
content
 [wt.%]

E [GPa] σ [MPa] ε [%] E [GPa] σ [MPa] ε [%]

50 3.7 103.9 2.8 3.6 127.4 3.6

75 3.9 91.9 2.3 4.1 118.3 2.9

100 4.2 71.0 1.7 4.2 53.9 1.3

Composites based on PET / epoxy blends

Flexural mechanical properties

In Table 3 the flexural mechanical properties of the glass fabric laminates are presented. Since
the flexural properties are mainly dominated by the fibre properties, the flexural performance
of the PET / epoxy based laminates does not vary much with blend composition. The level of
flexural performance confirms that the reactive processing route yields good quality
composites with a good impregnation, without any compromise in comparison with
unmodified PET based laminates.

Table 3: Flexural mechanical properties of the glass fabric laminates
based on PET / epoxy blends cured according to cure
schedule  A (260 °C) and cure schedule B (180 °C).

cure schedule A (260 °C) cure schedule B (180 °C)PET
content
 [wt.%]

E [GPa] σ [MPa] ε [%] E [GPa] σ [MPa] ε [%]

50 11.1 320 2.9 11.2 330 3.0

75 11.0 333 3.0 11.7 372 3.2

100 10.1 291 2.9 11.1 321 2.9

In-plane shear properties

In Figure 3 the in-plane shear strength of the glass fabric laminates is shown. Upon increasing
the epoxy content in the PET / epoxy matrix a substantial increase in in-plane shear strength
can be observed.  Next to this, an overall higher shear strength is observed for laminates cured
at 180 °C. Since shear properties of composites are mainly determined by the properties of the
matrix and the interphase, this increase in shear strength is fully in agreement with the results
obtained for the blends as has been shown in Table 2. The fibre - matrix adhesion is also
improved significantly by the presence of epoxy resin, which was confirmed by SEM
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observations. Next to this, the shear modulus of the laminates is about 2.2 GPa and is hardly
dependent on the epoxy content in the matrix.
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Figure 3: In-plane shear strength of glass fabric laminates based on
PET / epoxy blends cured according to schedule A:� 260 °C and

schedule B: ❚ 180 °C versus the epoxy content. ✦ taken from [8].

CONCLUSIONS

The application of PET as a matrix material for glass fabric reinforced composites has been
studied using epoxy resin as a reactive solvent. Solutions of PET in epoxy resin show low
viscosities, from 300 Pa�s for pure PET to  approximately 0.1 Pa$s at 60 wt.% epoxy resin.
This low melt-viscosity is in the same range as for resins used in SRIM and RTM techniques.
In this way, an increase in the rate and level of impregnation of continuous-fibre
reinforcements could certainly be achieved by using epoxy resin as a reactive solvent. Upon
curing of the PET / epoxy blends phase separation and  phase inversion is initiated, resulting
in a morphology of dispersed epoxy particles in a continuous PET matrix. The flexural
strength and strain to failure of the cured blends increase with increasing epoxy content.
Blends cured in the melt at 260 °C show overall lower mechanical properties than blends
which are allowed to crystallize at a lower temperature prior to complete curing, because of
degradation of PET at this high temperature. The flexural performance of glass fabric
laminates based on these bends confirm that the reactive processing route yields good quality
composites. The in-plane shear strength of the laminates is increased significantly with
increasing epoxy content in the matrix. Moreover, the fibre - matrix adhesion is improved
with increasing epoxy content.
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ELECTRON BEAM CURE OF COMPOSITES FOR
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SUMMARY:  In this study the properties and performance of two electron beam (EB)-cured
epoxy resins and their composites are compared with those of 3501-6, a thermally-cured
epoxy widely used in aerospace structures. Mechanical performance of the EB-cured
materials is significantly reduced under hot/wet conditions, due in part to relatively low glass
transition temperatures and the susceptibility of a poor fiber-matrix interfacial bond to
degradation under the influence of moisture. Both EB-cured resins undergo additional thermal
cure, although this does not appear to adversely affect their performance. While EB cure
offers several technical and economic advantages over conventional cure, improvements in
materials are required before the full benefits of this process can be realized in aerospace
structures.

KEYWORDS:   electron beam-cure, epoxy composites, aerospace structures

INTRODUCTION

There are four factors that influence material selection for aerospace structures: weight,
performance, the ability to fabricate components and cost. Polymeric composite structures
hold an edge over metal structures in weight. Great strides have been made in improving
composite performance and durability for specific aerospace environments, and a number of
new and innovative processing and fabrication techniques are enabling the fabrication of
large, integrated and complex composite structures. The stumbling block, however, toward
more widespread composites usage in aerospace structures is their cost. This has spawned
many research programs in recent years, such as the U.S. Department of Defense’s
Composites Affordability Initiative (CAI), aimed at reducing the cost of composite structures.
While a reduction in raw material costs will help, innovative design concepts and a reduction
in fabrication costs (including labor, tooling, cure, assembly, etc) provide a greater impact on
overall costs. Over the years electron beams have been widely used in the coatings industry to
cure polymeric coatings. In the last 10 years or so, this technology has been gaining attention
for the cure of composite materials, primarily because or the potential for cost savings over
conventional cure methods. Most of the research in this field has been conducted at
Aerospatiale in France [1,2}, at Atomic energy of Canada, Ltd. (AECL) in Manitoba, Canada
[3,4], and at the Oak Ridge National Laboratory (ORNL) in Oak Ridge, Tennessee [5].

In the electron beam (EB) cure of composites, high-energy electrons from an accelerator
initiate polymerization and crosslinking of the matrix resin. This process requires special resin
chemistry. Most commercially-available EB-curable polymers have ethylene unsaturation and
cure via a free-radical mechanism. In epoxies this unsaturation may be introduced through
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accrylation or methacrylation of the terminal epoxy groups. However, conventional epoxy
resins may also by EB-cured through a cationic mechanism, using the appropriate catalyst.
For applications requiring a higher use-temperature, bismaleimide resins have been employed,
modified with reactive diluents which make the material radiation sensitive. Electron
penetration into a composite is directly proportional to the beam energy and inversely
proportional to the composite density. A 10 MeV beam, for example, can penetrate about 2.5
cm of typical carbon fiber composite (density 1.5 g/cc) [6]. The beam must also penetrate any
vacuum bag or pressure vessel if these are required for manufacturing the part. Products with
a thickness greater than the EB penetration limit can be cured with x-rays, which are obtained
from the same accelerator by placing a conversion target (such as Ta or W) in the path of the
electron beam. Although the penetration limit for x-rays is about four times that for electrons,
the time needed for curing may increase by a factor of about 10 to 50 since the absorption
coefficients for energy from x-rays are generally lower than those from electrons. To limit the
use of x-rays, the highest permissible energy level is selected - 10 MeV - above which there is
a risk of activating metallic materials. The highest possible power is also used to minimize
cure time.

EB-cure of composite structures offers a number of advantages over traditional autoclave
cure:
• Selectable-temperature curing. Cure at ambient temperature allows the use of inexpensive

tooling, while cure at the service temperature of the finished part reduces thermal residual
stresses during its use. There is a temperature rise during cure, due to exothermic reactions
and absorbed radiation energy; however, excessive heating can be avoided by using
multiple passes to deliver the required dose.

• Reduced cure time. A 50-kW accelerator can cure about 1200 kg of composites per hour
[7]. This is several times faster than conventional thermal cure in an autoclave, even
though composite components are cured in batches as opposed to one at a time with EB
cure.

• Improved material handling, EB-cure resins may be stored under ambient conditions and
have longer shelf life than thermal-cure formulations. EB processing is a continuous
operation, and components may be individually cured immediately after assembly,
facilitating production scheduling and inventory control.

• Reduced solvent usage and volatile generation.
• Controllable energy input (and lower consumption) with minimal waste. comparisons of

energy required to cure specific composite parts ranging in mass form 0.3 to 16 kg showed
a 10 times lower energy requirement for EB cure compared to autoclave cure [8].

• Greater design flexibility. This process allows the cure of selected areas only, the co-cure
of different matrix materials, fabrication of unsymmetric and unbalanced composites,
uniform cure of a range of thicknesses in the same part, and incorporation of metal inserts
and fixtures prior to cure.

All these attractive features combine to create a process which is inherently less expensive
than autoclave cure, particularly when high throughput is required. In addition EB cure could
be a potentially enabling technology for  the fabrication of very large structures such as
cryogenic fuel tanks and for the processing of critical composite space structures, where
reduced thermal stresses are essential for dimensional stability in the space environment.
Several feasibility studies have been conducted which demonstrate the inherent economic and
technical advantages offered by EB cure for aerospace composite structures; however, the
success of this technology is dependent on development of the appropriate material systems
and processes. When selecting a material system for a particular application, certain property
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tradeoffs are necessary. For example, improved toughness is usually achieved at the expense
of reduced elevated temperature performance. Keying on improvements in one property (such
as glass transition temperature) as a measure of success or maturity of this technology is
therefore inappropriate. SA better assessment of the state of the art is obtained by selecting
one or more specific structural applications and evaluating how EB-cured candidate systems
meet their property/performance requirements. Alternatively, the characteristics of state-of-
the-art EB-cured material systems may be directly compared with a baseline thermally-cured
system already in use in aerospace structures. This last approach was the one employed in the
present study to assess the status of EB-cured materials systems for aircraft and spacecraft
structures.

EXPERIMENTAL

Materials

Two state-of-the art EB-cured material systems were evaluated, RB-47 (from Aerospatiale)
and CAT-B (from Applied Poleramics, Inc.), representative of free-radical and cationic curing
mechanisms, respectively. RB-47 is a methacrylated epoxy resin while CAT-B is a mixture of
epoxies derived from diglycidyl ether of bisphenol-A and cured with a photoinitiator. The
baseline for comparison was 3501-6 (Hercules, Incl), the thermally-cured epoxy workhorse of
the aerospace industry. Composites of these resins reinforced with AS4 (unsized) and IM7
carbon fibers were also evaluated.

Processing

Both RB-47 and CAT-B were obtained as EB-cured neat resign plates for evaluation,. Neat
3501-6 epoxy was fabricated into a plaque by casting the debulked molten resin between glass
plates at 121_C followed by two hours at 177_C. Unidirectional AS4/CAT-B hot-melt
prepreg tape was fabricated on a drum winder. A minimum resin bath temperature of 120_C
was required to obtain adequate resin viscosity and tow impregnation. The pepreg was cut and
layed up into laminates of [0]8, [±45]2S and [02/902]T orientations. These lay-ups were
consolidated in a vacuum bag for eight hours at 70_C, and then EB-cured at Electron Beam
Services, Inc. while still under vacuum. The cure was accomplished with a dose of 200 kGy
delivered in four passes of the composite under the electron beam. An EB-cured [0]8 panel of
IM7/RB-47 was also obtained for evaluation.

Characterization

Moisture absorption of the cured neat resins was characterized after immersion in distilled
water at 23°C. Thermal expansion measurements were made over the range of -100°C or
100°C using bonded strain gages. Thermal analysis was conducted on TA Instruments
equipment with DSC and TGA scans (in air and nitrogen) at rates of 10°C/min. Dynamic
mechanical analysis was performed on a Rheometrics RDS-II dynamic mechanical analyzer
in the torsion mode at a frequency of 100rad/s and a scan rate of 5°C/min. All glass transition
temperatures (Tg) reported in this paper were determined from the knee in the storage
modulus curve. Isothermal aging studies were also conducted in the RDS-II (in nitrogen) in
which the dynamic storage modulus was continuously monitored as a function of aging time.
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Mechanical characterization of resin and composite specimens was conducted at MTS test
machines. The majority of specimens were tested dry at 23°C(RTD), dry at 121°C(ETD), and
wet at either 23°C(RTW) or 121°C (ETW) after boiling in water for 24 hours. Fracture
toughness of the neat resins was determined under ambient conditions, after drying in a
vacuum oven at 50°C and after aging at 121°C in a vacuum for 72 hours.

RESULTS AND DISCUSSION

Feasibility studies have indicated that electron beam cure of composites has some compelling
economic and technical advantages over traditional thermal cure in an autoclave and is also an
enabling technology for certain integrated structural designs. materials development,
however, has not kept pace with improvements in hardware and process technology. A
composite material system must meet some minimum mechanical property requirements
under a range of test conditions to be considered for aircraft structural applications. a generic
set of such tests was conducted to compare the EB-cure material systems with a baseline
thermally-cured system accepted for such applications. The candidate material systems
selected for this study represent the current state of the art with respect to the two major
categories of EB-cure epoxies (free radical cure and cationic cure) although they are not
necessarily optimized for the tests to which they were subjected. The ability to cure at
ambient temperature, with consequent reduction in thermal residual stresses, makes EB-cure
technology attractive for composite space structures. A key requirement for a space structure
is dimensional stability over the range of operational temperatures. While it is advocated that
thermal postcure of EB-cured composites (for cationically-cured systems) may be
unnecessary [5], these structures will nevertheless experience elevated temperature at the
upper extreme of the thermal cycles, and it is of interest to determine if the inevitable thermal
postcure results in structural distortion.

Characterization of Neat Resins

Moisture absorption in the cured neat resins as a function of time is shown in Figure 1. While
the initial rates of absorption for RB-47 and 3501-6 are similar, they begin to diverge after
1600 hours. Compared to these resins, moisture is absorbed at a slower rate in CAT-B. From
the trends displayed to date, it appears that the thermally-cured 3501-6 will have a higher
equilibrium moisture content than either of the EB-cured resins. Thermogravimetric analyses,
conducted in both nitrogen and air, display excellent thermal and thermooxidative stability for
all three resins up to 300°C. While the rate of mass loss from 3501-6 increases sharply at
about 310°C (in nitrogen), the EB-cured resins are stable up to about 380°C. At 400°C the
3501-6 epoxy retains 74% of its weight in air and 67% of its weight in nitrogen, compared to
87% and 89%, respectively, for the EB-cured resins. Thermal expansions of the EB-cured
resins over the range of -100°C to 100°C are essentially the same. The average coefficient of
thermal expansion (CTE) over this range is about 20% higher for the EB-cured resins (51
ppm/°C) compared to 3501-6 (41 ppm/°C). This translates to an approximately 10% higher
transverse CTE in a unidirectional ply reinforced with AS4 fiber with a fiber volume fraction
of 0.6.

From a DSC scan of the EB-cured CAT-B resin (Figure 2A), there appears to be residual
uncured material in the sample. Taking the ratio of the corresponding exotherm (11.5
mcal/mg) to that generated from the thermal cure of uncured liquid resin (106.6 mcal/mg) to
that generated from the thermal cure of uncured liquid resin (106.6 mcal/mg), the degree of
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cure of the EB-cured CAT-B panel is estimated at 89%. This is surprising, considering that an
electron beam dose of 300 kGy was employed for this cure, in excess of the standard dose of
150 kGy. In comparison, the 3501-6 plaque, fabricated in-house, has a degree of cure of 97%.
From a DSC scan of the EB-cured RB-47, it is unclear if there is any exotherm generated due
to the uncertainty in establishing a baseline for the scan. However, when a sample of the same
material is thermally postcured and then scanned in the DSC, comparison with the initial scan
(Figure 2B) clearly shows that the resin cure in the original plaque was incomplete. Uncured
resin, to quantify the degree of cure of the RB-47 plaque, was unavailable. From these results
it appears that the application of thermal energy to an EB-cured epoxy is capable of
generating exotherm through some additional chemical reaction which does not occur under
electron beam irradiation. when EB-cured composites are employed in service, elevated
temperature exposure may trigger such (thermally-induced) reactions, with consequent
changes in shape, properties or performance of the structure.

Representative dynamic storage moduli (G’) of the three resins as functions of temperature
are shown in Figure 3. From this figure it can be seen that RB-47 has a relatively low Tg
(115°C). The storage modulus of CAT-B starts to drop at about 110°C. However,
simultaneous thermal postcure limits the rate of decline in G’ until the second knee (at about
160°C), giving rise to a Tg of 160°C. The storage modulus curve for 3501-6 is relatively flat
on this log scale, with a sharp knee and a corresponding Tg of 202°C. A better representation
of this data is a plot of retention of storage modulus (on a linear scale) as a function of
temperature, as shown in Figure 4, which allows direct comparison of the three resins. For
example, RB-47, CAT-B and 3501-6 show a retention of 60% of their room-temperature
storage moduli at temperatures of approximately 108°C, 133°C and 185°C, respectively;
alternatively, at 121°C, RB-47, CAT-B and 3501-6 retain 42, 70 and 82%, respectively, of
their storage moduli at room temperature. These data demonstrate the superiority of
thermally-cured 3501-6 for elevated-temperature applications.

Tensile properties of the neat resins were determined under ambient conditions (RTD), at
121°C (ETD), and at room temperature after boiling in water for 24 hours (RTW). As
expected from the poor retention of storage modulus under dynamic mechanical testing, both
the EB-cured resins experience a knockdown in tensile modulus at 121°C (Figure 5), the RB-
47 more so than the CAT-B, while 3501-6 retains about 75% of its room-temperature
modulus.

Resin tensile strength at 121°C follows the same trend as tensile modulus (Figure 6), with
strength retention of only about 25% and 55% of the corresponding room-temperature values
for RB-47 and CAT-B, respectively. Absorbed moisture causes only a 15-20% drop in tensile
modulus of the EB-cured resins, although the corresponding drop in tensile strength is close
to 40%. Thermally-cured 3501-6, on the other hand, suffers only a 5% loss in modulus under
similar conditions and a 25% loss in strength.

Composite Processing

Unitape prepreg was processed in-house on a drum winder using unsized AS4 (12K0 fiber
and CAT-B resin. This resin may be processed from the melt or from a solution in
methylethyl ketone. The former option was preferred, to eliminate the necessity of having to
remove residual solvent prior to cure. The minimum melt temperature for satisfactory fiber
tow impregnation was found to be 120°C. Cure of this cationically-cured resin system is
advanced thermally, however, which limits the resin pot life. Cure advancement at elevated
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temperatures is illustrated in Figure 7, where the dynamic viscosity of the resin at four
different temperatures is plotted as a function of  time. It is apparent that at a processing
temperature of 125°C, the limited pot life of the resin requires that prepregging be completed
in three hours.

The processing challenge with EB-cured materials lies in obtaining a void-free part through
appropriate consolidation prior to cure, since the resin is immobile during cure. The
consolidation temperature has to be carefully selected; it must be high enough to significantly
reduce resin viscosity, thereby allowing compaction and the escape of trapped air, but not too
high to significantly advance the thermal cure of the resin. Initially, panels were consolidated
in a vacuum bag at 70°C cooled to ambient temperature, and the vacuum released prior to
cure in the electron beam. This resulted in panels with large unbonded areas between plies. In
the second attempt the vacuum was maintained during the electron beam cure. A vacuum bag
tends to retain the heat from absorbed energy and cure reactions, resulting in an increase in
panel temperature during cure. The temperature rise was limited to 50°C by delivering the
required dose in four passes. Ultrasonic C-scans of the resulting panels revealed mixed
results; some panels appeared to be well-consolidated, while others in the same batch were
not. Only the well-consolidated panels were tested. These preliminary results indicate the
need form some consolidation pressure during EB-cure and further optimization of the
consolidation conditions prior to cure.

Composite Characterization

In addition to the test conditions used for neat resins, the mechanical properties of composites
were also evaluated under hot/wet conditions. The results are summarized in Table 1. The
longitudinal tensile modulus of IM7/RB-47 approximates the value predicted from the rule of
mixtures, although the tensile strength is substantially lower than expected. The low tensile
strength is due to premature longitudinal splitting of the specimen originating at the gripped
ends which, in turn, arises from poor fiber-matrix bond strength. This is borne out bye the
relatively low 90° tensile strength for this composite system. Reduction in matrix strength at
elevated temperature causes a 50% drop in 90° tensile strength. After boiling in water for 24
hours, there is a 65% drop in 90° tensile strength at ambient temperature. From a comparison
with the trends observed in neat RB-47, it appears that the water boil causes a significant
deterioration in the already low fiber-matrix bond strength of this composite system. This was
confirmed from SEM examinations of the fracture surfaces of failed test specimens. A
combination of moisture and  elevated temperature (121°C) drastically reduces the transverse
strength to a value which is less than 10% of the dry, room-temperature strength. A similar
trend was observed in interlaminar shear strength measurements. Corresponding
manufacturer’s data for a thermally- cured IM7/epoxy composite system (IM7/8552) are also
shown in the table for comparison.

Matrix-dominated properties of the AS4/CAT-B composite system are compared to those of
thermally-cured AS4/3501-6 in Table 1. There is a greater drop in the in-plane shear modulus
of AS4/CAT-B at 121°C (35%, compared to 15% for AS4/3501-6), while the reduction after
the 24-hour water boil is 23% (compared to only 5% for AS4/3501-6). The thermally-cured
composite displays fairly good retention of matrix- and interface-dominated properties, such
as transverse tensile and flexural strength, at elevated temperature and under the influence of
absorbed moisture. On the other hand, AS4/CAT-B displays a 23% drop in 90° flexural
strength at 121°C and a 42% drop at room temperature after boiling in water for 24 hours,
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suggesting significant moisture-induced deterioration of the fiber-matrix interface. This was
confirmed from SEM examinations of failed test specimens.

Isothermal Aging of Resins and Composites

A possible application of EB-cure technology is in space structures, because of the potential
of greatly reduced residual stresses (and hence better dimensional stability) resulting from
ambient curing conditions. However, the lack of full cure in an electron beam (as evidenced
from the DSC studies described earlier) raises a concern about the potential for dimensional
distortion when cure advances (thermally) in the application environment. Space structures
may cycle between -157°C and 121°C. Consequently, neat resin and composite specimens
were isothermally aged at 121°C to simulate the upper temperature of such a space
environment. The changes in dynamic storage moduli of EB-cured neat resins and composites
with time are shown in Figures 8 and 9, respectively. Most of the change in storage modulus
occurs within the first 10 hours of aging. dynamic storage moduli vs. temperature of EB-cured
composites are compared before and after isothermal aging (for 48 hours) in Figure 10. The
two knees in the baseline curve for CAT-B are more pronounced here than in the
corresponding G’ curve for the neat resin (Figure 3). The first knee occurs at approximately
60°C, which is the temperature at which the exotherm initiates during the DSC scan (Figure
2A). The disappearance of this knee after gain (Figure 10) suggests that it arises from
additional cure during the test and not from a second toughening phase of lower Tg. The
change in composite Tg with aging is more pronounced than the corresponding change in neat
resin Tg, as seen from Table 2.

Possible consequences of thermal postcure and the increase in stiffness which occur during
aging are a decrease in fracture toughness and an increase in residual stresses. The extent of
warpage of an unsymmetrical laminate provides a measure of the built-in residual stresses. A
[04/904]T unsymmetric laminate of AS4/CAT-B was fabricated, and narrow strips, 15 cm long
and 6.35 mm wide, were sectioned, This narrow width limits the warpage to a single
direction.  Chemical shrinkage during cure resulted in a slight curvature of the strips under
ambient conditions (0.7 mm, compared to 9.7 mm for a thermally-cured AS4/3501-6 laminate
with the same layup). On heating, thermal expansion causes the strips to straighten out and
then experience a reversal in curvature which increases out to 121°C. With the temperature
maintained at 121°C, however, there is no further change in warpage (determined by
monitoring the central deflection of the composite strip to the nearest 0.05 mm) over a 48-
hour period, indicating no measurable increase in residual stresses with this isothermal aging.
The fracture toughness of neat resin specimens aged for 72 hours at 121°C was also measured
and compared with the corresponding values for unaged specimens. The results are shown in
Table 2. Fracture toughness does not decrease with aging; in fact it appears to increase,
possibly due to further (thermal) advancement of cure. Preliminary indications, therefore, are
that the (thermal) cure advancement seen in DSC studies does not adversely affect the
performance of EB-cured composites.

SUMMARY AND CONCLUSIONS

Electron beam cure offers significant technical and economic advantages over conventional
autoclave cure of composite structures for aerospace applications. The key to realizing the
potential of this technology is development of the appropriate composite constituents (matrix
resins, fiber sizings) which will yield a cured product equivalent or superior to its thermally-
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cured counterpart. The two EB-cured systems evaluated in this study (epoxy-based RB-47 and
CAT-B) both display evidence of additional thermal cure, in spite of receiving an electron
dose greater than that normally employed. This suggests the possibility of thermally-activated
chemical reactions occurring in the composite structure in its application environment.
However, sustained exposure to a temperature of 121°C reveals no adverse aging effects;
there is no measurable increase in residual stress and no deterioration in resin toughness,
although the dynamic storage modulus and Tg increase slightly. Cured resin thermal and
thermooxidative stabilities are on par with those of thermally-cured 3501-6 epoxy; however,
resin Tg is significantly lower, which translates to a significant to substantial reduction in
mechanical performance at elevated temperatures. This poor performance at elevated
temperature carries over to the composite and is compounded by the susceptibility of a
relatively weak fiber-matrix interfacial bond to degradation in the presence of moisture. A
first step toward reaping the benefits of this process in aerospace structures is to develop resin
formulation with inherently high Tg and appropriate fiber sizings that will generate acceptable
hot/wet mechanical properties.
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A NEW TECHNIQUE FOR THE PREPARATION OF
POLYETHYLENE FIBRE / POLYETHYLENE MATRIX
COMPOSITES AND THE RESULTING MECHANICAL

PROPERTIES
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SUMMARY: Different impregnation techniques for Polyethylene fibre / Polyethylene matrix
composites using molten PE, PE powder and PE solution are described and discussed. Best
results have been reached with the new solution impregnation method. The processing route
includes an impregnation step in a saturated matrix solution. The growth of a matrix layer on
the fibre surfaces in such a solution is shown by SEM micrographs. Further processing steps
are the preparation of prepregs and their hot compacting to form PE/PE composites. In this
work unidirectional composites were prepared at three compacting temperatures. The
influence of the final processing temperature is discussed. Mechanical testing showed a high
Young's modulus and a high tensile strength. The composite compressive strength is
comparably low as a result of low compressive strength of the PE fibre.

KEYWORDS:   polyethylene fibre, manufacturing, mechanical properties

INTRODUCTION

Ultra high modulus polyethylene (UHM PE) fibres exhibit high specific strength and stiffness
combined with high strain to failure [1]. They especially improve the damage tolerance,
fatigue and impact resistance and vibration damping when used as reinforcement for
thermoplastic matrices. Polyethylene as matrix material is chemically resistant to most
solvents, has a low coefficient of friction, is biocompatible and hydrophobe. Therefore it is
widely used for biomedical application as in artificial hips or knee-joints [2]. A PE-fibre/PE-
matrix composite would not only improve the mechanical properties of bulk PE but
furthermore would enable to have a fully recyclable composite.
Impregnation of fibre bundles with matrix, this means the penetration of matrix into fibre
bundles, the wetting of all fibres and the homogeneous distributions of the fibres in the
matrix, is a very important step during composite manufacturing. Because many mechanical
week points of composites e.g. matrix rich areas or fibre contacts are founded in incomplete
or imperfect impregnation. Using thermoplastic matrices the higher viscosity of the melt
compared to uncured thermosetting plastics e.g. epoxy enlarged the difficulty in
impregnation, because the higher viscosity leads to a reduced matrix flow.
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Impregnation routes

HDPE and LDPE can potentially be used as matrix in a PE/PE-composite due to their lower
melting temperatures than the UHM PE fibres [3-6]. However, the temperature window to
produce the composite without damaging the fibres is rather narrow and the viscosity of the
matrices in this temperature region are relatively high. Therefore impregnation of PE-fibre
bundles with HDPE or LDPE matrices is rather difficult. Impregnation techniques can be
classificated by the condition of the matrices during the process. Figure 1 shows short results
of impregnation experiments with HDPE and LDPE matrices.

LDPE HDPE

Melt

Powder

Solution

low penetration of
matrix into bundle

inhomogeneous
powder distribution,
agglomeration

segregation and crystallisation
of matrix on fibre surfaces

fibre volumen fraction:
Vf �50% Vf �85%

Figure 1: Results of the impregnation tests

For the melt impregnation tests UHM PE-fibre bundles (Dyneema, DSM The Netherlands)
and HDPE-films are used. The fibre bundles were fixed in a mould to prevent shrinkage and
stacked between HDPE-films. The mould was heated to 140°C for 15 minutes in laboratory
press at a pressure of 4 bar. At the light micrograph (Fig. 2) of such a consolidated specimen,
cut and polished perpendicular to fibre direction, three different areas can be seen. Outside of
the bundle is the pure matrix (a). The outer part (b) of the bundle is impregnated. Fibre and
matrix form a regular area, but in the middle of the bundle single fibres can be seen (c). Here,
in this inner part of the bundle, isn’t any matrix. The HDPE didn’t flew into this inner part of
the bundle caused by the high viscosity of molten matrix. Increasing the manufacturing
temperature reduces the viscosity of matrix only a little, but just below melting point of fibre
they melt at their surfaces, glue together and form a closed bundle. Therefore penetration of
matrix into the bundle is stopped by a closed border of glued fibres. Increasing the
impregnation time or using a LDPE with a lower melting point and a lower viscosity than
HDPE didn’t show a significant change of the Problem. However impregnation of PE / PE
composites by melt impregnation technique is  relatively difficult, caused by low penetration
of matrix into fibre bundles (Fig. 1).
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c

b
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Figure 2: Melt impregnation, light micrograph of a polished crossection

To impregnate fibre bundles with matrix powder, a very fine matrix powder is needed. The
particle size of the powder should be in the range of the fibre diameter (10..25 µm). Dipping
fibres in such a fine LDPE powder or shaking fibres in a box together with the powder
resulted in a very inhomogenius powder distribution with agglomerated LDPE particles (Fig.
1). Hinrichsen et al [6] published a work about continous powder impregnation of UHM PE
fibres with LDPE matrix. For Impregnation they pulled the fibre bundles through a special
fluidized bed chamber, heated them in a melting ofen and compacted the tape between shaped
rollers. For their paper they produced only a composite tape with a low fibre volume fraction
of 10.8% and the problems of impregnation are increasing with increasing fibre volume
fraction. However, this continuos powder impregnation technique is on the way to be a
method to produce PE/PE composites.

Crystallisation of PE in a saturated solution is a well known fact. Dipping a high oriented
substrat in such a solution, crystallisation is nucleated on the fibre surface [7]. An oriented
layer around the fibres is growing. The novel idea of the present work is to use this
phenomenon for producing PE/PE composites. Figure 3 shows UHM PE fibres after different
times in a xylene solution with a low LDPE concentration (5 weight%) at 70°C. A thin layer
of LDPE on surface of the treated fibres can be seen compare (Fig. 3a) untreated fibre and
(Fig. 3b) 8 minutes treated fibres . The thickness of the layer increases with increasing
treatment time (Fig 3b-d). After 19,5 hours the fibres are covered with a thick layer of LDPE
(Fig. 3d).
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5 µmc 10 µmd

Figure 3: Scanning electron micrographs of PE-fibres: (a) untreated, after treatment in 
    LDPE/xylene for (b) 8 min, (c) 3,25 h and (d) 19,5 h.

The coated fibres turned out to be an ideal pre impregnated material, because each fibre is
surrounded by the LDPE-matrix. Heating the parallel arranged impregnated fibres or fibre
bundles and compacting them above the melting temperature of the matrix material leads to a
one polymer composite with well defined fibre distribution. In contrast to our investigations
with melt impregnated PE/PE composites, the high matrix viscosity (below the melting point
of fibres) causes no problem, because the flow paths of matrix in the solution impregnated
material are neglectible short.

In principal the solution impregnation method is working although with a HDPE matrix, but
due to the less solubility of HDPE compared to LDPE it is more difficult to reach a thick
matrix layer on fibre surfaces. Until now only thin HDPE layers, corresponding to 15 %
matrix volume fraction have been achieved.
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Composite fabrication

Figure 4 shows the discharge of the new manufacturing technique for PE/PE composites. It
starts with commercial UHM PE fibres, Dyneema SK 65 ( DSM, The Netherlands). In the
first step, the solution impregnation, UHM PE fibre rowings (1760 dTex) were wound to
bundles on a frame, dipped for 10 minutes in a 12 weight% solution of LDPE in xylene at
70°C and were dried in an oven at 50°C (experimental details are given elsewhere[8]). In
figure 5a a thick regular coating of LDPE on fibre surface is visible. At higher magnification
(Fig 5b) single coated fibres can be recognised. The fibre volume fraction was calculated by
weighing the bundles before impregnation and after drying to 55%.

consolidation (90°C)

lamination (e.g.140°C)

PE fibre bundle

impregnated bundle

unidirectional prepreg

PE/PE composite

solution impregnation

Figure 4: Discharge of the solution impregnation technique

30 µma
10 µm

b

Figure 5: Scanning electron micrographs of an impregnated PE-fibre bundle (a), (b) higher
magnification
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In the second manufacturing step several parallel arranged impregnated bundles were
consolidated at 90°C in a laboratory press to get unidirectional prepregs. In the last step these
prepregs were cut, laminated and pressed at 120°C, 130°C and 140°C for 10 minutes to
unidirectional compression and tensile specimens. Alternatively NOL-Rings (diameter 100
mm) were wound with the impregnated bundles and heated at the same temperatures again for
10 minutes.

Mechanical Properties

Tensile modulus and strength were measured with flat specimen and NOL-rings. The tensile
test results for different manufacturing temperatures are presented in Figure 6. The
composites prepared at 120°C manufacturing temperature had a relatively high Young’s
modulus with values of 35 GPa, but the Young’s modulus decreases with increasing
manufacturing temperature. The Young's modulus of specimens consolidated at 140°C
decreases to 20 GPa due to thermal damage of fibres which have a melting point of 146°C.
Molecular and crystalline orientation decrease and the fibres shrink while treated at 140°C.

0

250

500

750

1000

1250

110 120 130 140 150

Manufacturing Temperature [°C]

S
tr

en
gt

h 
[M

P
a]

0

10

20

30

40

50

60

M
od

ul
us

 [G
P

a]

Figure 6: Tensile properties of LDPE / PE fibre composites

The tensile strength, measured with the NOL-ring specimen exceeded 1 GPa for all
manufacturing temperatures (Fig. 6). An apparent maximum of strength can be observed at a
manufacturing temperature of 130°C. It can be assumed that we have at this temperature a
better fibre wetting and consolidation when compared to 120°C manufacturing temperature
and of cause no thermal damage when compared to 140°C manufacturing temperature.
However, the tensile strength was nearly unaffected by the three consolidation temperatures.
This was not expected, because the fibre strength is as the Young's modulus a function of
fibre quality. We would expect the strength decrease also with increasing manufacturing
temperature as it is the case for the Young’s modulus. The rings and the flat specimens
separately measuring the strength and the modulus respectively were manufactured by
different techniques. The flat specimen were consolidated in a simple mould and the fibre
shrinkage was only restricted by the viscosity of the melted matrix material and the
consolidation pressure. The fibre shrinkage was macroscopically visible (e.g. about 10 %
shrinkage at 140°C final consolidation temperature). To produce the ring specimens the
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impregnated bundles were wound around a core. The ends were fixed in the mould during
consolidation. Therefore fibre shrinkage was prevented and thermal damage of the fibres was
lower compared to the flat specimens.

Figure 7 shows the fractured area of a NOL-ring failed in tension. The ring split into several
parts (Fig. 7a). The SEM investigation shows that the bundles fibrilate into single
polyethylene fibres (Fig. 7b). Figure 7c shows fibres with the for Dyneema typical not round
crossection. The fibres appear like a flat tape with axes of 10 to 25 µm (Fig. 7c). The fibres
further fibrilate into macrofibrils with diameters of about 3 µm (Fig. 7d). The macrofibrils
fibrilate into microfibrils with diameters of 0.5 µm (Fig. 7e). This shows that the failure mode
is a hierarchically structured fibrillation with the hierarchies: microfibril, macrofibril, fibre,
fibre bundle and specimen.

Figure 7: Light micrograph (a) and SEM micrograph (b-d) showing the different
steps of fracture process

a) hole specimen, b) fibre bundle, c) single fibre,
d) macrofibril of fibre, e) microfibril of fibre

The results of the compression tests from the different manufacturing temperatures are
summarised in Figure 8. The compression modulus showed the same decrease with increasing
manufacturing temperature as the tensile modulus. Because of fibre misalignment the
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Young’s modulus in compression was lower as in tension. Tensile loading straitened the wavy
fibres which led to a higher fibre alignment in the loading direction and an increased Young’s
modulus. In contrast, the fibre waviness in compression immediately leads to kinking and
shear band format and thus a low Young’s modulus. The low stiffness of the LDPE matrix
accelerates this behaviour.
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Figure 8: Compressive properties of LDPE / PE-fibre composites

The compressive strength of the PE/LDPE composites (Fig. 8) was just opposite to the high
tensile strength (Fig. 6). The composite failed already at about 36 MPa. This low compressive
strength was nearly unaffected by the manufacturing temperature. Figure 9 shows in a
polarised light micrograph a specimen failed in compression. A kinkband through the whole
specimen can be observed. This demonstrates the low compressive stability of UHM PE
fibres in a LDPE matrix.

1 mm

Figure 9: Polarized light micrograph of a specimen failed in compression
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CONCLUSIONS

Different impregnation routes for PE/PE composites have been discussed. Melt impregnation
techniques results in low penetration of matrix into bundle. Impregnation with PE powder
leads to agglomeration and inhomogeneus distribution of powder particles. The new solution
impregnation technique solves the impregnation problems. This manufacturing route starts
with the impregnation of UHM PE fibre bundles in a LDPE / xylene solution. Further
processing steps are preparation of prepregs and hot compacting to get the PE/PE composites.
Mechanical testing shows a high Young’s modulus and a high tensile strength. Because of
their good tensile strength and further expected positive properties e.g. high energy absorption
capacity, biocompatibility, and chemical resistance PE/PE composites are interesting for
special applications, e.g. ballistic protection or as implant material for artificial joints.
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DETERMINATION OF MANUFACTURING
DISTORTION IN LAMINATED COMPOSITE

COMPONENTS
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SUMMARY:     Manufacturing distortion of composites has been a problem for many years.
Previous efforts have shown these distortions to be related to differences in the in-plane and
through-thickness properties.  Often tooling is modified to attempt to compensate for these
fabrication induced distortions; however, the sources of the problem have not been clearly
shown.  Earlier efforts have suggested that both the cooldown from process temperature and
shrinkage during cure play a role, yet no single work has measured the relative contributions
of these effects.  Further, researchers have suggested numerous other factors as being
responsible for all, or some portion, of the measured distortion.  In this work, distortion in
autoclave-cured composite specimens has been experimentally measured, at temperatures
ranging from 24°C to 178°C, to determine the reversible and irreversible contributions to
manufacturing warpage.  The measured reversible response closely matches computed
distortion, based solely on the in-plane and through-thickness coefficients of thermal
expansion.  Further, it seems that the irreversible contributions can be separated into material
dependent effects, such as cure shrinkage, and process related effects, such as part/tool
interactions.  Calculations indicate that both temperature change and cure shrinkage
contribute significantly to manufacturing distortion; but, their contribution does not account
for the total distortion.  Trends in the experimentally observed distortion indicate the presence
of other process related contributions.

KEYWORDS:    distortion, warpage, composites manufacture, part/tool interaction

INTRODUCTION

Advanced composite materials are being used in an increasing variety of applications, ranging
from sporting goods to aerospace components.  However, difficulties in manufacturing and
associated manufacturing costs are often strong deterrents to widespread industrial
implementation.  Autoclave processing is a proven source of high performance, reproducible
composite parts; yet, with many years of process development, difficulties continue to arise
during the creation of complex composite parts requiring a precise, specified shape.  In curved
composite “angle brackets”, manufacturing distortion results in a change in included angle
that is often referred to as “spring-in”.

Manufacturing distortion results from the internal balancing of process-induced residual
stresses [1] and can be severe, leading to out-of-tolerance dimensions and rejected parts or
even difficulty extracting the part from the tooling [2].  This distortion has been suggested to
be primarily related to differences in the composite material properties and responses in the
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in-plane and through-thickness directions [3,4,5].  Examples of components where “spring-in”
has been measured include wing leading edges [6], U-channel cross-sections [7], and
waveguides [3].

Since, once cured, the resulting component geometries do not match the tooling geometry
manufacturers often find it necessary to shape the tooling in an iterative fashion.  This
iteration of the tooling can be costly, and if material or laminate design is subsequently
changed, the non-net shape tool will not generate shape correct parts.   Other approaches have
also been used to minimize warpage; however, many of the currently employed solutions do
not directly address the causes of distortion.  This can be attributed to an incomplete
understanding the problem or to not recognizing the problem.  Many factors enter into the
final distortion; yet, little work has attempted to measure and separate the various
contributions. Thus, the present project is specifically aimed at quantifying the factors that
affect warpage to aid in the overall understanding, and development, of design practices
which overcome manufacturing distortion, or at least that can lead to accurate predictions of
required tooling geometry.

COMPONENTS OF MANUFACTURING DISTORTION

Manufacturing distortion can be seen in many types of fiber reinforced composites, with the
properties of the constituent materials and the type of cure generally governing the severity.
One of the worst cases is an autoclave cured carbon fiber/epoxy composite due to the low
coefficient of thermal expansion (CTE) in the longitudinal direction of the reinforcing fiber, a
much larger CTE in the transverse direction and a large temperature difference between cure
and room temperature.  Many factors must be considered in solving the problem of
manufacturing distortion.  Anisotropic thermal contraction and cure shrinkage of the epoxy
matrix are two commonly cited factors affecting warpage.  While anisotropy of the laminate
coefficients of thermal expansion is generally accepted as a major contributor to warpage,
acceptance of other contributions, including anisotropy of cure shrinkage, is mixed.  In some
studies, cure shrinkage has not been considered in warpage predictions [2,8].  In other studies,
it is believed to dissipate through viscoelastic relaxation during the curing process [1,9], and
in still other research cure shrinkage is considered a significant contribution [4,5,10,11,12].
Further contributing factors that have been briefly studied are tooling material properties [13]
interactions between the tool and the composite [13,14], fiber misalignment [8,15], and fiber
volume fraction gradients [15,16].  To satisfy an apparent need to resolve the factors affecting
manufacturing distortion, an experimental approach has been taken in this work to quantify
the various contributions.  These contributions have been categorized into two principal
components: thermoelastic (reversible) CTE contributions, and  non-thermoelastic
(irreversible) cure and manufacturing contributions.

Thermoelastic Component

The thermoelastic component represents the reversible thermal expansion and contraction of
the angle bracket specimen, which leads to its changing included angle.  This component has
also been referred to as shape instability, as this thermal expansion driven phenomenon
continues to affect the component shape throughout the service life [4].  Previous research
efforts have shown manufacturing distortions to be related to differences between in-plane
and through-thickness properties of laminated composites, and closed-form equations have
been developed to predict the thermoelastic change in shape for simply curved composite
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laminates [2,3,4,5].  The initial and final geometries for an angle bracket corner are depicted
in figure 1 showing how a change in thickness without a change in arc length must result in a
change in included angle.   This distortion does not occur in conventional materials since
isotropic thermal expansion results in a uniform change in size.

Figure 1:  Composite angle bracket geometries before and after cure [17]

For an anisotropic material, such as a laminated composite, it has been suggested that this
thermoelastic distortion can be predicted from a knowledge of the initial specimen geometry
(included angle), the coefficients of thermal expansion and the change in temperature.  The
relationship that has been developed is: [5]
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where; θ = angle bracket included angle,
∆θ = change in included angle,
αI = in-plane coefficient of thermal expansion,
αT = through-thickness coefficient of thermal expansion, and

∆Τ = change in temperature.

This relationship assumes that the in-plane properties are quasi-isotropic and that the through-
thickness properties are uniform throughout the laminate.

Non-Thermoelastic Component

The non-thermoelastic component of manufacturing distortion is a “one time only”
contribution that occurs during fabrication and is irreversible.  Many factors may contribute to
the non-thermoelastic component, such as cure shrinkage, tooling expansion, part/tool
interactions and factors associated with the manufacturing technique.  In previous work [4,5],
it was suggested that fabrication shrinkage could be accounted for in an extension of
equation (1) by including an additional term:
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where; φI = in-plane fabrication shrinkage, and
φT = through-thickness fabrication shrinkage.

If fabrication shrinkage values for the constituent materials are available, anisotropic
composite fabrication shrinkage values can be obtained from a micromechanics approach.
This would allow the addition of a predicted cure shrinkage induced non-thermoelastic
contribution to the already developed thermoelastic prediction.  This additional term can be
thought of as another factor contributing to the thickness change indicated in figure 1.  Again,
since the reinforcing fibers constrain the in-plane displacements, the through-thickness change
is the major contributor to distortion.  However, additional process related effects that may be
encountered, such as volume fraction gradients [16], part/tool interactions or non-uniform
curing [14], are not modeled by equation (2) since phenomena control which are not directly
related to differences between in-plane and through-thickness properties.

EXPERIMENTAL MEASUREMENT OF DISTORTION

Angle Bracket Specimens

Carbon fiber/epoxy angle brackets were autoclave-processed at 178°C on aluminum convex
tooling.  Three repetitions of each specimen, investigating stacking sequence, laminate
thickness and corner radius, were produced on tooling with a 90° included angle.  The
stacking sequences are referenced with 0° along the angle bracket axial direction and 90°
following the curvature around the angle bracket corner.  Figure 2 shows two cured test
specimens, of different corner radii, resting on a section of aluminum tooling.

Figure 2:  Angle bracket specimens on aluminum tooling showing “spring-in”.

Experimental Procedure

A laser rotation technique is used to measure the included angle as a function of temperature.
The technique requires mounting the angle bracket specimen by one arm in the heated



Volume IV: Composites Processing and Microstructure

IV - 306

chamber with a small mirror attached to each arm.  The laser is aimed through the chamber
glass door at the mirror on one arm and the resulting reflection is aligned with the reference
mark on the projection screen.   The specimen is then rotated until the reflection from the
second arm aligns with the reference mark.   The shaft rotation is electronically measured by
an encoder and the included angle is determined.  This measurement is repeated in the reverse
direction to bring the specimen back into its original position and allow a second check of
each measured included angle.  Using this approach, measurement of specimens with
included angles ranging from 30º to 180º can be accomplished.  One pulse of the encoder
corresponds to less than 0.02º and the reproducibility of measurement is on the order of ±1
pulse.

Angle bracket specimen measurements were made at room temperature (24°C) and then at
elevated temperatures on all angle bracket specimens evaluated.  Each specimen was
measured with the rotation technique in roughly 14°C temperature increments to 122°C.
Following this, one specimen from each group was re-measured to 178°C in a similar fashion
to check the linearity of the thermoelastic response at temperatures approaching cure.  Once
the maximum temperature was reached, measurements were repeated back down to room
temperature to observe the repeatable, thermoelastic response of the angle bracket.  A
complete measurement of a single specimen could be completed in 5-6 hours, with most of
the time involved in temperature stabilization for each angle measurement.  The rotation
technique simplifies the measurement of thermoelastic response, without sacrificing precision
or accuracy, and allows the included angle to be measured directly at the desired temperature.
A conceptual view of a specimen prepared for measurement and a photo of an actual
specimen mounted in the chamber are shown in figure 3.

               

Figure 3:   Rotation technique enables direct included angle measurement.

RESULTS AND DISCUSSION

Effects of stacking sequence, laminate thickness and corner radius on distortion were
investigated by measuring the changing included angle, of specimens representing each
variable, with temperature.  Results for each effect investigated are plotted as graphs of
“spring-in” angle versus temperature.  The slope of the line on this type of chart is a measure
of the thermoelastic contribution, while the offset from zero, at a reference temperature near
the cure temperature, is essentially the non-thermoelastic contribution.  Thus, the “spring-in”
angle on the left side of the chart indicates the total room temperature distortion that would
commonly be measured during a quality check.  The value of “spring-in” on the right side of
the chart is the contribution to the distortion that is not related to cooldown from cure [17].
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Stacking Sequence Effects

As is seen in figure 4, both thermoelastic and non-thermoelastic components contribute to the
overall warpage of angle brackets.  However, their absolute and relative contributions vary,
depending on stacking sequence.  All specimens of this stacking sequence comparison were
8 ply and have a 6.4 mm corner radius to minimize other possible distortion variable
interaction.  Most of the laminates show similar thermoelastic response based on the slopes,
∆θ/∆T, which vary only slightly and are roughly 0.003 deg/°C.  The [(0)8]T and (0/+30/0/-30)S

laminates show much lower thermoelastic response due to large in-plane CTE’s in the 90°
direction, which correspond closely to the through-thickness CTE values.  These more similar
in-plane and through-thickness thermal expansions result in distortion behavior resembling
that of an isotropic material, with a thermoelastic coefficient, ∆θ/∆T, of approximately
0.0005 deg/°C.  This large difference in thermoelastic response is predicted by equation (1) as
both the in-plane and through-thickness CTE’s are affected by changing ply orientation [4,5].
All of the laminates show a significant non-thermoelastic contribution (on the right ordinate),
ranging from about 0.7 - 1.2 degrees.  This large contribution to the room temperature
distorted shape accounts for roughly 65% of the total room temperature distortion for the
majority of the specimens.  For the [(0)8]T and (0/+30/0/-30)S laminates the contribution
approaches 90% of the total.  Using equation (2), the distortion related to cure shrinkage can
be estimated and compared to the total non-thermoelastic distortion measured.

Stacking Effect on Spring-In
(8 Ply, r = 6.4 mm)
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Figure 4:   Experimental Stacking Sequence Effects

To investigate the relationship between predicted cure shrinkage contributions to distortion
and the total non-thermoelastic distortions measured for these specimens, material properties
representative of T300/934 [16] were applied in equation (2).  Three dimensional (3-D)
laminate properties were determined for each laminate [16], based on the T300/934 data, and
the results were inserted into equation (2) along with an assumed 0.5% matrix cure shrinkage.
Results for the crossply and quasi-isotropic laminates were the same, with a predicted
thermoelastic contribution of 0.0036 deg/°C, or approximately 0.56 degrees of “spring-in” at
room temperature. The contribution to “spring-in” in these crossply and quasi-isotropic
laminates is predicted to be approximately 0.32 degrees, based on 0.5% cure shrinkage.  Thus,
for these specimens, the combined predicted thermoelastic and cure shrinkage contributions
sum to only approximately 50% of the total measured room temperature distortion.
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Predictions of the distortion contributions, using equation (2) and the same 3-D properties,
can be also be performed for the other laminates.  For example, for the (0/+30/0/-30)S

laminates the predicted thermoelastic contribution is 0.0012 deg/°C, or approximately
0.19 degrees of “spring-in” at room temperature.  Again, based on the 0.5% cure shrinkage,
the contribution to “spring-in” for this stacking sequence is predicted to be approximately
0.11 degrees.  For this stacking sequence, which is expected to respond in a more isotropic
fashion due to less difference between the through-thickness and in-plane properties, the total
predicted “spring-in” at room temperature is only about one third that of the crossply
laminates of this investigation.  Comparison of these predictions with the experimental results
indicates that roughly 0.5 - 0.6 degrees of “spring-in” measured at room temperature remains
unaccounted for.  Matrix cure shrinkage as high as 1.5 - 2.0% would be necessary to account
for the total measured non-thermoelastic distortion; however, this value of shrinkage seems
extreme.  Based on the measured differences in the non-thermoelastic contribution for
changing stacking sequence it is believed that a significant portion of this contribution must
be related to manufacturing variables.  To further investigate deviations from the predictions
of equation (2), which would indicate non-thermoelastic contributions other than cure
shrinkage, measured effects of corner radius and laminate thickness are presented.

Radius Effects

Radius is not predicted, by equations (1) or (2), to be a contributor to either thermoelastic or
non-thermoelastic distortion.  No significant variation in thermoelastic response is measured,
as seen by the nearly identical slopes in figure 5, which have ∆θ/∆T values of approximately
0.0045 deg/°C for these 16 ply specimens.  However, it is significant that while the slopes are
similar for the various radii, the relative offsets vary, indicating that the measured non-
thermoelastic component is radius dependent.  It seems that the larger the corner radius, the
less process effects other than cure shrinkage contribute to the non-thermoelastic distortion.
This is consistent with a cause, such as local corner thinning during processing, which would
be expected to be less severe for larger radii.

Thickness Effects

Increased thickness has often been expected to stabilize the distortion of composite parts.
Results of these tests indicate that the thermoelastic component of distortion is little affected
by thickness, which follows from equations (1) and (2).  However, the thinnest laminates
tested (8 ply, or 1 mm) show the least thermoelastic effect.  This may be explained by the fact
that these 8 ply specimens can also be the most difficult to measure due to their low stiffness
which results in the highest potential for specimen flexure from the cantilevered mounting
geometry.  What does seem to match intuition is that the thickest specimens do show less total
room temperature spring-in, but the experimental results indicate that the difference is
primarily driven by the non-thermoelastic component of distortion.  Again, this difference in
non-thermoelastic contribution is not predicted by equation (2) and therefore must be assumed
to be related to process effects other than shrinkage during cure.
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Figure 5:  Corner Radius Effects on Spring-In
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General Discussion

In addition to the three variables shown in detail in figures 4 - 6, preliminary tests of included
angle variations indicate a decreasing thermoelastic slope with increasing included angle.
Further, these preliminary results indicate that the non-thermoelastic component also varies
with included angle.  These trends are both consistent with the predictions of equations (1)
and (2).  Overall, experimental results for these carbon fiber/epoxy angle brackets do seem to
point out that the thermoelastic variations follow the trends predicted in equations (1) and (2).
As predicted by equation (2), cure shrinkage should respond to the same variables as the
thermoelastic component.  However, from this set of experimental data it seems that the total
non-thermoelastic contribution is not following the trends predicted.  This leads to the belief
that more than one factor determines the non-thermoelastic contribution, and that contributors
other that cure shrinkage take on different functionality.

Future efforts are planned to investigate the effect of varying the fiber type while maintaining
the same matrix material.  This should allow further separation of some of the processing
effects from the cure shrinkage.  Further, tooling material comparisons are under way to
evaluate the effect on part/tool interaction, and fabrication experiments are planned to attempt
to continue to break down the non-thermoelastic contributions.

CONCLUSIONS

“Spring-in” of carbon fiber/epoxy angle bracket specimens has been experimentally measured
to determine the thermoelastic (reversible) and non-thermoelastic (irreversible) components of
distortion.  A technique, incorporating a laser source, was used to obtain precise
measurements of the included angle of specimens at temperatures ranging from room
temperature to 178°C.  The data collected indicate that all of the specimens respond linearly
and in a repeatable fashion to temperature change.  Differences between the measured
thermoelastic contribution and the tooling geometry allow the remaining non-thermoelastic
contribution to be separated.  Relative non-thermoelastic contributions were computed for the
stacking sequence specimens and found to range from approximately 65% to 90% of the total
room temperature “spring-in”.  Only the angle brackets with the largest corner radius and
greatest thickness showed lower relative amounts of non-thermoelastic distortion.  For an
assumed matrix cure shrinkage of 0.5% the “spring-in” was predicted to be only a little more
than half of the thermoelastic contribution.  While this is a significant amount of the total
specimen distortion, it is far less than the total non-thermoelastic contribution experimentally
measured.

Trends in thermoelastic response, ∆θ/∆Τ, with stacking sequence variation were predictable,
based on closed-form relationships.  The measured independence of thermoelastic response
on changing corner radii also matched predictions.  However, the varying non-thermoelastic
contributions for different radii were not predicted.  As specimen geometry changed with
increasing corner radius, non-thermoelastic contributions decreased, indicating sources of
manufacturing distortion other than a predictable cure shrinkage induced non-thermoelastic
contribution.  Results related to thickness variations also indicate similar distortions not
directly attributable to shrinkage during cure.  Thus, these trends further suggest that process
related contributions to the final distorted shape can be significant and that such other
non-thermoelastic effects are not predicted by the closed-form relationships based solely on
differences between in-plane and through-thickness properties.  Further investigation of the
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details of these other contributors is necessary to be able to fully predict distortion during
cure.
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COMPRESSION MOULDING OF SANDWICH
STRUCTURES OF GMTS AND CO-MINGLED

MATERIALS FOR OPTIMISED MACRO AND MICRO
MECHANICAL PROPERTIES
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SUMMARY:  To increase the usage of glass and polypropylene composites from semi-
structural to structural applications, a higher and aligned glass content is needed. The co-
moulding of GMTs and pre-consolidated woven co-mingled materials have been investigated
to fulfill this requirement. The effects of temperature on the polypropylene were examined
using gel permeation chromatography to determine preheat windows. Experimental design
techniques were used to investigate the effects of  processing parameters and interactions on
laminates. Processing variables were ranked in order of importance for maximum flexural
moduli. Statistically based processing models were generated to enable the prediction of
laminate flexural moduli with varying processing conditions. Time at pressure had the
greatest contribution and additional laminates were made to determine the minimum time
required for full consolidation. Studies of the microstructure of the sandwich laminates were
performed to investigate impregnation and removal of voidage.

KEYWORDS:  co-mingled materials, glass mat thermoplastics, compression moulding,
sandwich materials, voidage, experimental design techniques, gel permeation chromatography

INTRODUCTION

The major use of continuously reinforced thermoplastic composites in the automotive
industry is in the production of semi-structural parts from glass mat thermoplastics (GMT).
The melt impregnation of the glass mat and polypropylene in double belt laminators limits the
amount of glass in standard commercial grades of GMTs to 40% by mass [1]. These
materials, with typical processing cycle times of 35 seconds, offer the ability to fill large and
complex moulds.  GMTs are increasingly replacing steel in complex semi-structural load
bearing applications, such as the VW Golf front end. In order to increase the usage of
thermoplastic composites into continuously loaded structural parts the glass fibre content
needs to be increased.

The glass fibre content in compression moulding materials can be increased by forming a
sandwich laminate with a glass fibre fabric at the surface and a GMT core.  Matrix material
must impregnate the glass fibre fabric and several ways of combining fibre and matrix
materials are  available including co-weaving, plied matrix, inter-dispersed yarns, powder
impregnation and co-mingling [2-3]. Co-mingling combines glass fibres and polypropylene
filaments giving a homogeneous distribution of reinforcement and matrix, reducing the mass
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transfer distance of the matrix during processing to typically 50 microns [3]. Co-mingled
materials offer the potential for the manufacture of structural parts at lower moulding
pressures due to the higher and aligned fibre content (compared with GMTs) and the intimate
combination of reinforcement and matrix.

The complexity of components moulded from co-mingled materials is limited by geometries
that the fabric will drape or conform to during processing [4].  In the sandwich laminate, flow
of the GMT core between the co-mingled materials offers the potential for the production of
complex geometries with a fast cycle time [5]. Co-mingled materials provide a localised
higher and aligned glass fibre content and are placed locally in the tool at regions of higher
operating stress. During consolidation of the sandwich laminate,  the GMT core damps
thickness variations between the shearing fabric but overall complexity is still thought to be
restricted by the drape of the co-mingled material. Where complex features are required in the
region of the co-mingled facings, the GMT has been shown to break through the co-mingled
fabric to fill features such as ribs in a tool. The major difference between processing aligned
materials and GMTs is that generally no bulk or large scale flow of the co-mingled structure
is thought to occur.

OBJECTIVES

Given the apparent potential for increasing the use of thermoplastic composites into structural
applications, assessment of the processing of material combinations was required. The
specific aims of this work have been to investigate and optimise the non-isothermal
compression moulding of combinations of GMTs and co-mingled fabrics and to determine the
effects of processing on laminate microstructure.

EXPERIMENTAL DETAILS

Materials

The GMTs used consisted of a 40% by mass continuous random glass mat reinforced
polypropylene, produced by melt impregnation in a double belt laminator. The co-mingled
materials consisted of a balanced weave fabric of superficial density 650 g/m2 woven from
yarns of 60% by mass co-mingled E-glass and polypropylene. Laminates of 300mm were
produced from two GMT blanks, 171 x 171mm, sandwiched between 2 blanks of co-mingled
material, 198 x 198 mm, to give a nominal thickness of 4mm, as shown in Fig. 1. The co-
mingled material blanks comprised two layers of co-mingled fabric which were supplied
consolidated to a thickness of 0.92mm.
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Figure 1: Laminate cutting plan nad blank locations

Processing Study

This study of the co-moulding of co-mingled materials and GMTs covered the time at
moulding pressure, moulding pressure, average material pre-heat temperature, tool
temperature and their interactions, as shown in Table 1. Tool temperature settings were
determined from ambient to the upper range suggested by the GMT manufacturers [6]. Oven
preheat temperatures were bound by the melting point and the onset of degradation of the
polypropylene matrix. Moulding pressures were defined by the upper limit of the moulding
press and the minimum required to fill the tool. Times at pressure were selected from
recommended values of 5 seconds per mm part thickness. The maximum hydraulic press
compression velocity of 12.9mm/sec was used for all experiments.  Black pigmented co-
mingled material and naturally pigmented GMT blanks were used to give a visual indication
of flow in each laminate.

Table 1: Processing Variables

 Processing Parameter Level 1 Level 2 Level 3

 Time at Pressure, (TP) 10 seconds 30 seconds 50 seconds

 Moulding Pressure, (P) 50 bar 125 bar 200 bar

 Material Temperature, (MT) 180oC 200oC 220oC

 Tool Temperature, (TT) 20oC 50oC 80oC

Non-isothermal Compression Moulding Equipment

Infra red ovens are established technologies for preheating in compression moulding and
thermo-forming, creating high flux levels for rapid material heating. A 4.5kW R-Royce infra
red oven was used for heating the composite materials. A Bradley and Turnton 150 tonne
hydraulic moulding press was used to generate maximum pressures of 200 bar on the
laminate, with electrically heated platens used to heat the press tooling. Computer control of
the press enabled fast material transfer from the oven to press, typically under 10 seconds, and
the data acquisition of thermal histories.Asteel compression moulding tool was designed and
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produced with vertical telescoping shear edges. Fig. 2 shows the experimental moulding
facility.

Figure 2: Hot flow compression moulding facility

Experimental Design

Experimental design was used to investigate the effects of 4 processing parameters at 3
settings. A 27 run central composite array was used, shown in Table 2, with each trial
performed with levels as described in the array. The array ensured sufficient degrees of
freedom to examine the linear and quadratic effects of the 4 factors together with any
potential interactions in the system. Multiple linear regression (MLR) techniques were used to
generate prediction equations using a second order polynomial, shown generally for two
factors, A and B, in Eqn 1. The unknown parameters {βi} are the regression coefficients
which were estimated by the method of least squares and the selected equation is the one for
which the sum of the squares of the residuals is minimised [7].

y  =     +     A  +     B  +     A   +   betaSUB  4  B   +     0   1   2   3
  2   2β β β β ε            (1)

Table 2: Central Composite Design Array

 Row
No.

TP
(sec)

P
(bar)

MT
(oC)

TT
(oC)

 Row
No.

TP
(sec)

P
(bar)

MT
(oC)

TT
(oC)

1 30 125 200 50 15 50 50 220 80
2 10 50 180 20 16 10 200 220 80
3 50 50 180 20 17 50 200 220 80
4 10 200 180 20 18 30 125 200 50
5 50 200 180 20 19 10 125 200 50
6 10 50 220 20 20 50 125 200 50
7 50 50 220 20 21 30 50 200 50
8 10 200 220 20 22 30 200 200 50
9 50 200 220 20 23 30 125 180 50
10 10 50 180 80 24 30 125 220 50
11 50 50 180 80 25 30 125 200 20
12 10 200 180 80 26 30 125 200 80
13 50 200 180 80 27 30 125 200 50
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Mechanical Testing

The effects of processing parameters on the sandwich region flexural moduli and strength
were measured for each laminate,  with results averaged along the centre line. Specimen
dimensions and locations are show in Fig. 1. Flexural tests and tensile tests were performed at
10mm/min at 5mm/min respectively.

PREHEATING FOR SANDWICH LAMINATES

Determination of Upper Processing Temperature

The high shear viscosity of polypropylene requires heating above the melt temperature to
reduce the viscosity for impregnation. The onset of a thermal oxidative degradative reaction
formed the maximum processing temperature for the composite under consideration. A
processing window can be established as a time frame where the middle of the composite has
reached the desired processing temperature but without degrading polymer at the surface.
DSC trials had shown the co-mingled material polypropylene to have a reduced oxidative
induction time compared with the GMT polypropylene. The effects of preheating on the
weight average molar mass (Mw) of the co-mingled material polypropylene were investigated
using the technique of gel permeation chromatography (GPC) to define the upper preheat
thresholds for processing.

Figure 3: Effect of time and temperature on PP degradation

Samples of pre-consolidated co-mingled material were heated to oven temperatures of 180oC
to 240oC in 10oC steps for 7 time intervals at each temperature. Fig. 3 shows the relations
between time and temperature effects on the weight average molar mass (Mw). For
temperatures of 240oC, 230oC, 220oC and 210 oC Mw reduced with an increasing time at
temperature with the effect increasing with higher temperatures. For temperatures of 180oC,
190oC, 200 oC the material was stable for preheat times exceeding 600 seconds. A line at
175,500 representing the onset of degradation determined a maximum preheat time for each
temperature. At the highest oven temperature of 230oC used for the sandwich laminates, the
co-mingled material preheat time of 145 seconds was within the onset of degradation at 200
seconds.
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Combination Material Preheating

Three average material temperatures were used to investigate effects on the consolidation of
the composite. Therefore three heating profiles were determined for both composites to reach
the desired processing temperature simultaneously. Co-mingled materials and GMTs have
different fibre and matrix architectures resulting in disparate heat transfer characteristics.
Separate studies of GMTs and pre-consolidated co-mingled materials were used to identify
overlaps in processing windows. Additional experiments were used to verify and tune these
predictions. The GMT was placed into the oven first and the co-mingled material added
towards the end of the heating cycle. Materials were heated separately and stacked together
before transfer to the tool. Table 3 summaries the preheat parameters for the three average
material temperatures used in the main processing study, with Fig. 3 showing the disparate
heating times.
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Figure 4: Preheat curves for sandwich laminates

Table 3: Combination Preheat Cycles

 Oven Temp,
(oC)

Average Temp,
(oC)

Material Time, (sec)

GMT     0 to 560190 180

Co-mingled     420 to 560

GMT     0 to 550210 200

Co-mingled     430 to 550

GMT     0 to 460230 220

Co-mingled     315 to 460

PROCESS OPTIMISATION

The 27 laminates were produced and flexural moduli were measured. Using MLR, regression
coefficients were calculated with a quadratic approximation fitted to moduli data and a linear
fit to the six possible interaction effects. The t ratios were calculated similarly in a spreadsheet



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 319

and used to quantify the magnitude and significance of the effect of each factor on the moduli.
The percentage contributions from each significant linear factor, quadratic factor or
interaction effect on the flexural moduli are shown in Table 4 (Insignificant factors labelled as
‘*’). Eqn 2 gives the prediction equation, where coefficients for insignificant interactions and
factors were excluded.

Table 4:    Processing Contributions, (%),  on Flexural Moduli at 95% Confidence

Linear Effects Quadratic Effects Linear Interaction Effects

TP P MT TT TP2 P2 MT2 TT2 TPxP TPxMT TPxTT PxTT MTxTT PxMT ε
17 11 * 15 15 10 * * * * 9 * * 9 14

Response = 11.2 + 0.3 TP + 0.2 P + 0.3 MT - 0.6 TP2 + 0.5 P2 + 0.2 TPxTT + 0.2 PxMT       (2)

To reduce error in the analysis, the levels of the four processing parameters were scaled
between  -1 and +1 to give a linear spacing of the original factor levels [7]. Any level of
scaled processing parameter inside the range investigated can be substituted into Eqn 2 to give
laminate moduli at those processing conditions.

Partial differentiation and solution of the processing equations gave maximum values for the
processing factors for each laminate property. Consideration of these results with the other
mechanical test data for the specimens shown in Fig. 1 resulted in optimum conditions of: a
time at pressure of 50 seconds, a pressure of 200 bar, a material temperature of 220oC and a
tool temperature of 80oC. Eqn 2 was utilised to generate processing  response curves to show
the effect of varying two variables, while the other variables were kept at the maximum level,
on the
laminate flexural moduli. The domination of linear effects and exclusion of insignificant
factors, without the reaching of maximum points, limited the validity of the processing
models to the upper and lower levels of the processing study. Fig. 5 shows the effects of:
firstly, moulding pressure and time at moulding pressure and secondly, tool temperature and
material preheat temperature, on flexural moduli.

Fig. 5: Effect of Pressure and Temperature on Sandwich Laminate Flexural Modulii
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Verification of Process Models and Optimum Processing Conditions

Laminates were produced at the optimised processing conditions described above. Mean and
maximum moduli of 11.5 GPa and 12.5 GPa resulted. The processing model predicted moduli
of 12.3 GPa at optimum conditions. Confidence limits were calculated using the upper and
lower 95% limits for the significant regression coefficients which were substituted into Eqn 2,
giving 13.2 GPA and 11.4 GPA respectively. The laminates produced at the optimised
conditions have therefore confirmed the predictions at optimised levels.

Time at Pressure

Increasing the time at pressure from 10 to 50 seconds showed the largest effect on the
laminate moduli. To investigate the effects of time at pressure further, 6 laminates were
produced at optimised conditions with times at pressure of 5, 10, 20, 30, 40 and 50 seconds.
Laminate mechanical properties were measured, as shown in Fig. 6,  and the through
thickness microstructure examined.

Figure 6: Effect of time at pressure on EFlex

DISCUSSION

Time at Pressure

Increasing the time at pressure showed the largest effect on laminates with properties
increasing with time. Through thickness micrographs of laminates produced at 10, 30 and 50
seconds of compression time are compared in Fig. 7. These show the GMT region between
the co-mingled material outer layers. An increased time at pressure decreased void contents
with the thickness of the mid plane void layer reducing faster in the GMT region at the
laminate periphery. It was necessary to maintain the pressure to reduce the void content and to
stabilise the laminate until the matrix temperature had reduced to below the onset of
polypropylene crystallisation.
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Figure 7: Effect of time at pressure on centre line microstructure

The non-isothermal compression moulding of GMT results in fountain flow through the tool
cavity. The GMT freezes to the cold steel surface as it flows across the tool, with the core
flowing between the cooling outer layers. With sandwich laminates, the previously
consolidated co-mingled material blanks again freeze to the steel tool surface with the rapid
cooling due to the higher glass content and lack of insulating air in the material structure.
Fountain flow of the GMT core then results between the insulating layers of co-mingled
material rather than steel, reducing the rate of heat transfer from the GMT core to the tool.
The viscosity of the GMT core would therefore remain low enough for material to flow for
longer time periods. In the sandwich laminate the void content, at 30 seconds compression
time, of the GMT core in the sandwich region was higher than that at the laminate periphery,
composed entirely of GMT. Increased time at pressure, compared with a GMT laminate, was
therefore required to reduce void content in the  sandwich region.

Moulding Pressure

Fig. 5 shows that increased pressure above 90 bar increased flexural moduli. The laminate
mid-plane was well consolidated at 50 and 200 bar, but with increased voidage in the co-
mingled material at the laminate surfaces at 50 bar. This was removed at 200 bar, as shown in
a through thickness micrograph in Fig. 8 of the surface region of a laminate made at optimum
conditions.

Material Preheat Temperature

An average preheat temperature of 220oC increased laminate moduli, as shown in Fig.5. A
decrease in properties would result if the materials were heated to higher temperatures where
the bulk of the matrix material would degrade. At preheat temperatures of 180oC the co-
mingled material on the tensile face of the specimen delaminated from the GMT core during
testing.

Comparison of the micrographs in Fig. 8 and Fig. 9, at 220oC and 180oC respectively, showed
large areas of voidage between the glass fibres in the co-mingled material at 180oC.  The
increased voidage in the co-mingled material with reduced temperatures showed the
importance of a rapid transfer of the hot blanks from the oven to the tool. Excessive transfer
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times would reduce the material temperature, increasing the
polypropylene viscosity, and the co-mingled material would
not consolidate fully.

Tool Temperature

The processing model plot in Fig. 5 showed increased flexural
moduli as the tool temperature increased. Voidage occured
between the co-mingled material glass tows adjacent to the
tool surface at 20oC tool temperature. The number of voids in
the co-mingled layers decreased towards the mid-plane of the
laminate.  An increased tool temperature reduced the rate of
cooling of the material adjacent to the tool surface, improving
the surface finish and increasing flash on laminates. Decreased
cooling, reducing the rate of viscosity increase, enabled the
full impregnation of the co-mingled material glass fibres to
occur.

Interaction Effects

Significant interactions occured between: firstly, time at
pressure and tool temperature and secondly, pressure and
material temperature. At higher times at pressure, increased
tool temperatures resulted in a greater stiffness increase than
at reduced times. Increased tool temperatures improved
impregnation of the co-mingled blanks adjacent to the tool
surface. Increased times at pressure were required to reduce
voidage, which decreased mechanical properties, from the
mid-plane of the laminate. At higher pressures, increased
material temperatures increased moduli while at lower
pressures a reduction in moduli occured.

Processing Observations

During the compression moulding of sandwich structures, the
flow of the GMT blank to the periphery of the tool was
observed to drag the black pigmented polypropylene of the co-
mingled materials. At  optimised processing conditions this
reached 28mm, indicating good mixing of the two
polypropylenes. The co-mingled material blanks remained
where placed in the tool.

Figure 8: Surface
microstructure at optimum

processing conditions

Figure 9: Surface
microstructure at 180oC

material preheat
temperature
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CONCLUSIONS

Optimum processing parameters for the production of sandwich laminates have been
predicted and verified. Pressure should be maintained to eliminate mid-plane voidage.
Maximum material preheat temperatures reduced matrix viscosities for impregnation of the
co-mingled material glass fibres. An increased tool temperature assisted impregnation of the
co-mingled materials provided that the required time at pressure was maintained. The flexural
moduli were increased by 104% compared with properties for GMT laminates and were 86%
of properties for co-mingled materials, for equivalent thicknesses. Substantial increases in
load carrying ability resulted from the combination of the two material forms, while still
offering the ability to flow the GMT between the co-mingled material blanks to fill the tool.
Study of the interface of the co-mingled material and GMT regions showed that the glass
fibres in the GMT moved with the flowing matrix, eliminating interlaminar voids and matrix
rich areas.
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CURING STRAINS DEVELOPED DURING THE
MANUFACTURE OF GRP TUBES

J. F. Oosthuizen  and  W. H. Groenewald

Department of Mechanical Engineering, Technikon Free State
Private Bag X20539, Bloemfontein, 9300, South Africa.

SUMMARY:   During the manufacture of glass reinforced plastic tubes it should be
recognised that the matrix can undergo significant chemical shrinkage.  It has been shown that
the shrinkage due to post-cure at elevated temperatures could cause strains of significant
magnitudes that could exceed the levels of stress or strain allowed for by accepted design
codes and are sufficient to promote environmentally assisted cracking in certain operating
environments.  However, in the cases presented, no consideration was given to the strains
developed during the actual lay-up of individual layers.  This work provides some
experimental results showing that high extension hoop and longitudinal shrinkage strains are
developed during the lay-up of thick tubes layers.  It is also shown that the post-cure alleviates
the hoop strains to acceptable levels while the longitudinal strains are increased to possibly
unacceptable magnitudes.

KEYWORDS:   glass reinforced plastic, GRP, tubes, curing shrinkage, cure, post-cure

INTRODUCTION

Glass reinforced plastic (GRP) is an ideal material of choice for the manufacture of many
items of chemical plant equipment. Its ability to resist degradation in aggressive chemical
environments is  one of the major benefits.  However, the material is prone to environmentally
assisted cracking (EAC) if the tensile stresses in the exposed material are not kept low.  This
is well recognised by codes of practice for the design of GRP equipment, which ensure
specification of geometry’s leading to low stresses in response to mechanical loading.  Other
sources of stress are also important, e.g. thermal, process induced.  It has been shown that,
when polyester and vinyl ester resins, typical of those used in process plant applications, are
subject to elevated temperature post-cure after room temperature polymerisation, significant
chemical shrinkage can occur [1, 2].  It has been presented that since this shrinkage occurs
with the matrix already gelled, any restraint can give rise to large residual stresses, in
particular tensile surface stresses of sufficient magnitude promote environmentally assisted
cracking in many environments.  However, no consideration was given to the strains
developed during the actual lay-up of the individual layers.  These strains are of primary
importance for the determination of residual stresses and strains after manufacture.  Although
these shrinkage residual stresses are clearly important to designers of chemical process
equipment, only limited experimental work appears to have been carried out to date.  The aim
of this work is to present experimental results for the shrinkage strains during manufacture,
lay-up and post-cure, of typical materials and also for tubes of practical dimension.  These
results are compared to theoretical predictions.
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CURING STRAINS DEVELOPED IN A TUBE DURING LAY-UP OF LAYERS

Two identical tubes with internal diameters of 50 mm, were manufactured on an expandable
mandrel from DION 9100/CSM with a glass content of 28%.  After the lay-up and cure of the
surface tissue, two strain gauges were attached to each of the surface tissues to measure the
hoop and longitudinal strains during lay-up of the body of the tubes.  Four layers per day were
applied by hand lay-up to minimise steep temperature gradients resulting from exotherm
while  continuously  recording  the  strains  developed  due  to  curing.   A  wall  thickness  of
± 15 mm was obtained from sixteen layers with a tube length of 240 mm.  The recorded
strains were plotted to the number of layers.

Results and Discussion

The curves shown in Fig. 1 and Fig. 2 represent the strains recorded during the actual lay-up
of the layers of tubes 1 and 2.
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Fig. 1:  Longitudinal & Hoop curing strains vs. layers for DION 9100/CSM tube (1) at
inside surface
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Fig. 2: Longitudinal & Hoop curing strains vs. layers for DION 9100/CSM tube (2) at inside
surface

The peaks shown before layer 3 in both the figures indicate when the tubes were released
from the mandrels.  It can be seen that a maximum extension hoop strain of 1629µε and a
longitudinal shrinkage strain of -1181µε was attained during the lay-up of the layers for tube
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1, and  a  maximum  extension  hoop  strain  of  1508µε  and  a  longitudinal  shrinkage  strain
of  -1248µε for tube 2.

Although the figures indicate that exotherm did play a role in the variation in strains, the zero
and the maximum strain values were obtained at 18°C.  Fig. 3 shows the temperature
variation of the inner surface due to exotherm during the lay-up of the layers.  It is shown that
a variation of approximately 6°C is given by any layer for the given thickness of the tube.
Values of curing strains for the two tubes are given in Table 1.
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Fig. 3.  Temperature variation of tube (1) inner surface due to exotherm

Table 1.  Curing strains at the inner surface

Strain Measured
x 10-6

Gauge Position
& Direction

Tube (1) Tube (2)

Inside Hoop (εiz) 1629 1508

Inside
Longitudinal (εiy)

-1181 -1248

DETERMINATION OF INNER HOOP STRAIN DUE TO CURE DURING LAY-UP

Interpreting the results, in particular the “growth” of the inner circumference, the following
observation is made:
1. immediately after the lay-up of layer n (n=1, 2..16), the laminate expands due to the heat

generated by the exothermic reaction of layer n;
2. layer n bonds to the laminate and after the exothermic reaction has been completed the

whole system cools to ambient temperature;
3. as the system returns to ambient temperature, layer n prevents it to return to its original

size and hence a “growth” of the inner circumference is shown and residual strains are
produced.

In support of this observation calculations were made by using expressions given by Roy and
Kim [3].  Material properties of the DION 9100/CSM tubes used in this study were



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 327

determined from methods given by Hoa [4] using Em  = 3.5 GPa, Ef  = 72 GPa, νm = 0.35, νf  =
0.2, vm = 0.8, αm = 73µε and αf  = 5µε, where αm  and αf   are the coefficient of expansions
(CTEs) of the matrix and the glass mat respectively.  The calculated  material  properties  are
shown in Table 2 where subscripts z, r and θ indicate the axial, radial and tangential directions
respectively.  However, the expression for hoop thermal strains for a change in temperature
does not take the change in thickness due to lay-up into account.  Therefor the addition of the
layers (n) were incorporated for strain calculations:
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with a and bn being the inner and outer radii of the tube, Srθ and Sθθ the elements of the
compliance matrix and αr and αθ are the CTEs of the ring in the radial and hoop directions
respectively.  ε θhn

 and ε θcn
 are the strains recorded resulting from the exotherm of layer n

and from cooling to ambient temperature respectively and with t being the nominal thickness
of each layer.  Applying temperature changes due to exotherm of ∆T = 6°C and a cooling
temperature of -6°C, the strains are calculated  for layers n = 1, 2..16.  The strain at the inner
surface of the tube, resulting from the curing of the matrix during the lay-up of the individual
layers, was then calculated by:

ε ε εθ θ θ= +
==
∑∑ h c
nn 1

n n
2

1615

(2)

with no usable results although the results do show that a “growth” actually occurs.  It was,
however found that if the expansion, determined for n = 1, is multiplied by n, reasonable
results are obtained.  Fig. 4 shows a linear fit of the actual hoop strain recorded and predicted
results using ε εθ θ= ⋅n h1

,  at the inner surface.  This gives a hoop strain at the inner surface

of +1432µε  which corresponds well with the experimental values given in Table 1.
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Table 2.  Material Properties of DION 9100/CSM Laminates

Material Property DION 9100/CSM

Ezz = Eθθ 7120 MPa

Err 5125 MPa

Erθ 2337 MPa

νzθ 0.0954

νzr =νrθ 0.32

αz =αθ 16.07 µε
αr 74.89 µε
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Fig. 4.  Actual and predicted hoop curing strains vs. layers for DION 9100/CSM tube at
the inner surface

POST-CURE SHRINKAGE OF CSM/VINYL ESTER TUBE

The two tubes were machined down to a wall thickness of 13.5 mm and prepared for post-
cure by attaching two additional strain gauges, in the hoop and longitudinal directions, to the
outer surface.  The tubes were then placed in an oven and heated gradually to a maximum
post-curing temperature of 90°C during which the strains resulting from thermal expansion
and chemical shrinkage were recorded.

Results and Discussion

Fig. 5 and Fig. 6 show the strains recorded on the tubes during the post-curing process.  The
tubes expanded as a result of the increase in temperature until approximately 45°C at which
post-cure shrinkage commenced.  The tubes were maintained at maximum temperature for 2½
hours and then cooled to room temperature.  The shrinkage strains measured are given in
Table 3 [1, 5].
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Fig. 5.  Longitudinal & Hoop post-cure strains vs. temperature for DION 9100/CSM tube
(1)  on inside surface
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Fig. 6.  Longitudinal & Hoop post-cure strains vs. temperature for DION 9100/CSM tube
(2)  on inside surface

However, it must be kept in mind that, since the initial strains were zeroed at commencement
of the post-curing cycle, these strains are real values for the post-curing process and do not
include the strains developed during the lay-up phase.  Combining the post-curing strains to
those obtained during lay-up, the final values obviously will be quite different, as are shown
in Fig. 7 and Fig. 8.

Table 4 presents the final strains after the combination of the cure and post-cure strains.  From
these values a good correlation is found between the longitudinal strains.  The hoop strains,
however, do not compare well.  This is due to the large variation found in the strains produced
during the post-curing process.



Volume IV: Composites Processing and Microstructure

IV - 330

-3000 

-2000 

-1000 

0 

1000 

2000 

P
o

st
-C

u
re

 S
h

ri
n

ka
g

e
 (

µ
-s

tr
a

in
)

10 20 30 40 50 60 70 80 90 100 
Temperature °C

Inside hoop Inside long

Fig. 7.  Actual Post-cure Longitudinal & Hoop Strains vs. Temperature for DION
9100/CSM tube (1)  on inside surface
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Fig. 8. Actual Post-cure Longitudinal & Hoop Strains vs. Temperature for DION
9100/CSM tube (2)  on inside surface

Table 3.  Post-cure shrinkage strains
of the DION 9100/CSM tubes

Gauge Position &
Direction

Strain Measured
x 10-6

Tube (1) Tube
(2)

Inside Hoop (εiz) -2719 -1495

Inside
Longitudinal (εiy)

-1037 -1020
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Table 4.  Final shrinkage strains of the
DION 9100/CSM tubes

Gauge Position &
Direction

Strain Measured
x 10-6

Tube
(1)

Tube
(2)

Inside Hoop (εiz) -1090 -13

Inside Longitudinal
(εiy)

-2218 -2268

CONCLUSIONS

It has been shown that significant strains are developed during the actual lay-up of individual
layers of the laminate.  Longitudinal strains decreased, as would be expected, but the hoop
strains increased.  By predicting the hoop strains, a constant temperature distribution through
the laminate was assumed.  However, for the material used, the temperature distribution
should be linear, decreasing from the outer to the inner surface.  It was also assumed that the
curing shrinkage of layer n has no effect on the strain at the inner surface of the tube.  These
assumptions, together with the prediction of the CTEs,  probably contributed to the fact that
no usable results were obtained from Eqn 2.

It is also shown that post-curing of GRP tubes play an important role in the alleviation of
residual hoop strains.  It does however increase the residual longitudinal strains which could
enhance EAC resulting from mechanical loading.

It is suggested that further experimentation of this kind is required to formulate acceptable
methods to predict the strains developed during manufacture.
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SUMMARY:  The temperatures are measured at the various positions from the drilled hole
wall during laser drilling of PWB using the thermocouples. It is found that these temperatures
are dependent on the individual values of materials in the composites. Moreover, we pay
attention to the properties of the glass fiber as an analytical model of FEM in order to predict
the carbonized damage widths after laser drilling in PWB. The measured temperature is
substituted for the boundary condition at the inside diameter of drilled hole, and the other
boundaries are insulated against the heat transfer. As results, the damage widths defined as
carbonizing on an experiment are good agreement with calculated ones.

KEYWORDS:  GFRP, printed wiring board, CO2 laser, damage, drilling, laser drilling, FEM

INTRODUCTION

The printed wiring board ( PWB ) has been smaller, because the demand for reducing the size
of the electric devices has become to increase. Therefore, laser drilling has been considered as
an effective method to machine the smaller through holes ( less than diameter 0.3 mm ) in
PWB. In the case of PWB made of composite materials, it is necessary to improve the heat
affect zone ( carbonized zone ) at the hole wall for application of laser drilling. However,
there has been few studies[1,2,3] which dealt with the hole quality of laser drilling of GFRP.
So, this paper describes the damage due to the heat influence in laser drilling in PWB, which
is made of GFRP ( epoxy / glass woven cloth, thickness 1.6 mm ), using a CO2 source.

First, the temperatures are measured at the various positions from the drilled hole wall using
the thermocouples in order to research the distributions of temperatures around the hole
during laser drilling of PWB. On the other hand, the heat affected damages around the hole
are observed using the optical microscope. The relations between the damages and the
temperatures of the hole wall are investigated from these results.

Second, the heat transfer is analyzed to predict the damage width at drilled hole wall after
laser drilling using FEM. Specially, we pay attention to the properties of the glass fiber as an
analytical model. The measured temperature is substituted for the boundary condition at the
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inside diameter of the drilled hole, and the other boundaries are insulated against the heat
transfer. The calculations are carried out to compare the experimental results under various
laser irradiation times.

Finally, the carbonized damage widths on the calculated model are defined as the distances
from the inside diameter at the minimum temperature in the area where the epoxy resin is
carbonized on experiments. It is shown that the model with these boundary conditions based
on this experiment is effective on predicting the carbonized damage widths after laser drilling
in PWB.

EXPERIMENTAL EQUIPMENT AND MATERIALS

The maximum attainable power of a CO2 laser is 250 W. The drilling is perform on the
conditions of 150W, 75 W and 35 W in this study. The spot diameter is 0.3 mm on the just
focus, and the lens is 5 inches. N2 is used as the assisting gas in laser drilling.

GFRP is the type of glass ( 39 in mass ) /epoxy-resin, plain woven cloth and thickness 1.6
mm. The workpiece is the copper clad laminate for PWB. The properties of the glass and the
epoxy resin are shown in Table 1.

Fig.1 shows the diagram of measuring the temperatures during laser drilling. The
thermocouples ( 0.1 mm ) are inserted between GFRPs of thickness 0.8mm. In other words,
measuring points are 0.8 mm from the surface. The signals from the sensors are recorded by
the memory recorder with the signals of the shutter of a laser beam. The workpiece is
mounted on the X-Y table. The distances from the hole wall are determined by observing the
workpieces using the microscope after laser drilling.

Table 1: Properties of GFRP
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Fig.1: Experimental equipment

Fig.2: Temperature and time ( Laser output power 150W )

RESULTS AND DISCUSSION

Measured Results of Temperature in Laser Drilling

Fig.2 shows the relations between time and the temperatures at various distances from hole
wall during laser drilling. The laser irradiation time is in the case of 0.5 s. The inclination of
increasing the temperature is higher at the measuring point near the drilled hole wall during
the laser irradiation period. The maximum temperatures are indicated earlier at this measuring
point, too. It is found from these results that the heat transfer from the hole wall causes an
increase of the temperature around the hole. At the distance of 0.2 mm from the hole wall, the
maximum
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Fig.3: Maximum temperature and distance from hole wall
( In the case of the epoxy resin, Laser output power 150 W)

Fig.4: Maximum temperature and distance from hole wall
(In the case of GFRP, Laser output power 150 W)

temperature indicates more than 1000  ( 1273 K ). It is shown near the hole wall that the
temperature is very high during laser drilling of GFRP.

Maximum Temperature in Laser Drilling

Fig.3 shows the relations between the maximum temperatures and the distances from the hole
wall in laser drilling of the epoxy resin ( in the case of the irradiation time 0.1s ). Fig.4 shows
the relations between the maximum temperatures and the distances from the hole wall in laser
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drilling of GFRP ( in the case of the irradiation time 0.5s ). In the case of laser drilling of the
epoxy resin , the thermal decomposition (pyrolysis) and the complete combustion of the
epoxy resin are carried out in a moment and the heat affected damage hardly appears at the
drilled hole wall [3]. From Fig.3, it is found that the maximum temperatures are low values
nearest the hole wall, and the heat input is small from the hole wall in laser drilling of the
epoxy resin. On the other hand, it is found from fig.4 that the temperatures are very high
values near the hole wall, and the heat input is very large from the hole wall in laser drilling
of GFRP. Moreover, the maximum temperature estimated from fig.4 nearest the drilled hole is
approximately from 2500  to 3000  ( from 2773 K to 2273 K ) in drilling.

Damage after Laser Drilling

Fig.5(a) shows the microscope photograph of the hole entrance of GFRP after laser drilling in
the case of the irradiation time 0.5s, and Fig.5(b) shows the glass cloth in drilled GFRP whose
resin is vaporized at 600. This damage is hardly dependent on the fiber direction, because we
can see the circle damage zone in Fig.5. By comparison of Fig.5(a) with Fig.5(b), we can see
that the black substance in the heat affected damage is separated into the carbon ( vaporization
at 600  ) and others ( no vaporization ). The width of the former from hole wall is 0.8 mm and
that of the latter is 0.3mm. Furthermore, by comparison of these widths with the maximum
temperatures in Fig.4, it is found that the former area is from 500  to 1300  ( from 773 K to
1573 K ), and the latter area is more than 1300  ( 1573 K ).

Details of the heat affected zones follow: the epoxy resin (low resolution point) is
decomposed by the thermal conduction of the glass fibers at 500  ( 773 K ), and then the
pyrolytic carbon deposits on the glass fibers. Thus, the surface of the glass fibers turns to
black. Additionally, the temperature of the glass fibers near the hole wall rises to more than
melting point of the glass. At more than 1200  ( 1473 K ) SiO2 ( glass fiber ) is reduced to SiC
by the carbon, and at more than 1500  ( 1773 K )  the carbon varies to the graphite. As results,
the carbon on the glass fibers varies to the graphite and SiC. This is the black zone in
Fig.5(b). In other words, it is clear that these temperatures during drilling are dependent on
the individual values of the material in the composites.

PREDICTION OF DAMAGE WIDTH

The heat affected zone is an important factor to consider the laser drilling as the new smaller
diameter drilling method for the through hole. Therefore, it is necessary to estimate the
distributions of the temperatures around the hole wall in various drilling conditions. So, the
heat transfer analysis is carried out by FEM using boundary conditions based on above
experiments.

Analytical Model
From experimental results, it is found that the heat transfer are more affected by the glass
fibers than the epoxy resin in laser drilling of GFRP. So, we attract attention to the maximum
temperatures at the hole wall during laser drilling, and to the properties of E glass as the
material properties. In this model, the anisotropy of material properties is taken into no
account, because the damage can be seen as the circle damage zone, and is hardly dependent
on the fiber direction from Fig.5.  The temperatures at the drilled hole wall is the sublimation
temperature of SiC ( 2800  ) (3073 K ) from Fig.4 . Other boundaries are insulated against the
heat transfer, because the laser irradiation time is very short in laser drilling of PWB. The
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specific gravity is 2.54, the thermal conduction rate is 1.04 W/mK, and the specific heat is
800 J/kgK.  The radius of the drilled hole wall at the model is the radius of the spot diameter
of a laser beam. The heat transfer analysis of the non-steady heat conduction is carried out by
FEM on these boundary conditions.

Fig.5: Micrscope photograph of hole entrance
 ( Laser output power 150 W, Irradiation time 0.5 s )

Distributions of Temperatures

Fig. 6 shows the calculated results of the relations between the distances from the hole wall
and the temperatures after 0.1s , 0.5s and 1.0s. Comparing Fig.4 and a calculated result after
0.5s, it is found that a calculated result is in good agreement with the experimental one. From
these results, this model is effective to estimate the distributions of the maximum
temperatures in laser drilling of GFRP.
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Prediction of Damage Width

The black zone ( carbonizing zone ) in Fig.5(a) is an important area where the epoxy resin is
decomposed, because this is an uneven area along the thickness of GFRP and a change in
quality by the heat affect. Accordingly, this width has the influence on the reliability of the
through hole plating of PWB. So, the prediction of heat affect damage widths is carried out
using the calculated temperatures by this method.

That is: the areas more than 500  ( 773 K) are defined as the black zone ( carbonizing zone )
at calculated results in laser drilling. Fig.7 shows the calculated result and the microscope
photograph of a experimental result in the same scale ( irradiation time 0.5s and calculated
after 0.5s ). Fig.8 shows the relations between the irradiation time and the damage widths in
the case of various laser output powers. From these figures, it is found that the damage widths
after drilling of GFRP under various irradiation time can be predicted using the threshold of
this temperature in this model.

Fig.6: Calculated temperature and distance from hole wall

Fig.7: Comparison between experimental result and calculated one



Volume IV: Composites Processing and Microstructure

IV - 350

Fig.8: Damage widths and irradiation times

CONCLUSION

1. From measuring the temperatures in GFRP during laser drilling, it is found that the heat
transfer from the hole wall causes an increase of the temperature around the hole. The
temperatures are low values nearest the hole wall, and the heat input is small from the
hole wall in laser drilling of the epoxy resin. On the other hand, the temperatures are
very high values near the hole wall, and the heat input is very large from the hole wall
in laser drilling of GFRP. The drilled hole temperature is approximately from 2500  to
3000  ( from 2773 K to 2273 K) during drilling of GFRP.

2. Details of the heat affected zones become clear from the view point of the temperatures
in laser drilling of GFRP: the epoxy resin (low resolution point) is decomposed by the
thermal conduction of the glass fibers at 500  ( 723 K ), and then the pyrolytic carbon
deposits on the glass fibers. So, the surface of the glass fibers turns to black.
Additionally, the temperature of the glass fibers near the hole wall rises to more than
melting point of the glass. At more than 1200  ( 1473 K ) SiO2 ( glass fiber ) is reduced
to SiC by the carbon, and at more than 1500  ( 1773 K ) the carbon varies to the
graphite.

3. The heat transfer is analyzed to predict the damage width ( carbonizing zone ) at the
drilled hole wall using FEM. Specially, we attract attention to the maximum
temperatures at the hole wall during laser drilling, and to the properties of E glass as the
material properties. The temperature at the drilled hole wall is fixed at the sublimation
temperature of SiC ( 2800  ) (3073 K ) . Other boundaries are insulated against the heat
transfer. As results, it is found that this model is effective to estimate the distributions of
the maximum temperatures in laser drilling of GFRP. The damage widths after drilling
of GFRP under various irradiation times can be predicted using the threshold of 500
(773 K) in this model.
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SUMMARY:  Continuous fibre-reinforced thermoplastic (CFRT) sheet materials have
enjoyed a steady rise in popularity over recent times which can be largely attributed to the
way they lend themselves to low-cycle-time manufacturing applications. In many of these
rapid forming operations the actual process cycle is dominated by the time required to cool
the moulded component to an appropriate final temperature. In such processes, the applied
surface cooling rate can have a significant influence on the geometric conformance of the
component as well as its internal stress state. This paper examines the applicability of the
finite element (FE) method to predict the effects of a number of different cooling scenarios on
the distortion incurred during the most commonly encountered deformation process in sheet
forming, bending. A finite element model is developed to investigate the springforward
phenomenon in composite sections which are subject to various cooling rates. The model goes
some way toward accounting for the temperature dependent material property variation during
cooling. Finally the results obtained from the numerical model are compared to those
achieved from experiments. The implications of these results are discussed in the context of
real manufacturing processes, such as deep drawing and roll forming.

KEYWORDS:  springforward, shape fixability, cooling rate, continuous fibre reinforced
thermoplastic, finite elements, roll forming.

INTRODUCTION

Continuous fibre-reinforced thermoplastic composites have established themselves as tough,
reliable, cost effective alternatives to various other traditional structural materials such as
aluminum and even their thermosetting cousins. Their most significant advantage lies in their
ability to undergo rapid curing cycles from the melt which are largely dependent on the
temperature and only moderately dependent on any chemistry effects. This unique
characteristic has provided the opportunity to apply rapid and economical manufacturing
methods along the same lines as those used in one of the most pervasive of all manufacturing
industries - sheet metal forming.
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Already a good deal of success has been achieved in the development of fast, efficient,
processing methods which go some way to realising the full benefits of thermoplastic
composite materials [1,2]. An example of one of these processes is roll forming [3], which is
presently in the early stages of
development, but has already
demonstrated the potential for
continuous production at relatively
high line speeds. Figure 1
demonstrates some of the possible
profiles which may be achieved
ranging from simple open sections
to more complex closed sections.
One key area of concern though in a
process like roll forming is the
development of residual stress and
distortion in a formed components
as they cool from the forming
temperature. The elevated
processing temperatures, and the
large differences which exist
between the thermoelastic
properties of  the matrix and fibres in directional polymeric composites leads to an inevitable
build up of residual stress and subsequent distortion during cooling. The deviation from a
components intended shape can render it useless, while the residual stress state can act to
severely limit both the static and dynamic strength of the part. The accurate prediction of the
final shape of a formed part and its residual stress state are therefore essential to the design
and performance of composite structures.

Generally, models of forming processes for thermoplastic composite systems only consider
one phase of the material. In the case of forming the matrix remains in a molten state and the
material behaviour is considered to be viscous [4,5], or more generally viscoelastic [6]. On the
other hand, models which are developed to account for the distortion of a formed component
as it cools from its molten state often assume thermoelastic behaviour [7]. Analytical two
phase models have been suggested by Ruddock [8] and more recently by Ruddock and
Spencer [9] who have developed a model which accounts for the solidification front through a
cylindrical channel section in plane strain. As expected, their analysis suggests that the
residual stresses and distortion may be minimised by allowing the cooling rate to tend to zero.

The present study is primarily concerned with the concept of shape fixabilty, a generic term
used to define how well a component conforms to its intended geometry after deformation. To
facilitate this investigation, a set of simple bending experiments has been performed. The
effect of various cooling rates on the final shape of the formed strips is examined by
measuring the deviation from the part’s intended geometry, or springforward. It is to be noted
that the term ‘springforward’ used in this study refers to a decrease in the enclosed part angle,
as opposed to ‘springback’ which is commonly associated with metallic sheet. In addition to
the experimental study, a numerical analysis has been undertaken in an attempt to model the
effect of cooling rate on the distortion encountered during solidification and cooling. The
numerical model has been formulated to account for the material property variation during
cooling. Although the model makes a number of bold simplifying assumptions regarding the

Fig. 1: Typical roll formed profiles.
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material behaviour at elevated temperatures, it does serve as a useful basis for further two
phase modelling using numerical techniques.

DESCRIPTION OF MODEL

The first part of the modelling to be undertaken was that of a simple thermoelastic analysis
which was formulated along the same lines as the model of Zahlan and O’Neill [7]. In this
analysis a 4mm thick bend region (formed to an inner radius of 10mm) was modelled as a
transversely isotropic elastic solid. In keeping with their approach, the part was constructed in
a cylindrical coordinate (r,θ) reference frame with supports applied along the vertical face for
which θ = 90°. For this model the thermal loading was applied in the form of prescribed
initial and final element temperatures. It should be noted that this type of loading case
assumes homogenous cooling and thus ignores any thermal gradients which would be present
in an actual cooling process.
In addition to the model described above, a more rigorous analysis was undertaken, involving
both a transient description of the temperature variation as well as a structural analysis to
compute the thermally induced stresses and strains as a function of time. The model was
divided into two parts, the first dealing with the transient temperature variation in the formed
part as it cooled, and secondly, an incremental stress strain analysis to compute the part’s
response to the applied thermal loading. The heat flux associated with the deformation was
assumed to be negligible so that the transient field analysis could be performed independently.
The coupling of both the field and structural analyses was performed by way of a data transfer
file (DTF) as illustrated in Figure 2.
Cooling was applied to the outer surfaces of the formed part at various rates which roughly
corresponded to (i) quenching , h = 100 W/mm2K, (ii) rapid cooling, h = 50 W/mm2K, and
(iii) slow cool, h = 10 W/mm2K.

In order to model the two phase nature of the composite as it cooled from the melt, a number
of simplifying assumptions has to be made regarding its constitutive behaviour. Ideally, the

   2D-TRANSIENT FIELD ANALYSIS            STRUCTURAL ANALYSIS

DATA
TRANSFER

FILE

Update
temperature

field

Increment time
step ∆t

Solve
temperature field
for current time

Read current
temperatures

into

Mechanical
property

evaluation

Fig. 2: Coupling of the transient field analysis and the structural analysis.
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numerical model would be formulated along the same lines as that of Ruddock and Spencer’s
[9] two phase model which idealises the molten phase as an ‘anisotropic thermoelastic liquid’.
Unfortunately this type of material definition is unavailable using many of the commercially
available FE packages, including the LUSAS FE system used in this study. This meant that
certain simplifying assumptions had to be made regarding the material response at elevated
temperatures. It was decided that the closest approximation to the behaviour could be
achieved using an anisotropic plastic hardening material model. While this assumption casts
some doubts over the legitimacy of the results, particularly the development of stress in the
part, it does address some of the issues regarding temperature dependent material property
variation. More importantly, the model provides a basis from which further numerical
modelling may be developed.

EXPERIMENTAL DETAILS

The experimental program consisted of a set of simple single axis, 90° bending tests which
were performed using PLYTRON®, a continuous glass fibre/polypropylene thermoplastic
composite with a nominal fibre volume fraction of 35%. The single curvature bending
specimens were constructed from 8 plies of preimpregnated sheet material giving a nominal
thickness of 4mm. Figure 3 illustrates the dimensions of the samples and the intended
geometry after deformation. The bending experiments were conducted over a variety of
forming temperatures ranging from 180 to 140°C. In each case the same heating sequence
was adopted; namely the samples were heated initially to 180°C and held for a period of 10
minutes. Once a stable environment had been reached each sample was cooled in a controlled
manner to the desired forming temperature. After the specimen was formed to 90°, the strip
was cooled using one of three cooling rates: i) slow (~2 °C/min) ii) moderate (~15 °C/min)
iii) rapid (~60 °C/min). The cooling rate in each sample was monitored by a K-type
thermocouple embedded within laminate.

Fig. 3:  a) Test sample dimensions, b) Intended geometry of deformed sample.

RESULTS AND DISCUSSION

The result of the thermoelastic analysis is illustrated in Figure 4 where the springforward
effect is demonstrated as the bend region cools from a forming temperature of 180°C to room
temperature. Since the formed part is not constrained by any tooling and consists entirely of
unidirectional plies, the solution is independent of any of the specified elastic material
parameters. The numerically predicted result is a change in the enclosed part angle of
approximately 1.5° which is well short of the experimentally observed results detailed in
Table 1. Somewhat surprisingly, the springforward in these experiments was found to be
largely independent of the forming temperature. On the other hand the applied surface cooling
rate was found to significantly influence the final shape, suggesting that the majority of the
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distortion was incurred as the material underwent a phase change and subsequently cooled to
room temperature.

The relationship commonly used to predict the springforward in anisotropic materials formed
to angle θ can be simply written as

∆θ = (αr - αl)θ∆T         (1)

where ∆T is the temperature range over which cooling takes place and αr and αl are the
coefficients of thermal expansion in the radial and longitudinal directions respsectively. The
poor agreement between the experimental results and equation (1) raises some interesting
questions, particularly in light of the results of Zahlan et al. [6] who achieved good correlation
with CF/PEEK material. Two interesting differences to note when comparing PP and PEEK
composites are the respective temperatures at which they are processed, and also the material
behaviour as they cool. PEEK is typically processed at around 400°C and exhibits a viscous
type of behaviour over a relatively short temperature range when cooling from the melt. In
other words the material remains
essentially elastic over the majority
of the cooling stage. On the other
hand, PP composite materials have
a relatively wide forming window
and can be processed at
temperatures as low as 110°C
during cooling  before they begin
to solidify [2]. Only during a
relatively short proportion of the
cooling stage does the material
behave like an elastic solid. It is
therefore suggested that for the
class of composite used in this
study, a thermoelastic model by
itself may be insufficient to predict
the distortion incurred during
cooling. The material property variation, a result of transient temperature field, necessitates a
more complex model which can account for the transitional behaviour between the molten
and solid phases.

Table 1: Springforward of formed parts for various forming temperatures and cooling rates.

Forming Temperature
Cooling Rate 140°C 150°C 160°C 170°C 180°C

Slow 6.0° 5.9° 5.4° 5.3° 5.5°

Moderate - - - - 6.3

Rapid - - - - 7.4

r

θ

180°C

20°C

Fig. 4: Springforward predicted by the thermoelastic
               model upon cooling.
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From the results detailed in Table I, it is clear that the cooling rate has a significant influence
on the magnitude of the springforward. With this in mind a thermo-mechanically coupled
analysis was undertaken in an attempt to model this effect. The results of this analysis are
presented in Figure 5. The distortion, or springforward ∆θ, has been plotted against the
applied surface cooling rate. As the cooling rate is increased, it can be seen that the model
begins to describe the response more effectively than the thermoelastic model. Although the
trend is favorable, the magnitudes of the distortions are still considerably lower than what was
observed experimentally. In light of the assumptions made regarding the material behaviour,
this is understandable and a revised description of the thermorheological  response may well
give better correlation to the experimental results.

The emphasis of this paper has been on modelling the springforward phenomenon which
represents a physically measurable quantity. The residual stress state of a part is also an
important quantity which affects the integrity but is infinitely more difficult to measure in a
practical sense. While no attempt has been made here to characterise the stress state of the
parts formed in these experiments, the residual stresses have been shown by others to be
relatively slight in comparison to those values reported for carbon fibre/PEEK [10]. Cuff
suggests that this might well be a result of the glass transition temperature Tg of PP being well
below room temperature [10]. It is interesting to note that over three quarters of the residual
stress in CF/PEEK is developed between Tg and room temperature [11]. It could be argued
that realisation of the intended shape of a component manufactured from PLYTRON may be
more of a concern than the internal stresses within the actual part.

Distortion of formed parts is something that cannot be avoided due to the elevated processing
temperature requirements of thermoplastic composites. However, with the clever use of
numerical modelling tools it can be predicted and accounted for at the design stage of a
process. This is very important and could significantly reduce the time and expense associated
with trial and error approaches. Like other processes, roll forming must address the issue of
shape fixability if quality profiles, which meet strict tolerances are to be produced. As in
standard die forming operations, the rolls, like the dies, may be exactly designed to account

1
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1.4

1.6

1.8

2

2.2

Cooling Rate

S
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Fig. 5: Effect of cooling rate on spring forward in PLYRON sections formed to 90°.
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for the distortion, or springforward incurred during cooling. For instance a set of rolls may be
designed to underbend a particular section, as shown in Figure 6, in anticipation that it would
adopt its desired shape upon cooling. In addition, the cooling rate may be conveniently
managed by applying external heating or cooling devices between each forming station to
alleviate large thermal gradients which have been shown in this study to also significantly
influence the final shape of a component.

                                    (b)

Fig. 6: Distortion of channel section (a) underbent shape prior to cooling, (b) final shape
after cooling.

The implications of these results are extremely important from a manufacturing perspective as
they indicate that increased conformance of a shaped component may be achieved by
allowing it to cool at a relatively slow rate during the solidification period. Accepting that a
cooling rate which approaches zero is both practically and economically unfeasible, the key
issue that faces producers of real parts would seem to be how fast can a component be cooled
without compromising its integrity. While the answer to this depends on the particular
circumstances, it seems appropriate to point out, that for the class of material investigated in
this study, the thermorheological behaviour has a significant bearing on the final shape of the
part. Lastly it is important to note that the results presented here should not detract from the
obvious benefits these materials possess, however they do point towards the need to consider
very carefully the effect that cooling rate has on the shape fixability.

CONCLUSIONS

A set of simple bending tests have been performed on strips of directional glass
fibre/polypropylene composite to determine the effect of forming temperature and cooling
rate on the resulting distortion. The springforward in each strip was observed to be largely
independent of forming temperature but highly dependent on the applied cooling rate.
Samples cooled at a rapid rate were found to distort to a greater extent than samples which
were allowed to cool slowly.

A finite element analysis has also been performed in an attempt to model the experimentally
achieved springforward results. The first analysis idealised the formed part as a thermoelastic
orthotropic solid. Unlike the results obtained for carbon fibre/PEEK, the correlation between
the model and experimental results was unacceptably poor with an under prediction of around
3.5°. This has been attributed to the material property variation, a result of the transient
temperature field, around the solidification period. Further modelling was then undertaken in
an attempt to account for the temperature and material property variation in the part. The
results of this analysis proved to be more effective in terms of modelling the cooling rate
dependence although the magnitudes obtained failed to match with those achieved
experimentally. It should be noted that this type of analysis appears to be extremely difficult
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to tackle using many of the commercially available FE packages. However the model
presented here does provide a useful basis for further work to be undertaken in this area.

The results indicate the use of slower cooling might be beneficial in producing parts with
greater conformance to that of their intended geometry. This has to be acknowledged by
manufacturers using materials such as PLYTRON which possess many other advantages,
including lower melt temperature and a significantly large processing window.
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SUMMARY:  In this paper the viscoelastic analysis on the process-induced residual stresses
of cylindrical structure by filament winding process is presented. The focus was on the effects
of the secondary structures such as teflon tape and mandrel on the final residual stress. The
material used in this study was Hercules AS4/3501-6 prepreg system. The material behavior
of 3501-6 epoxy during cure was modeled by a series of stress relaxation tests for the
viscoelastic constitutive equations of the composite during cure. A finite element method was
used to calculate the residual stresses, and the results at the selected time during cure cycle are
shown to understand the mechanism of stress development. It was found that small final
residual stresses are developed when the material with high Young's modulus and thermal
expansion coefficient is used for the mandrel structure .

KEYWORDS:  filament winding, thermoset composites processing, residual stresses,
viscoelasticity, stress relaxation

INTRODUCTION

The stress free states at cure temperature has been widely assumed for the process-induced
residual stress analyses of polymer matrix fiber-reinforced composite structures. Figure 1
shows dynamic mechanical analysis on fully cured Hercules AS4/3501-6 composite. In this
Figure, the glass transition temperature of fully cured specimen is 213°C. Reflecting the fact
that the cure temperature of this material is 177°C, it is questionable that full stress relaxation
of the residual stress occurs at the cure temperature. Recent studies on the viscoelastic
residual stress analyses of AS4/3501-6 laminated plates [1-5] showed that the temperature-
degree of cure-dependent relaxation behavior as well as the resin shrinkage during cure had a
great influence on the final residual stress development. In the case of cylindrical structures
manufactured by filament winding, the interaction between the mandrel and the composite
structure makes the residual stress development problem much more complex.

The filament winding process is commonly composed of the three steps: 1) winding the
composite tows onto a mandrel structure, 2) curing, 3) cooldown and removing the mandrel.
After winding, the composite and the mandrel structure is placed in an oven or autoclave to
cure the composite structure. The cure processing is very similar to the laminate case except
for the additional constraints due to the mandrel structure. Numerous studies have examined
process-induced residual stresses of cylindrical structures [6-14]. However, their solutions
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were based on the elastic approach. When the entire cure cycle was considered, assumption of
either a simple linear relationship between degree of cure and the mechanical properties of
composite [11,12], or a step function to describe the increase in composite material properties
after gelation was taken [13,14]. For the case of cylindrical structures, apparently no
viscoelastic analysis of process-induced residual stresses including the mandrel effect has
been attempted.

In this study viscoelastic process-induced residual stresses in cylindrical composite structures
are analyzed. The theormorheologically complex model for AS4/3501-6 prepreg system
developed in the previous works [1-5] was used for the constitutive equation. The residual
stress development of the cross-ply cylinder structure by autoclave cure process was
investigated. The slip effect of teflon film between mandrel and composite structure was
taken into account. Young's modulus and the thermal expansion coefficient were changed to
examine the mandrel property effect. The results were compared to each other to find the
condition for small final residual stresses in the composite structure.

During consolidation fibers move inward in the radial direction and resin percolates outward.
There is a loss of fiber tension as this process occurs. In the following analysis the effect of
winding tension is assumed to be neglegible.

VISCOELASTIC CONSTITUTIVE EQUATION

In the previous studiy [1,4], the most general expression for the constitutive relationship of an
anisotropic viscoelastic material during cure in matrix form was presented such that

Here, σi  is the stresses and εj and εj
~ are total strains and non-mechanical strains,

respectively. The present and past times are t and τ, respectively. The time dependent effects
in the stiffness matrix Qij can be temperature, moisture, degree of cure and all other factors
which have influence on the material property during cure. If the cure process is spatial
dependent, Qij is also a function of location.

The non-mechanical strains εj
~ in the polymer matrix composite cure process can be described

as

Equation (1) can be simplified to time-superposition integration form if the material shows
thermorheologically simple behavior to temperature and moisture at a constant degree of cure
αc. With this assumption and if there is no strain history before t=0, equation (1) can be
rewritten as anisotropic linear viscoelastic constitutive equation such that
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In equations (4) and (5), χ is the shift function and is a function of degree of cure, temperature
and moisture, and s is the time integration variable. This research is based on equation (3),
which implies that the material is assumed to be thermorheologically simple at constant
degree of cure.

For simplicity, the following notation is adopted such that

The caret on the variables signifies the principal axes condition. The principal axes  r, θ and l
of the cylinder are shown in Figure 2. If the cylinder structure is axisymmetric and each layer
is transversely isotropic, equation (6) is expressed as the matrix form such that

Therefore, the independent time-dependent engineering properties are

In the previous studies [1,3,4], the stress relaxation behavior of 3501-6 epoxy resin system
during cure was modeled in a thermorheologically complex manner by a series of stress
relaxation tests. On the basis of this model the stress relaxation model of AS4/3501-6
graphite/epoxy composite was developed. For AS4/3501-6 graphite/epoxy composite, it was
assumed that the material behavior was thermorheologically simple at constant degree of cure,
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and the effective time-dependent stiffnesses were modeled using a series of exponential
function such that

FINITE ELEMENT FORMULATION

In previous works [3,4], a finite element model was developed for the AS4/3501-6 laminate
cases. Similar formulation was used in the cylinder structure case .

A recursive formulation presented by Taylor et al. [15] was applied to account for the degree
of cure effect as well as to overcome large memory storage problem in solving the time
superposition integration equation (3). To adopt the method, the derivative of the global
displacement and the thermal-chemical strains were assumed to be piecewise linear during
each time interval. Additionally, the degree of cure α is assumed constant during each time
interval so that

Table 1: Elastic stiffness, thermal and chemical expansion coefficient
of fully cure AS4/3501-6 cylinder in the principal directions

Table 2: The material properties of aluminum, teflon film and steel
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Here, α(t¯k) is obtained separately through thermo-chemical model of the composite. The
detailed formulation is presented in reference [1].

Since the cylinder structure is assumed to be axisymmetric, the strains in this case are
calculated from

To consider the mandrel effect, the elastic response of the mandrel material must be combined
with the composite structure. In addition, a thin teflon film is used to separate the composite
structure and mandrel after cure. Since the film material allows slip to occur in the l-direction,
a stress discontinuity is introduced in this direction. Slip elements were inserted between the
mandrel and composite structure to simulate the effects of the film.

The mandrel and film materials are assumed to be composed of elasic materials with the
constitutive equations such as

The stiffnesses are expressed as

where E and ν are Young's modulus and Poisson's ratio, respectively. All properties of
mandrel and teflon film were assumed to be constant throughout the cure cycle. A thin teflon
film covers the surface of the mandrel and this film, in general, is viscoelastic. However, since
the thickness of the teflon in r-direction is negligible compared to the mandrel, the stress
relaxation behavior of the teflon can be neglected. Additionally, the thermal expansion
coefficient of the teflon is assumed to be same as that of the mandrel material. In the analysis,
only d33 in equation (14) is given a non-zero value for the teflon elements. All the material
properties used in the finite element analysis for the mandrel and teflon film are listed in
Table 2. Whenever the radial stress at the interface between the composite cylinder and the
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mandrel structure became tensile (σr≥0), the value of d33 was reduced to 10-9 GPa in order to
simulate the separation effect between the mandrel and cylinder.

In this analysis, the moisture effect is neglected and the effective thermal and chemical
expansion coefficients are assumed to be constant during cure. The effective thermal
expansion coefficients for the composite cylinder are listed in Table 1.

To consider the chemical shrinkage effect, the volume shrinkage is modeled by a linear
expression as

where VT
ch is total volumetric shrinkage of the resin. A typical value of 5% for VT

ch for epoxy
was assumed for the chemical shrinkage strain. The corresponding effective chemical
shrinkage coefficients are calculated by a self-consistent micromechanical model [16], and
they are listed in Table 1.

In the reference [1], the effect of the cure dependent equilibrium modulus was studied for thin
laminate cases. It was found that the cure dependency of the equilibrium stiffness did not have
significant effect on the final residual stress. Therefore, it was assumed that the equilibrium
stiffnesses were constant during cure in this study.

NUMERICAL STUDIES

In the results which follow the stacking sequence for the cylinder structure in Figure 2 was
[mandrel/teflon film/0°/90°] T. The thickness of the mandrel structure (mandrel and teflon)
was chosen to be equal to 1/3 of the total cylinder structure thickness. In this case h=3hm. The
thickness of the teflon film was 1% of the mandrel structure thickness. The structural
geometry considered is a thickness to mean diameter ratio of rc/b=13 with an aspect ration a / b 

of 3. Due to the symmetry of the cylinder structure, only a quarter of the section was
analyzed, and the following results are at l=0.

Figure 3 shows the temperature cycle and corresponding degree of cure history for the MRC
cycle. The temperature of the first dwell is 116°C for one hour. In the second dwell, the
temperature is 177°C for 2 hours. 2.5°C/min was equally applied to the increase and the
decrease rate of the temparature of the cure cycle. With this temperature cycle, degree of cure
advancement was calculated on the basis of the thermo-chemical cure kinetic models for
AS4/3501-6 composite in the references [17]. It was assumed that the temperature and degree
of cure are changed uniformly through the thickness of the composite structure during cure.
The corresponding stress distributions are shown at nine specific times (37, 96, 121, 181, 240,
256, 274, 290 and 302 minutes) throughout the cure cycle in the figures which follow. These
times are overlaid on the cure cycle in Figure 3.

Figures 4-9 represent the stress developments during cure cycle. In this case the mandrel
material is aluminum. Figures 4 and 5 show the radial stress profile developments during
cure. To the start of cure temperature at 121 min, the stress distribution in the cylinder
structute is compressive. During cure from 121 min to 181 min, the compressive stress is
slightly changed due to the resin shrinkage effect. As the temperature is decreased during
cooldown stage, the stress distribution is changed from compression to tension. After the
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separation is occured between the mandrel and the composite structure at about 46°C, the
stress at the mandrel remains zero while the stress at the composite structure is tensile. The
maximum stress after cooldown is found to be 1.17 MPa at the 0°/90° interface. The axial
stress distributions are shown in Figures 6 and 7. Since the displacement discontinity between
the mandrel and the composite structure exists, there is no stress development in the mandrel.
Immediately before cooldown the 0° layer is in compression and the 90° layer is in tension.
After cooldown the stress magnitudes are all elevated significantly. The final axial stress at
the inner radius is -35 MPa. The hoop stress distributions are shown in Fgures 8 and 9. The
stress distributions in the mandrel and 90° are significant in the magnitude due to the mandrel
expansion at the cure temperature. After the mandrel is separated during cooldown, the final
residual stress in 0° layer is tensile while the stress in 90° layer is compressive. It was found
that the radial and hoop stress magnitudes during cure temperature are very large compared to
the final residual stresses due to the mandrel expansion.

To investigate the influence of mandrel material prperties on the final residual stress, the
aluminum mandrel is changed to steel mandrel. The material properties are listed in Table 2.
The stress profile developments during cure are similar to the previous cases. And only the
final radial stresses are considered. Figure 10 shows the comparison of the final radial stress
distributions for both cases under the same cure cycle in Figure 3. The maximum stress with
steel mandrel showes slighly higher value. To investigate the material property effects further,
three cases of Young's modulus of mandrel materials are compared in Figure 11. The thermal
expansion coefficient was kept constant as 2.36µε/°C. The results show that the final radial
stress is increased as Young's modulus decreases. To examine the thermal expansion
coefficient effect, three different cases with constant Young's modulus of 72.4 GPa are
compared in Figure 12. In this case, the final radial stress is increased as the thermal
expansion coefficient is decreased.

CONCLUSION

In this research, the residual stress in the cylinder structure by cure process is analyzed. The
stress profile developments during cure were presented to understand the stress development
mechanism. The finite element method was used with axisymmetric assumption on the
cylinder structure, and slip elements were inserted to simulate the slip effect and separation
effect by teflon between the composite structure and mandrel. Parametric studies such as
Young's modulus and thermal expansion coefficient of the mandrel on the final residual
stresses were performed to investigate the effects of the mandrel matrial properties. It was
found that the residual stresses at the cure temperature were very high in magnitude due to the
thermal expansion of the mandrel compared to the final residual stress. And the usage of high
Young's modulus and high thermal expansion coefficient of the mandrel material showed low
final residual stresses in the case of AS4/3501-6 composite. In summary, the stress
developments over full cure cycle wit accurate information about material properties has to be
analyzed to find the reason of damages of the composite structure by the residual stresses.
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SUMMARY:   Axisymmetric biaxial squeeze flow tests have been carried out on continuous
fibre Glass Mat Thermoplastic (GMT) and also on samples of the unfilled polypropylene
matrix. Tests were carried out at constant squeezing rates representative of conditions in the
compression moulding process. Lubricated squeeze flow was also used to study biaxial
extensional flow. The results of lubricated and unlubricated tests on similar samples are
compared and the flow characteristics identified. Unlubricated squeeze flow of GMT can be
characterised by three regions: 1) a short ‘start-up’ period of elastic material compression, 2)
predominantly extensional flow over the majority of the squeezing range and 3) shear-
dominated flow at small plate separations. Results from lubricated and unlubricated tests on
GMT under the same conditions are very similar for the first half of the total deformation,
with the squeezing force in the unlubricated condition rising rapidly after further flow as shear
flow effects become more significant.

KEYWORDS:  Glass Mat Thermoplastic, GMT, polypropylene, rheology, lubricated squeeze
flow, biaxial extensional flow

INTRODUCTION

The compression moulding of Glass Mat Thermoplastics (GMTs) has become a popular route
for the high-volume production of complex semi-structural parts, especially for the
automotive industry. There is, however, a relative lack of knowledge of the flow behaviour of
GMT during moulding, which prevents a full understanding of the process and hinders the
development of mould-filling predictions. The squeeze flow technique, shown schematically
in Fig. 1, has received much interest as a study technique for compression moulding materials
since the biaxial flow field generated is broadly representative of the flow mechanism found
in the moulding process. In this technique, a disc-shaped sample of molten material is
squeezed between heated parallel plates which move together under a controlled approach.
The material response in terms of the squeezing force and plate separation is measured
throughout the test.
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Figure 1: Schematic diagram of constant volume squeeze flow

In this work, a constant velocity squeezing condition is imposed with the fastest squeezing
rates used representative of those found in the moulding process. Samples of the unfilled
polypropylene matrix material with a similar geometry to the GMT samples used were tested
to examine the effect of the mat reinforcement on flow behaviour.

The squeeze flow technique may be operated under lubricated or unlubricated conditions.
Unlubricated squeeze flow of polymer melts creates a shear flow field in the test material and
the technique can be used to measure shear viscosity [1,2] under certain conditions. The effect
of lubrication is to change the gapwise velocity profile from a near-parabolic shape (Fig. 2(a))
to that of a ‘plug flow’ (biaxial extension) with complete material slippage at the plate
surfaces, as shown in Fig. 2(b). There should, then, be a significantly different material
response between the two conditions for tests on unfilled materials.

(a) (b)

(c)

v(r)

r

z

r

z

r

z

v(r)

v(r)

h(t)

Lubricating 
polymer layers

Figure 2: Velocity profiles in squeeze flow

However, previous work [3,4] on the unlubricated squeeze flow of GMT has demonstrated
the predominance of extensional flow during squeezing. It was suggested, however, that the
flow mechanism involved a thin shearing layer of polypropylene matrix acting as a lubricant
at the plate surface while the bulk material underwent biaxial extension as shown in Fig. 2(c).
Also, it is probable that the flow field was shear-dominated at small plate separations.
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Lubricated squeeze flow, in which the flow mechanism is pure biaxial extension, should be a
useful comparison with which to test these conclusions.

THEORY

The constant volume squeeze flow technique is shown schematically in Fig. 1. A molten disc-
shaped sample is squeezed between two parallel heated plates under a constant squeezing rate.
The sample thickness decreases as the plates approach one another and the sample radius
increases as the material flows. Power law constitutive equations are used to model the flow
behaviour and the squeezing force is strongly dependent on the flow boundary conditions at
the plate surfaces.

Unlubricated Squeeze Flow

Under unlubricated conditions, a ‘no-slip’ condition is imposed at the surfaces of the plates.
For unfilled polymer melts, this results in a pure shear flow field with a near-parabolic
gapwise velocity profile. The power law constitutive equation for shear flow gives the shear
stress as

τ γ= As
m

�                (1)

where As is the shear flow power law constant, m the power law index and �γ  the shear rate.
The Scott equation [5] describes the variation of squeezing force with plate separation for a
power law fluid;
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where u is the squeezing velocity, h the instantaneous plate separation and R the sample
radius. This equation is derived for constant area tests (sample diameter equal to plate
diameter) and may be modified for application to constant volume tests to give
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where V is the sample volume and Ro and ho the initial sample radius and thickness
respectively.

Lubricated Squeeze Flow

The ‘no-slip’ condition is eliminated if a layer of lubricant is applied to the surface of the
plates and to the sample, which has the effect of causing complete wall slip and eliminating
the shear component of flow. In the absence of a shear contribution to the flow field, the
material flows in biaxial extension with the radial velocity proportional to the radial position,
r, but constant with respect to vertical position, z, between the plates (Fig. 2(b)).
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From the power law constitutive equation, the strain rate-dependent extending stress is given
by

σ ε= Ae
n

�                  (4)

where Ae is the extensional flow power law parameter and n is the power law index. For the
squeeze flow geometry, �ε , the strain rate, is given by

�ε = 





u

h
(5)

where u is the squeezing rate and h the instantaneous plate separation. An expression for the
squeezing force during the test may be obtained directly from Eqn (4) and, using the constant
volume assumption to describe the increasing sample radius, yields
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    (6)

In order to determine power law parameters, we rearrange this expression and, taking
logarithms, obtain

( ) ( ) ( )log log .log �Fh VA ne= + ε      (7)

A double logarithmic plot of (Fh) vs. (�ε ) should therefore give a straight line of slope n with
Ae being calculated from the intercept of the line with the vertical axis corresponding to unity
strain rate. It should be noted that Ae is often found to be strain-dependent [6], as in the case
of a strain-hardening material.

MATERIALS

Both polypropylene (Shell grade XS-6500-S) and GMT samples were made with the same
nominal geometry. Pure polymer samples were made by melt pressing 85 g of polymer
granules in a simple plate mould and yielded samples with an average diameter of 148 mm
and a 4.5 mm thickness.

The GMT material used in this work was based on the continuous swirled fibre mat produced
by Symalit of Switzerland. Commercial grades of GMT, however, contain some ground
recycled material between mat layers and have a comparatively large variation in glass
content over a given area (around ±4% by weight variation). In order to be able to determine
volume fraction more accurately, maintain consistent sample quality and to vary glass content
in future studies, samples were manufactured by compression moulding. The manufacture of
samples ‘in-house’ also reduces the effects of data scatter due to the variation in commercial
material specification from batch to batch. A simple 150 mm diameter closed circular mould
was used and samples manufactured by film stacking and hot pressing. The polypropylene
matrix is the same as that used in the pure polymer samples. Samples were inspected
individually after moulding to ensure good quality test specimens. The final average
dimensions of the samples were 149.9 mm diameter with a 3.9 mm thickness and an average
glass content of 30% by weight.
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SQUEEZE FLOW EQUIPMENT AND TEST PROCEDURES

Fig. 3 shows the equipment used. The 395 mm x 395 mm squeeze flow plates are supported
by four sliding columns to provide lateral stability and the whole apparatus is mounted in a
500 kN servohydraulic testing frame. Electrical heating elements and water cooling channels
are incorporated beneath each plate.

Figure 3: Photograph of Squeeze Flow Plates

Before testing, the plates are heated up with a separation of a few millimetres to allow for
thermal expansion. Once the temperature had stabilised, the test programme opened the plates
and the sample was placed in the centre of the lower plate. The plates are then closed to a
separation of 5 mm and left for 10 minutes to allow the sample temperature to stabilise at
190oC. At the start of heating, the upper plate is not in contact with the GMT sample. This
condition is imposed to allow for data correction due to the effects of internal friction and
machine inertia at the start of machine movement. During heating, however, the GMT ‘lofts’
and contacts the upper plate. The initial movement of the plates reconsolidates the material
and only squeezing in the final 3.9 mm is regarded as valid data. Once the sample is
uniformly heated, the plates are driven together at the required velocity to a plate separation
of 1 mm. The squeezing velocities used were 0.3, 1, 5, 10 and 20 mm/s. The same procedure
is used for testing polypropylene samples, although lofting does not, of course, occur.

The most critical experimental factor in the lubricated squeeze flow technique is obtaining
complete material slip at the plate surfaces. Silicon oils of various viscosities were used and
the most effective lubricant determined by trial and error. The quantity of lubricant used was
also found to be critical: too much and/or too high a viscosity of oil created an uneven
lubricant layer and caused flow instabilities. A distorted sample shape resulted. With too little
or too low a viscosity, incomplete wall slip occured and pure extensional flow could not be
achieved. In this work, tracers on the surfaces of the samples were used to assess the extent of
slippage. Tracers were made from 5 mm lengths of thin carbon fibre/PEEK composite tape
and were placed in shallow grooves in the sample surface as shown in Fig. 4. The position of
the tracers after testing gives an indication of whether complete wall slip has been achieved. If
complete wall slip is achieved, the tracers should remain at the outermost radial position on
the sample. It was found that GMT was less sensitive to the lubrication method than was the
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unfilled polypropylene, presumably due to the higher viscosity of the material. In all the tests,
oil with a viscosity of 0.5 Pa.s was wiped on to the plates with a clean cloth prior to plate
heating, with care being taken to apply as even a coating as possible. The surfaces of the test
sample were also coated. After the test, when cooling was completed, the plates were
degreased with acetone to ensure no residual oil build-up in subsequent tests.

Sample before testing Carbon/PEEK
Tracers

Sample after testing

Approx. 
300 mm

Figure 4: Positioning of Tracers on Sample Surface to Assess Extent of Wall Slip

RESULTS
Polypropylene

Fig. 5 shows squeezing force vs. plate displacement plots for squeeze flow tests on
polypropylene. Lubricated and non-lubricated tests are shown on the same plot for squeezing
rates of 1, 10 and 20 mm/s. It can be seen that lubrication lowers the required squeezing force
by around 50% for the whole range of squeezing.
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Other workers have used the unlubricated and lubricated squeeze flow techniques to generate
shear and extensional viscosity data for polymer melts [1,7]. It should be noted, however, that
a state of approximately steady flow must be achieved for this purpose. With the squeezing
rates used in this work, which are chosen to be representative of the compression moulding
process, it is not possible to achieve a steady state (or a ‘quasi-steady state’, as is most often
assumed) and the calculation of viscosity data would not be valid.

Glass Mat Thermoplastic

Experimental data from lubricated and unlubricated tests on GMT at three different squeezing
rates are compared in Fig. 6. Again, lubrication lowers the squeezing force, but to a much
lesser extent than in tests on pure polypropylene.
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Figure 6: Squeezing Force vs. Plate Displacement for GMT

Squeezing force is similar for unlubricated and lubricated cases for about the first half of the
test, with the force in the lubricated tests only slightly less than that for the unlubricated tests.
At plate separations of less than about 2 mm, however, the force in the unlubricated tests
increases much more sharply than that in the lubricated tests and the difference between the
two becomes much larger.

A double logarithmic plot of (Fxh) vs. �ε  may be constructed (see Eqn 7) for the lubricated
test data as shown in Fig. 7. Here, a linear relation exists for each value of plate separation
plotted. These lines have slope n and their intercept with the vertical axis shown can be used
to calculate Ae.

There is a small variation of Ae with increasing strain, as shown in Fig. 8. In fact, a slight
decrease in Ae occurs as plate separation decreases and the variation may be approximated
with a polynomial relationship. The resulting equation may be substituted into Eqn 5 to
describe the squeezing force in power law terms. A typical test is compared with this model in
Fig. 9. It should be noted that the ‘start-up’ flow region, corresponding to elastic compression
of the sample, at the beginning of the test is not described by this model.
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DISCUSSION

The unlubricated squeeze flow tests on GMT in previous work [3] showed that the flow could
be modelled as biaxial extension over a portion of the total range of plate separation. This
region occurred after the initial elastic compression and before the flow became shear-
dominated at small plate separations. In this region, the squeezing forces found in lubricated
squeeze flow are very similar to, although slightly lower than, those with unlubricated
conditions. It was also suggested that a thin polypropylene layer, acting as a lubricant, may
exist at the plate surfaces in unlubricated squeeze flow, and the small discrepancy between
unlubricated and lubricated results may be due to the force required to shear this thin polymer
layer. This behaviour supports the evidence for the biaxial extension of GMT in unlubricated
squeeze flow.

At small plate separations, the squeezing force in unlubricated tests rises much more rapidly
than that in lubricated tests. This is to be expected if the flow field in unlubricated tests
becomes increasingly dominated by shear at small plate separations. Lubricated GMT,
conversely, continues to undergo extensional flow throughout the test, as indicated by the
final position of the surface tracers.

As may be expected, the flow behaviour of the polypropylene matrix material is different. The
absence of the glass mat reinforcement reduces squeezing forces by around 25% at the highest
loads in unlubricated tests. The forces in these tests are significantly higher than those under
lubricated conditions throughout the range of plate displacement. This discrepancy in force
represents the two extremes of material flow: shear flow under unlubricated conditions, with
biaxial extension occurring in lubricated tests.
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CONCLUSIONS

The unlubricated squeeze flow of unfilled polypropylene is shear-dominated. This behaviour
has been modelled using power law shear flow constitutive equations [1,2] and also used to
generate shear viscosity data under condition of steady flow. The effect of lubricating the
plate surfaces during testing is to lower the required squeeze force throughout the test as the
material undergoes biaxial extension with a negligible shear flow contribution.

Flow of GMT in squeeze flow appears to consist of three regions: 1) a ‘start-up’ flow of
elastic material compression, 2) biaxial extension over the majority of the squeezing range
and 3) a shear-dominated flow at small plate separations. This is confirmed by results from
lubricated squeeze flow tests. For the range of squeezing attributed to extension in
unlubricated squeeze flow, the forces are similar to those seen in lubricated squeeze flow. In
the shear-dominated region at small plate separations under unlubricated conditions, the
forces are much higher than in lubricated flow.

This work has attempted to simulate conditions in the compression moulding process if
conditions were isothermal. Flow of GMT under these conditions is predominately
extensional and can be described to a good approximation by simple power law relations.
During flow in thin sections, however, flow behaviour changes and shear flow becomes
increasingly important, causing a sharp rise in squeezing force. A purely extensional model
may underestimate actual pressing forces under these conditions and an accurate model of
compression moulding must cater for these changes in flow conditions.
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SUMMARY:  This paper describes the development of a drape forming method for a rudder
tip preform. Shear characteristics of the glassfibre fabric were investigated using three
different test methods, and a fabric lock angle was defined and measured. Simple fabric shear
tests performed by hand were sufficient to define fabric shear limits for subsequent computer
drape simulation trials.

Drape forming experiments and computer drape simulations showed good agreement overall.
Drape simulation was found to be a very useful tool for designing preform manufacturing
processes. In the drape forming of a rudder tip, it was demonstrated that a simple adjustment
of the orientation of the forming tool was effective in distributing fabric shear more evenly
over the part, eliminating wrinkling. Successful drape forming of 0/90° and ±45° plies was
achieved.

KEYWORDS:  Drape simulation, fabric draping, fabric shear, intersection angle, preform.

INTRODUCTION

The CRC-ACS has made a number of advanced composite demonstrator components to
showcase its preforming and liquid moulding technology. One of these components is a
fibreglass/epoxy rudder tip, currently made by Aerospace Technologies of Australia from a
fibreglass/epoxy prepreg, laid up by hand on a male mandrel, and cured in an autoclave. The
CRC-ACS demonstrator component has been made by RTM; an important part of the success
of this demonstrator component was the ability to drape the fibreglass fabric into the “deep
draw” preform shape quickly and easily, without wrinkles or other defects. In particular the
ability to shape the preform without the use of any ply drop-offs or internal splices was very
desirable.

The paper first describes an investigation into the draping characteristics of the selected
fibreglass fabrics. A very simple bench test was used, as well as mechanical tests on fabric
samples. The second part of the paper discusses tests to determine how the fabric can be
draped over the component mould shape. This section reports both experimental and
computer simulation trials.



Volume IV: Composites Processing and Microstructure

IV - 412

CURRENT PRODUCTION METHOD

The lay-up for the Rudder Tip fairing under investigation consists of eight plies of 302 gm/m²,
8 harness satin, 1581-style prepreg and two plies of 107gm/m², 4 harness satin, 120-style
glassfibre prepreg. The two 120-style prepreg plies are positioned on the part surfaces. This
rudder tip part is 800 mm long, weighing 1300 gm and is currently laid up on a male mandrel.
No orientation is specified for the prepreg lay-up. Debulking is required for after every two
plies of prepreg. Considerable cutting and splicing is required to form the plies around the
tight double curvature of the leading edge radius of the part, which makes the part expensive
to produce. The very tacky nature of the prepreg used also causes problems in layup.

FABRIC SHEAR TESTS

Initial hand draping trials on the Rudder Tip mould showed that the double curvature of this
part would test the limits of shear in the 1581 and 120 glass fabrics. To understand this aspect
of draping, a very simple fabric shear limit test was performed. This involved laying the
fabrics on a smooth flat surface and marking a 50mm square grid on the fabric along warp and
weft directions. The fabric was then stretched by hand on the flat surface, until the fabric
“locked”, with further stretching producing wrinkles and local lifting of the fabric off the
surface. At this point load was removed and the “intersection angle”, α, between the grid in
the warp and weft directions, was measured using a protractor. The shear deformation of the
fabric, β, was then calculated from β = 90° - α. The intersection angle at which wrinkles
appeared was defined in this study as the “fabric lock angle” α`. The limit value of fabric
shear, β`, can be obtained from β` = 90°- α`. The simple method used here to measure the
fabric shear limit produced results consistent with those of Skelton [1], who fully explains the
mechanics of fabric shear.

α = Intersection angle

β = Fabric shear.

 α

,

,

Fabric grid before shear. Fabric stretched by hand.

β

Figure 1: A simple fabric shear limit test to measure lock angle, α`.
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Figure 2: Shear limit test of 1581 fabric: α` is 40°.        Figure 3: Wet 1581 fabric: α` is 30°.

The test result for the 1581 style fabric is shown in Fig. 2. For 1581, an angle α` of 40° was
measured, while for the 120 fabric, an angle α` of 30° was measured. A third test, with the
1581 cloth wetted by a low viscosity (room-temperature-curing) polyester resin, was also
carried out. In this case, the fabric showed a significantly reduced α` of 30°, as seen in Fig. 3.
This improvement in fabric shear may be due to the lubrication effect of the resin, acting at
tow crossovers, and also allowing easier reshaping of the tows for a tighter nesting of the
fabric. The resin also provides tack, making the formation of wrinkles more difficult.

Two other sets of shear limit tests were carried out, with results made available for this study
[2]. Simple bias extension tests were carried out on strips of fabric 120mm wide gripped in
80mm-wide jaws. A total fixed weight of 400gm on the lower jaw provided the only force.
The fabric specimens were long enough to allow unrestrained deformation in the “gauge
length”. Limit intersection angles were found to be 36° for the 1581 fabric and 35° for the 120
fabric. With fabrics wet with glycerine oil, the corresponding figures for α` were 28° and 26°
respectively.

Finally, dynamic testing using an Instron 1122A tensile test machine was carried out.  The
maximum capacity of the load cell used was 9.8N and the test speed used was 10mm/min.
The test arrangement is shown in Fig. 4. In order to ensure correct installation of the specimen
in the fixture, the fabric specimen with marked lines was mounted on the fixture on the bench,
then the top half and bottom half of the fixture were rigidly connected using a connecting bar.
The whole fixture was then installed in the jaws of the Instron machine and the connecting bar
removed. The total length of the specimen was 320mm, with 220mm between two jaws (gross
gauge length), 38mm clamped inside each jaw and 12mm projecting out from one side of
each jaw. The width of the specimen was 100mm. Five specimens of each fabric were tested.
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Instron jaw
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Connecting
bar

Rubber
sheet
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plate

Figure 4: The clamping arrangement for the bias extension test.

Bias extension measurements in the gauge length were converted to intersection angles, and
load was measured as force per unit width. The results are shown in Fig. 5. They indicate, as
found previously, that 120-style fabric appears to drape more easily than 1581-style fabric,
although this may be only because the 120 fabric is much lighter. The bias extension force for
both fabrics increases substantially below α = 40°, but it is difficult from this test to define a
precise lock angle α`.
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Figure 5: Results of dynamic bias extension test.

HAND DRAPING TRIALS

Drape forming trials for the Rudder Tip were carried out on a forming mould which was a
full-scale replica of the production male mandrel. The 1581 fabric was cut in 0/90° and ±45°
orientations, and a 50 mm square grid pattern was marked on the fabric to identify warp and
weft directions. No drape trials were carried out on the 120 style fabric, as it was considered
that this material was more easily formed than the 1581 fabric.
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θ

(a) Vertical Drape: Mould angle (θ) = 0°

(b) Angled Fabric

θ

(c) Angled mould

Figure 6: Mould drape angle, θ, achieved by angling either the fabric or the mould.

Initial drape trials using a 0/90° ply draped vertically, as in Fig. 6(a), showed a large amount
of excess fabric at the front of the part, where the surface curves through an arc of 180°. It
was found that this excess fabric could best be accommodated by sweeping the fabric on the
side of the part rearward as shown in Fig. 6(b). In this way, the excess fabric at the front of the
part was “shifted” to the rear of the part. The change in angle of the previously vertical fabric
tows from the vertical is defined here as the mould drape angle, θ. ( In this particular case
only θ is also the shear angle of the fabric along the sides of the part).

In later trials, it was found that although the fabric could be swept back by hand to a measured
angle θ, it was easier to raise the forming mould to the required angle θ, and allow the fabric
to drape vertically, as shown in Fig. 6(c). The effect was identical.  θ = 10° was tried first.
Bunching and wrinkling of fabric around the front of the part was greatly reduced, with most
of the excess fabric moved along to the back of the part, past the trim line. However Fig. 8
shows that a few small wrinkles were present in the fabric around the front of the part, where
intersection angles of 38° to 40° were measured, indicating that the fabric was at the limits of
its ability to drape this shape.

      

Figure 7: 0/90 ply,θ = 0°: Excess fabric        Figure 8: 0/90 ply,θ = 10°: Some minor wrinkles
   at the front of the part.             at the front of the part.
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The mould drape angle was increased to θ = 20°, as shown in Fig. 9. This significantly
reduced fabric shear at the front of the part, with more of the excess fabric being moved to the
back of the part, past the trim line. The wrinkling problem was no longer evident and
intersection angles measured were greater than 50°, even in the most highly stretched areas of
the draped fabric.

Figure 9: 0/90 ply, θ = 20°: Successful draping, no wrinkles.

Similar trials were carried out, again using a single ply of 1581 fabric, with the ply orientation
at ±45°. Fig. 10 shows the symmetrical placement of the ±45° ply on the forming mould,
which is horizontal (mould drape angle of 0º). A large excess of fabric was again found to
accumulate around the front of the part. The amount of excess material in this case appeared
to be greater than for the 0/90° ply (see Fig. 7) at a 0° mould drape angle.

Again, an angling of the forming mould on which the ±45° ply was draped, resulted in a
“redistribution” of the excess material around the front of the part, and the wrinkling problems
were overcome. Figs. 11 & 12 show that with a drape angle of 10°, redistribution of the
excess fabric occurred by a diagonal stretching of the fabric in three directions. Originating at
the top of the leading edge (the point where the fabric first contacted the angled forming tool),
lines of maximum stretch occurred along the centreline at the front, and symmetrically down
the left and right sides of the forming tool. This redistribution of excess fabric occurred in a
different manner to that observed with the 0/90° plies, where the excess fabric was moved
uniformly along the length of the part, past the rear trim line.
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Figure 10: ±45° ply, θ = 0°; Excess fabric Figure 11: ±45° ply, θ = 10°; The excess
                  at the front of the part.       fabric is redistributed.

Figure 12: ±45° ply, θ = 10°; another view.

Mould drape angles of 6.5° and 20° were also tried (see Table 1), with very similar results to
those obtained using 10°. Maximum fabric shear results showed little variation (ie. 40-41°)
for the range of tool angles trialed (6.5-20°).

DRAPE SIMULATION

A computer drape simulation of the Rudder Tip shape was performed using the Patran 3
Laminate Modeller analysis package. This computer program fits a simulated fabric onto a
finite element mesh of a part shape to produce a drape simulation. Laminate Modeller is based
on the pin-joint net idealisation of a fabric which was first proposed by Mark and Taylor in
1956 [3]. This software model is based on the assumptions that: (i) tows are inextensible, and
tow crossover points act as pin-joints with no relative slippage; and (ii) that tow segments are
always straight between crossover points. Fabric shear is the only deformation mechanism
allowed, and the fabric is fully in contact with the surface.
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To simulate draping over a surface, it is necessary to show two intersecting lines on the part
surface to simulate the tows in the fabric. This software package has some options for “globe
draping” ie. draping on a highly curved surface. The option selected here was “geodesic,”
which corrects for assumption (ii) by allowing curvature of the lines drawn from the starting
point, (at the high point of the part) through the crossover points along geodesic paths on the
surface. This method of draping control is most useful for an arbitrary three dimensional
surface with double curvature.

The Patran3/Laminate Modeller simulations are shown below, in Figures 13 and 14. These
simplified representations indicate warp and weft directions, from which can be found the
intersection angles (α). Where shear in the fabric is predicted to be higher than the limit value
(ie. areas where wrinkles may occur), the warp and weft lines are omitted for clarity. A limit
value of shear deformation β`= 50° was specified for this study, in line with the hand drape
test results mentioned previously. The maximum predicted fabric shear, βmax , required to
drape the Rudder Tip surface for the mould drape angles specified is summarised in Table 1.

Table 1: Predicted and measured maximum shear angles

Ply Orientation Mould Drape Angle(θ) Predicted βmax Measured βmax

0° 62.8° >50°: Wrinkling
10° 54.0° 52°: Small wrinkles

0/90° 20° 45.8° 40°
26° 40.3° No result

0° 70.0° >50°: Wrinkling
6.5° 42.9° 41°

±45° 10° 46.0° 40°
20° 45.5° 40°

Table 1 shows that the drape simulation predictions and the results of the hand draping
experiments agree very well. For the 0/90° plies, the drape simulation predicted that β is well
beyond the fabric shear limit β` for the mould drape angle (θ) of 0°, and just beyond β` for θ
= 10°. This agrees well with the hand draping results, where draping was found to be
impossible at θ = 0°, and marginal at θ = 10°, with only a few minor wrinkles.

For the ±45° plies, the simulation predicted that draping is not possible at θ = 0°; the hand
draping experiments verified this, with a considerable excess of material at the front of the
rudder tip at this angle. Draping was predicted to be possible, however, at θ = 6.5°, 10° and
20°; hand draping confirmed this. Interestingly, draping was predicted to be slightly easier at
6.5° than 10° or 20°; this could not be confirmed by the hand draping experiments.
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Start Drape

Start Drape

Figure 13(a) & (b): 0/90° drape simulation.

Start Drape

Start Drape

Figure 14(a) & (b):±45° drape simulation.

Comparison of Figures 10, 12 and 14 show that the general arrangement of the fabric is quite
similar in simulation and experiment. In all cases the predicted βmax was found to be from 2°
to 6° higher than the measured βmax in this shape. This may indicate that fabric shear is not the
only mechanism operating, and that yarn slippage may also be occurring.

Significant differences can be noted in the way the 0/90° and ±45° plies drape around the
rudder tip shape. Fig. 15 suggests the different deformation required. The 0/90° ply is
stretched in the two “bias” directions at ±45° to the rudder tip leading edge, forming two
highly-sheared fabric “ears”. Moderate shearing also occurs along the sides of the mould. The
±45° ply is stretched in three fabric bias directions at 0° , +90° and -90° to the mould leading
edge, forming the ears mentioned above, but is not stretched appreciably along the sides or
spine of the mould. The availability of three bias directions at the mould front for the ±45° ply
gives it a wider arc of highly sheared fabric, apparently allowing it to fit the shape with a
lower βmax than the 0/90° ply. This improved ease of forming for the ±45° ply was evident in
drape trials, where a small θ of 6.5° produced successful draping. For the 0/90° ply, it was
necessary to increase mould drape angle to 20° to achieve successful draping.
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Arc of Highly Sheared Fabric

Outline of Sheared Ply

Outline of Sheared Ply

757 Rudder Tip
Forming Tool

757 Rudder Tip
Forming Tool

0/90° ply orientation
(before shear)

±45° ply orientation
(before shear)

Figure 15: Schematic of fabric shear for 0/90° and ±45° plies.

CONCLUSIONS

Three types of test were used to establish the effective limit intersection angle for
reinforcement fabrics. A very simple test performed by hand on a flat surface was the easiest
of the three and was found to be sufficiently accurate for computer drape simulation trials.

It was demonstrated that the rudder tip geometry can be draped from one piece of fabric for
both 0/90° and ±45° ply orientations. The two fabric orientations differed in the characteristic
way in which drape forming was achieved around the highly curved front of the rudder tip
part. The methods developed using single fabric plies, are expected to facilitate the production
of a multi-ply rudder tip preform.
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Comparison of drape simulation predictions and hand draping experiments indicated good
agreement overall. Drape simulation is therefore a useful tool, particularly when the
mould/tool is not available for draping experiments.
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SUMMARY:  In order to control the quality of composites fabricated from prepreg,
specifications are available for shelf life and out time for various material systems.  Once the
shelf life has been exceeded, the prepreg must either pass acceptance tests or be disposed of.
The objective of this work is to determine the lifetime of prepregs by evaluating the effect of
aging on the curing of thick composites.  The investigation is carried out by applying
numerical simulations of the curing process for graphite/epoxy AS4/3501-6 composite
laminates of 3cm thickness.  The results indicate that fairly uniform compaction can be
achieved in 3cm laminates when using prepreg with up to 10% initial curing.  However, large
nonuniformity in fiber volume fraction occurs when using prepregs with initial curing of 20%
and 30%.  In addition, the incomplete compaction that occurs when using initially cured
prepregs causes large temperature overshoot during cure despite the lower heat of reaction.

KEYWORDS:   prepreg aging, cure simulation, thick composites

INTRODUCTION

Manufacturing composite parts from prepreg requires careful storage of the materials in order
to produce laminates that meet desired performance specifications.  Since prepreg materials
contain resins that cure continuously, they are usually stored in a freezer to slow the curing
reaction.  Although industry practice and requirements vary, large rolls of prepreg may be
thawed and refrozen many times as material is needed.  Every time the material is thawed to
room temperature, the state of cure will advance somewhat.  Subsequently, age and out time
of these materials may affect the quality of laminates produced.

In order to control the quality of composites fabricated from prepreg, specifications are
available for shelf life and out time for various material systems.  In production facilities, a
careful history of the time out of the freezer is maintained for each roll of prepreg.  Once the
recommended shelf life or out time has been exceeded, the material can not be used unless
acceptance criteria is met.  Since requalification of these materials is not feasible, they must
be disposed of if they do not pass the acceptance tests.  Since disposal costs sometimes
exceed material costs, this can become very expensive in situations where material is not used
regularly.  Therefore, composites manufacturers have tried to determine the usefulness of
aged prepregs.
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To identify the effects of aging, several studies have been published which describe the
changes in physical properties of composites fabricated from advanced prepregs.  These
include methods to detect aging such as dielectric measurements, dynamic mechanical
analysis and differential scanning calorimetry as well as the determination of the effects of
aging on mechanical properties [1-5].  These studies have been conducted on a variety of
material systems including graphite/epoxy, polyimides, and bismaleimide modified
epoxy/graphite prepreg.  In this paper, the discussion will be limited to graphite/epoxy
composites.

Sanjana [6] studied the aging behavior of Hercules AS4/3501-6 graphite/epoxy prepreg under
ambient and various other heat and humidity conditions.  Prepreg tack was found to
deteriorate before any other property.  A prepreg is defined as tacky when its glass transition
temperature is lower than the ambient temperature.  The loss of tack makes it difficult to
fabricate composite components with complicated shapes.  However, Sanjana found that
mechanical properties did not deteriorate until much after tack had been lost.  Scola [7] found
similar results from aging tests performed on AS4/3501-6.  Mechanical tests on composites
fabricated from prepreg aged under humid conditions indicated that the properties were
unaffected by this conditioning.  However, tackiness was found to increase in prepregs
conditioned at higher humidity due to plasticization of the resin.

Prepreg tack is a relative term and is therefore difficult to measure.  Several tests are available
that can be used for semi-quantitative measures of tackiness.  These include tests which
measure the distance a metal ball can roll across the surface of a prepreg.  Other tests measure
the adherence of a prepreg to a metal surface.  Probably the most common method of
determining the flow properties of prepreg is a squeeze flow test, which is described in an
ASTM standard [8].  This test measures the amount of resin squeezed from several layers of
prepreg at the approximate processing temperature.  The results of this test are usually used to
compare lots of material and determine if the prepreg is acceptable for producing parts.

While prepreg tack is necessary to layup complex geometry parts, the flow properties of the
prepreg will also affect the ability to achieve complete compaction during cure.  As curing
proceeds, compaction occurs such that the outer plies, adjacent to the bleeder, are compressed
first.  Eventually compaction occurs in the interior layers.  However, in thick composites,
gellation of the resin sometimes occurs before compaction of all of the layers can be achieved.
This was demonstrated for thick graphite/epoxy laminates by Campbell et al. [9].  Composite
laminates were cured using different consolidation pressures.  Tang et al. [10] quantified these
results by measuring ply thicknesses from photo micrographs.  The results indicated that for
60 ply laminates, full compaction was only achieved in the outermost layers, and even the
laminates cured at the highest pressure contained uncompacted plies near the tool surface.

The problem of temperature overshoot and incomplete compaction during the cure of thick
composites was studied through numerical simulations by Hojjati and Hoa [11].  The
simulations were based on the curing model developed by Loos and Springer [12] and the
squeezed sponge model for one-dimensional consolidation proposed by Dave et al. [13].
Several common cure cycles were applied to AS4/3501-6 composites ranging in thickness
from 2.5 cm to 30 cm.  The prepreg was initially considered to be unreacted.  Nevertheless,
the results showed that the maximum thickness for which the manufacturer’s recommended
cure cycle could achieve complete compaction was 3.0 cm.  Application of a cure cycle that
has been recommended for thick composites resulted in reduced temperature overshoot, but
did not improve the compaction behavior.



Volume IV: Composites Processing and Microstructure

IV - 424

Twardowski et al. [14] addressed the effect of using somewhat advanced prepregs on the
processing characteristics of thick composites.  Poor correlation in temperatures predicted by
simulation with experimental results prompted the consideration that some initial aging of the
prepreg could have led to lower heat generation during the curing reaction.  Therefore, heat
transfer simulations were performed for 5 cm laminates with initial degree of cure varying up
to 40%.  Compaction behavior was not considered in these simulation.  The results showed
that the magnitude of temperature overshoot decreased with increasing initial degree of cure.

Studies on prepreg aging available in the literature have determined that little effect on the
mechanical properties result in thin laminates produced from advanced prepregs.  However,
the effect of aging on compaction of thick composites has not been addressed.  Therefore, the
goal of this work is to examine the effects of initial prepreg aging on the curing behavior of
thick graphite/epoxy composites.  Curing simulations will be used to evaluate the variation in
processing characteristics due to the advanced state of prepreg.

ANALYSIS

Consider a fiber preform that is fully saturated with viscous resin and subject to uniform
compressive loading and varying temperature boundaries as shown in Fig. 1.  The applied
temperature will cause the resin viscosity to drop and resin flow to occur.  As the matrix
material is displaced, compaction of the laminate will occur in the thickness direction.  When
curing large composite structures, most of the heat and resin flow will occur in the z direction
only.  Therefore, only the one-dimensional case is treated here.

pa

x

z

h

Tb

Fig. 1:  Schematic of a composite laminate subject to a
compaction pressure, pa, and cure temperature, Tb

The heat transfer analysis used for the composite during curing was developed by Loos and
Springer [12].  This model assumes heat transfer to occur due to conduction through the
thickness of the laminate.  Heat is also generated inside the laminate as curing proceeds.  The
one-dimensional heat balance for the laminate is given by
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where αz and cp are the thermal diffusivity and heat capacity of the composite and �H  is the
rate of heat generation.

The rate of heat generation is determined by
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where HRm is the heat of reaction of the resin, α is degree of cure, Vm  is matrix volume
fraction, ρm is resin density, and ρ is the composite density.  An expression for the rate of
change of degree of cure was developed for AS4/3501-6 prepreg [15] as given by
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for i = 1 to 3 and R is the universal gas constant.  A viscosity relation was also proposed
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where µ ∞  and κ  are constants and U is the activation energy for viscosity.

The governing equation for one-dimensional compaction and one-dimensional resin flow is
essentially the same as that proposed by Dave [13]
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where pa is the external pressure applied to the laminate, p is resin pressure, Vf is fiber volume
fraction, and Sz

f  and Kz represent the compressibility and permeability of the fiber preform,
respectively.

The fiber compressibility relates the change in fiber volume fraction to the effective fiber
stress as given by the relation
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where σ z
fe  is the effective stress carried by the fiber preform.  Several empirical relations

have been developed between fiber volume fraction and effective fiber stress based on
experimental results.  The following expression was used by Hojjati and Hoa [11]

( )V
x

f

fe fe

fe fe

z z

z z

=
− + ≤ − ≤

− + ≤ − ≤







−6 915 10 053 0 68 7

01094 0 0486 6 1030

7

10

. . .

. log .

σ σ

σ σ

      kPa

     8.7  kPa
(8)



Volume IV: Composites Processing and Microstructure

IV - 426

Therefore, Sz
f  will change nonlinearly during compaction.  Permeability will also change

during compaction.  One common relation for permeability as a function of fiber volume
fraction is the given by the Carman-Kozeny equation,
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where rf  is the fiber radius and Cz  is the Kozeny constant [16].

The initial conditions for the cure simulation are given by

T T= ∞  , z h∈{ , }0 (10)

p pa=  , z h∈{ , }0 (11)

where T∞  is the ambient temperature.  The boundary conditions are specified as

∂
∂
p

z
= 0 ,  z = 0 (12)

p = 0 ,  z = h (13)

T = Tb  ,  z = [0, h] (14)

where Tb is obtained from the applied cure cycle.

The above equations were solved numerically using a Crank-Nicholson finite difference
scheme in which all calculations are based on the variables at their average value between the

current and past time steps.  Eqns 1 and 6 were solved simultaneously.  Since Sz
f  and Kz

change during the cure, they must be updated continuously.  Therefore, an iterative approach
was used.  Good accuracy and convergence was found using a time step of one second and
position steps of 0.1 cm.

RESULTS AND DISCUSSION

The aging that will occur due to exposure of AS4/3501-6 graphite/epoxy prepreg to ambient
conditions can be calculated from the cure kinetics relations described above.  The out time
specified by Hercules for this prepreg is 10 days, but much longer out times have been
considered in aging studies [17].  Assuming room temperature to be 25°C, consider the case
of 30 days at this temperature.  Using the input parameters listed in Table 1, the extent of
reaction that could result during the out time was calculated to be 0.06 after 10 days and 0.16
after 30 days.  Note, however, that the cure kinetics parameters were measured at very high
temperatures.  Since they are based on empirical data fitting, it is not clear how reliable they
are at room temperature.
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Table 1:  Input parameters for cure kinetics calculations

Exponential factor, A1 (min-1) 2.101 x 109

Exponential factor, A2 (min-1) -2.014 x 109

Exponential factor, A3 (min-1) 1.96 x 105

Activation energy, ∆E1 (J mol-1) 8.07 x 104

Activation energy, ∆E1 (J mol-1) 7.78 x 104

Activation energy, ∆E1 (J mol-1) 5.66 x 104

Heat of reaction, HRm (J kg-1) 4.73 x 105

In [11], it was determined that 3 cm is the maximum laminate thickness that can be produced
with complete consolidation using conventional cure cycles.  The recommended cure cycle
for this material system consists of a 70 minute dwell at 116°C and a 130 minute dwell at
177°C with temperature ramp rates of 2°C/min.  Modified cure cycles are available for thick
composites which were found to reduce temperature overshoot.  However, these cure cycles
do not have a significant effect on the compaction behavior.

To determine the effect of prepreg aging on the cure of thick composites, simulations were
performed for laminates with initial thickness of 3 cm and initial degree of cure ranging from
0.01 to 0.3.  The input properties used for the simulation model are listed in Table 2.  The
manufacturer’s recommended cure cycle was used throughout.  Fig. 2 shows the change in
thickness during cure for four different initial conditions.  The results indicate that the
maximum thickness change is obtained using an initial degree of cure of 0.01.  The final
laminate thickness obtained with αinit = 0.1 is only 1.3% greater than that obtained with
uncured material.  However, the final thickness achieved with αinit = 0.2 and 0.3 is found to be
6.3% and 18% greater than that obtained with new material.

Table 2:  Input properties for simulation

Resin density, ρm (kg m-3) 1.26 x 103

Specific heat of resin, cpm (J kg-1 K-1) 1.26 x 103

Thermal conductivity of resin, kzm (W m-1 K-1) 0.167

Fiber density, ρf (kg m-3) 1.79 x 103

Specific heat of fiber, cpf (J kg-1 K-1) 7.12 x 102

Thermal conductivity of fiber, kzf (W m-1 K-1) 26
Fiber radius, rf (m) 3.5 x 10-6

Kozeny constant, Cz 6
Initial fiber volume fraction, Vfi 0.53
Activation energy for viscosity, U (J mol-1) 9.08 x 104

Viscosity constant, µ∞ (Pa s) 7.93 x 10-14

Viscosity constant, κ 14.1
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Fig. 2:  Change in thickness during cure for laminates with initial aging

The nonuniformity of consolidation through the thickness of the laminate is shown in Fig. 3.
As expected, uniform consolidation was achieved with αinit = 0.01.  The small difference in
final thickness achieved with αinit = 0.1 results in only small inhomogeneity in fiber volume
fraction through the thickness.  The fiber volume fraction distribution for the laminate cured
with αinit = 0.2 indicates a variation between 0.6 and 0.68 throughout the entire laminate while
αinit = 0.3 resulted in approximately one quarter of the laminate remaining unchanged from
the initial fiber volume fraction.  While incomplete consolidation will affect mechanical
properties by reducing fiber volume fraction, part performance will be more significantly
affected by the nonuniform compaction and subsequent nonuniform properties.
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Fig. 3:  Distribution of fiber volume fraction after cure of laminates with initial aging

The effect of initial prepreg aging on temperature overshoot is examined.  Fig. 4 shows
midplane temperatures during cure for the 3 cm laminates. Comparison of maximum
temperature overshoot obtained during simulations with αinit = 0.3 and αinit = 0.01 indicates a
10°C higher result for the aged prepreg.  This behavior contradicts the results found in Ref.
14, where heat transfer simulations showed reduced temperature overshoot in laminates
produced from aged prepregs.  The reason for this difference is that compaction was neglected
in the simulations of Ref. 14.  Although less heat is generated by the curing reaction with
initially aged materials, the laminate is 4.3 mm thicker than the initially uncured materials at
the time that the maximum overshoot occurs.  Therefore, the low thermal conductivity of the
composite appears to be more significant than the heat of reaction of the resin.
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Fig. 4:  Midplane temperatures during cure for laminates with different initial aging

CONCLUSIONS

Storage recommendations provided by the material manufacturer do not provide a direct
indication of the limitations of aged materials.  Therefore, a study was conducted in which
simulations were performed for autoclave curing of composite laminates with various
thicknesses and with materials of different conditions.  A numerical code was implemented to
solve the one-dimensional heat transfer as well as the resin flow and fiber deformation during
cure.  The results showed that fairly uniform compaction can be achieved in 3cm laminates
when using prepreg with up to 10% initial curing.  However, by applying a 30 day out time, it
was shown that resins in prepreg can advance to 16% when kept at conditions of 25°C.  When
prepregs with initial curing of 20% and 30% were used, large nonuniformity in fiber volume
fraction was found.  Also, large temperature overshoot occurred during cure with partially
cured prepreg due to the poor compaction.  This shows that partially curing prepreg is not a
viable approach to controlling temperature overshoot in thick composites.
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ISSUES IN MODELING DISCONTINUOUS RANDOM
FIBER SRIM COMPOSITES

O. Ochoa and T. Eason

Center for Mechanics of Composites, Texas A&M University,
College Station, Texas, 77840-3123, USA

SUMMARY:  The performance of SRIM (Structural Reaction Injection Molded) composites
with thermal spray preform is simulated with finite element analysis and compared to
experimental data. The finite element method is used in conjunction with an idealized
representative volume element (RVE) to develop an understanding of the fiber/fiber and
fiber/matrix behavior.  A one dimensional transient heat transfer analysis is used to simulate
the thermal gradient through the thickness of the RVE to simulate the processing stresses.
Once the residual stresses are introduced into the RVE model, the tangent tensile modulus is
calculated for the RVE. The emphasis is placed on the thermomechanical response and the
accompanying degradation in strength and stiffness. The RVE methodology will be used to
understand the effects of the fiber/fiber interaction and matrix behavior on the static properties
of the composite. Initial results indicate that the approach taken provides a realistic avenue to
access the micro and macro aspects of this material system.

KEYWORDS:  discontinuous fiber, residual stresses from processing, structural reaction
injection molding, thermomechanical modeling, damage initiation and progression

INTRODUCTION

Adequate analysis of the processing effects on the mechanical performance becomes of
increasing importance as more economical manufacturing options are sought for composites.
Randomly oriented discontinuous fiber (RDF) composites  provide one avenue for reducing
manufacturing cost by combining high production rates with  low material cost and scrap
rates. Empirical relations for the modulus of RDF composites work well for predicting the
mechanical response in the initial region. However, experimental evidence suggests that
SRIM composites display a non-linear stress-strain response. The experimental observations
may be validated by investigating the interaction among neighboring fibers and between the
fiber and matrix under thermomechanical loading. This is accomplished by using a finite
element model with non-linear matrix properties and damage progression capability to
characterize the non-linear response of the composite and identify of the failure mode.
Improvements in material performance can then be obtained by adjusting the influential
material parameters for improved performance of the composite system.

 Experiments to understand the influence of the fiber structure have concentrated on
parametric studies to determine the influence of chop length, strand size  and binder type on
the permeability of the preform and structural performance of the composite From these
studies, the important fiber parameters are identified as binder type and number of filaments
per a strand. Chop length (when varied well above the critical length) and filament diameter
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appear to have little influence on the modulus and strength of the composite. The important
matrix properties are coefficient of thermal expansion, modulus and yield strength. Matrix
ductility has been shown to have little influence on the performance of the composite system .

The prediction of modulus and strength using a laminate analogy is adequate for predicting
the response of the composite at the macro level. Early work formed the quasi-isotropic
laminate analogy which provided a good approximation for the initial linear modulus.
Current research in random fiber composites continues to rely on laminate analogy but
addresses fiber orientation and progressive failure to capture the nonlinear response.This type
of development is limited because fiber/matrix interface and fiber/fiber interaction are only
accounted for in a smeared manner. The micro-mechanical aspects of the fiber/matrix
interface and fiber/fiber interaction appear to be the most promising in developing a complete
picture of the RDF SRIM composite's behavior. A shear lag approach to investigate the
stresses around a short fiber imbedded in a matrix has contributed to the understanding of the
load transfer within discontinuous fibrous composites. This approach works well for aligned
fiber composites. However for fibrous assemblies where the fibers come into contact with one
another, the axial fiber stress and the interfacial shear stress at the outer fiber surface is
difficult to predict. The most promising path in developing a thorough understanding of the
failure behavior of the RDF SRIM composite's behavior is to account for the constituents
distinctive structure within the micromechanics frame.

The micromechanics approach introduces higher order stress or strain gradients to account for
heterogeneity in the material system. Internal strain energy of the system can be used to
obtain average of the stress-strain variations in the composite leading to the stiffness or
compliance evaluation. It is extremely important to describe the structure of the heterogeneity
as closely as possible to generate accurate results. Improved bounds for the moduli can be
obtained using information beyond that contained in the volume fraction as in rule of
mixtures.  Komori and Makishima  developed a general expression for the average number of
contacts per unit fiber length in randomly oriented fibrous assemblies which was latter
improved by Pan. These contacts are believed to be essential in the understanding of the
structural heterogeneity in the material for RDF composite systems.

PROCESSING AND EXPERIMENTAL OBSERVATIONS

The thermal spray/SRIM process begins by manufacturing a near net shape fiber preform. The
fiber preform is constructed on a wire screen with an exhaust fan connected to one end. A
continuous roving spool is used to deliver the strand to the chopper gun where the roving is
cut into two inch lengths. As the two inch strand leaves the chopper gun, the strand crosses
paths with a flame gun and a stream of binder melting the binder to the strand before being
delivered to the preform screen. The binder quickly solidifies and holds the fiber to the
preform. The exhaust fan is used to pull air over the fibers to hold them in place while the
binder cools. The preform is then removed from the screen and ready for injection molding.
After the fiber preform is constructed, the preform is inserted into a mold cavity. The mold
cavity is closed and the preform is injected with a fast reacting two part polyurethane system
at a mold temperature of 93°C. After the panel is cured for approximately 90 seconds, the
mold is opened and the composite panel is removed and cooled down to room temperature.
As the surface begins to cool, it takes on a tensile in-plane stresses while the warmer interior
assumes a compressive state of in-plane normal stress. As the center reaches room
temperature, the in-plane normal stress at the surface changes sign becoming compressive
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while the stresses in the interior becomes tensile. Large in-plane tensile stresses develop due
to the mismatch in the thermal coefficients of expansion between the glass fiber reinforcement
and the urethane resin during cooling giving rise to areas that will favor yielding and
microcracking.

Photoelastic results verify that residual stresses in the plane of the fibers are of a substantial
tensile magnitude within the resin. Estimates of the difference between the in-plane stress and
the through the thickness stress range from 6.4 -12.7 MPa at points in the matrix away from
the fibers. If the through the thickness stress is assumed to be negligible, the in-plane stress in
the matrix becomes 6.4- 12.7 MPa. The worst case occurs if the resin is not allowed to
contract in the through the thickness direction implying that the in-plane stress in the matrix
could be as high as 18.8-24.8 MPa which is about 30% of the yield stress in the matrix.

SPATE 9000 (interferometry) observations during tensile-tensile fatigue testing indicates that
the damage displayed in the test coupon originates from localized region within the specimen.
The regions appear as low stress areas and grow as fatigue cycles accumulate as shown in
Fig. 1. Notice the region between 40 to 45 mm where the spot at 7 thousand cycles grows as
the number of cycles increases. This is the location where the test specimen failed. The rest of
the test specimen shows a variation of stresses that increases as cycles accumulate. The lower
portion (0-10 mm) shows the influence of the bottom grip. When the specimen was measured
with a non-contact thermometer, the temperature was higher at the 40 to 45 mm location than
other regions within the specimen. This indicates the hysteresis in the material was greater at
the damage sites. It is believed the heat production at the 40 to 45 mm region indicates the
presence of yielding, microcracking and interphase damage.
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Fig. 1: Progressive failure of a tensile fatigue specimen using SPATE (40% ult. R=.1)

The stress-strain response of the static tensile specimen displays two moduli at room
temperature as shown in Fig. 2. The initial modulus is 12.1 GPa with the secondary modulus
at 7.89 GPa. Even though the initial part of the curve appears to be linear, a slight softening is
present at lower stresses. This in attributed to matrix yielding and microcracking at localized
regions in the specimen that is verified by photoelastic observations. These localized regions
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are initiated during processing as the composite cools from 200°F to 70°F and influence the
mechanical performance of the composite.
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Fig. 2: Static tensile response of RDF SRIM composites at room temperature

EXPERIMENTAL METHODOLOGY

Mechanical properties for the neat resin were determined as a function of temperature. Static
testing for the neat resin followed ASTM D3039 for tensile and ASTM D3410 for
compression. The yield stress for the neat resin was determined using Considere’s method
where the tangent point to the true stress verses extension ratio curve is found that passes
through zero extension ratio. The material displays a elastic perfectly plastic behavior. Data
obtained from uniaxial tension and compression tests at four temperatures are tabulated in
Table 1. The modulus of the resin in Fig. 3 was determined using a Rheometrics RSAII Solids
Analyzer with a temperature sweep conducted at 1 Hz. Variations in the coefficient of linear
thermal expansion in Fig. 3 were found using a Rheometrics TMA.

The thermal properties of the composite were required for the transient heat transfer analysis
to predict the residual stresses from processing. A Mettler DSC 30 was used to obtain specific
heat as a function of temperature. The average value between the mold temperature and room
temperature was found to be 1.01 J/(gram*K). The thermal conductance of the composite

material was determined to be 431.5 Jm/(Hr*m2 °C) using a Dynatech Rapid-K with the
upper plate set at 40 °C and the lower plate set at 6 °C.

Static tensile test for the composite followed ASTM D5083. The primary modulus, E1, was
obtained from the initial linear portion of the stress verses strain curve as per ASTM D5083.
The secondary modulus, E2, was obtained by linear regression through the last half of the
stress strain curve.
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Table 1: Yield stress for tensile and compression tests at various temperatures

Temperature °C Tensile  MPa Compressive MPa
-40 98.6 101.3
21 77.1 77.8
49 53.0 54.3
78 35.3 34.2
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Fig. 3: Modulus and coefficient of linear thermal expansion of the resin as a function of
temperature

COMPUTATIONAL MODELING

Finite element method is used in conjunction with an RVE to predict the performance of the
composite.  Residual stresses from processing are modeled using a one dimensional transient
heat transfer analysis to simulate the thermal gradient through the thickness of the part.
Constant strain boundary conditions are applied to the RVE so that the average constitutive
response for the composite can be determined with and without residual stresses. The model
uses one dimensional continuum elements to simulate the fibers and three dimensional
continuum elements to represent the resin. The glass fibers are assumed to remain linearly
elastic until failure. The resin is modeled as a nonlinear isotropic material within ABAQUS
The Hencky-Mises criterion is used as the matrix yield criteria for elastic perfectly plastic
behavior. A model of this type is extremely useful due to its simplicity and computational
efficiency while still providing an approximation to the variation in the microstructure.
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MESH/DISCRETIZATION

The finite element model of the RVE consists of three layers of fibers representing one tenth
of the thickness of the panel thickness. The RVE mesh is constructed by first generating the
resin region and then adding the fibers. Three dimensional continuum elements, C3D8 in
ABAQUS, are used to represent the resin system and one dimensional continuum elements,
C1D2 in ABAQUS, are used to represent the fiber. The fiber angles and locations are
randomly assigned within planes orthogonal to the Z axis. Multi-point constraints are used to
attach the fibers to the resin. If the fiber node occupies the same location as a resin node, *TIE
is used within ABAQUS. This makes the resin node the master node while the fiber node
becomes the slave node as shown in Fig. 4 as Case I. If the fiber node is in-between two resin
nodes, *LINEAR is utilized within ABAQUS. This requires the displacements for the fiber
node to be linearly interpolated from the two resin nodes as shown in Fig. 4 as Case II. If the
angle between the fiber and the x-axis is greater than 45°, the interpolation is accomplished
between the adjacent x-nodes as shown for fiber C in Fig. 4. Fibers that are oriented less than
45° with the x-axis are interpolated between adjacent y-nodes as shown for fiber B. This
insures that the maximum discrepancy  between the largest possible element length is less
than the square root of two times the smallest fiber element length.
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Fig. 4: Fiber and resin node arrangement in mesh

BOUNDARY AND LOADING CONDITIONS

The boundary conditions are applied to the mesh in Fig. 5 are zero displacement along;
• X-axis in the Y direction,
• Y-axis in the X direction,
• and the bottom in the Z direction,
to simulate the boundary conditions for the RVE. The remaining sides in Fig. 5 are
constrained using multi-point constraints to allow the;
• XX side to move in a uniform X direction,
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• YY side to move in a uniform Y direction,
• top side to move in a uniform Z direction,
to simulate the boundary conditions for the RVE. For the thermal cool down, no other
boundary conditions are applied. Thus the RVE is allowed to contract freely in a uniform
fashion. The thermal gradient through the thickness is governed by a one dimensional
transient heat transfer model. The RVE is assumed to be in the horizontal position with
respect to the X-Y plane with convection cooling only. The composite panel is assumed to be
stress free before the RVE begins to cool. A prescribed displacement is applied to the XX-
side to simulate mechanical loading. For the combined analysis of processing stresses
followed by mechanical loading, a two step loading procedure is used where the RVE is
cooled to room temperature and followed by the mechanical loading.
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Fig. 5: Boundary conditions for the model

RESULTS

The middle layer of the mesh is shown in Fig. 6 where a fiber of interest is shown in bold
with element numbers 50402-50415. The stresses shown in Fig. 7 are from thermal loading
from 93 °C to 21 °C for a single fiber and multi-fiber case. The single fiber case is for the
entire RVE model to contain only the fiber of interest. The multi-fiber case is when all the
fibers are present in the RVE. The axial stress is obtained from the FEM analysis and is
displayed as a solid line. The average interfacial stresses were calculated from the axial stress
using the relationship;

τ i = −
D

4

dσ f

dx                   
(1)

and is shown as a dotted line. Where dσf / dx was taken to be the slope of the axial fiber stress
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with respect to an incremental length of fiber and D is the diameter of the fiber. The
assumption is made that there is no stress transferred at the fiber ends. Notice that the single
fiber model over predicts the axial stress in the fiber by a factor of three and the shear stress at
the ends of the fiber by a factor of four. This is due to the constraint from neighboring fibers
in the multi-fiber case which keeps the resin from contracting and the fiber from developing
the stresses shown in the single fiber case.
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Fig. 6: Middle layer of the mesh with a fiber of interest shown in bold
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Fig. 7: Fiber stress from single fiber  and multi-fiber model with thermal loading
( a  multi-fiber  •  single fiber)

The Mises stress for the resin from the middle layer of the multi-fiber with thermal loading
only is shown in Fig. 8. For the single fiber model the Mises stresses in the resin are less than
1 MPa. When mechanical loading is applied to the model after cool down, approximately
50% of the resin is yielding at .6% strain. At 1.1 % strain more than 90% of the resin is
yielding. The influence of yielding is seen in the stress verses strain curve for the RVE in Fig.
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9. Notice that the FEM model without processing stresses greatly over predicts the stresses as
compared to the test data and displays  48% difference in the secondary modulus with a 3%
difference in the initial modulus. The FEM model with processing stresses comes closer to the
actual test data with a 18% difference in the secondary modulus and a 1.6% difference in the
initial modulus. The point where the stress-strain curve transitions from the initial modulus to
the secondary modulus is close to .4% strain in the test data. The FEM model with processing
stresses and no processing stress transitions at .5% strain. This may be attributed to flaws
from processing that initiate yielding at a lower strain than is seen in the current FEM models.
Current efforts are focused on developing methods to introduce processing flaws into the
model to statistically simulate the distribution seen in the SRIM composite.

Fig. 8: Mises stress in the composite as processed (only resin elements shown)

CONCLUSIONS

The finite element model developed to understand RDF SRIM composites predicts large
residual tensile stresses in the matrix from the processing temperature. This creates localized
areas favorable to yielding within the matrix. The model is able to capture the overall non-
linear response of the composite as well as fiber/fiber and fiber/matrix interaction in RDF
composites. The modeling procedure appears to be realistic to investigate the
thermomechanical performance of the RDF SRIM composite.

ACKNOWLEDGMENTS

The author wishes to acknowledge the financial support of The Dow Chemical Company.
Particular thanks are extended to K. Fielder, J. Barron, and the B1608 Composite Test Lab for
their patience and assistance.



Volume IV: Composites Processing and Microstructure

IV - 440

0

50

100

150

200

250

0 0.25 0.5 0.75 1 1.25 1.5 1.75
Strain %

Test Data
No Processing Stresses
Processing Stresses E2=11.7 GPa

E2=9.3 GPa

E2=7.9 GPa

E1=12 GPa

Fig. 9: Comparison between FEM model and testing data.

REFERENCES

1. Corum,  M. ,H. McCoy, M. Ruggles, and W. Simpson, "Durability of a Continuous
Strand Mat Polymeric Composite for Automotive Structural Applications", Proceedings
of the 11th Annual ESD Advanced Comp. Conf. , Dearborn, MI, Nov. 1995, pp. 401-
412.

2. Schell, P. L. and J. M. DiMario, "Fiber Directed Preform Reinforcement: Factors That
May Influence Mechanical Properties in Liquid Composite Molding", 46th Annual
Conf., Comp. Inst. , The Society of Plastics Industry, February 18-21, 1991, pp. 1-7
Session 14-F.

3. Agarwal, B. D. and L. J. Broutman, Analysis and Performance of Fiber Composites,
2nd ed., John Wiley & Sons, New York, 1990. pp. 136-140.

4. Halpin, J. C. and N. J. Pagano,"The Laminate Approximation for Randomly Oriented
Fibrous Composites", J. Comp. Mat., 3 pp. 720-724

5. Giurgiutiu, Victor, Kenneth Reifsnider and Ronald Kriz, "Advanced Models for
Strength of Quasi-Random Fiber Composites", AIAA/ASME/ASCE/AHS/ASC 35th
Structures, Structural Dynamics, and Materials Conf., April 18-22, 1994

6. Young,R. J., C. Galiotis, and D. N. Batchelder, "Measurement of Fibre Strain in All-
Polymer Composites, 6th Int. Conf. on Deformation, Yield and Fracture, Cambridge,
UK.

7. Torquato S. 1992. "Connection Between Morphology and Effective Properties of
Heterogeneous Materials," ASME , AMD-Vol. 147, pp. 53-65.

8. Komori, Takashi and Kunio Makishima, "Numbers of Fiber-to-Fiber Contacts in
General Fiber Assemblies", Textile Res. J. 47, (1977)

9. Pan, Ning, "A Modified Analysis of the Microstructural Characteristics of General Fiber
Assemblies", Textile Research Journal, 63,  6, (1993)



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 441

KEY FACTORS AFFECTING THE PERMEABILITY
MEASUREMENT IN CONTINUOUS FIBER

REINFORCEMENTS

M. L. Diallo, R. Gauvin and F. Trochu
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Mechanical Engineering Department, École Polytechnique de Montréal

P.O. Box 6079, Station “Centre-Ville”, Montreal, Que., H3C 3A7, Canada

SUMMARY:  Good permeability data are essential to any valuable flow simulation of Liquid
Composite Molding Processes. Since there is no standard procedure to do it, every laboratory
interested in the subject has developed a set-up and a measuring technique. We have done the
same in our laboratory. We conducted experiments for in-plane permeability with various
fluid / reinforcement combinations over a range of injection conditions. Testing conditions
investigated include the type of fluid, the pressure gradient and the porosity. Measurements in
the transient and the saturated mode were done. Fiber architecture was also investigated. It
was found that reinforcements having the same structure but manufactured with fibers of
different tex have different permeability. It shows that the diameter of the fiber bundles has an
effect. We also investigated the pressure gradient. It was found that at high cavity pressure,
the permeability computed with the Darcy’s law is increased. This increase in permeability
may be attributed either to channeling effects due to a geometric change in the preform or
compressibility of the fiber preform as the pressure increases. In literature, studies of fabric
permeability have employed fluids such as silicon oil, motor oil, corn oil, corn syrup, tap or
distilled water, etc. To evaluate the fluid effects, permeability experiments were conducted
with four fluids: water diluted corn syrup, Dow 200 silicon oil, HETRON 922 vinyl ester
resin and glycerin.

KEYWORDS:  Permeability, Liquid Composite Molding, Fabric, Reinforcements, RTM,
SRIM, Flow simulation, Preform.

INTRODUCTION

Continuous fiber reinforcement thermoset polymeric composites can be produced by injecting
a reactive liquid resin into a  mold with preplaced reinforcement. The two best known liquid
composite molding (LCM) processes are Resin Transfer Molding (RTM) and Structural
Reaction Injection Molding (SRIM). In these processes the reactive liquid is pumped into the
mold where fiber reinforcement has been preplaced. After the cure cycle of the injected resin
is completed, the mold is opened and the composite part can be removed. Typically, in RTM,
resin reactivity is lower than for SRIM and viscosity higher. In these processes, injection
pressure could be as low as 0.1 MPa and as high as 3 MPa. In many cases, low cost
fiberglass-polyester or epoxy tools are used. In these processes, the reinforcement could take
several forms, for instance, it could be a stitched preform, a continuous strand mat or any type
of fabrics such as a woven roving, a non-crimp stitched (NCS) fabric, a woven fabric or a
combination of two or more of  these reinforcements.
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In addition to the necessary pressure to compress the reinforcements into the mold, the resin
pressure generated during mold filling is an important parameter in mold design and
equipment selection. The major variables controlling the resin pressure developed in the mold
are the permeability of the fiber reinforcement, viscosity of the resin, and flow rate. The flow
rate can be directly controlled by the injection equipment. The viscosities of the resins  can be
measured by commercially available viscometers. In order to successfully predict the pressure
gradients within the mold, accurate permeability data must be available for all reinforcements
used. The permeability is also of interest for the prediction of fill times. However a substantial
amount of permeability data have appeared in the literature [1-10]. Since there is no standard
procedure for permeability measurement, every laboratory interested in the subject has
developed a set-up and a measuring technique. Usually, permeability data are obtained from
experiments based on Darcy’s law. This law states  that the macroscopic velocity of the flow
is related to the pressure gradients through the following equation:

                                                               
[ ]

v
K

P= ∇
µ

                                                        (1)

where v is the macroscopic flow velocity, ∇P is the pressure gradient, [K] is the permeability
tensor and µ denotes the resin viscosity.

This paper presents the results of an extensive study to evaluate the influence of several
parameters on permeability measurement.

EXPERIMENTAL

Reinforcement

Four different reinforcements were used for the tests. These are:

1. JB Martin NCS 81053: a non-crimp, stitch bonded, bi-directional material consisting of
high tex fiber bundles and is balanced with 48,9% of its weight in both weft and warp
directions. The remainder of its weight  2.2% comprised two stitching polyester threads in the
warp layer (1.5%)  and a third one (0.7%) in the weft layer. The overall surface density is 618
g/m2.
2. JB Martin NCS 82675: it has the same weave as the JB 81053 but with lower tex fiber
bundles. Its overall fabric weight is 315 g/m2.
3.Thermoformable glass fabric from Brochier, the EB 315-E01-120, which has an anisotropic
permeability and a surface density of 315g/m2. It is named the Injectex fabric by the company.
To facilitate the flow in the weft direction it is stitched with polyester threads allowing high
permeability in this direction, the Injectex direction, and a relatively low one in the warp
direction. Permeability was measured as received and after thermoforming.
4. Injectex GB 390 E02 -107: a thermoformable balanced carbon fabric from Brochier. Its
surface density is 390 g/m2 .

Schematics of these materials are shown in figure 1.
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                                     Figure 1. Schematics of the reinforcements used

Test fluids

 Four fluids, water diluted corn syrup, Dow 200 silicon oil, HETRON 922 vinyl ester resin
and glycerin were used. The viscosities are about 100 centipoise (Cp), 102 Cp, 360 Cp and
865 Cp, respectively. Viscosity at room temperature was measured using a Brookfield LVT-
DV1 digital viscometer. Both the corn syrup and the silicon oil are widely used in the
literature and their Newtonian behavior is excellent. Also the corn syrup has the advantage to
be easy to handle and to wet the glass fabric very well. To ease the  flow front visualization,
the corn syrup was colored green prior to testing. For a better conservation, 2000 PPM of
sodium azide are added to aqueous corn syrup to insure a bactericidal effect.

Apparatus

 A rectangular mold filling apparatus is used for unidirectional permeability measurement.
The mold assembly is made of two tempered glass plates of 93 cm x 13 cm x 1.9 cm..
Tempered glass is used instead of plexiglass to minimize plaque deflection. The mold cavity
is formed with a 2.4 mm thick picture frame. Silicone sealant is used to prevent edge effects.
A diaphragm pressure transducer 0 - 500 Kpa is mounted near the inlet port and a constant
inlet flow rate is obtained with a cylinder mounted on a tensile testing machine.

Care was taken to remove all air bubbles from the tubing lines before each experiment. The
JB Martin NCS reinforcements were sprayed  with a very thin line of glue before cutting the
specimen from the roll to reduce the fraying of the materials. Initial tests without the glue line
showed a very high by-pass flow along the edges due to the reduction in glass volume fraction
where the material had frayed.

The necessary precaution was taken to assure a plug flow. Each reinforcement layer was
weighed before the experiments. Fiber volume fraction was determined by the following
equation:
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                                                               V
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ρ

                                                          (2)

where Vf is the volume fiber fraction, n is the number of  layers, ζ is the layer surface density,
h is the cavity thickness and ρf the density of the fiber. The density of fiber is taken from
published literature  (for E-glass, 2.56 x 106 kg/m3 ; carbon fiber, 1.77 x 106 kg/m3 ).

RESULTS AND DISCUSSIONS

To measure the transient in-plane permeability, so called dry permeability, the elapsed time t
is recorded at every 2 centimeters during the mold filling and the inlet pressure P0 (t) is also
collected. From the experimental data, plot of permeability vs front position is constructed.
Example of permeability plot is shown in figure 2. It can be observed that during the first few
cm of mold filling, the flow appears to be in transition, and the figure shows that it takes some
distance for the flow to stabilize. This results in a higher permeability at the beginning. This
phenomenon was observed earlier [10,11] and was mainly attributed to the relative
significance of the capillary effects at the beginning of the filling. This lead us to suggest a
minimum length for the permeability measurement in a unidirectional flow experiment [12].
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Figure 2. Permeability convergence of a typical run
JB 82675 (weft), Vf =41%

Figure 3 shows the pressure traces during a typical run. As expected, the initial part of the
curve is almost linear. As it can be seen, the inlet pressure reaches its maximum after the flow
front has exited the reinforcement. While the pressure continues to rise, air bubbles flow out
the reinforcement. This steady value corresponds to the pressure used to calculate the
saturated permeability. It is worth remembering that Darcy’s law is defined for a saturated
porous media.
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                                     Figure 3.  Pressure versus time during filling

 A serie of experiments was performed at various fiber volume fractions Vf  with the different
reinforcements. The permeability of each reinforcement as a function of Vf is presented in
figures 4, 5 and 6. One can see on figure 5 that when a preform was used rather than a layered
bed, the material permeability was found slightly smaller.

With the carbon fabric, we observed scatter in the permeability values when the permeant
fluid is corn syrup (see figure 6). This is probably because the corn syrup does not wet out the
carbon fibers well. In fact, a qualitative inspection of the fabric after each permeability
experiment revealed that the carbon fiber tows are not evenly wet by the corn syrup.
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As noted in previous work [13] and by other groups [5, 9, 14], the relationship between
permeability and fiber volume fraction is not linear and it can vary significantly. Smaller air
bubbles exiting the preform were observed for higher fiber volume fraction. The size and the
amount of bubbles were also influenced by the fabric orientation, weft or warp. This
phenomenon was also observed by Wang et al. [15] and Carman [16] who mentioned that the
size of air bubbles seems to be related to pore structure. We agreed on the influence of pore
structure but we should add the pore structure with respect to the flow direction. To study the
effect of the air bubbles on the permeability measurement, the fluid was allowed to flow
continuously for a certain period of time at a constant flow rate. The air bubbles were flushed
out and pressure became steady as indicated above. The permeability was then measured in
this saturated regime. It decreased as much as 5 to 10% after complete removal of trapped air.

In our experiments, first the transient permeability is computed point by point with Darcy’s
law during cavity filling. The value reported here corresponds to the stabilize value as shown
in figure 2. Then, with the same sample still sitting in the cavity, the pressure gradient is
recorded for each constant flow rate. These experimental points are plot on a graph of  (Q/A)
versus pressure. The saturated permeability is computed from a least square fit of these data
points. An example of such a graph is given in figure 7 for the JB 82675 in the weft direction.

It can be observed that for steady flow experiments, the fabric showed a slight increase in
permeability at high pressure gradients. The departure from linearity was also observed by
other authors [1,17,18,19,20]. It has been proposed that this effect might be related to fiber
movement, which could cause changes in pore structure and result in channeling effect due to
higher pressure. Even if a higher pressure increases slightly the saturated permeability, it is
always lower than the dry permeability. This is consistent with the experimental results
presented in [11,19,21]. One physical explanation for the fact that dry permeability is higher
than steady state permeability is provided by consideration of the mechanism by which the air
bubbles between adjacent fiber bundles (tows) are displaced as the fluid front advances[22].
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As can be seen in figure 8, the permeability is closely related to fiber architecture and fiber
orientation even if the fiber volume fraction is the same. Even if each material investigated
had similar tex fibers in both directions, the magnitude of the permeability is much higher in
the weft direction. This is attributed to the thread stitches that hold the layers together and run
in the weft direction. Both of the JB Martin NCS fabrics had the same architecture but were
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manufactured with fiber bundles of different tex. It is likely that the wider fiber tows in  the
JB 81053 also provide larger inter-tow spaces and hence increase the permeability. The
results also indicate that the fiber bundle diameter has an effect on the permeability.

The anisotropy index of the fabrics which is the ratio between the two dry in-plane
permeabilities as a function of the fiber volume fraction is given in figure 9. This index is
relatively constant for all fabrics tested, except for non thermoformed Brochier EB 315, for
which the increase is tremendous.
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                         Figure 9. In-plane anisotropy index as a function of fiber fraction Vf

Figure 10 displays the dry in-plane permeability of the non thermoformed Brochier Injectex
EB 315 at 41% of fiber volume fraction for the four fluids selected. Furthermore, a non
filtered corn syrup was used to see the influence of filtering on permeability. One can see that
it is lower with the non filtered corn syrup. Since there are solids in suspension in the non
filtered syrup, this results in blocking effects and the computed permeability is reduced. The
highest permeability in both directions corresponds to the use of the glycerin and the lowest to
the use of non filtered corn syrup.
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CONCLUSION

Fluid flow through continuous fiber reinforcements has been studied. It was found that in
addition to the porosity several other parameters influence the permeability measurement.
These parameters include 1) type of fluid, 2) cavity pressure level, 3)fiber structure, and 4)
resin saturation. By comparing the results in the wrap and weft directions, it is clearly show
that not only the fiber structure or its image, the pore geometry, that influence the
permeability but also the orientation of this structure with respect to the flow direction. Also
the study shows that there is considerable differences between different types of
reinforcement, even at the same fiber volume fraction. Finally, since the fluid can influence
significantly the computed permeability, it is advisable to use the resin for the permeability
values to be used in simulation code.
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SUMMARY:  An automated system was developed for the design and  manufacture of fibre
reinforced plastic structures to substitute the high cost of labour in the current manual layup
processes. This paper discusses a servo-controlled air-jet compaction system, which was
designed and  manufactured for use as a robot end effector to complete the fifth degree of
freedom for an automated manufacturing system to lay-up composite components made from
pregreg and dry fabric. This air-jet unit is computer controlled for precise vectorial and spatial
positioning with respect to the tool used in the manufacture of a composite component. This
enables the unit to be directed normal to the surface of a wide range of geometries of tools.
The consolation of each ply is effected by heated air whose temperature may be varied. The
path of the compactor is guided to follow pre-determined computer generated lay-up
trajectories, so as to achieve predetermined ply draping.

KEYWORDS: automated manufacture, fibre reinforced plastic composites, robotic end-
effector, ply consolidation.

INTRODUCTION

The use of fibre reinforced plastic structure has been limited by their high manufacturing cost
due to their labour intensive manual layup processes which are inherently costly and which
attract additional costs because of the extensive inspection required for quality control. These
issues have been addressed by developing automated flexible manufacturing systems for
advanced composite structures. A number of such systems, reported in the open literature, are
presently in various stages of development [1 - 4]. A major difficulty identified in all these
programs is associated with the consolidation of prepreg and dry fabric tows on the tool,
particularly for components with double curvature.

The development of the airjet end-effector for ply consolidation, which is described in this
paper is part of larger research program to develop a low cost system for the automated
manufacture of high quality composite components from pregreg and dry fabric[5]. This
automated layup system uses concurrent design for manufacture in order to simplify the
overall process so as to make it more amenable to automated manufacture. The basic system
involves generating a draping finite element (FE) model using an FE computer package. The
layup in the FE model is defined using a protocol in which the draping sequence of the ply is
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defined as part of the design process. The information relating to draping is used to control the
automation[5]. The system was designed for cost effective manufacturing by maximising
flexibility, minimising human intervention during manufacture and maximising exploitation
of a unified computer database.

One of the essential elements of such a system is the process of consolidating each ply into its
appropriate position in the tool. An air-jet compactor driven by a servo motor has been
developed to use compressed air to consolidate pregreg and tackified dry fabric plies. The
orientation of the nozzle at the end of the compactor enables the unit to work on most surface
used in creating composite parts, including those with complex curvature..

DESIGN CONSIDERATIONS

Often composite parts involve laying up fabric over curvature that cannot be consolidated
using just one roller. Using air to apply the consolidation force enables layup on tools with
complex curvature. A part can have some difficult small radius joggles close to complex
curved areas and no change in tool will be needed. The air simply conforms to the curvature
of the tool. Although the air jet is best suited to parts with complex curvature, it is also able to
lay up efficiently onto flat or singly curved tools.

Critical issues

A number of  critical issues were considered during the design phase.

1. The unit was required to function in sharp female corners or in small tools where there
is limited space. Therefore, the overall size of the airjet end-effector was a critical issue.

2. The control of the nozzle path and velocity was a critical feature. For effective
consolidation, it was essential to ensure that, at all phases of the consolidation process,
the air-jet was aligned with the normal vectors generated from the CAD process. The
starting torque and holding torque required for correct operation needed to be
determined at the design stage.

3. The diameters of the high pressure air lines had to be carefully chosen so as to achieve
the necessary force to consolidate the plies.

4. Simplicity of construction and operation were major considerations in the design stage.

Force applied

One essential element determining the end effector size was the force applied to the plies,
which required a certain diameter of nozzle and channel pressure air. From human hand
operating experiments, a force of approximately 20 N[1] was placed on the plies. The
pressure obtained from the laboratory compressed air system(Ps) was 700 kPa.



Volume IV: Composites Processing and Microstructure

IV - 476

Force required for draping: F = 20 N;

Pressure obtained from lab system: P = 700 kPa;

Square of nozzle: S;

Diameter of nozzle: D;

F = P ∗ S

S = π ∗(D/2) ∗ (D/2)

D = 2 ∗√ S/π∴ D = 2 ∗ √ F/(p∗π)

D = 6 mm

Therefore, 6 mm inter diameter of nozzle was chosen.

ROTATION

The speed of the nozzle turning had to be compatible with that of the robot’s movement so as
to complete the movement in approximately the same time or sooner. Calculations were
applied for adopting a motor with its gear box and a pair of pulleys as shown in Figure 1.

       Power pulley Robot moving  speed: Vr;
 Dp    Nozzle vectorial speed: Vn;

Diameter: D;

       Belt Angle rotating speed: ω;
Nozzle radius: Rn;

       Driving pulley
Subscripts:

   Dd      Dw Nozzle n
Robot r
Driving pulley d
Power pulley p

Figure 1:  End effector rotation mechanism

The nozzle vectorial speed (Vn) needs to be similar to the robot arm moving speed (Vr), this
was expected in most of applications to be approximately :  Vn = Vr = 1 m/s.

Vn = ωn ∗ Rn;

ωn = Vn / Rn = Vr / Rn;

To avoid the motor hitting the tool but still allow the nozzle to access sharp corners in limited
space, a pair of pullies and a belt have been introduced to keep the motor away from rotation
wheel.
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The pair of pullies chosen were:

Driving pulley:      40 teeth;

Power pulley:    10 teeth;

ωp = ( Rd / Rp ) ∗ ωd;

∴ ωp = ( 40 / 10 ) ∗ ( 1000 / 22.5 );

ωp = 177.7 degrees/sec;

∴ Its spinning speed is 1698 rotation per minute .

This range of rotation speed from the motor gear box can be adopted to drive the unit.

CONTROL

The control of the unit was performed using software developed to read draping data
generated and converted from an FE model. It consisted of two sections:

1. Software to read the draping data and send the command to drive the motor using the 
converting card.

2. Automated error correcting system.

A servo motor control card was employed to convert the commands to pulses which were
increased by a transformer before driving the motor. The motor  was then calibrated to
identify the number of pulses required to rotate the nozzle one degree while the compressed
air was being ejected.

Since a small amount of error occurs during the process of position movement  each time, a
feed back system was necessary. It helped correct the error in order to obtain the precise
draping position. The motor used allowed the addition of the feedback so as to produce a
servo motor. A potentiometer installed in the servo generate the voltage signal which was sent
back to the servo motor controller. This then terminated the motor rotation after the feedback
signal matched the pulse signal sent from computer.

OVERALL AIR-JET COMPACTOR UNIT

The overall control system schematic is depicted in figure 2. The diagram of the air-jet
compactor unit is presented in figure 3. These include three parts: Movement mechanism, Air-
jetting and Control of motion and jet.
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Figure 2:  Schematic diagram of the air compaction control system

The reason for installing the transmission inside the tube, that supports the wheel and is held
by robot, come about for two main reasons. First, it could reduce the overall size of the unit,
enabling the unit to work in small space. Second, it contributes to safety considerations.
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Moving parts

The nozzle at the end of the wheel is driven by the motor via pullies and a belt, after the speed
had been reduced and torque had been increased by a gear box at end of the motor. It can
rotate up to 100 degrees on each side, which ensures the nozzle is able to point normal to any
curved surface when used with a vertical rotational axis from robot. All moving parts were
kept small to ensure the final end effector was able to access small radius and parts with deep
sections. Further reduction in size was impractical as a certain airflow was needed using
standard airline thus dictating the size of the overall dimensions used.

ω

potentiometer

Air nozzle

Wheel

Connector

Airline

motor

ω

Robot

Figure 3:  Diagram of air-jet end effector
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Air-jetting parts

After the command was given by the software the compressed air was turned on by a solenoid
switch and the air was ejected out from nozzle by passing through a pipe situated internally to
the rotating cylinder the nozzle was attached to.

Controlling parts

Following the given computer command, a servo motor controller received the pulse sent
from a computer control card. This pulse was then increased to allow it to drive the motor step
to its position. The potentiometer at the end of gear box generated the feed back voltage from
the motor rotation back to the controller so as to modify the nozzle to the correct position.

TEST OF CONCEPT

Calibration of the nozzle controller was performed by finding what pulse corresponded to
what angle. This following relationship was found;

Pulses = 21/9 x Angle (in degrees)

The unit has been fully calibrated and basic tests performed using the system software.
However, final testing of the end effector will require the integration of all hardware and
control by the software in order for it to be fully tested..

The draping force, although enough to consolidate ply onto simple curved tools, would not be
adequate for shape corners. These, however, could be consolidated by introducing an air
pressure increaser (pneumatic air ejector) in the air line. Heating the compressed air would
also help press the plies into sharp corners, as a result of the prepreg softening tack increasing.
Dry fabric with binder (B staged resin) could also be influenced by such heating. The air
heating system is being developed.

 CONCLUSION

An air-jet compactor unit has been designed for use in an automated composite manufacture
layup cell which enables plies to be layed onto various types of complex curved tooling.

A prototype airjet compactor has been constructed, calibrated and its operational aspects
successfully tested.

The control system required to operate the compactor has been designed, constructed and
successfully tested.
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POROSITY  CALCULATION  OF  MIXTURES OF
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SUMMARY:   The initial forming of fibre blend to high green density, i.e. the packing of
fibrous particles, is important to the reinforcement of composite materials. It is very useful to
develop a general predictive method for the optimum selection of particle mixtures for the
property control of ceramic or composite products. This paper presents such a mathematical
model developed on the basis of the similarity analysis between the spherical and non-
spherical particle packings and assesses its applicability to the packing of fibrous particles
with discrete and/or continuous length distributions. The results indicate that the model can
predict this packing system well and hence provides an effective way to solve various packing
problems in the composite materials processing.

KEYWORDS:  packing, porosity calculation, fibrous particles, mixtures

INTRODUCTION

Among the many variables governing the packing of particles, particle size distribution is
most important. Many efforts have therefore been made to understand the relationship
between packing density (equal to one minus porosity) and particle size distribution, as
summarised by German [1]. Generally speaking, previous work is mainly based on
experimental measurement and recent studies are more concerned with mathematical
modelling. In the past decade or so, significant progress has been made in the modelling of
the packing of spherical particles [2-7]. The resulting mathematical models have significantly
enhanced our quantitative understanding of the dependence of packing density on particle size
distribution and provide an effective means for solving various packing problems. However,
particles involved in practice are usually not spherical, and particle shape strongly affects
particle packing. In the past, little systematic effort has been made to model the packing of
nonspherical particles, mainly because of the complexity of the problem. Recently, to
overcome this gap, on the basis of the similarity analysis between spherical and non-spherical
particle packings, a mathematical model has been developed for predicting the packing of
non-spherical particle mixtures [8].

Of particular interest here is the packing of fibrous particles. It has been known that the
reinforcement of ceramic or composite materials using high strength fibres can yield high
temperature structural materials with increased toughness. Understanding the initial forming
of fibre blend to high green density is important to the involved processes. The packing of
fibres or fibrous particles has therefore been a subject of research for years, aiming at



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 501

developing a predictive method for the optimum selection of particle mixtures for the
property control of ceramic or composite products. Simple packing systems, involving mono-
sized or fibre-fibre or sphere-fibre binary mixtures, have been studied in detail [9-14]. In
contrast, to date very limited efforts have been given to complicated but more realistic
packing systems involving multi-sized fibres [15,16].

This paper will present a study of the packing of fibrous particles by use of the modified
linear packing model [8]. In particular, its applicability to the packing systems encountered in
the composite materials processing will be assessed in detail. It will be shown that the model
can predict the packing of these systems well and hence provides a convenient way to study
the packing of fibrous particles.

THEORETICAL WORK

Mathematcal Model

The system considered is assumed to be composed of n components of constant particle
density, with each characterised by its (initial) porosity εi and effective (packing) diameter dpi

(i=1, 2, ..., n). In general, the porosity of this system ε can be expressed as

ε=f(X1, X2, ..., Xn, dp1, dp2, ..., dpn, ε1, ε2, ..., εn)             (1)

where Xi is the fractional solid volume of the ith component. For convenience, dpi are so
ordered that dp1≥dp2≥...≥dpn.

Fig. 1:  A two-dimensional diagram illustrating a packing of non-spherical particles and its
equivalent packing of spherical particles.

Eqn 1 implies that the particle characteristics, such as size and shape, affects the packing
porosity through its effect on equivalent packing diameter and initial porosity. When particles
of different sizes are mixed and packed, the volume occupied by a unit volume of solid
particles, commonly referred to as the specific volume V [=1/(1-ε)], will decrease as
compared with that of mono-sized particles as a result of the mixing-interaction between two
components. It is known that the mixing-interaction between two components is dependent on
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their relative size which, as discussed elsewhere [17], should be quantified in terms of
equivalent packing diameter resulting from the similarity analysis between spherical and non-
spherical particle packings. This concept is schematically illustrated in Fig. 1 in which a
packing of non-spherical particles is represented by its corresponding packing of spheres.

Technically speaking, knowing Xi, dpi and εi allows ε to be predicted by means of a
mathematical model which calculates porosity based on the same information. However, if
there is a significant difference in initial porosity, the situation often found in the packing of
non-spherical particles, the previous models [2-7] can not be satisfactorily used. The only
model that can overcome this deficiency is the modified linear packing model. Yu et al. [8]
have described this model in detail. The following just lists the model equations for porosity
calculation.

According to the modified linear packing model, specific volume V can be determined by the
following equations [8]:

9 = 0D[ � 9�
7
�9 �

7
�� �� �9 Q

7{ }          (2a)

where

9L
7 = 9 M − �9 M − ��J�U LM�[ ]; M + 9 L; L + 9 M �− I �U LM�[ ]

M= L+�

Q

∑
M=�

L −�
∑ ; M

       (2b)

where Vi are the initial specific volumes which can be determined from εi by definition. Eqn
2a means that V equals the maximum of Vi

T  (i=1, 2, ..., n). f(rij ) and g(rij ) are referred to as the

interaction functions and only dependent on rij , the small-to-large ratio of equivalent packing
diameters between components i and j, and can be determined as

f r r r rij ij ij ij( ) ( ) . ( ). .= − + −1 2 81 13 33 2 77
             (3)

and

g r r r rij ij ij ij( ) ( ) . ( ). .= − + −1 0 36 11 97 3 67
                 (4)

Packing Characteristics of Mono-sized Fibres

Use of the above equations in porosity calculation requires the information of packing
characteristics such as εi and dpi a priori. It has been established that initial porosity is
constant for coarse spherical particles, generally taking the value of 0.4 for the loose random
packing or 0.36 for the dense random packing [1]. However, initial porosity varies with
particle shape and, if particle size is smaller than a certain value, particle size as well. If the
particle size and shape of component i are, respectively, represented by its equivalent volume
diameter dvi and sphericity ψi, this gives

εi = f(dvi, ψi)                (5)

Similar arguments apply to effective diameter dpi, so that
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dpi = f(dvi, ψi)              (6)

The effect of particle size becomes important when the weak forces such as van der Waals
and electrostatic forces are dominant, which will give packing behaviour different from that
of coarse particles [1,18]. However, the use of a mechanic force, eg tapping/vibration or
compaction, will significantly reduce this effect and give a packing matching the packing of
coarse particles. In this case, the effect of particle size can be ignored. The present work only
deals with such packing systems.

The packing characteristics of mono-sized non-spherical particles has been studied by Zou
and Yu [19]. Fig. 2 shows their measured porosity results as a function of aspect ratio Li

(length to diameter) for fibrous particles, which can be fitted by the following equation:

[ ]ln exp . ( ) ln ..ε ψ ψi i i= × × − ×5 58 589 1 0 40              (7a)

for the loose random packing, and

[ ]ln exp . ( ) ln ..ε ψ ψi i i= × × − ×6 74 8 00 1 0 36       (7b)

for the dense random packing; where ψi depends on Li, given by

ψ i
i

i

L

L
=

+
2 621

1 2

2 3. /

                  (8)

Different experimental conditions may change Eqn 7, which in turn affects porosity. On the
other hand, for a given packing system, εi or Vi can be readily measured, and these measured
values can be used directly in a model calculation, which usually improves the prediction
accuracy. In fact, this treatment has been used for most of the application examples presented
in this paper.

Fig 2: Initial porosity vs. particle shape for fibrous particles

The similarity between spherical and non-spherical particle packings has led to the
development of the concept of equivalent packing diameter. In particular, for convex non-
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spherical particles, the dependence of dpi on ψi has been empirically established, given by
[19]

[ ]d dvi pi i i= × −ψ ψ2 785 2 946 1. exp . ( )
              (9)

By definition, dvi should be related to the diameter of a fibrous particle Di, in addition to its
aspect ratio, as given by

d L Dvi i i= 1 145 1 3. /               (10)

Incorporation of Eqns 7-10 into the above model allows the packing porosity of a mixture of
fibrous particles to be predicted. Its accuracy will be discussed in the section below.

MODEL VALIDATION

The validity of the modified linear model can be examined by comparing the calculated and
measured porosity results. For convenience, this comparison is here made for three cases: (1)
the packing of fibres with a discrete length distribution; (2) the packing of fibres with a
continuous length distribution; and (3) the packing of mixtures of fibres and other shaped
particles.

Packing of Fibres with a Discrete Length Distribution

The first example considered here is the binary packing of fibrous particles. Milewski [9] has
carried out a detailed study of this system. Fig. 3 shows one set of his measured results, and
the predictions. It is obvious that the predictions are in good agreement with the
measurements. Such good agreement can also be observed for the packing of multi-
component mixtures. As an example, Fig. 4 shows the results for a quaternary system recently
studied by Lin [20]. Note that the results are presented in triangular diagrams by fixing the
fractional solid volume of a component at pre-set values, this giving the so-called pseudo-
ternary packings.

Fig. 3 Porosity results of binary mixtures of short (L=3.91) and long fibres of different L
values, D=2.09 mm for all fibres: points, measurements; solid lines, predictions.
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Fig. 4 Comparison between the measured and calculated packing density, ie. 1-porosity, for
a quaternary system of fibrous particle of sizes: D=2.62 mm, L1=45.0, L2=15.9, L3=3.9 and

L4=1.4 when: (a), X3=0; (b), X3=0.20; (c), X2=0.50.
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Packing of Fibres with a Continuous Length Distribution

Practical problems often involve the packing of fibrous particles with a length distribution.
This packing system was recently experimentally studied by Zou et al. [16]. In particular, in
their study, the fibres were assumed to be of the same diameter D, with their dimensionless
lengths, ie, aspect ratios, distributed according to the modified power law length distribution:

f v(L) =
mLm−1

Lmax
m − Lmin

m (Lmin ≤ L ≤ Lmax)              (11)

or the log-normal length distribution:

f v(L) =
1

2π
×

1
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×

1
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           (12)

Eqn 11 is similar to the modified Gaudin-Schuhman distribution using particle diameter
rather than length. Obviously, for a given D, porosity should be dependent on the length
range, i.e. [Lmin,Lmax], and exponent m. On the other hand, for Eqn 12, porosity depends on
median length L0.5 and geometric standard variation σg.  Zou et al. [16] found that: porosity
increases with the increase of m or length range for Eqn 11, or with the increase of L0.5 or σg
for Eqn 12. Figs. 5 and 6 show their experimental results, together with the model predictions
obtained under their experimental conditions. The good agreement between predicted and
measured porosities suggests that this packing system can be well predicted by the proposed
model.

Fig. 5 Porosity of cylinders with the modified powder law length distribution for various

length ranges for the loose random packing: points, measurements; ____, predictions.
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Fig. 6 Porosity of fibrous particles with the log-normal length distribution under various

conditions: (a), σg =3.5; (b), L0.5 =8.0;  points, measurements; ____, predictions.

 

Fig. 7 Comparison between the measured (a) and calculated (b) specific volume variations
for a disk-cylinder-sphere ternary system: disk, dp1=20.59 mm, V1=2.653; cylinder,

dp2=10.95 mm, V2=2.155; sphere, dp3=3.00 mm, V3=1.639.
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Packing of Mixtures of Fibres and Other Shaped Particles

The proposed model may be used for predicting the porosity of non-spherical particle
mixtures which include mixtures of fibres and other shaped particles, as long as εi and dpi

have been properly evaluated. This can be seen from the example given below.

The packing of ternary mixtures of non-spherical particles has been experimentally studied by
Yu et al [15] using well defined particles such as disk and/or cylinders. To depict the
similarly between spherical and non-spherical particle packings, these authors used the so-
called specific volume variation ∆V in their analysis, which is defined as the difference in
specific volume between unmixed and mixed states. That is

∆V V Vi
i

n

= −
=
∑

1

    (13)

The so-called mixed state corresponds to the present V, and the unmixed state the specific
volume obtained when different types of particles are placed layer by layer without mixing.
As shown in Fig. 7, their measurements can be predicted by the proposed model
satisfactorily.

CONCLUSIONS

Fibrous particles are widely used in composite materials manufacturing. However, various
industrial  needs require various mixtures, which give various packing features as seen from
the results presented in this paper. Development of a predictive method for the optimum
control of such mixtures has been an important research subject. In this paper, extensive
examination has been made of the application of the modified linear packing model of Yu et
al. [8] to the packing of fibrous particles. The results indicate that the model can predict this
packing system well and hence provides a convenient and cost-effective way to solve various
packing problems.
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A QUANTITATIVE INVESTIGATION INTO THE
EFFECT OF PROCESSING CONDITIONS AND

MOULDING THICKNESS ON FIBRE ORIENTATION
IN SHORT FIBRE-REINFORCED THERMOPLASTICS

C. Y. Hsu and  R. Brooks

 Department of Mechanical Engineering, University of Nottingham,
University Park, Nottingham, NG7 2RD, UK

SUMMARY:   This paper reports on work which is being done to develop & use  automated
procedures for measuring 3D fibre orientation distribution (FOD) quantitatively in short fibre
reinforced thermoplastics (SFRTPs). Through-thickness images comprising about 3000 fibres
from polished sections are acquired using a CCD camera mounted on an optical-reflective
microscope. Orientation is described in the form of weighted second order tensor components,
in which the measurement errors, mainly resulting from the misalignment of the specimen, are
included to provide upper & lower bounds. The whole process is automated and allows large
numbers of images to be processed and analysed rapidly. The effects of mould geometry and
processing conditions on FOD in 20% GFPP( Glass fibre reinforced polypropylene)
mouldings have been studied. Results are shown of the variation of fibre orientation through
the thickness at specific positions, and for complete cross-sections, the latter incorporating
more than 150,000 fibres. Final orientation distribution is complex and depends on such
factors as relative dominance of divergent or shear flow conditions, rate of flow and cooling
effects.

KEYWORDS:   injection moulding, short fibre, fibre orientation distribution, polypropylene,
image processing, injection speed, moulding thickness

INTRODUCTION

Many experimental studies [1,2] have shown that fibre orientation distribution (FOD) in short
fibre-reinforced thermoplastics (SFRTPs), and consequent mechanical properties, depend on
the flow conditions in the mould.  In order to design with SFRTPs more effectively, a
thorough understanding of FOD in a  quantitative way is paramount. One aim of this paper is
to describe the use of an automated image processing and analysis system for the accurate
quantitative measurement of FOD.  A second aim is to develop a greater understanding for the
effects of position, injection speed and moulding thickness on FOD. The paper presents
results from FOD measurements through the cross-section of 20%GF/PP rectangular plaques
and discusses these results in terms of the complex flow field generated in such plaques.
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EXPERIMENTAL

Test Plaque Production

The material used in this study is 20 wt% glass filled polypropylene, injection moulded in a
specially designed mould with inserts to allow different geometries and thicknesses. Nominal
rectangular plaques, 150 mm x 50 mm in size and of 2 mm and 4 mm thicknesses have been
moulded as shown in Fig. 1. Each plaque is fed through a 2 mm x 2 mm pin gate. Typical
processing temperatures are given in table 1 and cavity fill times of 1, 3 and 10 seconds have
been studied, corresponding to nominal injection speeds of 150, 50 and 15 mm/s respectively.

Table 1 :  Processing temperatures for the moulding of 20% GF/PP rectangular plaques

Mould Temperature Barrel  Temperature
Front Middle Rear

50o C 260o C 240o C 230o C

Although the development of orientation in other more complex geometries has been studied
[3], simple rectangular plaques were chosen to focus on the effect of processing conditions.

Measurement Positions and specimen Preparation

Detailed through-thickness fibre
orientation distribution (FOD) has
been measured at two primary
positions, A and B, as shown in Fig. 1.
Position A is 25mm from the gate at
the centre of the plaque, whereas
position B is half way along the
plaque, i.e. 75 mm from the gate, again
at the centre. Specimens for
measurement are cut from the plaque
at the relevant position and cast in
polyester resin. Careful grinding is
then performed in an automatic
machine using water-proof silicon
carbide papers through grades of 250,
400, 800, 1200 and 4000. Finally, the
specimen is polished using 1µm aluminium paste.

Image Acquisition

A Vickers microscope equipped with a 768x512 array CCD camera coupled directly to a PC
is used for image acquisition. The magnification should be such that the smallest fibre
diameter can be resolved and yet still present a sufficiently large field of view. A
magnification of 100 is selected, giving a maximum resolution of  1.124 µm per pixel. For
detailed measurements through the thickness of a 4mm plaque at each position two columns
of 13 frames, each 0.860x0.287mm, are captured, amounting to at least 3000 fibres. In some
cases, data from a full cross-section of the plaque is obtained where there may be in excess of
100,000 fibres.

A B

Cut Planes Flow 

Gate

25 50
All dimensions
in mm

Fig. 1 Pin-gated plaque and positions where fibre 
orientation distribution is measured.
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IMAGE PROCESSING AND ANALYSIS

Image Processing Algorithms

Image processing is conducted using the function libraries of a proprietary package, Visilog®,
in conjunction with purpose developed algorithms. Details are given in [4,5,6]. A top-hat
transformation , based on grey-scale morphological operations, is used to separate the peak
(white-grey fibre) from the valleys (dark-grey matrix), at the same time dealing with uneven
illumination and poor contrast. The process involves eroding and dilating the image for N
iterations, in which N is in the range D-1.4D, where D is the nominal fibre diameter in pixels.
The resulting image is finally subtracted from the original image. After the subtraction, an
Entropy function is used to threshold the image to a binary format. The connected fibres are
then separated by producing a Distance Map on which a Watershed algorithm operates. The
Distance Map is a map of the image, in which the brightness of a grey pixel is a measure of
the distance of the corresponding binary pixel from the outer periphery of the feature. This
creates a grey scale image of peaks and valleys and watershedding can separate these into
distinct features. Different watersheds are set for identifying isolated particles and for
segmentation of connected particles. Finally, all the separated fibres are labelled and assigned
a number. The whole process is fully automated.

Pattern Recognition

Fibre cross-sections appear as circles and ellipses in the image. The three-dimensional
orientation state, as defined by the two angles, θ (in-plane), and φ (out-of-plane), is calculated
from the length of the major and minor axes of each ellipse, in addition to the angle the major
axis makes with the x-axis in the image co-ordinate system. The length of the major and
minor axes are derived from the second moments of area of each individual ellipse using
Visilog® area moment functions.  The in-plane angle θ  is given by, minor
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Length of the major axis
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−
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where Ixx, Iyy and Ixy are the second moments of area of the ellipse about the x and y axes.

The out-of-plane angle φ is calculated from the angle the major axis of the ellipse makes with
the x-axis, and is given by the following expression,

tan (2 ) =
2 I

I - I
xy

xx yy

φ -                                                            (2)

This equation leads to two values of φ, 90 degrees apart. The correct value is found by back
substituting into the expressions for the principal second moments and checking for
consistency with the values above.
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Tensor Representation of Fibre Orientation Distribution (FOD)

The orientation tensor has been shown to be a concise method of describing the average
orientation state of a number of fibres [7]. The orientation angles are used as input to form the
tensor components. In addition, it is necessary to weight the contribution of each fibre to the
average tensor component, according to its ellipticity [7]. This takes into account the
probability of cutting each fibre. The weight average second order orientation tensor
components are then given by,

ij

ij n
n

n

a =
(a )

1

1

∑

∑

cos

cos

θ

θ

                                                             (3)

a11 & a22 are measures of  the in-plane orientation in the flow direction & transverse to the
flow direction respectively, whilst a33 is an indication of out-of-plane orientation.

Bounds on the Results

The major source of measurement error arises from misalignment of the section plane of the
specimen. For a misalignment angle α, denoting a clockwise rotation about the 3 axis, the
actual orientation angles can be computed from measured angles [8] using the following
transformation expressions,

cos sin sin cos cos cos

cos (cos sin cos sin cos ) / sin

θ α θ φ α θ
φ α θ φ α θ θ

α α α

α α α

= - +

= +
                               (4)

where α=  misalignment angle; θα,,φα =  measured values; θ ,φ  =  actual values

The specimen preparation procedure should align the section plane to within 2 degrees. A
conservative estimate of the upper and lower bounds on the orientation tensor components has
therefore been made by assuming the misalignment angle to be α= ±2.5 degrees. These
bounds are included in the graphical results presented in the following sections.

RESULTS

Effect of Position in the Plaque

Fig. 2 and Fig. 3 show through-thickness photographs taken at position A (gate) and position
B (centre) of a 2mm plaque moulded at 1 second fill time i.e. high speed.  Fig.4 shows the
corresponding quantitative measure of through-thickness FOD at these two positions. It is
clear from the photographs that there is a significant reduction in the thickness of the
transversely aligned core layer at position B, a fact confirmed by the measurements shown in
Fig. 4. The high values of a11 in layers 2-3 and 11-12 (a11>0.6), also shown in Fig. 4, are
indicative of shear alignment in the high shear region adjacent to the frozen layers. By
contrast, in these outer frozen layers, the value of  a11 reduces as a result of the rapid cooling
of the melt and corresponding increase in viscosity, which limits the amount of shear
alignment that can take place. Throughout the thickness, at both positions A and B, a33

remains low, showing that the flow is largely in-plane in all layers. However, a33 values are
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marginally higher away from the central core layers, possibly indicating the drag affect of the
frozen layer causing some fibres to move out of plane.

As the polymer melt enters the cavity through the constricted pin gate, divergent flow will
tend to align the fibres in the transverse direction giving the observed wide core region at
position A. As the melt moves down the plaque the shear forces take affect on the outer layers
causing greater alignment in these regions and the observed narrower core. Without the
influence of shear forces, the transverse alignment in the central core is retained even at
position B.

Fig.2 A through-thickness image of the 2mm
plaque at position A.

Fig.3 A through-thickness image of the 2mm
plaque at position B.
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Fig.4: Measured through-thickness
orientation tensor components near the gate
(position A) and at the centre (position B) of

the 2mm plaque at 1s. injection time.

Fig. 5: Measured through-thickness
orientation tensor components for the 4mm
plaque at position B for different injection

speeds (1s, 3s and 10s fill times)



Volume IV: Composites Processing and Microstructure

IV - 524

Effect of Injection Speed

4 mm Plaque

Fig.5 shows the variation of tensor components, a11 and a33 , at position B (middle) in the 4
mm plaque, for three injection times; 1, 3, and 10 seconds. In general, the results show that
injection speed over this range has little effect on the FOD. There is some evidence of a
greater transverse alignment in the core region at high injection speed and a more abrupt
change from high skin values to low core values at this speed. These observations may be a
consequence of the blunter velocity profile arising from greater shear thinning in this case.
The a33 values remain low throughout the thickness, again indicative of very little out-of-
plane alignment apart, that is, from an increase in the core region at slow filling time. The
origin of this out-of-plane alignment is uncertain.
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Fig.6: Measured orientation tensor
components across the width of the 4mm

plaque at position B for 1s and 10s injection
times

Fig.7 Measured through-thickness
orientation tensor components for the 2mm
plaque at position B for 1s injection times.

A further study of the effects of processing speed has been made by measuring the orientation
in the two central through-thickness layers, i.e. 2/13th of the plaque thickness, across the full
width of the 4 mm plaque at position B. The results are shown in Fig. 6 for two injection fill
times (1s and 10s). Although there is some scatter in the measurements, it is clear that a
similar pattern of FOD occurs across the width to that already seen through the thickness.
Low a11 values occur at the centre of the plaque width, rising gradually to high values at the
edges. The pattern appears to reflect the curved nature of the flow front across the width. It is
also interesting to see that the a33 component remains low for much of the width, indicating
in-plane flow, but rises to quite a high value (~0.3) near the plaque edges. This out of plane
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alignment is likely to be caused by the fountain flow freezing onto the walls in these regions
where the proximity of three mould surfaces increases the cooling rate.

As with the through-thickness results, injection speed only has a marginal effect on the cross-
width results, however, a pattern is discernible. At high injection speed (1s fill time) there
appears to be more of a distinction between the a11 values near the edge and those in the
centre than there is at low injection speeds. There is a clear cross over of the a11 lines for the
two speeds in the regions of column 17 and 27 in Fig. 5. One explanation for this is that at the
higher speed the cross width flow front may be blunter due to the greater shear thinning.
However, it should be pointed out that any such differences in flow front geometry have yet to
be measured.

2 mm Plaque

Fig. 7 shows the through thickness FOD at position B for the 2 mm plaque at two injection
speeds; 1 and 3 second fill times. At the higher injection speed (1s) a11 is higher in the skin
regions which is a consequence of the higher shearing in this case.  It is also apparent that the
core region is wider for the high speed injection which could be related to the degree of
cooling. At the low injection speed (3s), by the time the melt has reached the middle of the
plaque (point B), it will have cooled more than it does under high speed injection conditions.
This will result in a wider frozen layer, a shear region closer to the mid plane and a
consequent reduced core region. In contrast to the 4 mm plaque, because of these cooling
effects, the effect of injection speed is more pronounced in the thinner 2 mm plaque.

Effect of Thickness

Fast Injection Speed (1s fill time)

Figs. 8 and 9 show detailed contour plots of the a11 tensor component for full cross-sections at
position B for both the 4 mm and 2 mm plaques. Both plaques have been moulded at high
injection speed. It is important to note the complexity of the orientation.
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Fig.8 Cross-sectional Contour plot of a11 halfway along the 4mm plaque
(X-width Y- , thickness); 1 second injection time.
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Fig. 9 Cross-sectional contour plot of a11 halfway along the 2mm plaque (X-width, Y-
thickness); 1 second injection time.

The general skin-core structure extends throughout the cross-section of both plaques, both
through the thickness and across the width. Although the low orientation contour ( a11 = 0.15 -
0.225) indicates a relatively smaller core for the 2 mm plaque, particularly across the width,
the mid range contour ( a11 = 0.375 - 0.45) tells a very different story. This contour, which is
more indicative of the transition from longitudinal to transverse alignment, shows that the 2
mm plaque has a wider through-thickness core in the central region of the cross-section .
Furthermore, the 2 mm plaque shows greater a11 values in the upper and lower skin regions.
Both of these observations can be explained by a blunter through-thickness flow front arising
from greater shear thinning in the 2 mm plaque.

Slow Injection Speed (3s fill time)

Fig. 10 shows the through-thickness FOD for the 2 and 4 mm plaques at a slower injection
speed and corresponds to the centre lines in the contour plots in Figs 8 and 9. In direct
contrast to the high speed injection results, the 4 mm plaque now has higher a11 values near
the upper and lower walls. As discussed in the previous section on the effect of injection
speed, it is likely that in the 2 mm plaque cooling will become important at the slower speed.
The shear driven alignment mechanism will be overtaken by the cooling of the melt and
freezing in at lower orientation.

CONCLUSIONS

This paper has reported on the use of automated image processing & analysis methods for the
quantitative measurement of 3D fibre orientation distribution in 20%GF/PP injection moulded
plaques. Using these techniques it has been possible to characterise in detail the complex
through-thickness FOD including full cross-sectional information. The results of  the
measurement of FOD at positions near the gate and middle of the plaque, at different injection
speeds, have been presented.  A relatively thick transverse core region near the gate, resulting
from divergent flow, reduces further down the plaque as the shearing forces take effect. The
effect of injection speed is minimal in the thicker 4 mm plaque, whilst clear differences were
observed in the thinner 2 mm plaque. The difference between FOD in 2mm and 4mm plaques
can be explained by shear thinning behaviour at fast injection speed and cooling effects at
slow injection speed. A full cross-sectional comparison of the 2mm and 4mm plaques reveals
the complexity of FOD showing both through-thickness and cross-width variations. The
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powerful methods reported in this paper should enable a greater understanding of the
important interaction between processing and fibre orientation  to be achieved.
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Fig.8: Measured through-thickness orientation tensor components for the 2mm and 4mm
plaques at position B for 3 second injection time.
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SUMMARY:   The resistance heating method for curing thermoset composites has been
developed as an alternative to oven, autoclave or hot press curing. The composite interior
is heated by passing current through embedded carbon fiber patches. These internal energy
sources present a new form of applied thermal loads not found in the traditional cure
simulation models, which typically are limited to external boundary conditions. The paper
presents a numerical method for predicting temperature, degree of cure, and cure rate for
thermoset resin/fiber composites. Finite difference formulas describe the temporal and
spatial derivatives of the energy equation. Heat generation terms are linearized over each
time interval to ensure compatibility of cure rate and degree of cure with the corresponding
temperature. Internal heating, via resistance heating, and external temperature or flux can
be applied.  Numerical simulations are presented to demonstrate the sensitivity to various
input parameters.

KEYWORDS : numerical model, cure simulation, resistance heating, finite difference
method

INTRODUCTION

Resin transfer molding and other closed mold thermoset composite manufacturing methods
require a cure stage whereby heat is added through devices such as an autoclave, smart press,
oven, hot plate or thermal strips. Considerable research has been conducted to develop
simulations that describe the temperature profile in composites using boundary conditions
appropriate for the particular curing device. For example, a finite element model [1] and
implicit finite difference model [2] of an autoclave cure cycle, and a one dimensional ADI
(alternating direction implicit) finite difference model for a heated tool plate cure cycle [3]
illustrate the use of numerical simulations to predict temperature, degree of cure and rate of
cure through the thickness of composites.

Simulations perform another valuable service in that they are used to evaluate the effects of
certain processing parameters before manufacturing. For example, a one-dimensional finite
difference model was employed to investigate variations in temperature response when fiber
and resin properties were altered [4]. The researchers isolated the influence of one resin
property without creating a new resin that exactly retained all other properties. Another study
simulated the effects of boundary conditions for curing thick composites.   Their results
suggested thermal spikes can develop at the center of the composite when thick parts are
cured with external heat sources [5]. These results were later substantiated with experiments



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 529

conducted for closed-mold, thick, fiberglass/epoxy composites cured in an oven [6]. The
inability to cure thick parts in an oven initiated the development of  a resistance heating
method for curing thermoset composites using carbon fiber patches [7].

Unlike the simulations with externally applied heat sources, the resistance heating method
requires specification of an interior source of energy. In the resistance heating method  the
composite is cured by passing current through an embedded carbon fiber patch. Local
resistance heating acts as an internal heat source; the resin catalyzes and generates more heat.
The combination of the exothermic reaction and thermal conduction drives the cure of the
remaining resin. The work presented here describes the numerical model for predicting the
temperature and cure profiles when internal resistance heating is applied in a closed mold
composite manufacturing method.

NUMERICAL MODEL

Energy Equation

The most general form of the two-dimensional energy equation for the stationary system
shown in Figure 1 is

ρ C  
T
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where ρ is the density, Cp is the specific heat, kx and ky are thermal conductivities in the x and
y directions, respectively, T is the temperature, and Q represents an internal heat source, such
as a chemical reaction. The properties, kx, ky, ρ, and Cp, for both the resin and fiber are
assumed constant through the cure cycle. The energy evolved during the cure of the resin can
be obtained using differential scanning calorimetry (DSC) and is characterized by the heat of
reaction of the resin Hr and the degree of cure α,

Q =  H
t

.  r

∂
∂
α

     (2)

Figure 1: Composite cross-section

The DSC output is used to construct an empirical cure kinetic model of Arrhenius-type. For
example, the autocatalytic kinetic model for epoxy reactions has the form.
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where m and n are reaction orders, αf  is the final degree of cure in isothermal DSC scans, and

i i ik = K  [- E / RT],  i =  1,  2,exp     (4)

such that Ki is a pre-exponential factor, E i is the activation energy, and R is the universal gas
constant.  Table 1 shows cure kinetic values from two separate studies for diglycidyl ether of
bishpenol-A (DGEBA) epoxies--both obtained using DSC [8], [9].

The effects of the resistive heating element shown in Figure 1 are included in the model as an
internal condition specified at the location of the carbon fiber patch. At the patch, the rate of
energy conducted perpendicularly away from the patch is assumed to be balanced by the
power, q per unit volume, Vpatch  supplied by an external voltage source.
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Along with the energy balance in the x-y plane defined by equations (1) and (6), boundary
conditions are needed for a complete model description.  Although other forms of conditions
involving heat transfer coefficients can be specified, this model restricts the application of
boundary conditions to temperature and flux:

              T =  T ,    on S    and   
T

x
 =  q ,    on S .0 1 0 2

∂
∂

            (7)

Table 1. Kinetic Parameters for DGEBA resins.

EPON 9302 [7] EPON 826 [8]

K1 (sec-1) 25.1+103 144+103

K2 (sec-1) 668+106 20.8+103

E1 (kcal/mol) 13.3 15.7

E2 (kcal/mol) 17.8 10.3

m 1.6 1.68 - 2.042+10-3 T((K)

n 1.4 0.32 +  2.042+10-3 T((K)

αf - 0.437 + 2.39+10-3 T((K) 1

The complete boundary value problem, equations (1) and (6) with boundary conditions (7) are
approximated using finite differences in conjuntion with a linearization scheme over the time
interval.
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Linearization Model

The finite difference formulas for the spatial and temporal derivatives on the left-hand side of
(1) and (6) are given as a first order backward difference and second order central differences,

where ∆t, ∆hx, ∆hy are the time and space intervals. Using these difference formulas
throughout region AC+AQ yields the generalized form

where [K] includes the coefficient matrix for temperatures, f1 and f2 are constants based on
resin and fiber material properties, and the superscript i represents the current (ith) time step.
{ Qr} does not vary with time; therefore, no superscript is shown. Notice that {Q}, the energy
evolved from the chemical reaction, is evaluated in the current time step. The term is
linearized based on the previous rate of cure and the rate of cure with respect to the
temperature.  
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Even though equation (11) can be expressed in terms that are dependent on times, i and i-1,
further linearization over the interval is recommended, particularly since the load or source
vector contains terms that vary exponentially [9].

Consider a simplified form of (11) at an arbitrary generalized time step, θ

[K ]  {T }  =  {F }θ θ θ     (13)

where θ is a dimensionless quantity that ranges from 0 to 1 such that

The assumption that the resin and fiber properties, (conductivity, heat capacity and density)
do not vary with time means the linearization scheme need only be applied to {T} and {F}.

{T }  =  (1 - ){T }  +  {T }i -1 iθ θ θ (15)
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{F }  =  (1 - ){F }  +  {F }i -1 iθ θ θ (16)

At the limits θ=0 or θ=1, the form is identically a forward or backward difference,
respectively. Since the backward difference formulation is unconditionally stable, all results
presented here will be obtained with θ=1. Once the linearizations are applied, the final form
of the model is
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NUMERICAL SIMULATIONS

The numerical model was checked for convergence for element size and time interval. The
model is more sensitive to the time step. This is primarily a result of the cure kinetic model
containing exponential terms. An adaptive time step would be desirable; however, for the
work presented here a constant time step was chosen for the entire cure cycle.  For
consistency in reporting and comparing a variety of temperature versus time and degree-of-
cure versus time results, the same time step was used for all simulations regardless of whether
that particular level of refined  time step was needed.

Figure 2: Schematic of cross-section for numerical simulations.
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Parametric Study

A series of numerical simulations was conducted to evaluate a variety of parameters-either
material properties, mold thickness or boundary conditions. The results presented focus on the
latter two since they pertain to internal resistance heating in combination with, or compared
to, external heating sources such as a hot press or hot plate.  The model will have the
geometry as shown in Figure 2 and will use the resin model for Shell EPON 826.

Figures 3, 4 and 5 illustrate the effects of varying the boundary conditions: heat source and
magnitude of thermal loads. For example, consider the arrangement shown in Figure 2 with
q=0, i.e., no carbon patches. Heat is applied in the form of an external source applied at the
top and bottom of the composite. When that source input varies, even slightly, i.e., by 5(C,
the exothermic reaction can cause a significant change in the temperature profile at the center
of the composite. Seventy-five percent of the cure occurs at the peak of the exothermic
reaction when T0=40(C, whereas only 60% of the cure occurs at the peak of the reaction for
T0=35(C. This same effect of thermal spiking was observed in experimental work with 50
mm thick fiberglass/epoxy (20% fiber volume fraction) when cured in an oven [7] and also by
simulation of thick carbon/epoxy laminates cured under pressure and temperature [5].

Figure 3: Temperature and Degree of Cure versus Time for T0=40oC, 35oC, with q=0,
H=25.4 mm.

Figure 4: Temperature and Degree of Cure versus Time for conduction only, external heat
source only, and resistive heating with external heat source. H=25.4 mm. T0=35oC
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The use of resistant heating in conjunction with external heating sources can reduce the effect
of thermal spiking as shown in Figure 4.  The curve marked conduction is a temperature plot
at the center of the specimen if the heating is due only to conduction, i.e., no chemical
reaction or internal heating.  The other curves represent the temperature and degree of cure
when the same external heat source is applied but in one case the resistant heating patches are
activated by a power source.  The degree of cure at the peak exotherm is approximately 10%
lower (0.67 degree of cure versus 0.60 degree of cure) when the combined method of heating
is employed.  This is due in part to the initial heating at the center of the composite due to the
heating patch. The exothermic peak temperature is also lowered when including the additional
power source.  This may be due to initiating cure earlier with a more gradual release of the
exothermic energy. Even though the steady state temperature is slightly increased due to the
additional heat source, the cure cycle profile has been improved--a lower peak temperature is
reached in less time.

At this point, one may think that by increasing the power to the patch, the maximum
temperature will continue to decrease and the time to peak will be reduced.  In fact, as shown
in Figure 5, this is not the case. For a given external source, a small amount of internal power
can decrease the time to reach peak temperature and lower the peak temperature; however,
additional internal heating will cause the peak temperature to increase, and the time to reach
peak temperature to decrease.  The amount of cure at peak temperature is not significantly
affected. An optimum combination of external and internal heating could produce the desired
rate of cure and length of cure cycle. Other options involve the use of feedback whereby the
manufacturers recommended cure cycle is controlled by cycling the power to the patch as
needed [11].

Figure 5: Temperature and Degree of Cure versus Time for resistant heating power (q=2
cal/s, 1 cal/s) supplied to the heating patches. H=25.4 mm. T0=35oC

Finally, the effect of internal heating was investigated for composites of varying thickness.
Figure 6 shows that as the part becomes thinner, the application of resistance heating becomes
less significant.  Thick parts regardless of how they are cured are subjected to the same
difficulty--an exponential increase in peak temperature as the thickness increases linearly;
however no appreciable increase in the degree of cure at peak temperature occurs.
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Figure 6: Temperature and Degree of Cure versus Time for H=12.7 mm, 19.1 mm and 25.4
mm with q=1 cal/s, T0=35oC

CONCLUSIONS

The resistance heating method of cure can be modeled using a two-dimensional finite
difference scheme with an internal source term that is directly related to the power per unit
volume supplied by the external electric circuit. Simulations conducted to study the influence
of a variety of processing parameters indicated that a combination of external heating and
internal heating can reduce thermal spiking in thick parts.  Furthermore a gradual increase in
temperature at the center of composites is recognized as a means of minimizing thermal
spiking and thereby reducing the degree of cure achieved at the peak temperature.

As composites manufacturing moves further into markets that require mass production of
thick section parts, or parts with large geometries that do not lend themselves to oven, hot
press or autoclave curing, resistance heating may become more prevalent. The current
simulation model addresses the need to simulate processing conditions and investigate
placement of internal heating elements. To date, the model is restricted to two internal
resistance heating elements; however, work is ongoing to develop more flexibility in the input
parameters and boundary specification.



Volume IV: Composites Processing and Microstructure

IV - 536

ACKNOWLEDGMENTS

The authors thank the National Science Foundation (DDM-9309317) and The Pennsylvania
State University for supporting this work.

REFERENCES

1. Bogetti, T. A.  and Gillespie, J. W., Jr., “Two-Dimensional Cure Simulation of Thick
Thermosetting Composites,” Journal of Composite Materials, Vol. 25, 1991, pp. 239-273.

2.  Mijovic, J. and Wang, H. T., “Modeling of Processing of Composites Part II -
Temperature Distribution During Cure,” SAMPE Journal, March/April 1988, pp. 42-55.

3. White, S. R. and Kim, C., “A Simultaneous Lay-Up and In Situ Cure Process for Thick
Composites,” Proceedings American Society for Composites - Seventh Technical
Conference, University Park, Pennsylvania, USA,  October 13-15, 1992, pp. 80-89.

4. Vergnaud, J.-M. and Bouzon, J., Cure of Thermosetting Resins: Modelling and
Experiments, Springer-Verlag, New York, 1992.

5. Twardowski, T. E., Lin, S. E., and Geil, P. H., “Curing in Thick Composite Laminates:
Experiment and Simulation,” Journal of Composite Materials, Vol. 27, No. 3, 1993. pp.
216-249.

6. Butler, D. and Engel, R. S., “On the Use of Embedded Graphite Patches for Cure in Resin
Transfer Molding,” Proceedings Tenth International Conference on Composite
Materials, Whistler, British Columbia, Canada, August 14-18, 1995, Vol. III: Processing
and Manufacturing, Poursartip, A. and Street, K. N., Eds., pp. 269-276.

7. Butler, D., Curing Thick Resin Transfer Molded Composites by Resistance Heating,
Masters Thesis, The Pennsylvania State University, University Park, PA. August 1995.

8. Trivisano, A, Maffezzoi, A., Kenny, J. M. and Nicolais, L., “Modelling of the
Thermorheological Behavior of High Performance Composites,” 35th International
SAMPE Symposium, April 2-5, 1990, pp. 590-603.

9. Mijovic, J. and Lee, C. H., “A Comparison of Chemorheological Models for Thermoset
Cure,” Journal of Applied Polymer Science, Vol. 38, 1989, pp. 2155-2170.

10. Lee, S., Coupled FEA of Decomposing Poroelastic-Polymeric Composites and Structures
with Subsequent Thermal and Gas Diffusion, Ph.D Dissertation, The Pennsylvania State
University, University Park, PA. December 1993.

11. Bakis, C. E., Bantell, F. J., “Curing of Composite Prepreg Laminates by Resistance
Heating of Internal Carbon Veils,” (these proceedings)



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 537

SURFACE MODIFICATION OF INORGANIC
ULTRAFINE PARTICLES BY THE GRAFTING OF

POLYMERS

Noria Tsubokawa1 , Kazue Kawatsura2 , and Yukio Shirai2

1 Department of Material Science and Technology, Faculty of Engineering,
Niigata University, 8050 Ikarashi 2-nocho, Niigata 950-21, Japan

2 Graduate School of Science and Technology, Niigata University, 8050
Ikarashi 2-nocho, Niigata 950-21, Japan

KEYWORDS:  carbon black, ultrafine silica, titanium oxide, surface grafting of polymer,
azo group, radical polymerization, dispersibility



Volume IV: Composites Processing and Microstructure

IV - 538



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 539



Volume IV: Composites Processing and Microstructure

IV - 540



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 541



Volume IV: Composites Processing and Microstructure

IV - 542



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 543



Volume IV: Composites Processing and Microstructure

IV - 544



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 545



Volume IV: Composites Processing and Microstructure

IV - 546



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 547
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SUMMARY:  In this study, stress and strain on a cross section of a heat-sealed area in
laminated plastic film used for liquid packaging bags under different temperatures were
analyzed using the elastoplastic finite-element method upon application of static load to
dynamically investigate the cause of bursting of the bags. Prior to the analysis, Young's
moduli, Poisson's ratios and stress-strain curves of the components constituting the film,
which were necessary in the analysis, were measured using a grid method. In addition, the
force acting on an area was determined by measuring the pressure in the bags. The shapes of
cross sections obtained by the analysis of their material properties and the force were in good
agreement with those obtained by cutting frozen bags under compressive loads. As a result,
characteristic distributions of equivalent stress and strain, which depend on temperature, were
found in the area.

KEYWORDS:  finite element analysis, stress, strain, liquid packaging bag, plastic film, grid
method, heat sealing

INTRODUCTION

The use of plastic containers for packing foods is steadily increasing recently. However, since
the majority of these containers are not recycled but used in the one-way mode, plastic
garbage has become a serious environmental problem. Under such circumstances, the
reduction of volume and thickness of these wastes is required to minimize their total quantity.
Attracting attention in this respect are flexible packages which not only facilitate reduction of
volume and thickness but can also be folded into compact volumes for easy recovery.
Particularly advantageous among them are liquid packages made of laminated film in which
the quantity of plastic used can be reduced to 1/5-1/10 that used for hard packages.

However, the disadvantage is that, since a thin laminated film is used, it can readily cause
possible bursting of packages due to temperature changes or shock during transportation. To
overcome this disadvantage, knowledge of the dynamic mechanism of bursting is necessary.
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Until now, very little has been known about this mechanism, and there have been only a few
experimental studies on bursting[1]-[3].

In this study, stress and strain on a cross section of a heat-sealed area, at which most bursting
occurs, in a laminated plastic film used for liquid packaging bags under different temperatures
were analyzed using the elastoplastic finite-element method upon application of static load, to
dynamically investigate the cause of bursting of the bags. Prior to the analysis, Young's
moduli, Poisson's ratios and stress-strain curves of the components constituting the film,
which were necessary in the analysis, were measured in tension tests using a grid method. In
addition, the force acting on an area was determined by measuring the pressure in the bags.
The shape of the cross section obtained by the analysis of their material properties and force
was compared with that obtained by cutting frozen bags under compressive loads. The
analytical results for equivalent stress and strain are discussed.

LIQUID PACKAGING BAG

Structure of Laminated Film

Figure 1 shows the liquid packaging bags used in this study, which were made of laminated
film and contained about 17ml of water. Three sides of these bags were heat-sealed by an
automatic packaging machine (NT-Dangan, Nippon Seiki) under the same sealing conditions,
which were determined based on the plastic film test (JIS-Z-1707-1975, Japanese Standards
Association) for food packages.

Fig. 1: Shape and dimensions of liquid

The laminated film consisted of nylon, NY, (15µm in thickness), polyethylene, PE, (25µm in
thickness) and ethylene vinylacetate copolymer, EVA,  (25µm in thickness) used in common,
as shown in Fig.2. Two films, PE and EVA, were combined into one film, called a seal layer,
PE-EVA, during heat sealing.
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Shape of Cross Section of Heat-Sealed Area

Fig. 2: Cross section of laminated plastic film used for liquid packaging bag.

Liquid packaging bags were frozen at a temperature of -20(C in a thermostatic oven in order
to investigate the shape of the cross section of the heat-sealed area of the bags under
compressive loads, F, between 0 and 1kN, as shown in Fig.3. The frozen bags were cut in the
longitudinal direction, as shown in Fig.3. The cross sections were observed using a
microscope before thawing.

Figure 4 shows two examples of the sections observed at loads, F, of 0N and 400N. Figure
4(a) was used to model a cross section of the heat-sealed area of the bags for the finite-
element analysis.

MATERIAL PROPERTIES OF LAMINATED FILM

Young's moduli, E, Poisson's ratios, ν, and stress-strain curves of NY and PE-EVA, which
were necessary in the finite-element analysis, were measured in tension tests using a grid
method. Generally, laminated plastic film used for liquid packaging bags is made by together
rolling NY film, which is formed beforehand, and PE and EVA films, which are formed from
powder materials by heating and extraction in the manufacturing   process of the laminated
film. NY, PE and EVA films are difficult to completely separate from the laminated film. In
this study, NY and PE-EVA films were separated from the laminated film by using ethyl
acetate solution immediately after the manufacture of the laminated film.

Figure 5 shows the shape and dimensions of the specimens, which were based on JIS-K-6734,
used for obtaining E, àç and stress-strain curves of NY and PE-EVA. Cross grids with 2mm
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pitch were printed on the surface of the specimens using a simple printing technique, as
shown in Fig.6. The specimens were set in an electric furnace equipped with a universal test
machine (RTM-1T, Orientech) with 10kN capacity, as shown in Fig.7, and subjected to
tensile loads at a rate of 5mm/min at temperatures of -10, 0, 20 and 40(C.

Fig. 3: Compression of liquid packaging bag usd to investigate cross section shape of heat-
sealed area.

(a) F=0N                   (b) F=400N
Fig. 4: Cross section of heat-sealed area cut from bags frozen under compression load, F.
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Fig. 6: Grid printed on specimen surface.

The images of the specimen surfaces with the grids were recorded using an 8mm video
camera via a CCD camera, in tension tests, as shown in Fig.7. The amounts of tensile loads at
which the images were recorded were read off from a load counter photographed using
another 8mm video camera.

The stress, σ, was obtained by dividing axial load by the initial cross-sectional area of the film
specimen. The longitudinal and lateral strains, εL and εT , which were measured in the
directions parallel and normal to tensile load, were obtained by measuring the deformations,
δL and δT, in the original lengths, δL and δT, between two line segments, which were selected
from the line segments forming grids drawn on the specimen surface, and dividing δL and δT

by DL and DT, respectively.

In order to measure δL and δT , images output by a video printer were used. δL and δT in the
range of elasticity were difficult to accurately measure because they were small. Hence,
images enlarged 400 times by a digital duplicating machine were used.

Young's modulus, E, is defined as the ratio of σ to εL. Poisson's ratio, ν, was obtained from
the ratio of εT to εL. Young's moduli, E, and Poisson's ratios, ν, obtained are given in Table 1.
Figure 8 shows the stress-strain curves. Young's moduli of all films decreased and Poisson's
ratios increased as temperature increased.
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Fig. 7: Setup for measuring material properties

Table 1: Mechanical properties of NY and PE-EVA

Young's modulus, E (GPa)

Component -10(C 0(C 20(C 40(C

NY 6.75 4.00 4.06 1.92

PE-EVA 0.122 0.115 0.092 0.044

Poisson's ratio, ν
Component -10(C 0(C 20(C 40(C

NY 0.21 0.36 0.39 0.39

PE-EVA 0.21 0.34 0.36 0.42
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(b) PE-EVA

Fig.8: Stress-strain curves

FORCE ACTING ON HEAT-SEALED AREA

The force acting on a heat-sealed area of liquid package bags, which is necessary in the finite-
element analysis, was estimated from pressure, p, measured in the bags under static
compression, F, in the manner similar to that shown in Fig.3. The internal pressure was
measured using a pressure gage (PS-2KA, Kyowa). The gage was wrapped in polyethylene
film to keep out the moisture contained in liquid packaging bags and was inserted into bags
from a heat-sealed area which was partly opened. Then, the opened area was heat-sealed,
using a simple heat-sealing equipment, to prevent the leakage of water.

The electrical signal, voltage, obtained from the gage was measured using a digital
oscilloscope via a dynamic strain meter. The pressure was determined from the voltage using
the relationship between the voltage obtained from the same gage under a given pressure in a
pressure container with a pressure regulator and the pressure.

Consequently, the internal pressure, p, was proportional to the external load, F, as expressed
by

p = F/A ,                                                        (1)

where A is the area in which the load acts, as shown in Fig.3. In this study, an area of
A=2709mm2 was used, which was obtained experimentally.

Figure 9 shows an example of the relationships among F, p and tension, T, acting on a cross
section of film, which is encountered over a wide range of p, except in the initial stage at
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which p is low. From this figure, T was found to be proportional to p. Hence, T is expressed
by

T=rbp ,                                                              (2)

where r is the radius of parts not subjected to F and b is the depth of the bag.

In this study, r=3.5mm, which was determined in experiments described in the above section,
and b=10mm were used. Hence, the relationship between T and p used in the finite-element
analysis was expressed by T(N)=35p(MPa).

The mean bursting load for 20 bags was about 1kN.

Fig. 9: Force acting on heat-sealed area

STRESS AND STRAIN IN HEAT-SEALED AREA

To analyze stress and strain in the heat-sealed area under static load, the elastoplastic finite-
element method was used. MARC was used as the analytical software.

The models of packaging bags used for this analysis were approximately Y-shaped under the
no-load condition, as shown in Fig.10. The shape of the models was determined with
reference to cross sections of heat-sealed areas of the bags under the no-load condition, as
shown in Fig.4(a). Only the upper half was used because the models showed symmetry
between the upper and lower halves. At the midpoint between points C and D, only the
displacement in the x direction, u, was fixed, and between points A and B, only the
displacement in the y direction, v, was fixed. In order to keep line segment C-D at the load
points straight, a material with Young's modulus of 400GPa and Poisson's ratio of 0.3 was
used for elements in the neighborhood of line C-D. Figure 11 shows a typical mesh in which
plane strain elements were used.

Incremental loading was used for this analysis. In this analysis, an incremental load, ∆T, of
0.09N (∆σap=0.14MPa) was applied from Tmin=0N to Tmax=18N, which was determined from
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Eqns 1 and 2 with reference to the mean burst load, as described in the above section. From
Eqn 2, the incremental pressure, ∆p, was given as ∆p(MPa)= ∆T/rb=∆T(N)/35.

Failure, which was defined as when the maximum stress or strain in the model became equal
to that at the fracture point on the strain-stress curve of NY or PE-EVA, at temperatures of -
10, 0,  20 and 40(C occurred at σap= 20.6, 15.5, 12.2 and 7.0 MPa. The strength of the bags
under static load decreased as the temperature increased. The strength at 40(C was about one-
third and half of those at -10(C and 20(C, respectively.

Figure 12 shows the equivalent stresses, σeq, at temperatures of -10, 0, 20 and 40(C under an
applied load, σap, of 7.0MPa. In this figure, σeq is shown on models deformed by σap. The
black regions were assigned values below σeq=7MPa and the white ones, above σeq=70MPa.
The color of the regions changes from black to white as the value of σeq increases from 7MPa
to 70MPa.

The larger stresses were obtained at the concave part in NY and at point B, shown in Fig.10,
in PE-EVA. This indicates that most of the applied load was transmitted from NY to PE-EVA
near point B. The stress at point B, which was considered as the most important one from the
fact that the failure occurred near this point in experiments[2], decreased as the temperature
increased.

Figures 13, 14 and 15 show the equivalent strains, εeq, under applied loads, σap, at
temperatures of -10, 20 and 40(C, respectively. Figure 16 shows εeq at temperatures of -10, 0,
20 and 40(C under σap=7.0MPa. In these figures, εeq is shown on models deformed by εap.
The black regions are assigned values below εeq =0.1 and the white ones, above εeq =0.1, in
which the plastic zones in NY and PE-EVA were obtained.
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 Fig.11: Typical mesh: 528 nodes, 584 elements
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The deformation at -10(C under σap=5.5MPa which corresponds to about F=280N is similar
to that obtained experimentally and shown in Fig.4(a). The maximum equivalent strain,
εeq(max), at each temperature occurred at point B and increased as the applied load increased.
The plastic zones, in which high equivalent strains of over 0.1 exist, spread from point B
toward load points in the seal layer as the applied load increased. The increase of temperature
caused the increase of εeq(max) at point B and of the area of the plastic zone.

The above results showed that bursting of bags occurred more easily as the temperature
increased. Furthermore, the fracture mode of tension rather than tearing was inferred.



Volume IV: Composites Processing and Microstructure

IV - 558

CONCLUSIONS

Stress and strain on a cross section of a heat-sealed area in laminated plastic film used for
liquid packaging bags under different temperatures were analyzed using the elastoplastic
finite-element method for the force acting on the area and material properties of the
components constituting the film, which were obtained experimentally. The results indicated
the following.
(1) Most of the applied load was transmitted from NY to PE-EVA near the internal

boundary point of the heat-sealed cross section.
(2) The maximum equivalent strain occurred at the internal boundary point, and increased

as the applied load increased.
(3) The increase of temperature caused the increase of the maximum equivalent strain at the

internal boundary point.
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CHARACTERISING THE HOT DRAPE FORMING
PROCESS AND THE EFFECT OF FIBRE SHEARING
ON THE MECHANICAL PROPERTIES OF HIGHLY

DRAPED COMPOSITE COMPONENTS
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SUMMARY:   The hot drape forming process has been identified as a potential method of
reducing manufacturing costs. This process consists of forming flat laminates into
components incorporating complex curvature.  Intra-ply shearing occurs during the forming
process  which has a detrimental effect on the mechanical properties of the final component.
This paper outlines development trials conducted to identify the most significant parameters
affecting the forming process.  These were shown to be: vacuum rate, laminate geometry and
forming temperature.  The effect of intra-ply shearing is demonstrated through structural
testing of hemispherical formed components.  Two techniques are used to predict the effect of
intra-ply shearing; Classical laminate theory and modified rule of mixtures.  These methods
are incorporated into a finite element analysis which is compared to the experimental data
from the hemisphere tests.  The modified rule of mixtures produced the most accurate results,
however, further refinement of the finite element model is required.

KEYWORDS:   hot drape forming, intra-ply shearing, mechanical properties, classical
laminate theory, rule of mixtures, finite element analysis

INTRODUCTION

Composite materials consisting of continuous aligned fibre reinforcement are widely used for
structural applications due to their high specific strength and stiffness.  Manufacture of
composite components within the aerospace industry is generally accomplished through low
volume labour intensive manufacturing strategies based upon vacuum bagging and
autoclaving.  Hot drape forming of composite materials has been identified as a potential
method of reducing the manufacturing costs of components with complex geometry.  During
the forming process,  shearing of the fibres changes the directional properties of the material.
This can have adverse effects on the structural properties of the final component.

Whilst a considerable degree of work has been performed in simulating the fibre deformation
during forming, there has been little effort to characterise the forming process and the effect
of fibre shear experimentally.  The purpose of this paper is to establish the variables that have
the greatest effect on the hot drape forming process.  Experiments are performed using a
hemispherical tool to investigate the effect of vacuum rate, test piece geometry and forming
temperature.  Two alternative models are proposed to predict the effect of intra-ply shearing;
classical laminate theory and a modified rule of mixtures.  The models are validated by
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comparison with experimental results obtained from flat panels of sheared material.   A finite
element structural analysis is performed for the hemisphere which incorporates the effect of
the fibre shearing. Comparisons are then made with the results of structural tests on the
hemispheres.

DEFORMATION MODES OCCURRING DURING FORMING

Several two dimensional modes of deformation can occur during the forming of a single ply
of composite material:

Fibre stretching

Fibre stretching is caused by tensile forces on the fibre tows, as shown in Fig. 1.  Strains of
more than 30% can occur during the forming process, however, as aerospace materials use
high stiffness reinforcements (e.g. carbon) the fibre elongation can be neglected.  The
maximum fibre strain generally permitted for these types of materials is approximately 1%
[1].

Fig. 1:  Fibre stretching due to tensile forces.

Fibre straightening

This is again caused by tensile forces on the fibre tows and can result in strains of up to 10%.
However,  most fibre tows tend to be flat in practice which reduces the influence of the fibre
straightening.  As a result, this deformation mode may also be neglected.

Shear slip

Shear slip is produced by tensile forces acting perpendicular to the fibre direction, as shown in
Fig. 2.  However, as this mode only tends to occur at corners, it is not relevant to the
hemisphere forming test used in this investigation.
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Fig. 2:  Shear slip of fibre tows.

Fibre shear

Shearing of the fibres is caused by tensile forces acting in a direction other than along the
fibre tows, as shown in Fig. 3.  This is the major deformation mode, causing strains of up to
30% [1].  To ensure accurate predictions of the formed components behaviour, the effect of
this deformation mode must be considered during the analysis stage.

Fig. 3:  Fibre shear due to tensile forces

Fibre buckling

Buckling of the fibre tows occurs as a result of compressive forces acting along the fibre
direction.  This can result in local wrinkles or larger global folds being formed which reduce
the mechanical properties of the component.  Consequently fibre buckling must be avoided
during the forming process.
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ANALYSIS METHODS

Classical laminate theory uses a unidirectional lamina as the basis on which to determine the
stress-strain relationships for the composite laminate.  At a constituent level the lamina is
heterogeneous in nature, as the fibre properties differ from the matrix properties.  However,
classical theory adopts a macro-mechanical approach, requiring the stress and strain to be
expressed as the averages of an equivalent homogenous material [2].

The modified rule of mixtures approach is derived from Krenchels work on fibre reinforced
cements [3].  The material is considered to be a single lamina consisting of fibres at various
orientations to the axis of loading.  An efficiency factor (η) is generated for the laminate by
examining the resulting strains in the fibres:

η =an cos4 ϕ (1)

Where an is the proportion of fibres at angle ϕ, and n is the total number of fibre groups.  The
efficiency factor is applied to the fibre terms of the rule of mixtures type equations to obtain
the equivalent elastic modulus (Ex) and shear modulus (Gxy) for the laminate:

Ex = Em (1-Vf) + EfVfη (2)

Gxy = (1-Vf)Gm + EfVf  an sin2 ϕ cos2 ϕ (3)

This approach has the advantage of being able to allow for the changing fibre volume fraction
resulting from the intra-ply shearing.  This can be calculated from:

Vf =      W N       (4)

t ρ (sin 2 ϕ)

Where W is the areal weight of the material (kg/m2), N is the number of plies, t is the overall

laminate thickness (m), and ρ is the fibre density (kg/m3).

VALIDATION OF ANALYSIS METHODS

A series of 1.5 mm thick flat panels were produced to predetermined sheared fibre angles.
The panels were manufactured from four plies of 5 Harness Satin weave Tenax HTA carbon
fibre reinforcement with Hexcel Fibredux 6376 toughened epoxy resin.  The laminates were

deformed in a picture frame apparatus at 70°C with a strain rate of 1.0 mm/min.  After curing,
test coupons were cut from the panels as shown in Fig. 5.
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Fig. 5:  Arrangement of test coupons and sheared panels

The coupons were loaded along the axis of symmetry to obtain the equivalent elastic
properties.  A comparison of experimental results with predictions from the rule of mixtures
and classical laminate models are shown in Table 1.

Table 1: Comparison of predicted elastic modulus with experimental results

Fibre angle
(degrees)

Classical laminate theory
modulus value (GN/m2)

Rule of mixtures
modulus value

(GN/m2)

Experimental
modulus (GN/m2)

±35.6 33 28 29
±54.4 14 10 12

FORMING PROCESS DEVELOPMENT TRIALS

The trials were performed using 1.5 mm thick laminates of plain weave Torayca T300 carbon
fibre reinforcement with Hexcel Fibredux 6376 toughened epoxy resin.  The forming tool
consisted of a 150 mm diameter male hemisphere form, over which the laminate was draped,
together with a parallel section to allow for bridging of the test material, as shown in Fig 8.
This shape has been widely used to analyse material drape [4, 5] as it represents a severe test
of the materials ability to form.  In addition, the varying rate of change of geometry over the
hemisphere enables the material to be characterised by the distance over which it forms
without wrinkling.

A single diaphragm vacuum forming process was employed in the trials, using a silicone

rubber.  The laminate plies were all orientated to 0° to align the areas of intra-ply shearing.
This enabled the effects of the shearing to be seen more clearly.  With this lay up, all intra-ply

shearing occurred in the areas at 45° to the warp and weft fibres of the laminate.

R75 mm

35
 m

m

Fig. 8:  Hemisphere tool geometry.
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Effect of vacuum rate

The time to reach atmospheric pressure was varied from thirty seconds to four minutes to
establish the optimum vacuum rate for the forming process.  The minimum of fibre wrinkling
occurred when the time to reach atmospheric pressure was four minutes.

Test piece shape and size

The initial laminate shape was a square of 350 mm side length.  Trials performed using this
laminate resulted in similar patterns of fibre wrinkling; the largest wrinkles occurred in the
warp and weft directions, with smaller wrinkles forming in the areas of intra-ply shear.

The warp and weft wrinkling resulted from compressive stresses induced by the intra-ply
shearing at the corners of the test piece.  This fibre buckling was prevented by using an
octagonal flat laminate 400 mm across flats, which equalised the amount of material around
the base of the forming tool.  However, the wrinkling in the areas of shear increased, as
shown in Fig 9, resulting in greater wrinkling of the hemisphere section.

Fig. 9:  Top view of formed test piece showing wrinkling.

An octagonal flat laminate measuring 375 mm across flats was used to re-introduce some
warp and weft wrinkling, thereby enabling the laminate to be formed without wrinkling over
the hemisphere section.

Forming temperature

Initial trials performed between 60°C and 100°C produced similar results; the largest wrinkles
occurred at the corners, together with smaller wrinkles at the sides of the test piece.  The
similarity in the wrinkling of the formed components was related to the small reduction in

resin viscosity over this temperature range [6].  Increasing the forming temperature to 130°C
reduced the resin viscosity to near its minimum value.  The resulting wrinkling of the formed
components was reduced by 17%.
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Fig. 11:  Photograph of formed test piece to show reduced wrinkling.

Having established the parameters of the forming process, a hemisphere component was
produced from the 5 Harness Satin material used in the manufacture of the sheared panels.

TESTING AND ANALYSIS OF HEMISPHERE COMPONENTS

The hemisphere was loaded at diametrically opposite locations across its base, as shown in

Fig. 12.  Resulting deflections were measured at four orientations; 0°, 15°, 30° and 45° to the
warp direction to demonstrate the stiffness variation due to intra-ply shearing.

At the 45° orientation a 200 kN load resulted in a deflection of 11 mm.  This was 68.4%

greater than the deflection observed at the 0° orientation under the same load, as shown in

Fig. 13.  At 0° orientation the fibres were still aligned in the direction of the applied load as
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no intra-ply shearing had occurred.  Whereas, at 45° the fibres were at maximum shear, hence
the reduction in material stiffness.

Two groups of finite element (FE) analysis models were produced; one using the modified
rule of mixtures with the other using classical laminate theory.  These groups were sub-
divided into models with constant and varying material properties.  The varying property
distribution was produced by dividing the model into eight zones, as shown in Fig. 14, based
on the intra-ply shearing witnessed on the hemisphere.  A different set of material properties
was assigned to each zone.  Predictions obtained from the models were compared with the
relevant test results, as shown in Table 2.
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Fig 14.  Zoning of material properties for FE model.

Table 2.  Comparison of FE model predictions to test results.

Orient
ation

Classical laminate
theory - No zones

Rule of mixtures -
No zones

Classical laminate
theory - Zoned

Rule of mixtures -
Zoned

Deflection Deflection Deflection Deflection
FE Test Error FE Test Error FE Test Error FE Test Error

0 3 4 -25 12 4 200 3 4 -25 4 4 0
15 - - - - - - 3 5 -40 5 5 0
30 - - - - - - 4 9 -56 6 9 -33
45 3 11 -73 3 11 -73 4 11 -64 6 11 -45

CONCLUSIONS

The hot drape forming experiments clearly demonstrated that the forming process was
affected by a number of variables:

Geometry of laminate

The degree of fibre buckling depended on the area of material undergoing intra-ply shearing.
Increasing this area relative to the surrounding material reduced the amount of wrinkling.

Vacuum rate

Although the application of the vacuum was restricted by the design of the forming
equipment, it was apparent that the slower vacuum rates resulted in less wrinkling.

Forming temperature

To prevent the component curing during the forming process the temperature must be

restricted to between 60°C and 100°C.  Experiments have shown that the degree of wrinkling
is consistent over this range.  Increasing the temperature to the point of minimum resin
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viscosity significantly reduces the degree of wrinkling.  However, the forming process cannot
be completed before the component begins to cure.

The sheared panel experiments demonstrated the accuracy of both the modified rule of
mixtures and classical laminate models.  Simulating the effect of fibre shearing in a finite
element structural analysis improved the accuracy of the predicted deflections.  The modified
rule of mixtures model typically produced more accurate results due to the lower shear
modulus values produced with this model.  Examining the FE analysis showed the shear
modulus to be the critical material property governing the behaviour of the component.  This
was further illustrated by the large error produced when the modified rule of mixtures model
was used without allowing for intra-ply shearing.

The inaccuracies in the predicted deflection values are thought to be due to the size of the
material zones in the finite element analysis.  These zones are necessarily large as they are
produced by manually modifying the element mesh used in the analysis.  The predicted
deflection values could be improved by increasing the number of material zones used.
Ideally, the analysis would use a separate material property set for each element in the mesh,
thereby allowing for the variation in intra-ply shearing occurring throughout the component.
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BLENDING EFFECT OF VINYL ESTER RESIN ON
THE EPOXY MATRIX SYSTEM
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SUMMARY:
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Figure 4. Effect of vinyl ester resin on the tensile strength (RT+ post curing)
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WEIBULL FIBRE STRENGTH PARAMETERS
DETERMINED BY SINGLE FIBRE

FRAGMENTATION TESTS

Shiqiang Deng, Lin Ye, Yiu-Wing Mai and Hong-Yuan Liu

Centre for Advanced Materials Technology, Department of Mechanical & Mechatronic
Engineering, The University of Sydney, NSW 2006, Australia

SUMMARY:  Single fibre fragmentation tests of two carbon fibre/epoxy composite systems
were conducted by continuously monitoring fibre fragments and applied stresses to determine
the Weibull fibre strength parameters. It was shown that the measurement of the Weibull fibre
strength parameters in the epoxy matrix is possible using single fibre fragmentation test. A
linear relation between the logarithm of the average fibre fragment length and the logarithm
of the maximum fibre axial stress was found prior to the saturation of fibre fragments.
Discrepancy exists between the results obtained from the fragmentation tests and those from
the extrapolation of conventional fibre tensile tests in air, which is attributed to the limitation
of the Weibull weakest-link model and the fibre degradation in the specimen preparation
process.

KEYWORDS:  Weibull fibre strength parameters, single fibre fragmentation test, carbon
fibre, epoxy, interface

INTRODUCTION

Among the micromechanical testing methods for evaluating fibre/matrix interfacial properties
of fibre-reinforced composites, single fibre fragmentation test has attracted extensive attention
since the method was introduced by Kelly and Tyson [1] because the fibre stress state in the
test specimen is similar to that in the real composite and the fibre fragmentation phenomenon
is sensitive to the level of fibre/matrix interfacial adhesion. However, for the interpretation of
test results the fibre strength at the saturation state is very crucial because the direct
measurement of the fibre tensile strength at the critical fibre length (commonly < 1 mm) is
almost impossible using normal tensile testing methods. The value of the fibre tensile strength
is usually obtained by testing a number of fibre specimens at several specified gauge lengths
in air, then the results are extrapolated to the domain of the critical fibre fragment length using
some statistical models such as the Weibull weakest-link model. However, the value of fibre
strength at the critical fibre fragment length obtained in this way may differ from the actual in
situ fibre strength. Therefore, the proper test methods are required to measure the in situ fibre
tensile strength, so that more reasonable values of the interfacial properties could be obtained
from the single fibre fragmentation tests. In this study single fibre fragmentation tests of two
carbon fibre/epoxy composite systems were conducted by continuously monitoring the fibre
fragments and the applied stresses to determine the Weibull fibre strength parameters within
the range of the critical fibre length.
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THEORY

The distribution function of the two-parameter Weibull model is commonly used to define the
fibre strength parameters [2, 3]

P
so

m= − −1 exp[ (
( )

) ]
σ

σ
(1)

where P is the cumulative failure probability, σ is the applied stress, m is the Weibull shape
parameter and σo(s) is the local scale parameter with gauge length s. The Weibull Parameter
m must be constant from one gauge length to another and the scale parameter σo(s) is
dependent on the gauge length s with the relation

σ σo
m

cs s( ) =
−

1

(2)

where σc is the global scale parameter for all gauge lengths. The cumulative failure
probability Pi under a particular stress is approximated by

P n ni i= −( . ) /05 (3)

where ni is the number of fibres that have fractured at or below a stress and n is the total
number of fibres tested. In practice, the plot of ln[-ln(1-P)] versus ln(σ) is often used for a
given fibre length to derive the Weibull shape parameter m and scale parameter σo(s) from
Eq. 1 since it yields a linear dependence with slope m. For different fibre lengths, the
logarithmic form of Eq. 2 can be used to define m and σc

ln[ ( )] ln( ) ln( )σ σo cs
m

s= − 1
(4)

Combining Eqs. 1 and 2 yields the following equation for the cumulative failure probability
function

P s
c

m= − −1 exp[ ( ) ]
σ
σ

(5)

The failure probability density function, f(σ), can be obtained by differentiating Eq. 5 and it is
given by

f s
m

s
c c

m

c

m( ) ( ) exp[ ( ) ]σ
σ

σ
σ

σ
σ

= −−1 (6)

There have been some efforts to obtain the fibre strength distribution and to study the “size
effect” from single fibre fragmentation tests in recent years [4-6]. The fibre fragmentation
phenomenon is viewed as a “multiple tensile test” with different gauge lengths, which obeys
the Weibull weakest-link model [4, 5]. The average fibre tensile strength σf  with a gauge
length, s, is given by
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where Γ is the gamma function. If the single fibre fragmentation tests are regarded as a series
of tensile tests in which individual samples of various lengths are subjected to the same
applied stress, the reverse form of Eq. 7 gives the relationship between the average fibre
fragment length s and the fibre stress σf
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In Eq. 8, s and σf  can be evaluated from the single fibre fragmentation tests by continuously
monitoring the fibre fragments and the applied stress σ. A relationship between the fibre axial
stress σ f

z  and the applied stress σ can be obtained assuming a perfect bonding between the

fibre and the matrix [7]

σ η σ σf
z z

A z

A L
( ) (

cosh

cosh
)= − 1

1

   (9)

where L is the half length of the fibre fragment, z is the distance from the middle point of the
fibre fragment, and η and A1 are constants related to Young’s moduli and Poisson’s ratios of
the fibre and matrix as well as the geometry of the test specimen [7]. In Eq. 9 the maximum
fibre axis stress occurs at the middle of the fibre fragment (z=0) where fibre breakage may
happen, so that the maximum fibre axis stress is considered as the fibre fracture stress σf

during the fibre fragmentation test. 

The Young’s modulus of the matrix, Em , is normally not a constant during the whole fibre
fragmentation process for most polymer resins, which was ignored in most previous studies.
Em should be dependent on the applied stress when it is used to calculate the fibre axis stress.

Based on Eq. 8, ln(s) is plotted versus ln(σf) to produce a straight line with the slope being -m.
The Weibull scale parameter σc can then be calculated from the value of the intercept,

m
mc⋅ + +



 










ln lnσ Γ 1
1

(10)

EXPERIMENTAL RESULTS AND DISCUSSION

Single fibre fragmentation tests of two model carbon fibre/epoxy composite systems (G34-
700/Araldite-F and T700S/Araldite-F) were conducted on a Minimat testing machine
(Polymer Laboratories Ltd., UK), which is installed on the sample stage of an optical
microscope and controlled by a computer. G34-700 carbon fibres (Grafil Inc., USA) were
supplied with two surface conditions, i.e. one without any surface treatment and the other
treated using electrochemical oxidation and then coated with a thin layer of epoxy sizing
(0.4% by mass). The “as received” T700S fibres were treated and sized by the manufacturer.
Some of T700S fibres were washed in a methylethlketone (MEK) solution for 1 hour and then
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dried for 2 hour in an oven at 200oC to remove the sizing. Fibre diameters were measured by a
high resolution SEM. Test specimens, consisting of a single fibre embedded in the centre of a
rubber mould filled with liquid epoxy resin, were pre-cured for 48 hours at ambient
temperature and then post-cured at 120o C for 16 hours to avoid the influence of thermal
residual stress produced by direct high temperature curing. The Young’s moduli of the fibre
and the matrix were determined by the tensile tests. The carbon fibres used in this study have
a constant Young’s modulus, but the matrix exhibits a non-linear stress-strain relationship
(Fig. 1). Non-linear elastic theory was applied in this case and the stress-strain curve was
divided into finite sections. A linear relation within each section is assumed and then the
value of the matrix Young’s modulus, Em , was obtained from the slope of the curve in the
section.
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Fig. 1 Typical tensile stress-strain curve of the single fibre fragmentation test

The gauge length of all specimens was 30 mm and a cross-head speed of 0.1 mm/min was
applied for the fibre fragmentation tests. The fibre breaks and the relative applied stress
readings were continuously recorded during the test until the saturation of the fragments was
achieved. The Weibull fibre strength parameters obtained from single fibre fragmentation
tests are shown in Table 1. A typical ln(s)-ln(σf) curve obtained using Eq. 8 for the
treated/sized G34-700 carbon/Araldite-F epoxy system is shown in Fig. 2. It can be seen that
the data fit reasonably well a straight line before the saturation limit is approached, but after
that a great deviation from linearity occurs. The main reason for the deviation from the
Weibull statistical model when approaching the saturation limit is the influence of the
“ineffective length”. This length represents the fibre portion in both ends of a fibre fragment
where the axial stress is built up to the value of the peak fibre stress. When the fibre fragment
is much longer than the critical fibre length, the ineffective length is relative small, compared
to the whole fibre segment and its effect can be neglected. However, with the increase of the
applied stress, some short fibre segments cannot be broken anymore because the fibre axial
stress cannot be built up to the fibre fracture strength within these segments while the fibre
fragmentation in some remaining long segments still proceeds until the lengths of all
segments are equal to or less than the critical fibre length. Fig. 3 shows the variation of the
fibre axial stress along the fibre fragment for several different fibre lengths (2L), estimated by
Eq. 9. It can be clearly seen that when close to the saturation limit the ineffective length is
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comparable to the whole fibre fragment and thus the linear relationship between ln(s) and
ln(σf) does not exists anymore.
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Fig. 2  A typical plot of ln(s) versus ln(σf) of single fibre fragmentation tests (treated/sized
G34-700 carbon fibre/Araldite-F epoxy)

Single fibre tensile tests were also conducted for the carbon fibres based on the ASTM
standard (ASTM D3379-75) and the Weibull weakest-link model was applied to analyse the
results. The crosshead speed for all tests was 1 mm/min and five different gauge lengths were
specified. Weibull  fibre strength parameters tested in air using conventional tensile test
method are listed in Table 2.
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Fig.3 Plot of fibre axial stress (σ f
z ) as a function of axial distance (z) from fibre segment

centre (σ=50 MPa; Ef=240 GPa; Em=1.75 GPa)



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 583

The data obtained from six fragmentation specimens and the single fibre tensile results tested
in air for treated/sized G34-700 carbon fibres are plotted together in Fig. 4. For
T700S/Araldite-F systems, the similar results were obtained (Fig. 5). There is a good
agreement between the values of the Weibull shape modulus obtained from the fragmentation
tests and those from the conventional fibre tensile tests in air for treated/sized G34-
700/Araldite-F and sized T700S/Araldite-F composite systems. However, discrepancy exists
between the values of Weibull scale parameters as shown in Tables 1 and 2, Figs. 4 & 5. One
of the reasons which cause the discrepancy is that the Weibull weakest-link model is only
applicable over a limited length range. For long gauge lengths the chance of a low fracture
stress due to accidental damage (i.e. due to rare defects which are not part of the normal
defect population) becomes significant. Therefore, the size influence may be over-estimated if
the extrapolation is made to a very short length as demonstrated by Dai and Piggott [8].
Another reason is considered to be the fibre degradation in the post-cure process at a high
temperature. The post cure process was used in this study in the specimen preparation to
reduce the influence of the matrix shrinkage during the direct curing at high temperature since
extensive matrix shrinkage can cause misalignment and waviness of the fibre in the matrix.
However, during the post curing at the high temperature the matrix expands much greater than
the fibre does, so that a huge tensile stress (as large as 1.5 GPa) is exerted on the fibre, which
increases the size of fibre flaws and even causes fibre fracture at some weak points. For
untreated/unsized G34-700/Araldite-F and desized T700S/Araldite-F composite systems,
discrepancy exists in both Weibull shape parameters and Weibull scale parameters between
the two testing methods. This means that the assumption of perfect bonding between fibre and
matrix may not be true for the two composite systems since extensive interfacial debonding
may occur during the test after fibre fragmentation begins for the composite systems with
weak fibre/matrix adhesion.

Table1 Weibull strength parameters of  single carbon fibres obtained from single fibre
fragmentation tests

G34-700
(Treated/

sized)

G34-700
(Untreated/

unsized)

T700S
(Sized)

T700S
(Desized)

Range of fibre
fragments used, mm

10-0.4 10-0.8 7.5-0.7 7.5-1.0

Range of applied stress,
MPa

30-50 30-45 30-58 30-55

Applied stress at
saturation, MPa 53.4±1.6 48.9±3.4 59.1±1.0 56.7±3.1

Weibull shape
parameter, m 4.8±1.2 3.2±1.2 4.8±1.4 3.3±0.6

Weibull scale
parameter, σc   GPa

4.3±0.4 5.3±0.7 8.5±1.2 9.2±1.3
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Table 2 Weibull  strength parameters of single carbon fibres tested in air

Gauge
length, s

[mm]

Weibull
shape

parameter
(local), m

Weibull
scale

parameter,
σσo(s)[GPa]

Average
tensile

strength
[GPa]

Weibull
shape

parameter
(global), m

Weibull
scale

parameter,
σσo[GPa]

10 8.1 4.6 4.3±0.6
20 4.8 4.3 3.9±0.9

G34-700 30 6.4 3.9 3.6±0.6 4.3 8.1
(Treated/s

ized)
40 5.4 3.4 3.2±0.7

50 4.9 3.2 3.0±0.7
10 5.7 4.7 4.4±0.9
20 5.1 4.0 3.6±0.8

G34-700 30 5.2 3.8 3.5±0.7 5.5 7.1
(Untreate
d/unsized)

40 6.1 3.6 3.4±0.6

50 7.3 3.5 3.3±0.5
10 3.5 7.7 6.9±2.1
20 5.0 6.2 5.7±1.4

T700S 30 4.0 6.2 5.6±1.5 6.1 10.8
(Sized) 40 3.7 6.0 5.4±1.6

50 4.0 5.8 5.3±1.4
10 3.8 7.0 6.3±1.6
20 4.0 6.3 5.7±1.6

T700S 30 3.4 5.9 5.3±1.5 5.9 10.4
(Desized) 40 2.9 5.6 5.0±1.7

50 3.4 5.3 4.8±1.4
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Fig. 4  Plot of ln(s) versus ln(σf) of single fibre fragmentation specimens (treated/sized G34-
700 carbon fibre/Araldite-F epoxy) in comparison with results of single fibre tensile tests in

air
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Fig. 5  Plot of ln(s) versus ln(σf) of single fibre fragmentation specimens (sized T700S carbon
fibre/Araldite-F epoxy) in comparison with results of single fibre tensile tests in air

CONCLUSIONS

1. The measurement of the in situ fibre strength in the epoxy matrix is possible using
single fibre fragmentation tests.

 
2. A linear relation between the logarithm of the average fibre fragment length and the

logarithm of the maximum fibre axial stress is found before the saturation of fibre
fragments is reached.

 
3. Discrepancy exists between the results obtained from the fragmentation tests and those

from the extrapolations of conventional fibre tensile tests in air. This is considered to be
associated with the limitation of the Weibull weakest-link model because it is only
applicable over a limited length range. The fibre degradation in post-cure at the high
temperature may also have a strong influence on the results.
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CHARACTERISATION OF NEW GENERATION
SMALL DIAMETER SIC FIBRES AT HIGH

TEMPERATURE

N. Hochet, M. H. Berger & A. R. Bunsell
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SUMMARY:  The new generation of small diameter SiC based fibres contains markedly less
oxygen than similar fibres presently in use. The effect of the oxygen content is known to
create an intergranular metastable phase which limits use at high temperature and encourages
creep. The reduction in oxygen in the Hi-Nicalon fibre is shown to increase the rigidity and to
improve creep behaviour. In the Tyranno Lox-E fibre the reduction is still not sufficient to
eliminate the effects of the intergranular phase and behaviour is seen to be similar to the
previous generation of fibres.

KEYWORDS:  Hi-Nicalon, Tyranno Lox-M, Tyranno Lox-E, ceramic fibre, silicon carbide,
microstructure, mechanical properties, high temperature

INTRODUCTION

The development of fine and flexible fibres based on silicon carbide offers the possibility of
reinforcing ceramic materials to produce high temperature structural composites. Nicalon
NLM202 has been available since the early 1980s. Its microstructure has been described as
consisting of β-SiC grains of 1.6 nm diameter (55%wt) and free carbon (5%wt) embedded in
an intergranular phase SiOxCy (40%wt) [1]. The differences between the mechanical
characteristics and thermal stability of stoichiometric SiC and the SiC based ceramic from
PCS are due to the existence of the intergranular phase and free carbon [2].The Si-C-O phase
allows the ceramic to creep and this is observed from 1273K. The free carbon reduces the
oxidation resistance of the fibre. A fall in properties is observed associated with the
decomposition of the intergranular phase and the microstructural changes.

Significant improvement of the high-temperature mechanical properties of SiC based fibres
might be expected if the oxygen content could be reduced or the intergranular phase
stabilised. The aim of this paper is to establish the consequences of a lower oxygen content
and/or the presence of titanium on the microstructure and thermomechanical properties of the
most recent polymer derived SiC based fibres.

MATERIALS

The most widely used fibres based on SiC are produced by Nippon Carbon (Nicalon fibres)
and Ube Industries (Tyranno fibres) from respectively, polycarbosilane (PCS) and
polytitanocarbosilane (PTC) polymer fibres. These precursor fibres are melt-spun and cross-
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linked in air for the Nicalon NLM202 and the Tyranno Lox-M, or by electron beam
irradiation in a helium atmosphere for the Hi-Nicalon and the Tyranno Lox-E fibres. The
green fibres are then pyrolysed between 1473K and 1673K in an inert atmosphere. The main
characteristics of the fibres given by the manufacturers are presented in Table 1. The
precursor of the Tyranno fibres is different from that used for the Nicalon fibres, (PTC and
PCS, respectively). According to Ube Industries, the presence of titanium stabilises the
amorphous phase and so limits grain growth and the degradation of mechanical properties.
Another effect of titanium could be the creation of Ti-C bonds, so offering better oxidation
resistance, as the amount of free carbon at the interface would be reduced [4].

Table 1: Physical and chemical data on the fibres studied as given by the manufacturers [5,6]

NLM 202 Hi-Nicalon Tyranno Lox M Tyranno Lox-E

Precursor PCS PCS PTC PTC

Cross linking
mode

oxidation curing radiation curing oxidation curing radiation curing

Diameter (µm) 15 13 8.5 11

Density (g/cm3) 2.55 2.74 2.37 2.39

% Si wt 56.6 62.4 54.0 54.8

% C wt 31.7 37.1 31.6 37.5

% O wt 11.7 0.5 12.4 5.8

% Ti wt 0 0 2.0 1.9

C/Si at 1.31 1.39 1.36 1.64

The industrially produced Nicalon NLM202 and Tyranno Lox-M fibres, referred to here as
"the present generation" have a high oxygen content (12 to 13% wt). The new generation of
fibres contains less oxygen, Tyranno Lox-E (∼ 5 %wt) and Hi-Nicalon (∼ 0,5%wt), as the
precursors have been crosslinked in the absence of oxygen. The carbon to oxygen ratio is
greater in these fibres than in fibres cured by oxidation for which a part of carbon is
eliminated in the form of carbon oxides during pyrolysis.

EXPERIMENTAL

The microstructures of these fibres were observed by transmission electron microscopy using
an ARM working at 800 kV. Thin specimens were prepared by argon ion milling. Fracture
morphologies were observed by scanning electron microscopy. The microscopes used were a
Phillips 501 and a LEO Gemini 982 which was equipped with a field effect gun.

Mechanical tests were made with a mono-filamentary tensile machine equipped with a
furnace allowing tests to be conducted from room temperature to 1673K in air and in flowing
argon. The gauge length used for the tensile tests at room temperature was 25mm. For tests at
higher temperatures, with cold jaws and in air, the gauge length was 250mm. The section
heated at the maximum temperature was 30mm in length. The displacement speed for tensile
tests was 0.2 mm/min. The fibres were heated for three minutes before the start of the tensile
tests. As each test lasted about 5 minutes, each fibre spent an average of 8 minutes at the test
temperature. Creep tests were conducted for a period of one or three days, in an argon flow.
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RESULTS

Appearance of The Fibres

All the fibres had the same external appearance, they were circular in cross section , with a
smooth surface and showed the same featureless morphology at the surface and core (Fig. 1).

Fig. 1: Fracture morphology at room temperature

Tensile Properties at Room Temperature

All the fibres showed linear elastic behaviour at room temperature and their failure surfaces
were characteristic of brittle failure (Fig. 1). The mechanical properties of these fibres at room
temperature are shown in Fig 2. The fibres with a low oxygen content had elastic moduli and
failure stresses which were higher than the present generation fibres. Within the same
generation of fibres, the Tyranno fibres had higher failure stresses than the Nicalon fibres.
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Fig. 2: Failure stress and elastic modulus of the Nicalon and Tyranno fibres

Tensile Behaviour at High Temperature

The variations of the strengths of the fibres, tested in air, as a function of temperature are
presented in Fig. 3. The decrease of the failure stress was seen to occur at lower temperatures

5 µm
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for the Tyranno fibres. The evolution of the failure stresses of the NLM202 and Hi-Nicalon
fibres were almost parallel, with higher values for the Hi-Nicalon.

Fig.3: Evolution of tensile strengths as a function of temperature for the NLM 202, Hi-
Nicalon, Lox-M and Lox-E fibres.

Creep Behaviour

Shrinkage at high temperature

Creep experiments at high temperatures and low loads revealed that negative strains were
obtained at the beginning of the tests which influenced the creep curves obtained. An
indication of the maximum stresses for which negative strains were detected is given in Table
2. The amount of shrinkage for a given stress increased as the temperature increased, as
shown in Fig.4 but the stress for which only positive strains were obtained decreased as the
temperature increased. The Nicalon fibres did not show negative deformation up to 1423K
indicating no or very little shrinkage of these fibres up to this temperature. Above 1423K the
Nicalon fibres began to shrink significantly. Shrinkage of the Tyranno fibres during creep
experiments was observed from around 1323K and the amount of negative deformation,
especially for the Lox-M fibre, were higher than that seen with the Nicalon fibres. This
shrinkage during creep could be suppressed by a heat treatment of the fibres prior to
mechanical testing. This is illustrated in Fig. 5 which shows results obtained with Tyranno
Lox M fibres, before and after heat treatment at 1473K in argon for 5 hours (Tyranno Lox-
MA). Similar stabilisation of the Hi-Nicalon could be obtained but heat treatment
temperatures above 1400°C were necessary. The elastic moduli of the Lox-M fibres increased
from 180 GPa to 193 GPa after heat treatment at 1473K. The effects of heat treatments on the
elastic modulus of the Hi-Nicalon fibre are shown in Fig 6. It can be seen that the increase in
modulus is accompanied by a decrease in strength.
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Table 2: Maximum stresses σmax (GPa) for which shrinkage was detected

Temperature (K) NLM 202 Hi-Nicalon Lox-M Lox-E
1323 no shrinkage no shrinkage 1.00 1.05
1423 no shrinkage no shrinkage 0.65 0.45
1523 0.34 0.29 0.40 0.27
1623 0.18 0.20 0.08 0.20
1723 0.06 0.04 0.19 0.07

Lox E

-0,2

-0,1

0

0,1

0,2

0,3

0,4

0,5

0,6

0,7

0 20000 40000 60000 80000 100000 120000

Time (s)

D
ef

or
m

at
io

n 
(m

m
)

1050°C 0.47 GPa

1150°C 0.39 GPa

1250°C 0.2 GPa

1350°C 0.17 GPa

1450°C 0.05 GPa

Fig.4: Shrinkage during creep increases with temperature.

Com p arison Lox M / Lo x M A

1

1,2

1,4

0

0 5 0 0 0 0 10 0 0 0 0 15 0 0 0 0 2 0 0 0 0 0

T im e (s)

a)

b )

Fig. 5: Shrinkage during creep of the Lox-M b) is suppressed by a heat treatment of the fibres
prior to testing a).



Volume IV: Composites Processing and Microstructure

IV - 592

250
255
260
265
270
275
280
285
290
295
300

0,5 1,0 1,5 2,0
Failure stress (GPa) at Lo=250 mm

E
la

st
ic

 M
od

ul
us

 (G
pa

)

as received
 Hi-Nicalon

Hi-Nicalon
 treated 1450°C/1h

Hi-Nicalon
 treated at 1600°C/1h

Fig.6: Variation of the rigidity and strength of the Hi-Nicalon fibre after heat-treatments.

Creep behaviour

All the fibres crept at high temperatures when under load. Their creep curves exhibited
primary creep which lasted approximately five hours followed by secondary creep stages
which was pseudo-stationary stage up to 1473-1573K, depending on the fibre type. Beyond
these temperatures the creep rate is seen to be truly stationary. Fig.7 shows the creep
behaviour of the Hi-Nicalon fibre at different temperatures subjected to approximately the
same load. No third stage creep was observed.
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Fig.8 : Logarithmic plot of strain rates as a function of the applied stress at 1323K and
1723K for the fibres studied

Fig. 8 represents the deformation rates of the fibres respectively at 1323K and 1723K between
10 and 16 hours after the start of the creep study, for different applied stresses. Experimental
limitations meant that the lowest deformation rate was 10-10s-1. The points shown on the
curves corresponding to the threshold limit reflect therefore a rate of 10-10s-1. The rate of
deformation, shown in Fig.8 corresponding to results obtained at 1323K, reveals the existence
of creep thresholds which are high compared to the fibre failure stress. It must be noted that
the Lox-M fibres show a higher creep threshold stress than the Lox-E fibres. Just above the
threshold stress for the Lox-M fibre the latter creeps at a lower rate than the Lox-E fibre at the
same stress. As the applied stress is increased further from the threshold level the creep rate
curve for the Lox-M fibre crosses the curve for the Lox-E fibre to become greater. The creep
behaviour of the NLM202 fibre can be seen from Fig.8 to be placed between that of the Lox-
E and Lox-M fibres. However the Hi-Nicalon fibre possesses the highest creep threshold
stress of all the fibres at 1323K and creeps at a much lower rate.

The Lox-M fibres which had been subjected to heat treatments at 1473K for 5 hours (Lox-
MA) showed rates of deformation which were lower than those of the Lox-M and the NLM
202 fibres.

With increasing temperature, up to 1723K, the creep threshold stresses of all the fibres
reduced. The strain rate of the Hi-Nicalon remained lower than the other fibres but the
differences in creep behaviour became much less marked. Fig.8 shows the similar creep rates
observed with all the fibres at 1723K.

Microstructures of the Fibres

The microstructures of the Lox-M and the Lox-E fibres, appeared similar and consisted of
nanometric β-SiC grains of 2 nm in diameter and free carbon of around 1 nm in length as
illustrated in Fig. 9 [7]. These microstructures were comparable to that observed with
NLM202 fibres, although some larger grains up to 5 nm were found in the Lox-E fibres.
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Fig. 9: Microstructure of the Lox-E fibre.

No crystallised Ti compounds were found in the as received Tyranno fibres and the titanium
was assumed to be distributed inside an intergranular phase SiCxTiyOz although such a phase
could not be directly detected by TEM. The Hi-Nicalon fibre was distinguished from the other
fibres by larger SiC grains (Fig. 10). The average grain size was about 5nm in the Hi-Nicalon
but grains of up to 20nm in diameter existed. and the structure appeared to be a continuum of
lattice-imaged SiC grains. Free carbon aggregates embedded in the SiC continuum exhibited
better organisation in the Hi-Nicalon compared to the other fibres. They appear on lattice
fringe images by the stacking of slightly distorted 5 to 10 carbon layers with a length of from
2nm up to 5nm [7].

Fig. 10: Microstructure of the Hi-Nicalon fibre.

5 nm

5 nm
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Modification of the microstructures of the fibres at high temperatures

After being heat treated for 24 hours in air above 1473K all the fibres were coated with SiO2.
At 1673K, the layer was completely crystallised into cristobalite and cracked. Some
micropores could be seen in this layer and at the fibre-oxide interface (Fig. 11). A similar
layer could be seen on fracture surfaces of the fibres tested at high temperatures. Fracture
initiation in all the fibres tested in air was located at the SiO2/fibre interface. The fracture
morphologies at high temperatures were as brittle as those obtained at room temperature. The
non oxidised part of the fibre within the silica layer can be seen from Fig. 18 to be no longer
circular. The fracture behaviour of the fibres after creep in flowing argon was seen to remain
brittle. A very thin SiO2 layer could be seen on the surface of these fibres due to the presence
of a low partial oxygen pressure.

Some grain growth was observed after heat treatment in air from 1373K for the Tyranno
fibres and from 1573K for the Nicalon fibres. The relative grain growth for the NLM202 was
25%, for the Hi-Nicalon 55%, for the Lox-M 63% and for the Lox-E 90% after five hours at
1673K. At this temperature regions showing a continuum of SiC grains were observed in all
the fibres. Growth of the free carbon aggregates was seen in all the fibres with the increase of
the temperature and this carbon was frequently seen to surround SiC grains in the Hi-Nicalon
fibres. The precipitation and rapid growth of grains of TiC in the Tyranno fibres was seen
from 1473K [7].

After creep the fibres were seen to possess the same microstructures as after heat treatment at
the same temperature with no indications of stress enhanced grain growth or anisotropy [7].

Fig. 11: Fracture Morphology of the LoxM Fibre at 1300°C.

DISCUSSION

A comparison between the microstructures and the thermo-mechanical properties of fibres
with high and low oxygen contents confirms the link between oxygen content, the presence of
an intergranular phase, grain size, rigidity, chemical stability and creep resistance.

The Hi-Nicalon fibre can be seen to differ markedly from the other fibres in its tensile and
creep behaviour. The much lower oxygen content results in a drastic decrease of the

5 nm
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proportion of the low modulus intergranular phase. As a consequence, at room temperature,
the Hi-Nicalon fibres show a higher Young's modulus than the other fibres. The grain sizes in
the as received fibres and their growth related to their original dimensions, up to 1673K, are
higher compared to those of the NLM202 fibres The very low oxygen content in the grain
boundary regions in the Hi-Nicalon does not limit the grain growth as it does in the oxygen
rich fibres, but gives to the fibre better creep resistance.

The grain growth at 1673K is also more marked in the Lox-E than in the Lox-M fibre due to
the reduction in oxygen content. However the presence of alkoxide groups in the PTC
precursor imposes a minimum oxygen concentration at the grain boundary region in the Lox-
E fibre so that this fibre behaves in creep in a similar fashion to the fibres cured by oxidation.
Moreover the Tyranno fibres appear to be less stabilised as grain growth and shrinkage are
seen to begin at lower temperatures than with the Nicalon fibres. The positive contribution of
the titanium which was expected in the Tyranno fibres is therefore masked by the excess of
oxygen and the lack of stability of the structure.

The duration of pyrolysis or the maximum temperature the fibres experience during
manufacture appears to be insufficient for optimum properties to be obtained. The shrinkage
seen under low loads at high temperatures is due to an increase in fibre density due to the
reduction of porosity, with little contribution coming from grain growth. During the first five
hours under steady loading, the deformation behaviour of the fibres is due to two mechanisms
which are in competition. This effect, which is more important in the Tyranno fibres, can be
reduced by a heat treatment which stabilises the fibre structure. In comparison with these
fibres, the NLM202 fibre seems to be more stabilised, as shown by less grain growth and only
slight shrinkage.

In passing from 1373K to 1573K, before total degradation, the microstructural changes due to
the modification and reduction of the amorphous phases mean that the differences in
behaviour of all the fibres become less important. As a consequence, their creep
characteristics tend to converge.

CONCLUSIONS

In comparison with the earlier generation of fibres only the Hi-Nicalon fibre represents a real
improvement of thermo-mechanical properties, however it still contains excess carbon which,
it is reported , leads to a lower creep resistance compared to an experimental stoichiometric
fibre [5]. Such modifications will not however suppress external oxidation which becomes
significant above 1473K and could have a major effect at high temperatures on the
fibre/matrix interface in any composites based on these fibres.

Thanks are due to Dr. A. Thorel for the realisation of the TEM pictures
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THE DISTRIBUTION MODEL OF WHISKER ASPECT
RATIO

Xun Zhao, Jixiang Jiang, Bing Jiang, Guang Yang

Department of Materials Engineering and Applied Chemistry
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Changsha, Hunan 410073, P.R.China

SUMMARY:  An investigation was undertaken to appraise the aspect ratio (l/d) of whisker
materials. The study on the whisker aspect ratio involves goodness-of-fit of aspect ratio
distribution model and a statistical determination of an appropriate sample size. Four kinds of
whiskers such as SiCw, Si3N4w and 9Al2O3⋅2B2O3w were used. The whisker figures were
taken by scanning electron microscope and the whisker aspect ratios were measured from the
SEM pictures. The results of goodness of fit test indicate that the whisker aspect ratio follows
Logarithm-Normal distribution at 0.99 level of confidence. An appropriate sample size is
found not to be smaller than 210.

KEYWORDS:  whiskers, aspect ratio, distribution model, goodness-of-fit, sample size

INTRODUCTION

Discontinuous composites are an important class of materials which have potential for
utilization in a wide variety of applications. The discontinuous reinforcement can be divided
into three groups, short fiber, whisker and particulate, among them the whisker has been paied
attention because of its distinct reinforcing effect in composites. In recent years, many kinds
of whiskers have been produced and used as reinforcement [1-5]. Discontiunous composites
have several advantages that are very important for their use as structural materials. A number
of composite models have been developed over the last two decades with the aim of
predicting the mechanical properties of composites for given data of constituent phases
(matrix and reinforcement). For example, in the case of  short fiber (whisker) metal matrix
composites, the strength of an composite with variable fiber lengths can be predicated by[6]
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where σuc  is the ultimate tensile strength of the short fiber compostes, ′σm  is the flow stress of

the matrix at the failure strain of the fiber, Vf  is the volume fraction of the fiber, (Vf )i and (Vf )j

are the volume fraction of the fibers with l li c%  and those with l lj c≥ , respectively. lc is the

critical fiber length. τi  is the matrix-fiber interfacial shear strength.
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It is obvious that the strength of short fiber reinforced composites depends directly and
strongly upon the aspect ratio (l/d) of the discontiunous reinforcement, and it is significant to
evaluat carefully the short fiber (whisker) aspect ratio. Arsenault examined the non-
uniformity of aspect ratio of SiC whisker and the percentage of whisker volume fraction at
various aspect ratio [7]. Sakamoto analyzed the aspect ratio distribution using Weibull
distribution [8]. But the problems dealing with whisker aspect ratio distrbution has not been
discussed fully, due mainly to it is relatively hard to measure a great number of the aspect
ratio data required for analyzing statistically such a random variable as whisker aspect ratio.

EXPERIMENT

Whisker Materials

The whiskers used in this experiment were  1) β-SiCw (TWS-100) produced by Tokai Carbon
Co.Ltd, 2) α-Si3N4w manufactured by Tateho Chemical Co.Ltd, 3) K2O6 ⋅TiO2w (HT-300,
Chitan Kogyo Co.Ltd) and 4) 9Al2O3 ⋅2B2O3w (Shikoku Chemical Co. Ltd).

Measuring Whisker Aspect Ratio

By means of mixing the as-received whiskers with clean water, stiring moderately the fluid in
order to disperse the whiskers as well as do not damage them, trickling the mixed fluid on a
clean Aluminium foil, the specimens with dispersive whiskers for observing under scanning
electron microscope were prepared. The outward appearance of different whiskers are almost
the same under the observation of SEM. Making the whiskers SEM photograph into slides,
the images of whiskers were projected on a white background from which the diameter and
length of whiskers were measured one by one.

Goodness-of-fit Test of Whisker Aspect Ratio Distribution

The aspect ratio data were drawn to distribution histograms. On the basis of the histogram
shapes, the distribution models those whisker aspect ratio population maybe follows were
tentatively estimated. Then, the maximum likelihood ratio test and Kolmogorov-Smirnov test
were employed to determine how well the observed aspect ratio data “fit” the specified
models.

Determining the Sample Sizes

Once the distribution model of whisker aspect ratio was statistically infered, the characteristic
numbers of whisker aspect ratio samples, such as the mathmatical expectation (mean) and the
variances, can be obtained to describe and better understand the aspect ratio of certain
whisker. In general, more accurate results can be obtained with larger sample size. Since
larger samples reguire more time, there may be a need for a trade-off between the sample size
and the specific levels of precision.
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RESULTS AND DISCUSSION

Estimate of Distribution Models

The aspect ratio histograms of four kinds of whisker are shown in Figure 1. It can be found
that the aspect ratio distribution is not symmetric.  Comparing them with each other and with

the distribution density curves of various distribution models, two inferences can be made:
- The aspect ratio of different whiskers follow the same distribution model, and
- The distribution model may be LN-Normal and Weibull distribution.

On the basis of the first inference, any whisker, for example, the Silicon Carbide whisker,
could be choosen to make goodness-of-fit test and the test result should be applicable for
other whiskers.
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Goodness-of-fit Test

Two types of goodness-of-fit methods are considered: “maximium likelihood ratio test” and
“Kolmogorov-Smirnov test”. There is detailed knowledge in literature about the fundamental
and the application of these test methods.

Maximum likelihood ratio test to distinguish between LN-Normal and Weibull distribution
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Weibull distribution respectively. Substituting the maximium likelihood estimations of µ, σ,
m and η into Eqn 2, the test statistic λ  could be simplified to
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thus “λ > K ” is equivalent to “E > K”, and decision rule is

           E > Eα , reject H0 , accept H1

           E ≤ Eα , reject H1 , accept H0

Using the measured aspect ratio data of SiCw, the maximum likelihood estimations of µ, σ2,
m and η can be computed respectively:

           
( )� ln . � ln � .

� . � .

µ σ µ
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= = = − =

= =
==
∑∑1

50
2 3712
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where xi = li/di. Substituting these estimation values into Eqn 4, the test statistic E is equare to
0.5715. For α=0.01, E0.01=1.054. Since E = 0.5715 < E0.01 =1.054, the H1 should be rejected at
the 0.01 level of significance, or in other words, it should be appropriate to consider the
whisker aspect ratio as following LN-Normal distribution.

Kolmogrov-Smirnov Test

In this investigation, the Kolmogrov-Smirnov Test was carried out by using a computer
software of statistical inference. The test results indicate that the aspect ratio of four kinds of
whisker follow LN-Normal distribution at the 0.99 level of confidence.

Determining the Sample Size Required for Evaluating Whisker Aspect ratio

It has been inferred that the whisker aspect ratio follow the LN-Normal distribution at a very
high level of confidence. The researchers’ interest is focused on appraising truely the nature
of whiskers using stastical parameters, for example, the means and the variances of whisker
aspect ratio. According to the defination of LN-Normal distribution, if a random variable X
follows a LN-Normal distribution (noted as X∼LN(µ, σ2) ), lnX follows a Normal distribution
(noted as lnX∼N(µ, σ2) ). The mathematic expectation (mean) and the variance of X are

           E X( ) exp= +



µ σ

1

2
2                                                       (5)

           [ ]Vax X e( ) exp [ ]= + −2 12 2

µ σ σ                                        (6)

where µ and σ2 are the mean and the variance of Normal distribution population lnX,
respectively. Figure 2 shows the histogram of ln(l/d).
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The Eqn 5 and 6 imply that the mean and the
variance of LN-Normal population X depend
on both mean and variance of Normal
population lnX. The problem of determining
the samole size necessary to estimate σ2 to
within given tolerances and confidence  levels
s much complex. Triola gives the solution [ 9
]:The sample variance s2 is the best estimate
of the population variance σ2. To be 95%
confident that s2 is within 20% of the value of
σ2, the sample size n should  be at least 210.  
                                                Figure 2: The histogram of ln(l/d)

In terms of the means, the sample mean x is the best point estimate of  the population mean µ,
and the sample size is given by

n
Z

E
=







α σ2

2

                                                            (7)

where α is the level of significance, Zα 2  is the positive standard Z value that separates an

area of α/2 in the right tail of the standard normal distribution, σ is the standard deviation of
normal distribution population and can be replaced by sample standard deviation s if n > 30, E
is the maximum error of the point estimate x .

The sample sizes necessary to estimate the mean and variance of whisker aspect ratio is
determined according to follow schedule:
1) Taking the logarithm of whisker aspect ratio (l/d)i .
2) Giving the level of confidence 1−α=0.95 (α=0.05).
3) Determining  the  sample size nσ 2   for estimating  the variance of ln(l/d), in this

situation nσ 2 =210 as noted above.

4) Calculating the values of s2 , s and x with nσ 2 , here s2=0.556 , s=0.746 and x = 2.372

5) For α = 0.05,  finding Zα 2 = 1.96,  assuming E = 5%x  = 0.119 and calculating nµ   for

estimating the mean of ln(l/d):

           nµ =
×





196 0 746

0119

2. .

.
= 151.99 ≈ 152

6) Taking ( ) ( )n n n
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max , max ,= = =  as the required sample size.

If taking E = 20%x = 0.474 instead of 5%x , for matching with the nσ 2 estimate(nσ 2 =210 is

determined with s2 is within 20% of σ2 ), the nµ  is reduced from 152 to 10. This imply that

nµ  is much smaller than nσ 2 at the same level of precision in the case of ln(l/d). In other

words, the sample size could be determined so long as dealing with the variance.
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CONCLUSIONS

1. All  of the  whiskers  studed  in  this  aper have the similar aspect  ratio distribution
density curve, the aspect ratio of different whiskers follow the same distribution model.

2. The  aspect  ratio of  whiskers  come  from  LN-Normal  distribution  population,
particularly,  “ Kolmogorov  - Smirnor Test”  proves  that  the apect  ratio of  four
kinds of whiskers follow LN-Normal distribution at 0.99 level of confidence.

3. For  evaluating  the  mean and the variance of whisker aspect ratio with 95% confidence
and 20% error, 210  data  should  be randomly  selected from the whisker aspect ratio
population.
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PREPARATION OF SIC COATED CARBON FIBER
BASED ON RAYON USING PSI PROCESSES
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SUMMARY:  Based on high-strength rayon fiber, continuous SiC-coated carbon fibers were
prepared. A chemical treatment using an amines-containing aqueous solution enables the fiber
to be pyrolyzed at much higher heating rate. Multi-step pyrolysis accompanied with polymer
solution infiltration processes using polycarbosilane solution was carried out. The pyrolysis
temperature is up to 1000. The kinetics of the pyrolysis was investigated and a new model
was proposed, with which, the pyrolysis procedure was established. The yield of the C/SiC
fibers is 35-38%. The tensile strength of the fiber is 1.3-2.0GPa, Young’s modulus of 70-130
GPa and average fiber diameter of 4 to 6 µ. Since the carbon and the exterior SiC are formed
from the corresponding organic precursors at high temperature, the interface of C and SiC is
formed by a strong linking and in a graduation form, with SiC infiltrated into the inner part of
the fiber.

KEYWORDS:  rayon, polycarbosilane, polymer-solution infiltration, carbon fiber, pyrolysis,
amines-containing catalyst

INTRODUCTION

The preparation of carbon fibers based on rayon have been studied extensively since decades.
It has long been recognized that, due to the structure of rayon, the carbon fibers resulted are of
low yield, porous, and with lower mechanical properties than PAN-based fibers. The reason
that rayon remains to be one of the widely used raw materials for producing carbon fiber is
that rayon comes from regenerative natural resources and the resulted carbon fibers possess
some characteristic properties to various applications [1], such as in activated carbon fibers
[2] and some special composites, etc. In addition, with suitable technique, rayon can be
modified by coating in the process of pyrolysis, which is unavoidably followed by a high
weight lose, to improve the mechanical and electromagnetic properties.

Silicon carbide can be used as a protective coating on carbon fibers by CVD [3,4] and
composites for anti-oxidation applications [5,6]. The precursor of SiC, polycarbosilane, is
soluble in organic solvents [7] and it would be suitable for coating on the surface of fibrils.
With the coating on rayon, or partly-pyrolyzed dark rayon, the interior cellulose turns into
carbon while the exterior polycarbosilane becomes SiC by pyrolysis. The porosity and the
irregular and indented cross section of the dark rayon allow an amount of polycarbonsilane
coated onto the surface and even infiltrated into the inner part of the fiber. The carbon and
SiC will be linked strongly and the interface in gradient. The amount of SiC can be varied in a
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range to adjust the properties of the C/SiC fiber. Actually, this method may be easily extended
into another organic precursors to form different coatings.

EXPERIMENTAL

High strength rayon was applied as the raw material, which was washed continuously with
acid, water and impregnated with an amines-containing aqueous solution. After drying in hot
air, the fiber was pyrolyzed in steps. Low temperature pyrolysis was at 100°C and 250°C in
air and 350°C and 500°C in nitrogen through tube-furnaces. The total time required was about
3 hours. When the weight lose of the fiber was in the range of 30-50%, a process of polymer
solution infiltration (PSI) of the above dark fiber was carried out using a benzene solution of
polycarbosilane, surface active agents and a catalyst in ultrasonic agitation at 60°C. To keep
the concentration of the polymer solution unchanged in the PSI process, the solution was
continuously replenished. Multi-cycle of PSI and low temperature pyrolysis was sometimes
necessary to coat as more SiC as desired on the fiber. High temperature pyrolysis was taken
place at 500°C, 700°C and 1000°C in nitrogen through silica glass tube-furnaces at a higher
passing rate. The total time of the pyrolysis was less than 5 hours. SiC coated carbon (C/SiC)
fibers were thus obtained. The procedure is schematically presented in Fig. 1. The structure of
the fibers was characterized by SEM, IR spectroscopy, DTA/TG, X-ray diffraction of fiber
and powder, element analysis and XPS etc.

Fig. 1 Flow chart of the preparation
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RESULTS AND DISCUSSION

Amines-containing Catalyst

To produce carbon fibers with high tensile strength from rayon, the low-temperature pyrolysis
is usually at as low rate of heating as possible [8], due to a long time is required to moderate
the chain splitting and the evaporation of the large amount of small molecules from the
system. It has long been reported that the pyrolysis of rayon can be catalyzed by some
chemicals, or flame retardants, such as those containing phosphorus, sulfur, halides and
nitrogen etc. [9,10]. In this work, a chemical treatment using an aqueous solution containing
polybasic amines and surface active agents was applied. This enables rayon to be pyrolyzed at
a significantly higher heating rate, while the yield of the resulted carbon fiber is increased
considerably.

It seems very complicated to explain the mechanism of the catalyst in details. What is clear is
that, owing to the reactions of the amines with the primary hydroxyl group of the glucose
repeat units in the fibril surface, the energy of activation of decomposition is much lower. The
polybasic amines crosslink the macroradicals and a larger amount of char will be produced at
lower temperature at the expense of harmful levoglucosan in the form of tar. The char in the
fiber surface in turn protects the fiber from rush chain splitting and evaporation of the small
molecules in the process of the next-step pyrolysis.

Fig. 2 is the TG and DTG profiles of rayon with the heating rate at 10°C/min. With the
catalyst impregnation, the weight lose starts at a lower temperature (200°C) comparing with
that without the treatment (290°C). DTG curve 3 shows that a new reaction takes place at low
temperature, while a higher peak, which signifies the normal decomposition, appears at the
same temperature with the sharp peak 4 of raw rayon. This also demonstrates that much
higher residual weight of impregnated rayon left up to 600°C. This effect is somewhat
equivalent to decreasing the heating rate (Fig. 3).

Fig. 2  The effect of the amines-containing        Fig. 3 The comparison of heating rate on TG
catalyst on rayon. 1 and 2, TG with and    and DTG profiles of rayon after impregnation.
without the catalyst; 3 and 4 DTG with
and without the catalyst. 
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Kinetics of the Low-temperature Pyrolysis

The kinetics of the pyrolysis, especially in low-temperature range in air, of rayon as well as
the other cellulose materials has been studied by many authors [11,12]. However, there is a lot
of different conclusions because of the complexity of the reactions involved. In this work, to
establish the pyrolysis procedure, the kinetics was considered. As mentioned previously, the
impregnation of the amines-containing catalyst accelerates the weight lose in the first-stage of
pyrolysis. It would be very interesting to investigate the difference in their kinetic behaviors.

Millet [12] and Basch [13] investigated the weight lose (Wl) of cellulose materials and found
first-order kinetics, or

dWl/dt ∝ -KWl.

However, this can hardly be used to depict the weight lose to a little longer time from the very
beginning. Since the weight lose is started from the surfaced of the material, the weight lose
must be a diffusion controlled reaction. The higher the weight lose, the more difficult the
evaporation of the volatile components. Another term, that is similar to the diffusion from the
film in surface condensation [14] , should then be added to the equation, which is written as:

dWl/dt = K’/Wl. - KWl
or

Wl = ( K’/K ) 0.5 ( 1 - e -2Kt ) 0.5

Fig. 4 and 5 respectively show the isothermal weight lose at a few selected temperatures with
and without the catalyst impregnation, and the data were emulated by the kinetic equation.
The theory seems fit the weight lose of rayon studied even for a rather long time. It should be
noted that the constant ( K’/K ) 0.5  is actually the maximum weight lose at a certain
temperature.

Fig. 4 Isothermal weight lose curves for                Fig. 5 Isothermal weight lose cureves for
the catalyst-impregnated rayon                 rayon without catalyst-impregnation.

Fig. 6 and 7 show good linear relations which were used to the calculation of the activation
energies. Table 1 summarizes the results of the kinetic analysis. With the impregnation, the
two energies of activation decreased significantly.
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Fig.6 Calculation of activatin energies of  Fig. 7 Calculation of activation energies of
    weight lose of rayon with the catalyst                     weight lose of rayon without the

         -impregnation.        catalyst -impregnation.  

Table 1, The kinetics results of pyrolysis of rayon in air with and without the impregnation.
(E: activation energy and A: frequency factor for K; those with prime corresponding to K’)

Temp.,°C K, min -1 K’, min -1 ∆E, KJ/mol A ∆E’. KJ/mol A’
with catalyst-impregnation

150 0.050 32.51
200 0.065 100.39 8.91 0.60 42.09 4.04106

235 0.072 166.50

without catalyst-impregnation

220 0.005 0.168
250 0.006 0.953 32.67 13.25 130.16 1.011013

280 0.012 5.292

The kinetics of the pyrolysis is a principle to establish the temperature program, passing rate
and staying time of the fiber in the low temperature pyrolysis. While for high temperature
pyrolysis, the temperature program were designed using a least square method.

PSI Process using Polycarbosilane Solution

After rayon fibers were pyrolyzed at low temperature, 200-300°C, the dark fibers were coated
with polycarbosilane solution in benzene. The polymer solution infiltration process is very
sensitive to the molecular weight and the concentration of the polycarbosilane as well as the
composition of the solution used. In addition, the temperature and ultrasonic agitation of the
process are also important.

To avoid the bonding between the fibrils, that will cause the fiber deteriorate in high-
temperature pyrolysis, the molecular weight of polycarbosilane had to be limited to about
500°C to 1000°C and the concentration to 4-10%. In the polymer solution, surface active
agents were added to disperse the polymer on the surface of fibrils. Crosslinking agent was
also needed especially for low-molecular-weight polymer.
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After the PSI process, the fiber was cured at elevated temperature in air for 10min and
pyrolyzed at 300-400°C, followed by high temperature pyrolysis up to 1000°C. When more
SiC was desired on the carbon fiber, more PSI and low-temperature pyrolysis cycles were
taken. The content of SiC is about 3 to 8%.

The Structure of the C/SiC Fiber

From the SEM photograph in Fig. 8, the surface of the C/SiC fibers are smooth and no
bonding between the fibrils. The X-ray diffraction patterns of the C/SiC fiber are shown in
Fig. 9, there are at least three types of crystalline.

(a) Two wide reflections belonging to carbon/graphite are found: 200 and 101. One can
estimated the degree of graphite crystalline, g, by the d-placing (in nm) of 200 reflection
using equation proposed by Haraka and Warren [15],

d(002) = 0.3354g + 0.3440(1 - g)

The d-spacing is at 0.341 to 0.342nm, that means the degree of graphite crystalline is in the
range of 23 to 35%.

(b) There shows 3 reflections of β-SiC on the profiles taken on the fibers with additional
non-stretch heating at 1700°C: 0.25nm (111), 0.21nm (220) and 0.15nm (311).
However, for 1000°C fibers, these 3 reflections are not visible. That means the SiC
crystalline is more difficult to form than polycarbosilane fiber. What is interesting is
that for the commercial carbon fiber, such as T300, treated by the same PSI process and
additional heating, the 3 reflections are not exist at all. This seems to be because the
dense surface of the carbon fiber of T300 cannot be coated by polycarbosilane to a
considerable amount, while for the dark rayon, the fiber surface is porous and rough and
can hold much more polymer and shows SiC crystalline. High molecular weight in
polycarbosilane is favorable for the formation of β-SiC.

Fig. 8 SEM photograph of C/SiC fiber
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Fig. 9 X-ray diffraction patterns of C/SiC fiber.

(c) There are 3 sharp reflections at 0.71nm, 0.64nm and 0.32nm that cannot be assigned to
C/graphite or SiC. Those should belong to one of the oxides of silicon, SiOx [16],
which comes out from the oxidation of curing. But with polycarbosilane of higher
molecular weight, the reflections are smaller.

Since the carbon and the exterior SiC are formed in the process of high-temperature pyrolysis,
the interface of the C and SiC is not as sharp as ordinary coating of SiC on a carbon fiber by
CVD method and so on. The fiber with a structure of gradient from carbon to SiC is
characteristic of this process. Evidence for this was based on XPS, where Si was detected
even at the center of the fibrils.

The Properties of the C/SiC Fiber

Pyrolyzed at 1000°C, the overall yield of the C/SiC fiber is 35-38% by weight related to the
raw rayon. The typical average elemental contents of the fiber are made of C, 88%(w), Si,
5%,  N, 3% and a certain amount of oxygen. Of the C/SiC fiber, the density is 1.55-1.60g/cm3

, the tensile strength 1.3-2.0 GPa, the Young’s modulus 70-130GPa, the average diameter 4 to
6 µ and the specific resistivity 10-2 to 10-3 Ω cm. When the fibers were exposed at 400°C for 2
hours, the retention of the tensile strength as well as that of the weight of the C/SiC fiber is
about 1.5 to 1.8 times of those of the fiber without SiC PSI treatment.
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CONCLUSIONS

1. An amines-containing aqueous solution is very effective as catalyst of the pyrolysis of
rayon. The impregnation of the catalyst on rayon not only accelerates the reactions,
diminishing the pyrolysis time to 5 hours, but also results in a high yield, 35-38%(w), of
the carbon fiber.

2. Polycarbosilane with a moderate molecular weight and concentration was coated on the
surface of rayon fibrils by PSI processes. Carbon from the interior rayon and SiC from
the exterior polycarbosilane are formed in the process of high temperature pyrolysis.

3. In the C/SiC fiber, carbon and SiC are linked strongly, and some SiC is infiltrated into the
inner part, thus a gradient structure is assumed. The fiber after 1000°C pyrolysis contains
3-8%(w) of SiC and shows a tensile strength of 1.3-2.0 GPa and Young’s modulus 70-
130 GPa .

4. The weight lose kinetics of rayon is established from the experimental data that the
weight lose (Wl) obeys the following relation.

dWl/dt = K’/Wl – KWl

The energies of activation were obtained.
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INFLUENCE OF STIFFNESS INCREASE ON A WAVY
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SUMMARY:   Experiments were conducted by using composite specimens containing a
single carbon fiber embedded in an epoxy matrix.  The fibers were cast in curved geometries,
and the specimens were loaded in tension.  Increasing the tensile load on the single fiber-
epoxy specimens broke the embedded fiber into small fragments, whose lengths were smaller
in the regions where the fiber was lying parallel to the loading axis.  A significant fiber/matrix
interfacial debonding, observed near the broken fiber ends in all specimens, was much more
pronounced when the fiber was at an angle to the loading axis.  Transverse tensile stresses at
the interface caused this interfacial debonding.  Specimens with higher matrix stiffness had
long matrix cracks at the broken fiber ends, which were perpendicular to the fiber axis.  These
matrix cracks tend to propagate perpendicular to the fiber axis, increasing the composite's
cold sensitivity.  The major conclusions are as follows: 1) When fibers are wavy, they are not
loaded to their full capacity because of premature interfacial debonding started by the
interfacial shear stresses and the transverse tensile stresses.  The transverse tensile stresses at
the interface are not present in the straight fiber specimens. 2) At higher stiffness and lower
toughness values, the matrix cracks emanating at the broken fiber ends make the composite
weaker.  These two sources lower the strength of unidirectional composites at low
temperatures.

KEYWORDS:   tensile strength, interfacial bond, matrix crack, wavy fiber, low temperature,
cold.

INTRODUCTION

Several past experiments on tensile loading of unidirectional composite laminates at low
temperatures have shown that the longitudinal tensile strength of these composites drops at
these temperatures (Dutta 1992).  This research program was under taken to identify the
mechanisms that are responsible for this tensile strength degradation at low temperatures.

It is generally believed that, in unidirectional composites with high fiber volume fraction, the
interface properties play a significant role (Bader 1988, Madhukar and Drzal 1991).  Unlike
the compressive failure of uniaxial composites, which happens suddenly and which is driven
by the instability of compressively loaded fibers, the longitudinal tensile failure of carbon-
epoxy composites is a gradual process, i.e., the load carrying fibers start failing at well below
the composite's tensile failure load.  After the beginning of fiber failure, the additional tensile
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load that can be applied to the composite will depend upon how the high local stresses at the
broken fiber ends are transferred to the neighboring fibers.  The properties of the matrix and
interface govern this stress transfer mechanism and thus the tensile strength of composites.

Another factor that may affect the longitudinal tensile strength of composites is fiber waviness
that may have been introduced during manufacture due to the fact that saturation has not been
obtained. The wavy fiber will be nonuniformly loaded when the composite is subjected to a
tensile load.  In addition, the interface will also be subjected to shear as well as transverse
tensile stresses near the wavy fibers.  The interface is likely to fail prematurely under these
combined stresses.  These problems are expected to be more severe at low temperature, when
the matrix has low fracture toughness. These two issues, i.e., the effects of matrix stiffness
and toughness and the wavy fiber geometry on the fiber and interface failure process in single
fiber composites, were investigated to understand the mechanisms that cause the strength
degradation at low temperatures.

MATERIAL

The fiber used in this study was a high strength PAN-based AS4 graphite fiber.  The matrix
material was epoxy, which is a diglycidyl ether of bisphenol-A (EPON 828) cured with meta-
pheylenediamine (m-PDA).  Specimens were made with two different ratios of the m-PDA
curing agent, namely 14.5 parts per hundred (phr) and 10.0 phr by weight.  The epoxy was
mixed, debulked in a vacuum at 75°C (167°F) for about 10 minutes and then subjected to a
two-step cure cycle in air.  In the first cycle, the temperature of the material was increased
from room temperature 75°C (167°F) and held constant for 2 hours.  Afterwards, the
temperature was increased again to 125°C (257°F) and held constant for 2 hours. After the
second dwell time, the heating cycle was stopped and the specimen was allowed to cool to
room temperature.  The purpose of the first dwell is to allow gases and other volatiles to
escape matrix material and to allow the matrix to flow. The purpose of the second dwell time
is to allow cross-linking of the polymer to take place.  The temperature-time curing cycle was
applied by means of a quartz strip heater, whose temperature was controlled by a thermostat
and a power distributor.  The temperature-time histories were recorded on a computer.

EXPERIMENTAL PROCEDURE

In the case of EPON 828 matrix and m-PDA curing agent, Drzal et al. (1983) have shown that
both stiffness and toughness of the matrix can be changed by changing the amount of M-
PDA.  In this study, the matrix was cast with two different ratios of M-PDA, as mentioned in
the materials section.  The tensile stress-strain responses of these specimens were determined
by mounting strain gauges to these specimens and loading them to failure.  The loading rate
was 0.25 mm/min (0.01 in. /min); the data were recorded and two specimens were tested for
each m-PDA ratio. The average properties of these two types of matrix materials are listed in
Table 1. Representative stress-strain curves for these specimens are shown in Fig. 1; the
broken specimens are shown in Fig. 2.
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Table 1: Effect of the m-PDA curing agent ratio on the properties of matrix material

Young’s Modulus
(E)

GPa (psi x 103))

Failure Stress
(σf)

MPa (psi x 103))

Failure strain
(εf) %

EPON 828 cured with
14.5% m-PDA

4.4 (634) 50 (7.2) 2.30

EPON 828 cured with
10% m-PDA

4.7 (688) 44 (6.4) 1.27

Single-fiber composite specimens with wavy fiber geometries were cast using the two
different curing-agent-to-matrix ratios.  A single graphite fiber was passed through the dog-
bone cavity of a silicone mold and the ends of the fiber were glued to aluminum tabs outside
the mold (Fig. 3).  To make specimens with wavy fiber geometries, the fiber in the mold was
kept longer than the mold length.  The matrix and curing agent mixture was mixed, debulked
in a vacuum at 75°C (167°F) for about 10 minutes and then poured into the dog-bone cavity
of the silicone mold.  The single-fiber composite was then cured with the two-step cycle in
air.  One of the problems that was frequently encountered in fabricating the wavy specimens
was that, when the matrix was poured into the cavity, the wavy fiber had a tendency to attach
itself to the side walls of the mold.  To stop the fiber from sticking to the walls, it was
carefully pulled away from the walls by dragging it with the help of a clean pin.  This process
had to be repeated several times during the curing cycle until the matrix material started to
gel. Once the gelation started, the wavy fiber stayed in its place.  Fig. 4 shows the wavy fiber
geometry produced by this method in one of the specimens that was cured with 14.5% m-
PDA.

In the single-fiber composite specimens cured with 100% m-PDA, an interesting phenomenon
was observed in the embedded fiber.  When the cured specimens were examined under
polarized light, they showed another type of highly regular waviness pattern (Fig. 5). The
wavelengths of these waviness patterns were much smaller. Such waviness was always
present in the 10% m-PDA specimens, but it was never seen in the 14.5% m-PDA specimens.
The exact mechanisms that cause such a phenomenon is not clear but may be due to the fact
that saturation has not been obtained.

The cured specimens were removed from the mold and loaded in a tensile loading fixture
attached to an optical microscope.  This jig allowed the real-time scanning of the specimen
while it was being loaded.  The loading rate was controlled by a stepper motor, which in turn
was driven by a computer.  As mentioned, the loading rate was 0.25 mm/min.  The
deformation and failure process was observed through polarized and unpolarized lights, and
the images were recorded on a video cassette and on Polaroid films.

RESULTS AND DISCUSSION

During the tensile loading of all the single-fiber specimens, the fiber and interfacial failure
process was continuously scanned under polarized and unpolarized light to detect the location
of the first fiber failure.  Generally, the first crack appeared at a lower applied load in the
lower stiffness (14.5% m-PDA) samples.  This is expected because, in the lower stiffness
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specimens, a given applied load produces a larger strain.  Fig. 6 shows polarized  and
unpolarized photographs of the fiber cracks observed in the 14.5% m-PDA specimens.  These
cracks were observed at an applied tensile stress of 35 MPa (5 Kips/in2). The polarized
pictures (Fig. 6b) clearly indicate asymmetrical (with respect to the fiber axis) fringe patterns
around the broken fiber ends.  The fiber cracks can be seen in Fig. 6a. These cracks are
perpendicular to the fiber axis and they do not extend deep into the matrix material. Fig. 7
shows fiber cracks and the fringe patterns for a 10% M-PDA specimen.  These cracks were
observed at an applied stress of 52 MPa (7.5 Kips/in2). Again, for the fiber cracks lying on a
portion of the fiber that is at an angle to the loading axis, the polarized fringe patterns are
asymmetrical at the broken fiber ends.  This indicates the presence of a different stress state
around the circumference of the fiber, whereas, for the crack that is lying on a portion of a
fiber that is parallel to the loading axis, the fringe patterns are symmetrical.  These stress
patterns can be understood by examining how the interface is loaded in the two different
cases.  When the fiber is parallel to the loading axis, the interface carries only the shear stress.
However, when the fiber is at an angle to the loading axis, it has a tendency to align itself
parallel to the loading direction.  As a result, the interface at the wavy fiber is subjected to
shear stresses as well as the transverse tensile stresses on one side and the shear stresses and
the transverse compressive stresses on the other side of the fiber.  These transverse tensile and
compressive stresses are schematically shown in Fig. 8.

Another interesting observation that can be made from the results shown in Figs 6 and 7 is
that, for the specimens cured with 10% m-PDA, the fiber cracks extend deep into the matrix
material, thus producing characteristic long, needle-shaped matrix cracks (see Fig. 7a).  In the
14.5% mPDA specimens, the fiber cracks did not penetrate the neighboring matrix material
(see Fig. 6a).  The specimens cured with 10% m-PDA contain the matrix that has low fracture
toughness or low strain to failure (Fig. 1).  Therefore, when the fiber fractures inside the
matrix, the high stress concentration at the broken fiber ends can easily cause the local
fracture of the brittle matrix material and produce sharp matrix cracks.  Since these cracks are
perpendicular to fiber axis, they must contribute to the reduction of tensile strength of
composites.  In the case where the matrix has large strain to failure, the high stresses at broken
fiber ends may be relieved by matrix deformation or by interfacial failure, or both.

When the tensile load on the single-fiber specimens continues to increase, more and more
fiber fragments are created.  In addition, the fringe patterns produced at the broken fiber ends
are elongated and extended in the direction away from the broken end (Fig. 9).  The fringe
patterns indicate high shear stresses near the broken fiber ends.  The high shear stresses result
when the matrix prevents the fiber from springing back after it is broken.  In the portions of
the fiber where it is at an angle to the loading axis, there will be both shear stress and
transverse tensile stress present at the fiber surface, as shown schematically in Fig. 8. The
transverse tensile stress cause the premature failure of the fiber/matrix interface.  As a result,
when the fiber is at an angle to the loading axis, the stress are not efficiently transferred from
the matrix to the fiber, and additional fiber fragments are not produced.  Instead, the fiber
matrix interfacial failure propagates parallel to the fiber.  This interfacial failure is indicated
by the narrow and much elongated fringe patterns along the fiber length in Fig. 9a.

Also seen in Fig. 9a is a long gap between the broken fiber ends.  For the regions where fiber
is parallel to the loading axis, such long gaps between broken fiber ends were not observed.
A possible reason for such a behavior is that the extensive interfacial debonding near the fiber
lying at an angle to the loading axis makes the fiber lie loosely in the matrix tunnel (the
evidence of a matrix tunnel is further given below).  As a result the fiber can spring back
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freely after its failure.  In the regions where fiber is parallel to the loading axis, the fringe
patterns are much wider, suggesting much less extensive interfacial debonding.  More fiber
fragments are produced in these regions as the applied load is increased.  In such situations
the matrix surrounding the fiber prevents the fiber from springing back after its failure.  This
suggests that the waviness keeps the fibers from being loaded to their full capacity, thus
resulting in the poor tensile properties.  Generally, in the failed single-fiber specimens, there
were more fiber fragments in the 14.5% m-PDA specimens than in the 10% m-PDA
specimens.  Such a difference can be attributed to the high stiffness and low failure strain of
10% m-PDA specimen.  These specimens may have failed before the saturation of the fiber
fragmentation process.

The applied tensile load on the single-fiber specimens was increased until fracture.
Examination of the failed ends of the specimen under an optical microscope revealed a
significant fiber pull-out in several specimens.  An example of one such fiber pull-out in a
14.5% M-PDA specimen is shown in Fig. 10.  Fig. 10a shows the matrix tunnel produced by
the pulled out graphite fiber; Fig. 10c is the polarized photo of Fig. 10a.  A comparison
among Figs 10a, b and c clearly shows that when a fiber breaks during tensile loading, there is
a significant fiber-matrix debonding on either side of the broken fiber ends, i.e., the fiber is
loosely held in the matrix tunnel. This suggests that the elongated fringe patterns seen in Fig.
9a represent extensive fiber-matrix debonding near the broken fiber ends.  Fig. 11 shows the
matrix tunnel produced by fiber pull-out in the 10% m-PDA specimen. In this specimen,
where the matrix material is relatively more brittle, pieces of matrix material have also been
pulled out of the broken specimen.  These matrix pieces are seen emanating from the needle-
shaped matrix cracks Fig. 11b.

CONCLUSIONS

Experiments were conducted on specimens made of a single wavy graphite fiber in an epoxy
matrix, where the matrix properties were changed by changing its ratio with m-PDA curing
agent. Two ratios-10 and 14.5%-were selected.  The matrix with lower m-PDA ratio was
stiffer and more brittle.  On the basis of observations via an optical microscope of the fiber
and interface failure process during the tensile loading of these composites, the following
conclusions have been made:

1. Both lower and higher stiffness samples produced fiber fragmentation during the
tensile loading.

2. The tensile loading of samples with the more stiff and brittle matrix produced fewer
fiber fragments. However, because of the presence of a wavy fiber, the fragment
length varied significantly along the specimen length within the same specimen.

3. During the tensile loading of samples containing the low-toughness matrix, long,
needle-shaped matrix cracks emanated from the fiber broken ends.  Such cracks
were not observed in samples in which the matrix failure strain was larger.  Since
the matrix toughness decreases at low temperatures, these long matrix cracks in the
low-toughness matrix composites are believed to be responsible for the reduction of
tensile strength at low temperatures.

4. There was significant interfacial failure near broken fiber ends in regions where the
fiber was at an angle to the loading axis.  The interfacial failure was much less
extensive in areas where the fiber was parallel to the loading axis.  In these regions,
the embedded fiber broke into smaller fragments.  The presence of transverse
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tensile stresses at the interface in the former case is believed to be responsible for
the extensive fiber/matrix interfacial failure.

5. The fractured specimens showed fiber pull-out and the corresponding matrix
tunnel.  This suggests that, during the tensile loading, there is extensive fiber-matrix
debonding at the broken fiber end.
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DYNAMIC AND TRANSIENT CHARACTERIZATION
OF SILICON CARBIDE FIBERS AT ELEVATED

TEMPERATURES

R. C. Warren, C. D. Weaver and S. S. Sternstein

Center for Composite Materials and Structures, Rensselaer Polytechnic Institute, 110 8th
Street, Troy, N. Y. 12180, USA

SUMMARY:   Ceramic fibers at elevated temperatures exhibit time or frequency dependent
mechanical behavior, the most studied of which is creep.  Several techniques for
characterizing time dependent mechanical properties have been developed in this laboratory.
Fibers studied to date include single crystal alumina, YAG, and seven compositions of SiC.
Dynamic mechanical spectroscopy methods are used to examine short relaxation time
processes associated with periodic deformation phenomena, and provide both dynamic
modulus and loss factor versus temperature (to 1600°C) and frequency (from 0.1 to 25 Hz).
Pulsed periodic creep and recovery tests are used to examine the longer relaxation time
phenomena, and provide an accelerated means to identify and separate anelastic and inelastic
creep rates.  Taken together these methods provide a comprehensive understanding of the
multiplicity of mechanisms and time scales that are relevant to the proper application and
design of ceramic fiber reinforced composites.

KEYWORDS:   silicon carbide, dynamic testing, creep of ceramics, viscoelasticity, fibers

INTRODUCTION

The analysis of the potential performance of high temperature composite materials and the
design of components made from such materials requires detailed information about the
constituents of the composite.  It is well known that ceramic fibers exhibit high temperature
behavior which is time-dependent, i.e., not entirely elastic.  In order to gain a more complete
understanding of the behavior of ceramic fibers at elevated temperatures and to provide a
database for the engineering analysis of composites using these fibers as a reinforcement
phase, this laboratory has investigated single fiber behavior using a variety of techniques.  In
this paper, dynamic mechanical testing and a periodic creep and recovery technique [1] are
utilized for the investigation of the viscoelastic properties of ceramic fibers.

BACKGROUND

Materials scientists and engineers commonly use creep testing as a primary means to
characterize long term high temperature behavior under applied loads.  Generally, creep strain
can include elastic, anelastic (viscoelastic) and inelastic (plastic) strain components.  Refer to
Fig. 1 for a schematic of a creep and recovery test.  The elastic contribution to a given creep
strain is readily measured by simply removing the sample load and observing the incremental
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strain change.  Decomposition of the remaining strain into anelastic and inelastic strains can
be a challenging task, however.  In general, given only a creep curve (strain vs. time) it is not
possible to determine what fraction of the strain is anelastic and what fraction inelastic.  This
determination can be done only by performing a recovery test in which the (recovering) strain
vs. time is observed following the removal of the load.  The difficulty lies in the fact that as a
rule, creep recovery is much slower than creep itself.  Presumably, this is because creep
recovery occurs with no externally applied load, and given any sort of activated rate theory
for the processes involved, the reverse (recovery) process would be expected to involve a
higher activation barrier than for the (forward) creep process itself.  As a general rule, full
recovery of anelastic strains can take as much as  ten times longer than the creep itself.  Thus
a one month creep test might take ten months to fully recover if the strains were entirely
anelastic.  Clearly, the decomposition of a creep curve into anelastic and inelastic components
would involve a series of creep tests for various times, each of which is followed by a longer
recovery process.  In this way, a long term creep curve could be decomposed into its
component anelastic and inelastic strains.  From both a mechanistic and design viewpoint, this
decomposition is essential.  As a corollary, it follows that the measurement of plastic strain
rates from a single creep curve is potentially misleading since there would be no basis  by
which to judge the anelastic (time dependent but recoverable) strains.  It is emphasized that
the shape of the creep curve (e.g., constant rate) is a very misleading and poor delineator of
whether the strain is inelastic or anelastic (or both), as discussed below.

time
Inelastic, anelastic, or both?

Plastic (inelastic)?

time

σ

  εelastic

  εelastic

ε

Fig. 1: Loading history and strain response for a typical creep and recovery test.

Guidance regarding the shape of a creep curve which is anelastic can be obtained directly
from the theory of linear viscoelasticity (which is not to say that all anelastic processes are
linear processes).  Anelasticity can be represented by a series of recoverable strains each with
a characteristic retardation time, or differently stated, an anelastic process can be represented
by its corresponding distribution (or spectrum) of retardation times.  For each retardation
time, 63% of the anelastic strain component is obtained after a load application for a time
equal to one retardation time.  It becomes obvious then, that the shape of an anelastic creep
curve is dependent on the distribution of retardation times characterizing the creep process.
Without additional information, it becomes clear why the shape of the creep curve is a very
poor determination of whether the creep is anelastic or inelastic.  It follows that a recovery
curve of 100 seconds, for example, may fully recover anelastic strains with 10 second or less
retardation times, but would not recover any appreciable amount of anelastic strains having
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retardation times of longer than 1000 seconds.  It is for this reason that we noted earlier that
the decomposition of a creep curve into its anelastic and inelastic components requires a
series of recovery tests, conducted for several creep times, and not a single recovery test.

Mathematically  related to the distribution of retardation times is another distribution referred
to as the distribution of relaxation times, which is useful in describing anelastic processes
such as stress relaxation or dynamic modulus.  Initially, this laboratory engaged in dynamic
mechanical testing studies on single ceramic fibers at elevated temperatures, as described
elsewhere [4].  In that method a fiber is subjected to a sinusoidally varying displacement and
the resulting load measured (without averaging or filtering).  The load and displacement
signals are then fast Fourier transformed (FFT) to obtain the component of force in-phase and
out-of-phase with the displacement, ultimately providing the real (in-phase or storage or
elastic) modulus and the imaginary (out-of-phase or loss or viscous) modulus, from which the
loss factor can be calculated.

While the real and imaginary components of modulus provide equivalent information on the
anelastic processes as does a creep/creep recovery test, they do so at a far different time scale.
Dynamic measurements typically emphasize short time scale processes (e.g., relaxation times
of milliseconds or less) while creep/recovery tests provide information on long time scale
processes (typically retardation times of seconds to years). Thus, the two methods of
measurement are complementary and provide a broad picture of material anelastic behavior
over many decades of time scale.  However, the dynamic modulus measurement method,
being intrinsically periodic with a short time scale, quickly reaches steady state, whereas the
creep/recovery method being transient, and specifically not periodic, never indicates steady
state behavior.  A perspective now emerges on the difficulties involved in anelastic/inelastic
decomposition of creep and recovery data.  The problem of reconstruction of a creep curve
into its underlying component anelastic vs. time and inelastic vs. time creep curves is the
basis of the test method described here.

There is evidence in the literature that ceramic fibers do exhibit surprising amounts of
anelastic behavior.  An important observation is given by DiCarlo [2] who performed a creep
test on a silicon carbide fiber (SCS-6), followed prudently by an accelerated recovery test at a
higher temperature.  The creep test was done at 1275°C and 612 MPa, and followed by
recovery at 1450°C.  Nearly complete recovery was obtained which suggests that the creep
curve was primarily anelastic.  Additional creep and recovery tests for short time periods have
been reported by Lara-Curzio [3].  Dynamic testing of silicon carbide fibers was conducted by
Sternstein, Weaver and Beale [4] who found that both the storage and loss modulus varied
with the relative amounts of carbon and silicon in the SiC sheath.

PULSED PERIODIC CREEP AND RECOVERY TESTING

One of the useful features of the dynamic test method is its periodic nature, which enables one
to quickly establish steady state behavior.  The test method utilized here combines the
attributes of a periodic test while still offering the benefits of transient (creep) testing which
emphasizes long time processes.  Referring to Fig. 2, consider a test protocol in which a load
is periodically applied to a sample for a period of time t1 and then removed for some period
of time (tp - t1) and then the entire cycle repeated every tp seconds, where tp is the "period."
Further, let the strain at the end of each loading cycle be measured, as well as the strain at the
end of each recovery cycle, as shown by the arrows in Fig. 2.
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This test is implemented using the apparatus described elsewhere [4] for dynamic modulus
testing, but modified with a stiff closed-loop control system and computer which generates
the periodic program shown in Fig. 2 and provides for automatic data acquisition.  In practice,
the load application or removal is done in less than 2 milliseconds without overshoot or
ringing, and is made possible by a very stiff and well tuned servo.  Data acquisition is done
using 18 bit D/A conversion which is required for the high accuracy needed to implement the
periodic pulse test.  Precision timing for the pulse test history and data acquisition is done in
hardware using a 6 MHz crystal, 64 bit pulse counter and interrupt generator.  This provides
for very precise and reproducible pulse cycles and data acquisition.  Cycle periods from 0.5
seconds to days are readily obtained and the number of cycles is limitless, since the data is
routinely written to hard disk.  The parabolic temperature profile of the fiber testing device
requires extraction of the isothermal strain data from the measured displacements by simple
calculations described by Feldman and Bahder [5].  A creep activation energy of 580 kJ/mol
was found for SiC by true isothermal creep testing of CVD SiC fibers by Lara-Curzio [3], and
is supported by DiCarlo [2] for testing under similar conditions as used in the present study.

1 1 2 32 3 N N

Observe

Time
Observe

σ

  t1   tp   2tp   Ntp

Fig. 2: Loading history and strain measurement for pulsed periodic creep and recovery

testing. Strain measured at (ktp)-, k=1...N and (ktp + tl)-, k=0...(N-1).

From the theory of linear viscoelasticity, it can be shown that the history described in Fig. 2
produces a slowly accumulating peak strain (the strain measured at the end of each loading
cycle) and slowly accumulating recovery strain, with the rate of accumulation being strongly
dependent on the ratio of the test time parameters (t1, tp) relative to the retardation times of
the material.  The mathematics will not be presented here.  Suffice it to say that anelastic
creep processes having retardation times substantially longer than tp are effectively "filtered"
in that they never get activated (occur) during the loading cycle, while the processes having
retardation times shorter or equivalent to tp are largely recovered after each recovery cycle
and therefore do not accumulate as they would if the load were maintained as in a single creep
test (without periodic recovery).  In effect, the pulsed periodic creep test will always produce
less anelastic strain (for a given accumulated time under load, that is t1 times the number of
cycles) than a single creep test of the same time under load.  It follows that the resultant
"creep curve," that is peak strain vs. accumulated time under load will always be a better
representation of the inelastic strain process (if any) than a single creep test. These predictions
are fully justified by the experimental results to date, as described below.

Dynamic and pulsed periodic creep testing have been performed on several polycrystalline
silicon carbide fibers provided by Textron Specialty Materials.  These fibers all have roughly
the same morphology (SiC sheath on a carbon core) although they vary slightly in grain size,
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composition, and fiber diameter (120 to 150 micrometers). The fibers include the
commercially available SCS-6 fiber and a series of five fibers of various composition, herein
referred to as EF#1 - EF#5.  The composition of the SiC sheath in the SCS fibers is found to
vary between stoichiometric and about 1 wt% excess silicon depending on the original
chemical vapor deposition (CVD) processing parameters.  Additionally, dynamic testing has
been performed on British Petroleum's Sigma 1240 fiber.  Table 1 lists the atomic carbon /
silicon ratio of the fibers used thus far in this study.

Table 1:  Composition of various SCS SiC Fibers tested.

Fiber C / Si atomic ratio
Sigma 1240 0.82

SCS-6 0.96
EF#1 0.99
EF#2 0.99+
EF#3 1.00
EF#4 0.98+
EF#5 0.98

RESULTS AND DISCUSSION

Fig. 3 shows the temperature dependence of the storage (Young's) modulus of several of the
SiC fibers as determined by dynamic testing.  The plot clearly shows the relationship between
the amount of excess silicon in the respective fibers (see Table 1) and the retained modulus.
The moduli have been normalized by their room temperature values for clarity.  Only the
Textron experimental fibers #3 and #5 are shown since their behavior brackets the behavior
for all of the experimental fibers.  Fig. 4 shows a similar behavior for the loss factor with
changing composition.

Further underscoring the importance of the C / Si ratio in the SiC sheath of the fiber, pulsed
periodic creep testing was conducted under identical conditions for each of the SiC fibers
listed in Table 1 (with the exception of BP Sigma 1240).  Fig. 5 shows that creep and
recovery response of these fibers is clearly dependent upon the stoichiometry of the fiber;  the
greater the amount of excess silicon present, the higher the creep rate.  Further testing is
necessary before any statement can be made as to the mechanism by which the excess silicon
so drastically controls the high temperature viscoelastic properties of silicon carbide.  Again,
only the Textron fibers #3 and #5 are shown as their behavior brackets that of the other
experimental fibers.
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Fig. 3:  Normalized Young’s modulus at 1 Hz for different CVD silicon carbide fibers.  Data
is shown for tests conducted with a static stress of 300 MPa (200 MPa for BP Sigma 1240),

dynamic stress of 100 MPa.

10-4

10-3

10-2

10-1

0.50 0.60 0.70 0.80 0.90 1.00

BP Sigma 1240  C:Si Ratio = 0.82
Textron SCS-6  C:Si Ratio = 0.96
Textron EF #5  C:Si Ratio = 0.98
Textron EF#3  C:Si Ratio = 1.00

Lo
ss

 F
ac

to
r

1000/ (Equivalent Isothermal T)   (°K-1)

Fig. 4:  High temperature loss behavior of different CVD SiC fibers at 1 Hz.  All data is
shown for tests performed at 300 MPa static stress, and 100 MPa dynamic stress amplitude.
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Fig. 5:  Periodic Pulse Testing of SiC fibers of various compositions showing the effect of the
C / Si Ratio on the high temperature viscoelastic behavior of SiC.  Testing conducted at

1600°C, 200 MPa, and 480 cycles (10 sec. load on, 20 sec. load off).

Fig. 6 shows a comparison between the creep strain developed during  a conventional creep
test and the peak strain achieved in a pulsed periodic creep test, the latter plotted vs.
accumulated time under load.  The pulsed data were obtained for a duty cycle consisting of t1
= 10 sec. and tp = 30 sec.  Also shown is a single strain point obtained after 9600 seconds of
recovery for the single creep test sample.  The amount of recovery is large and shows that
most of the creep strain which occurred after 4600 seconds was in fact anelastic, not inelastic.

As expected, the pulsed periodic results lie between the single creep results and the recovered
strain value.  Additional experiments on the effects of various duty cycles (t1 and tp values,
both as a ratio and absolute values) are currently being performed.  While the recovery time to
load time for the pulsed periodic test was only 2 to 1 there is still clearly a major reduction in
accumulating anelastic strain.  While it would be tempting to claim that the slope of the
pulsed periodic creep results vs. accumulated loading time is in fact the inelastic (plastic)
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strain rate, this would be premature, since other duty cycles with longer recovery to load
ratios than 2/1 are required for better suppression of the anelastic strain.  Nonetheless, we
claim that the slope of the pulsed periodic results is closer to the true inelastic creep rate than
the single creep test slope, which is clearly much larger.

0

0.005

0.01

0.015

0.02

0.025

0.03

0.035

0 1000 2000 3000 4000 5000 6000

Single Creep Test 4800sec under load
Pulse Test Peak Strain 4800sec under load
Single Creep Test Recovery after 9600sec

C
re

ep
 S

tr
ai

n

Creep Time

Fig. 6: Comparison of Pulse Testing with a Single Creep and Recovery test.  Testing of SCS-6
conducted at 200 MPa, 1600°C, 480 cycles (10 sec. load on, 20 sec. load off) versus 4800 sec.

creep, 9600 sec. recovery.

The effect of stress magnitude on the pulsed periodic creep test is shown in Fig. 7 for SCS-6
fibers at 1600°C, and it is seen that the creep process is nonlinear, as is also concluded from
single cycle creep test data.  Finally, the effect of cycle time at constant duty cycle ratio (2/1)
is shown in Fig. 8, where it is seen that the results for 15 and 30 second periods are virtually
indistinguishable.

CONCLUSIONS

In order to more fully characterize the viscoelastic behavior of silicon carbide at high
temperatures it is necessary to employ multiple test methods that target specific relaxation /
retardation time scales.  Dynamic mechanical testing has been used to investigate the storage
and loss modulus (and thus the loss factor) of several silicon carbide fibers whereby the test
method only activates relaxation mechanisms with time scales in the millisecond range.
Results are presented showing the effect of the carbon / silicon ratio in the SiC sheath on both
the retained high temperature modulus and the loss factor.

It appears that the pulsed periodic creep test provides a method whereby the inelastic strain
rate may be measured with higher accuracy and more quickly than with single cycle creep
tests.  Anelastic creep in ceramic fibers at elevated temperatures is surprisingly large in
magnitude and covers wide time scales, and therefore significantly affects the slope of a
single cycle creep curve, rendering the measurement of inelastic strain rates difficult if not
impossible from such a test.  The technique used in this study may provide an accelerated and
more time efficient method for determining inelastic creep rates.  Results are presented
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showing the non-linear creep and recovery behavior displayed by SCS-6 silicon carbide
fibers.  Additional results show the effect of the carbon / silicon ratio in the SiC sheath on the
creep and recovery behavior of several CVD fibers of varying composition.
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Fig. 7:  Comparison of SCS-6 Pulse Testing at 200 MPa and 300 MPa stress showing non-
linearity of creep behavior.  Tests conducted at 1600°C for 480 cycles (10 sec. load on, 20

sec. load off).
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Fig. 8:  Comparison of various cycle times (5 sec. load on, 10 sec. load off versus 10 sec. load
on, 20 sec. load off) with 1:2 load-on : load-off time ratios.  Testing of SCS-6 at 1600°C, 200

MPa, 960 cycles versus 480 cycles.
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PRODUCTION OF BORON CARBIDE FIBERS USING
BORIC ACID AND CELLULOSE FIBERS

Y. Bohne, H.-P. Martin, E. Müller

Freiberg University of Mining and Technology, Institute of Ceramic Materials, Gustav-
Zeuner-Straße 3, Freiberg, Saxonia, D-09596, Germany

SUMMARY:  This paper presents a route for producing B4C fibers from cheap and easily
available raw materials. Textile cellulosic fibers and boric acid solution are used as raw
materials. It is possible to reach an optimal mixture of the primary materials by a suited
soaking method. After temperature treatment between 1500°C and 1750°C under argon boron
carbide fibers are obtained. The influence of the reaction temperature on boron carbide
formation was investigated by IR-spectroscopy, x-ray diffraction, oxygen and carbon analysis.
Almost pure boron carbide fibers of good quality were obtained at 1700°C. The shape of the
raw fiber is retained during the conversion. The development of the manufacture process is
still in progress and an improvement of the strength is expected. The fibers could be an
alternative material to commercial available B4C fibers.

KEYWORDS:  production of boron carbide fibers, boron carbide fibers, boron carbide,
cellulose fibers, boric acid, organic solvents, soaking method, carbothermic reduction

INTRODUCTION

Boron carbide fibers are very promising ceramic fibers, because they show chemical and
physical properties which make them interesting. Low density (2,52 g/cm3), high strength
(tensile strength: 2,1-2,5 GPa), high temperature resistance (thermal stability up to 2300°C),
oxidation resistance up to 900°C and a high  resistance against chemical influences make
boron carbide as fiber material attractive [1]. Besides the rigid framework of strong bonded
atoms corresponds to a high melting point, great hardness and appreciable electrical
conductivity [2]. Boron carbide fibers are actually used for the reinforcement of special
materials or inorganic materials which are exposed to highest temperatures and aggressive
chemicals. A well known process of B4C fiber preparation is a chemical conversion of a
precursor fiber (CVD-process). Such boron carbide fibers are prepared by reacting of a
precursor carbon yarn with a reaction mixture of  H2 and BCl3 at temperatures around 1800°C
[3]. However  BCl3 is a toxic and corrosive gas and additionally hydrogen chloride is
generated [4]. The manufacture demands enormous safety care, what leads to high production
costs. This paper describes a route which was firstly mentioned in the sixties [5], [6]. In our
route we uses cheap and easily available raw materials as textile cellulosic fibers (viscose,
cotton or wool), which are used as carbon source and boric acid solution serving as boron
source. The cellulosic fibers will soaked with boric acid solution. The infiltrated fibers were
treated at temperatures ranges between 1500°C and 1750°C under argon. At this temperatures
B4C is formed by carbothermic reduction from boron oxide by carbon. After the conversion
the shape of the raw fiber is unchanged.
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PREPARATION OF FIBERS

The boric acid is dissolved in water, ethanol, butanol, hexanol or pentanol. Subsequently the
cellulosic fibers (Table 1) are diped in this solution and they soak up the boric acid solution.

Table 1: properties of raw fibers from cellulose

fiber
surface

cross-sectional
form

specific surface
area

density fineness
yarn

viscose (viscose type) glossy serrated 0,1 m2/g 1,3 330 dtex
wool (wool type) mat smooth 0,1 m2/g 1,3 328 dtex

cotton (cotton type) glossy smooth 0,1 m2/g 1,3 140 dtex

It is possible to reach an optimal mixture of the primary materials and a finally dispersed
distribution of boric acid through the fiber material by the soaking method. The molecular
ratio of  the reactants was calculated from matter amount and molar masses according to the
following chemical reaction equation (Eqn. 1):

                                                      2B2O3 + 7C → B4C + 6CO                                                (1)

The necessary mass of  boric acid for a complete formation to boron carbide must go to three
times of the amount of carbon. Besides the raw fibers are soaked with water with the aim to
increase the H3BO3 incooperation by swelling the fibers. During the drying process (air
drying) the solvent evaporates, but the boric acid remains in the cellulosic frame. After this
the infiltrated fibers were heated up to 1560°C, 1600°C and 1700°C under inert conditions in
a tube furnace. Further more the heating rate was varied (20 K/min, 10 K/min and 0,3 K/min) and
already burned samples were sintered at 1750°C (Table 2). During the annealing the cellulose

Table 2:  conditions during annealing of cellulose fibers

heating rate
K/min

temperature
°C

dwell time
h

cooling rate
K/min

sintering closed
crucible

( 1 ) 10 1560 0,1 10
( 2 ) 10 1600 0,1 10
( 3 ) 10 1700 0,1 10
( 4 ) 10 1700 0,1 10 X
( 5 ) 20 1700 0,1 10 X
( 6 ) 0,3 1700 0,1 10 X
( 7 ) 10 1700 0,1 10 1750°C with 20

K/min
X

decomposes into carbon, water and further volatile substances (CO2 and CO) at temperatures
between 240°C and 1000°C [7]. The decomposition of cellulose and the formation of a new
structure is connected with a remarkable shrinkage. Simultaneous, the boric acid transforms
into boron oxide with lost of water. At temperatures of more than 1400°C a carbothermic
reaction occurs and the carbon reduces the boron oxide generating boron carbide and carbon
monoxide (Eqn 1). The influence of  the reaction temperature, the variation of heating rate
and sintering on boron carbide formation were investigated by x-ray diffraction, IR-
spectroscopy, carbon and oxygen analysis.
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RESULTS AND DISCUSSION

The soak experiments show that the use of water as  solvent for boric acid  doesn’t give
satisfying results, because after soaking boric acid cystallize with crystal sizes ≥ 100 µm and
the distribution of boric acid is inhomogeneous and doesn’t adhere on the fiber surface.
Furthermore not enough boric acid is absorbed by infiltrated into the fibers for a complete
conversion to boron carbide (Fig. 1). The use of  organic solvents results in increasing the
H3BO3-infiltration in comparison to water. All above, butanol is well suitable as solvent for
boric acid, because the H3BO3-infiltration is above 100% of need for all used cellulose fibers.
Besides another crystallizing behaviour is observe after drying than in the case of water
solvents.

Fig. 1: H3BO3-infiltration soaked cellulose fibers depend on the solvent

The boric acid crystallized finely as a layer around the raw fibers and is homogeneously
distributed in them (Fig. 2). Additionally, the cellulose fibers were soaked with water before
they were soaked by climbing of the boric acid/ butanol solution. That seems to be the most
favourable method. As a result of  water swelling the structural chain elements of the
cellulose get more distant what leads to an increased cross section. Subsequently more boric
acid enters into the fibers. The boric acid dissolved in alcohol get into the cavity of  fibers
supported through capillarity, and the alcohol promotes the volatilization of the included
water, so that the boric acid remains in fine distribution.
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Fig. 2: SEM-photo of soaked cellulose fiber with butanol as solvent

After thermal treatment the obtained fibers were investigated by IR-spectroscopy in the
wavenumber range between 2000-500 cm-1. In Figure 3 spectra of B4C fibers of the cotton
type are shown. In the IR-spectra B-C bands (around 1090-1170 cm-1) [8], [9] appears, but
simultaneously with B-C bands also C-C bands (around 1600-1585 cm-1, 1465-1430 cm-1 and
700 cm-1) appear, what suggest, that aromatic carbon is formed. Fibers annealed at 1560°C

Fig. 3: IR-spectra of B4C fibers from cotton type and different pyrolysis conditions
(c ... closed crucible; lc ... low heating rate (0,3 K/min) and closed crucible;

rc ... rapid heating rate (20 K/min) and closed crucible; sc ... sintering at
1750°C and closed crucible)

 10 µm
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show intensive C-C bands and only a weak B-C band. But the intensity of the B-C bands
grows at higher temperature and after sintering while the C-C vibrations decrease. The
increasing intensity of B-C vibrations suggests an increasing crystalline amount. The obtained
fibers were also investigated in regard of the carbon and oxygen content by combustions
methods. Figure 4 shows the carbon and oxygen content of samples versus the pyrolysis
temperature and heating rate. The B4C fibers still contain free carbon (argeement with the IR-
vibrations). That results from incomplete conversion of fiber carbon to boron carbide, for
instance due to a too low reaction temperature, or it was insufficient boron available due to
insufficient soaking with H3BO3. Moreover it is possible that boric acid or boron oxide,
respectively, volatilizes during the thermal treatment. This would be connected with a loss of
boron. With increasing temperature the free carbon and oxygen content decreases and the
boridic carbon content increases. A rapid heating rate and a sintering at 1750°C also improve
the conversion to boron carbide. The use of closed crucible during heat treatment is also
favourable for B4C formation. The closed crucible prevents the volatilization of boron oxide.
The found residual oxygen content can also result from oxide films on the boron carbide
surface or incomplete decomposition of cellulose precursor. A good conversion to boron
carbide was observed for fibers from viscose type which were sintered. Fibers from wool type
with rapid heating rate (20 K/min) and B4C fibers from cotton type and pyrolysis temperature
of 1700°C (10 K/min) also showed a good conversion to boron carbide.

Fig. 4: carbon and oxygen content of the obtained B4C fibers in dependence on the pyrolysis
temperature and the raw fiber types: viscose type ( v ), wool type ( w ) and cotton

type ( c ); rc ... rapid heating rate (20K/min) and closed crucible; sc ... sintering at
1750°C and closed crucible; c ... closed crucible)

Also x-ray investigations were performed to describe the boron carbide formation. As Fig. 5
shows boron carbide is formed after thermal treatment. After a treatment at 1560°C first B4C
peaks (marked by "•") occur and in addition carbon related peaks (marked by "x") are
observed. The width of peaks and a high underground attributed to amorphous carbon is
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characteristic, in particular, of samples of low reaction temperature (1560°C and 1600°C).
With higher temperatures the carbon amount decreases and the peaks attributed to B4C
increase. This is characteristic for increase of  crystalline phase. Almost complete boron
carbide formation, according to the x-ray pattern, is obtained at 1700°C.

Fig. 5: x-ray patterns of produced B4C fibers ( a ) cotton type/1560°C; ( b ) cotton type/
1700°C; ( c ) viscose type/1600°C; ( d ) viscose type/1700°C

The surface area of fibers was measured by BET and the results are shown in Fig. 6. High
specific surface areas of up to 16 m2/g were found. B4C fibers of the cotton type show high
specific surface areas at temperatures of 1700°C and heating rates of 20 K/min, 10 K/min and
0,3 K/min. But the surface area goes to a lower value after sintering. The fibers with wool
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type show only a high specific surface area (14 m2/g) if a high heating rate was used. Only
B4C fibers from viscose type show a high specific surface area after sintering in contrast to
the others. An increasing surface area indicates crystallization of fibers, which results in
growth of grains and pores. The reason for coarsening is apparently surface-to-surface mass
transport owing to gas formation during pyrolysis [10]. During pyrolysis volatile gases (for
instance CO, CO2, volatile boron oxide) occur due to decomposition of the raw materials and
as a product of carbothermic reduction. The weight loss of the fibers after temperature
treatment was rather high (around 90%). Coarsening effects were also found by SEM
investigations. The specific surface area obviously depends on the heating rate and the
occuring gas forming reactions.

Fig. 6: specific surface area of B4C fibers from different raw fibers and varied pyrolysis
conditions (rc ... rapid heating rate (20K/min) and closed crucible; lc ... low

heating rate (0,3 K/min); sc ... sintering at 1750°C and closed crucible)

SEM investigations from obtained fibers with viscose and cotton as raw fibers are shown in
Figures 7 and 8. B4C is found as main component and the shape of the raw fiber is unchanged.
The surface of  B4C fibers from cotton type is smooth and fairly dense (Fig. 7). But the B4C
fibers from viscose type (Fig. 8) show submicrometer particels of relative uniform size (≤
1µm), which are interconnected. The fibers indicate coarsening without of densification. This
is a consequence of mass- transport processes, for instance by surface and vapor-phase
diffusion processes [10]. However B4C fibers as viscose raw material, sintered at 1750°C or
fired at 1700°C with rapid heating rate show less tendency of coarsening.
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Fig. 7: SEM-photo of B4C fibers from cotton type and a pyrolysis temperature of 1700°C

Fig. 8: SEM micrograph of B4C fibers from viscose as raw fiber and a pyrolysis temperature
of 1700°C

The coarsening of the fibergrains during pyrolysis is unfavourable regarding mechanical
properties and corrosion resistance of fibers.

CONCLUSIONS

The preparation of B4C fibers from fibers cheap and easily available materials boric acid and
cellulose is simple and ecological method. Such fibers can be an alternative to commercial
B4C fibers for special applications. A good infiltration of cellulose fibers with boric acid is
obtained, if butanol is used as solvent. The combination firstly water swelling and following
butanol soaks is a favourable infiltration method. The investigations after temperature
treatment show that boron carbide occurs at above 1500°C. But the obtained fibers still
contain free carbon, whose content decreases with increasing temperature up to 1700°C and

    1 µm
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by sintering at 1750°C. A complete conversion to boron carbide occurs if sufficient boric acid
was infiltrated. A preparation problem results from microstructural coarsening during
temperature treatment. Such behavior makes the mechanical properties drop down. The effect
of coarsening can be  inhibited by sintering additives during pyrolysis. The idea of these
additives is to activate grain boundary diffusion and volume diffusion or to inhibit surface
diffusion. An improvement of strength will be still in development.
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COMPOSITES

C. Mayer, M. Neitzel

Institut für Verbundwerkstoffe GmbH, University of Kaiserslautern,
 P.O.Box 3049, 67663 Kaiserslautern, Germany

SUMMARY:  In the present report, fabric reinforced thermoplastic composites based on
different surface treatments were manufactured with a double belt press and examined by
macromechanical evaluation using three-point bending and dynamic mechanical analysis
(DMA). The influence of textile processing techniques on the composition of the coating
either finish or direct sizing and thus on the mechanical property of thermoplastic composites
was discussed. The application of direct sizings containing a lubricating and a coupling phase
results in a reduced crosslinking density at the interfacial region due to diffusion and reaction
of low molecular weight components such as lubricants and plasticizers evaporated at
temperatures appropriate for thermoplastic processing.

KEYWORDS:  Double belt press, fabric reinforced polyamide 6.6, finish, direct sizing, three-
point bending, microscopy, dynamic mechanical analysis, energy dissipation

INTRODUCTION

Advancements in thermoplastic composites using textile reinforcements constituted a new
class of composite intermediates. They can be described as tailored thermoplastic composites
with UD or fabric reinforcements of glass, carbon or aramide fibers in quasi-isotropic or
anisotropic arrangements to meet a variety of property and performance requirements in
demanding environments. Compared with commonly available glass mat reinforced
thermoplastics (GMT), they exhibit superior mechanical properties with respect to strength
and stiffness. The selection of appropriate thermoplastics is another issue in customizing
composite materials. Among suitable polymers are low-cost polymers (PP, ABS) as well as
engineering thermoplastics (PA, PET). The manufacturing of such tailored intermediates is
accomplished using a continuously running double belt press by the application of
temperature, pressure and time. Afterwards, the semi-finished composite sheets can be
postformed by automatized  stamp-forming equipment into shell-type parts.

Besides the properties of reinforcement and matrix, the interaction of fibers and thermoplastic
polymer at the interface has a strong impact on the physical behavior of composite materials.
The quality of bonding at the fiber-matrix interface significantly influences the chemical
performance in corrosive media, strength and toughness of composites. Therefore, an
optimization of the fiber-matrix coupling with respect to both fiber wet-out and adhesion
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between polymer and reinforcement is a primary requirement in manufacturing thermoplastic
composites.

In numerous reports [1-3], the affinity of surface treatments on glass fibers to thermosets is
well documented, whereas information on the compatibility of such interphase compositions
with thermoplastic polymers barely exists [4]. Rovings with surface treatments appropriate for
a number of thermoplastic polymers are commercially available. However, they are almost
unsuitable for weaving purposes, since the fabrication of textile reinforcements makes
specific demands on the quality of the reinforcing fibers. The aim of this report is therefore to
investigate the affinity of distinct commercially available surface treatments to a
thermoplastic matrix by macromechanical evaluation of samples manufactured with a double
belt press.

SURFACE TREATMENTS IN TEXTILE MANUFACTURING

The fabrication of textile structures as advanced reinforcements in thermoplastic composites
requires bundles of fibers either yarns or rovings to constitute a multidirectional structure. For
textile fabrics or woven rovings, manufacturing is accomplished by weaving warp and weft
on a loom to form a bidirectional cloth. Due to the high processing velocity, the fibers are
subjected to heavy stress arising from frictional forces between the glass fibers and steel
components of the loom. Hence, reduction of friction becomes a basic issue in weaving to
avoid rupture of individual fibers and fluffing of the bundles and thus deterioration of the
textile property.

Table 1: Comparison of finish and direct sizing

Fiber surface treatment (i) Starch size - finish (ii) Direct sizing

Advantages High-speed weaving (600-900 y/min) Preservation of fiber property

Excellent coupling One step manufacturing

Designing of coupling agents for
individual polymers

Flexible manufacturing

Disadvantages Loss of tensile strength due to thermal
treatment

Low-speed weaving (250 y/min)

Additional processing step Size contains additional
components affecting the
coupling

High quantity production required

The protection of individual fibers, textile processability and compatibility with the matrix is
accomplished in two different ways: (i) A coating of size composed of starch, lubricants and
cationic plasticizers is applied at the glass forming stage. For composites, the presence of
these constituents negatively affects the bonding of polymer and fibers. Thus, the starch size
is removed by thermal treatment at temperatures up to 600°C and substituted by coupling
agents after desizing of the textile structure (finishing). The coupling agents either
bifunctional silanes or chromium compounds form covalent oxane bonds or Van-der-Waals
bonds with the hydroxyl groups on the glass surface and provide reactive groups to interact
with the polymer [5]. (ii) A size consisting of a mixture of lubricants as well as coupling
agents is applied to the glass fiber surface prior to the weaving at the glass forming stage to
ensure both textile processability and fiber/matrix adhesion (direct sizing).
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As listed in table 1, economical and technical benefits of two-step systems (starch size and
finish) and direct sizing can be very distinct. Weaving of starch sized yarns is more efficient
since the processing velocity is up to 3 times faster than that of yarns with direct sizing.
However, the desizing procedure is costly and requires high quantity production to be
efficient. Additionally, the thermal treatment at 600°C for a few seconds and subsequent
exposure to temperatures up to 390°C for 72 hours to ensure desizing results in a loss of 10 to
15% in tensile strength of the fibers [6]. Table 2 exhibits the effect of reduced and preserved
tensile strength respectively on the mechanical property of fabric reinforced epoxide and
phenolic, where the number represents the change in mechanical property using direct sizing
as surface treatment.

Table 2: Influence of surface treatment on

mechanical property of fabric reinforced thermosets

Mechanical Property Epoxide Phenolic

US-style 7628, EC9-
68, plain weave

Direct sizing (TD22)
vs. finish (Z6040)

Direct sizing (TD22)
vs. finish (A1100)

Tensile strength +30% +35%

Compression
strength

+0% +20%

Flexural strength +24% +28%

Shear strength +30% +30%

It is evident from above, that the deterioration of fibers due to the desizing procedure
significantly affects the mechanical property of composites. Although textile reinforcements
obtained from direct sized yarns exhibit superior mechanical property, the specific
composition of this coating can be disadvantageous at elevated temperatures, since low
molecular weight components such as lubricants and plasticizers start to evaporate at 150 to
200°C. This is not the case for finish-systems, where epoxide and amino silane based
coupling agents are more durable at higher temperatures and components susceptible to
volatilization were removed previously from the glass fiber surface.

Hence, it is assumed that manufacturing of thermoset and thermoplastic composites using
direct sizings as surface treatments can be detrimental, since thermoplastic polymers require
processing temperatures above 200°C. Components of the direct sizing may alter or
deteriorate and thus negatively affect the interfacial bonding. For continuous manufacturing
of engineering polymers such as polyamide processing temperatures exceed 250°C to melt the
polymer and achieve viscosity low enough to percolate the fiber bundles. Therefore,
investigation of the influence of pretreatment using finished textiles on the one hand and
deterioration of the direct sizing at elevated temperatures on the other hand on the mechanical
property of fabric reinforced thermoplastic composites becomes a necessity.

SAMPLE PREPARATION

A typical PA 6.6 matrix system, several commercial sizing systems and E-glass fabrics were
selected as composite components for both microscopic observation as well as mechanical
testing. The PA 6.6 matrix used in this study was supplied as 100 µm film by DuPont. E-glass
yarn of 68 tex and 9 µm filament diameter was used to manufacture fabrics of 8 H satin
weave US-style 7581 with 22 yarns/cm in warp and 21 yarns/cm in weft direction. Fabrics
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were supplied with four commercial surface treatments either finish or direct sizing. Finished
fabrics (A1100, Z6224) were manufactured by Hexcel, whereas yarns with direct sizing were
provided by Vetrotex (TD22) and PPG (1383) respectively and weaved by Verseidag. The
coating content was 0.3 wt.-% for the finish and 0.8 wt.-% for the direct sizing. As far as
known [7], the sizing composition as well as the product code and yarn supplier or weaver for
each surface treatment used is listed in table 3.

Table 3: Surface treatments

Surface Treatment Product Code Type Yarn Supplier/Weaver

Amino Silane A 1100 Finish Hexcel

Chloridfree
Styrylamine Silane

Z 6224 Finish Hexcel

Polyvinyle Acetate and
Silane

TD 22 Direct Sizing Vetrotex

Silane 1383 Direct Sizing PPG

Thermoplastic composite intermediates were manufactured using the film-stacking technique
where reinforcing fabric layers and thermoplastic films are combined alternately to a stack
which is pulled continuously into the double belt press (see figure 1). Inside the press,
sufficient pressure produced by a hydraulic system was imposed on the laminate. At the same
time, appropriate temperature was applied in heating and cooling zones along the process
direction to ensure: (i) melting of the polymer without thermal degradation, (ii) impregnation
of the fabric and (iii) consolidation and downstream cooling of the laminate.

Using four layers of fabric style 7581 (296 g/m2) and five layers of 100 µm PA 6.6 film
laminates with a thickness of 1 mm and a fiber content of 50% by wt. were obtained.

EXPERIMENTALS

For a strong bonding of fibers and matrix to improve the mechanical property of composites
two phenomenons have to be considered: (i) The work of adhesion is a strong function of the
fiber wet-out and thus the real area of contact between reinforcement and polymer. Among
other parameters, the difference in surface energy of polymer and fiber determines the degree
and velocity of fiber wet-out during the impregnation process. Generally, the lower the
surface energy of the liquid polymer compared with that of the solid fiber, the higher the
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wettability of filaments. (ii) However, a perfect impregnation may result in a weak bonding of
fibers and matrices since the degree of adhesion depends on the number and strength of
couplings in the interphase.
Three-Point Bending

As a first approach to the compatibility of commercial sizings and PA 6.6, a three-point
bending was performed. According to a novel testing method for thin thermoplastic
composite samples developed by DuPont and the Institut für Verbundwerkstoffe GmbH, a
span-to-depth ratio of 32:1 at a width of 25 mm was selected to evaluate the flexural property.
The samples were subjected to a cross head speed of 1 mm/min. Flexural modulus was
measured between a strain of 0.05 and 0.25% and strength was determined at flexural failure.
As depicted in figure 2, the flexural property vary significantly.
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Fig. 2: Influence of surface treatment on flexural properties of fabric reinforced PA 6.6

Considering that the samples are only different by the surface treatment, this can be ascribed
to: (i) the degree of impregnation, (ii) the strength of couplings in the interphase, (iii)
alteration of the polymer in areas near the interphase or (iv) deterioration of the fibers due to
desizing. The effect of the latter was discussed previously regarding thermoset composites. It
is very interesting, that in combination with polyamide the mechanical performance of
finished systems is better than that of direct sized systems. This is in opposite to the results
obtained for thermoset composites where direct sized fabrics exhibited advancements by
about 20 to 30%. Hence it must be assumed, that the composition of the sizings used have a
much stronger impact on the mechanical property of fabric reinforced polyamide than the
deterioration of fibers due to the desizing procedure.

To investigate the effect of the sizing on the compatibility of fiber and matrix, microscopic
observation of polished cross-sections of as-molded samples and failure surface after flexural
loading was performed.
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(a)  (b)  

A

(c)  (d)  
Fig. 3: Micrographs of fabric reinforced PA 6.6, showing cross-section of as-molded samples
and corresponding failure surface of composites based on finish (a,c) and direct sizing (b,d).

(A) displays a region of unimpregnated fibers.

Clearly from figure 3, the composition of the surface treatment as determined by the specific
textile processing method plays a major role in impregnation and damage pattern of
thermoplastic composites. The figures 3 (a) and (b) represent the worst case in impregnation
behavior of the fabrics as a function of surface treatment. From a series of micrographs on the
cross-sections of as-molded samples, direct sized yarns exhibited partial cracks in the center
of fiber bundles as depicted in figure 3 (b) whereas finished fabrics tend to ensure better
impregnation of the yarns as shown in figure 3 (a). Although it was difficult to distinguish the
cross-sectional areas of samples different in surface coating by means of impregnation
quality, it could be proved empirically that the specific composition of direct sizings penalizes
polymer percolation into the yarns. Since finish and direct sizing are not only different by
composition but also by weight content, the worse impregnation of direct sized yarns is either
a  result of low molecular weight components evaporating at 200°C or higher weight content
of the coating. Looking at the failure surface via scanning electron microscopy as shown in
figure 3 (c) and (d), the differences in using finished and direct sized fabrics are much more
severe. Polyamide 6.6 in combination with A1100 or Z6224 exhibits cohesive failure of the
polymer, whereas for both TD 22 an 1383 failure occurred at the interphase hence reflecting a
change in the degree of adhesion. Accompanying above, it has to be considered that mainly
the presence of gaseous evaporated components at temperatures above 200°C have a strong
impact on the affinity of fibers and matrix, since the pure composition of coupling agents in
finish-systems results in a fiber/matrix bonding stronger than the cohesive energy of the
polymer. In contrast to microscopic evaluation of cross-sectional areas of as-molded samples,
scanning electron microscopy on failed samples provided valuable insights into the damage
pattern of fiber and matrix as a function of coating composition.
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Dynamic Mechanical Analysis (DMA)

Among a number of techniques for interphase characterization [1], dynamic mechanical
analysis provides a sensitive and nondestructive measure not only of the molecular structure
and motion, phase morphology, filler addition and fiber orientation but also a detection of the
interfacial region [8-11]. DMA is based on the measure of two types of response to a low-
strain periodic deformation which are : (i) an elastic and (ii) a damping term. For viscoelastic
materials lying between purely elastic and viscous materials, the elastic term ascribes to the
fraction of deformation energy stored in the composite and thus stiffness, while the damping
counts for the fraction of energy dissipated as heat. In a composite material consisting of
essentially elastic fibers, a viscoelastic matrix and an interfacial region, some of the
deformation energy is dissipated. Energy loss occurs either in the matrix or at the interface.
Since the bulk property of the PA 6.6 matrix used remains unaffected by the processing
conditions, the change in damping can mainly be ascribed to the interfacial region. Hence, a
composite material with poor interfacial bonding tends to dissipate more energy than a
comparable composite with good coupling of fibers and matrix. Losses in energy are
determined by the complex modulus E* = E' + iE'' and a mechanical loss factor tanδ = E''/E'
where E' and E'' are the storage and loss modulus, respectively. Thus any increase in damping
and hence increase of molecular motion and decrease in strength of the fiber/matrix bonding
is reflected by an increase in tanδ and E''.

Samples were subjected to a force-controlled periodic flexural loading and the complex
modulus and tanδ were measured in a dynamic mechanical thermoanalyzer, Eplexor 150N.
The viscolelastic property were scanned for a temperature range from -50°C to 220°C at a
heating rate of 1 K/min and 10 Hz. A static load of 40 N in combination with a dynamic load
of 20 N was used to stress the composites. In figure 4 the progression of E* and tanδ of fabric
reinforced polyamide 6.6 with surface treatments of A1100, Z6224, TD22 and 1383 is
depicted as a function of temperature.

Similar to the results obtained from static flexural loading, the complex modulus E* is
considerably influenced by the surface treatment. Additionally, the course of E* vs.
temperature provides some interesting data about the flexural behavior above glass transition
temperature in entropy-elastic conditions in the vicinity of the melting temperature of PA 6.6
(Tm = 260°C). Clearly from the figure, composites based on TD22 and 1383 sized glass fibers
start to fail at temperatures beyond approx. 180°C whereas the finished-systems of A1100 and
Z6224 reveal a well developed plateau between Tg and 220°C.

The normalized energy dissipation tanδ also reflects differences in the interfacial bond
strength. As the figure indicates, a pronounced peak of tanδ at approx. 50°C can be resolved
thus representing a glass transition temperature. Since glass fibers do not exhibit any Tg peak
below 200°C, any peak of Tg can be attributed to the coating on the glass fibers and the
polymer.
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Fig. 4: Complex flexural modulus and tanδ of fabric reinforced PA 6.6 as a function of
surface treatment and temperature (static load: 40 N, dynamic load: 20 N, frequency: 10 Hz,

warp direction)

Comparing the tanδ spectra of figure 4, the degree of energy loss below and above Tg and the
value of Tg may be related to the morphology of the polymer in the vicinity of the glass fiber
and the relaxation behavior of the interphase. In connection with the microscopic observations
on failed samples it becomes obvious, that the influence of low molecular weight constituents
upon the composite property can be fairly serious. Several authors have published widely on
the effect, that unreactive organic groups such as lubricants and plasticizers diffuse during the
impregnation process to form an interphase with many unrestrained or free end groups,
reducing the crosslinking density in the interfacial region [2,9,10]. This plasticized region of
enhanced mobility of macromolecular chains then is a source of increased internal friction but
reduced interfacial bond strength as it can be observed from direct sized systems (TD22,
1383). For composites based on A1100 surface treatment, a reduced tanδ and peak amplitude
indicates an improved fiber/matrix interaction. Additionally, the introduction of Z6224 results
in an increased transition temperature (71.8°C) due to an increased rigidity of the interfacial
zone. However, it should be emphasized, that the degree of viscoelasticity may alter from
energy-elastic to entropy-elastic conditions as depicted by Z6224, where the energy loss of
high modulus chloridefree styrylamine silane above Tg coincides with the damping behavior
of low modulus 1383. The distinct mobility of chains above glass transition temperature
suggests a difference in the ratio of covalent and hydrogen bonds for individual samples since
the interfacial strength in entropy-elastic conditions is determined by the presence of covalent
bonds.
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CONCLUSION

The application of glass fibers for weaving purposes exhibits few characteristics which are
distinct from those of reinforcing fibers used in filament winding, injection molding or
pultrusion. For textile processability and compatibility with the polymer different techniques
and thus specific compositions of the surface coating are employed to ensure both protection
of the fibers during weaving and efficient coupling of fibers and matrix. It has been
demonstrated, that the affinity of commercial surface treatments in fabrics to thermoplastic
polymers can be very distinct and even contrary to the phenomenons observed among
thermoset composites. For textile manufacturing a lubricating is required to protect the fibers
from abrasion. However, such components start to evaporate at temperatures beyond 150 to
200°C. Since direct sizings are composed of a lubricating and a coupling phase, the
temperature range required to process thermoplastic polymers penalizes the degree of
crosslinking at the interfacial region due to diffusion and reaction of volatile constituents. The
system of starch size and finish provides a pure lubricating composition in the weaving stage
and a pure coupling composition in the composite manufacturing stage and thus excellent
bonding if coupling agents are compatible with the polymer. However, this technique is
limited to fabrics with a weight to area ratio below 400 g/m2. Additionally, the desizing at
elevated temperatures (600°C) deteriorates the fibers and provides a costly additional step.
Although the utilized surface treatments are only recommended for thermoset systems, some
conclusions on the composition of appropriate direct sizings for fabric reinforced
thermoplastic composites can serve as guidelines to enhance the fiber/matrix bonding. In
summary, the following conclusion have been made to benefit from the technique of direct
sizings: (i) The content of components susceptible to volatilization at temperatures above
200°C must be reduced to such an extend where textile processability of the yarns is just
ensured and thus effects on the interfacial property are minimized. (ii) Heat stabilization of
lubricants in combination with (i) could further improve the interfacial bonding. (iii)
Bifunctional groups either lubricants at room temperature and coupling agents at elevated
temperature could diminish the problems of two-phase surface treatments.
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SUMMARY :   The mechanism of adhesion of carbon fibres to epoxy and related resins
results from a complex interaction of chemical functionality, microporosity and active sites at
the fibre/matrix interface.  The lack of an unambiguous test for the quantification of adhesion
and the means of distinguishing between the roles of different adhesion mechanisms have led
to much confusion.  This paper reports the controlled functionalisation of untreated Type-A
carbon fibres by plasma polymerisation for the evaluation of the Cumulative Stress Transfer
Function (CSTF) as a measure of adhesion.  Coatings prepared by the homopolymerisation of
hexane and that of the octadiene are strongly hydrocarbon in nature and inhibit chemical
interaction between the fibre and matrix resulting in poorer adhesion than the parent untreated
fibres.  The introduction of comonomers, acrylic acid, allylalcohol and allylamine
individually to the plasma feed resulted in increased levels of specific fibre surface
functionalities and improvements in the degree of adhesion.

KEYWORDS:  Fragmentation test, adhesion mechanisms, plasma polymerisation, CSTF
methodology, Kelly-Tyson model, X-ray photoelectron spectroscopy.

INTRODUCTION

Carbon fibre reinforced composites are one of the most important composite materials and are
used in a wide range of applications.  The behaviour and performance of a composite material
cannot be explained only in terms of the specific properties of its constituents [1].  The
interphase region between the fibre and matrix is also a component which governs the
mechanical and physical performance in composite systems [2].

The single fibre fragmentation test is currently considered a good method to evaluate the
fibre/matrix interfacial properties because it provides simplified access to the complex
phenomena that occur during composite failure, good reproducibility and simple specimen
preparation.  The test is particularly well suited for a study of the effects of different surface
treatments or sizing on the interfacial shear strength [3-6].  In the test, a single fibre is
embedded into a matrix, and a tensile stress is applied uniaxially along the fibre axis which
when transferred to the fibre through the interface causes the fibre to fracture.  The fibre
continues to fracture into shorter lengths as the load increases, until the fragment length
becomes to short to break.  This situation is defined as the saturation in the fibre
fragmentation process.  The shortest fragment length which can break on application of stress
is defined as the critical fibre length, l c .  Because of the statistical nature of fibre strength, a
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single fibre does not break into the fragments of equal size and a wide variation in fragment
lengths is observed.  The fragment lengths for transparent matrix composites can be measured
using a conventional optical microscope.

Models for Estimating Interfacial Shear Strength (IFSS)

The Kelly-Tyson model

The model first described by Kelly and Tyson is generally used to estimate IFSS from the
fragmentation test and is based on a force balance [7]. It has been widely assumed that at
saturation all of the fragments are debonded or nearby matrix has yielded to provide for a
constant shear at the interface.  The following analysis can be employed:

τ
σ

= fu

c

d

l2
(1)

Where d is the fibre diameter and σ fu  is the fibre strength at a length equal to the critical fibre

length lc.  Early work by Ohsawa et al (1978) provided the background for the semi-empirical
analysis of the test-data [8].  The critical fibre length is calculated by

l lc = 4

3
(2)

Where l  is the average fragment length.

The fragmentation test is a very complex single embedded fibre test and several
micromechanical phenomena observed in the real life composites other than fibre fracture are
also observed during the fragmentation test.  Shear yielding of the matrix, interfacial
debonding and transverse matrix cracking have been widely reported [9,10].  In fact, the
occurrence of these damage events during the fragmentation test makes the conventional data
reduction technique based on the Kelly-Tyson model invalid.  The limitations of the Kelly-
Tyson model as well as other data reduction techniques for the fragmentation test based on the
constant shear model have been the subject of several studies [9-13].  At this point, it will
suffice to say that the use of the Kelly-Tyson model to calculate interfacial shear strength
from the fragmentation test data is highly inaccurate.

The Cumulative Stress Transfer Function

A recently proposed data reduction technique for the fragmentation test, the cumulative stress
transfer function (CSTF) technique, assumes that the quality of the interphase is dependent
upon the number and length of individual fibre-fragments and that the greater stress is
transferred to the embedded reinforcing fibre for the case of a good interphase in comparison
to a poor interphase [14].  In this approach, the shear stress at the fibre-matrix interface
associated with a fibre-fragment is calculated from the plasticity effect model and converted
into a tensile stress using the balance of force argument [15].  A resultant tensile stress profile
in the fibre fragment is integrated over the fragment length to estimate the stress transfer
function (STF).  The value of the tensile stress transferred is summed across all the fibre
fragments and normalised to the total length of the fragments.  This normalised value is called
cumulative stress transfer function or CSTF [14] and can be defined as:
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Tripathi et al [14] have demonstrated that the values of CSTF obtained from the
fragmentation test agree well with the fibre surface chemistry.  For example, the CSTF value
of water-sized, A1100 coupled glass fibre embedded in the epoxy resin is higher than that of
water-sized, uncoupled glass fibre embedded in the same resin.  In contrast to this, the
interfacial shear strength, obtained from the Kelly and Tyson analysis fails to explain the
influence of the glass fibre treatment and, furthermore, exceeds the shear yield strength of the
matrix [16].

In this study, radio frequency induced plasma copolymerisation of acrylic acid/hexane,
allylalcohol/hexane and allylamine/octadiene gas mixtures is used to obtain a range of
functionalised coatings on Type A carbon fibre surfaces.  Analysis and quantification of the
surface groups was determined by XPS.  The single fibre fragmentation test has been
employed to establish the relationship between the chemical composition of the fibre surface
and the adhesion of the modified fibres to an epoxy resin.  The degree of adhesion has been
estimated from the Kelly-Tyson model and CSTF methodology for the single fibre
fragmentation test.

EXPERIMENTAL

Fibres and Surface Treatments

Type A carbon fibres were supplied in an untreated unsized form (HTA-500) by Tenax Fibres
Gmbh.  This is a high performance carbon fibre manufactured from a polyacrylonitrile (PAN)
precursor, with high strength and standard modulus similar to the more familiar Toray T300.
The 7 µm fibres are supplied as 500 filament tows, with reported values of the tensile
modulus and strength of 238 GPa and 3.4 GPa respectively.

Coatings have been prepared by the direct copolymerisation of acrylic acid/hexane,
allylalcohol/hexane and allylamine 1,7-octadiene onto the untreated fibre [17].  Details of the
plasma parameters are given in Table 2.  The proportions of the respective monomer gases in
the plasma feed were altered by varying the molar percentage of the hydrocarbon monomer,
whilst maintaining a constant level of overall flow rate.  This was done to deposit coherent
polymer layers with variable degrees of functionalisation.  The carbon fibres were then
mounted individually within the plasma apparatus to ensure coating homogeneity.  The details
of the plasma apparatus and the polymerisation process are given elsewhere [17].  The fibre
surface chemistry has been achieved by using X-ray photoelectron spectroscopy (XPS) [17].

Matrix Resin

The resin matrix has a combination of Epikote 828 (Shell Plc) with Araldite GY298 (Ciba
Geigy Plc) in the ratio of 63 to 37 phr respectively.  Epikote 828 is a diglycidyl ether of
Bisphenol-A and Araldite GY298 is a blend of long chain aliphatic epoxy resin and
Bisphenol-A.  This was cured with 80 phr nadic methyl anhydride (Stag Polymers and
Sealants) and 40 phr Capcure 3-800 (Henkel-Napco), a mercaptan terminated polymer. The
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epoxy resin was cured at 80oC for 4 h, post-cured at 130oC for 3 h and left in the oven for
natural cooling.  The cured resin has an elastic modulus of 3 GPa and a tensile yield strength
of 55 MPa.  The shear yield strength of the resin, 32 MPa, was calculated from the measured
tensile yield strength using the von Mises relationship.  The details of the fragmentation test
procedure and data reduction technique based on the constant shear model are given
elsewhere [16,18,19].  The samples were strained to 10% applied strain.  It has already been
reported that carbon fibres in this matrix achieve saturation in the fragmentation process early
on (typically at 5% applied strain) in the fragmentation test [6].  The mechanical properties of
the resin ensure that saturation is reached [20].  At the end of the fragmentation test, the
fragment lengths and debond ratios were measured using a microscope fitted with calibrated
eye-piece to estimate the level of adhesion between carbon fibre and matrix of each specimen.

Table 1:  Summary of coatings and plasma parameters.

Monomer mixture Total flow rate
(cm3(STP)min-1)

Plasma power
(W)

Polymerisation time
(min)

acrylic acid-hexane 1 10 10
allylalcohol-hexane 2 1 20
allylamine-octadiene 2 2.5 10

RESULTS

The surface chemistry and morphology of carbon fibres are very complex with a mixed
functionality and microporous structure [21].  The thin conformal nature of the plasma
polymer deposit provides a technique for occluding the residual chemistry and structure of the
as-manufactured fibres [17].  Thereby, any functionality incorporated into the film can be
considered to provide the principal adhesion mechanism.  The functional group
concentrations obtained by XPS from the deconvolution of the C1s peak are given in Table 2.
The analysis shows that the thickness of the coating approximates to the XPS analysis depth
(5nm) and that analysis refers percentage of surface carbon identified with that functional
group.  It can be seen from Table 2 that the different monomers can be used to provide
specific surface functionalities on the carbon fibre surface of different concentration.
Monomer feeds containing acrylic acid leads to a specific concentration of the carboxylic
functionality; allylalcohol, the hydroxyl functionality and allylamine, the amine functionality.
The fraction of carbon which is assigned to a specific surface functionality decreases as the
quantity of the hydrocarbon monomer is increased in the monomer feed (Fig. 1.).  The CSTF
and apparent interfacial shear strength values (τa) obtained from the fragmentation of these
fibres are reported in Table 2 and are plotted as a function of fibre surface functionality in
Figs. 2 and 3.

During fragment length determination, the mode of micromechanical fracture was noted and
included in Table 2.  Four different types of damage events in the fragmentation test
specimens were observed at saturation viz. complete debonding (CD), partial debonding (PD),
transverse matrix cracking (TMC) and mixed mode (MM) where transverse matrix cracking
and interfacial debonding co-existed (Fig. 4.).  The stress transfer across the interface in the
case of complete debonding was very poor.  Hence the contrast given by the polarised light
was minimal which is obvious from the figure.  However, stick and slip mechanism at the
interface was observed which was obvious from the subtle colour difference at the fibre-
matrix interface.  The fibre breaks are marked on the photograph.
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Fig. 1.  Variation of the fraction of carbon assigned to specific surface functionalities as
estimated from the C1s peak in the XPS spectra as a function of the molar percentage of the
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Table 2  The values of apparent IFSS and CSTF as a function of the fraction of surface
carbon contained in defined functional groups deposited in a plasma polymerisation.  CD,

MM, PD and TMC represent fracture modes in the fragmentation test specimen (see Fig. 4).

Monomer
Composition

Hydro-
carbon

Surface
functionality (%)

Apparent
IFSS

CSTF Mode of
failure

(mol %) C-CO2R C-CNR2 C-OR C=O C-H (MPa) (MPa)

Untreated - 92.1 26.9±6.0 1053 PD
Acrylic 0 20.4 - 16.2 10.9 52.5 41.5±7.5 1410 TMC
Acid 0.25 10.0 - 15.7 8.9 65.4 35.9±6.4 1465 TMC
+ 0.50 6.4 - 14.6 5.8 73.2 28.5±5.1 1183 MM
Hexane 0.75 3.6 - 11.0 3.8 81.6 31.1±5.6 1064 MM
(10W) 1.00 0 - 4.9 0 95.1 16.3±2.9 629 CD
Allyl- 0 2.5 - 22.0 6.6 68.9 30.4±5.4 734 MM
Alcohol 0.25 1.5 - 23.7 5.9 68.9 24.2±4.3 770 PD
+ 0.50 - - 12.0 2.6 85.4 19.8±3.5 579 PD
Hexane 0.75 - - 6.1 - 93.9 18.3±3.3 534 PD
(1W) 1.00 - - 2.9 - 97.1 12.0±2.2 774 CD
Allyl- 0 - 22.8 - 3.6 73.5 38.4±6.9 987 MM
Amine + 0.25 - 16.0 - 2.5 82.3 39.8±7.1 1125 MM
Octadiene 0.50 - 9.2 - 0.9 89.9 28.2±5.0 1015 MM
 (2.5W) 1.00 - - 3.5 - 96.8 11.5±2.0 794 MM
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(a) 

(b) 

(c) 

(d) 

Fig. 4: The different modes of micromechanical failure observed at saturation in the
fragmentation test; (a) Transverse matrix cracking (TMC), (b) Mixed mode which including
transverse matrix cracking and partial debonding (MM), (c) partial interfacial debonding
(PD) and (d) complete interfacial debonding (CD).  Fibre breaks are shown by arrows.

DISCUSSION

It can be seen from Table 2 that the untreated unsized carbon fibre has an interfacial shear
strength value of 26.9 MPa and CSTF value of 1053 MPa.  Deposition of a non-functional
plasma polymer coating (hexane or octadiene) onto the untreated, unsized Type A carbon
fibres reduces the value of CSTF and apparent IFSS.  This confirms that the residual
chemistry and microstructure on the surface of the as-received fibres provide a degree of
bonding to epoxy resins.  However, the residual chemistry and the morphology of the as-
received carbon fibre is masked by the thin coating deposited using the plasma polymerisation
technique which is evident from the reduction in CSTF and apparent IFSS values on
deposition of non-functional coatings.  Introduction of functional monomers (acrylic acid,
allylalcohol or allylalcohol) in the monomer feed causes an increase in values of CSTF and
apparent IFSS corresponding to an improvement in interfacial adhesion of the single fibre to
the epoxy resin with increasing concentration of specific surface functionalities is shown in
Figs. 2 and 3.

It can be seen from Figs. 2 and 3 that an increased concentration of carboxylic and amine
functionalities in the plasma polymer coating results in an increased degree of adhesion
between fibre and epoxy resin matrix.  This is attributable to an increased probability of
covalent bond formation from the reaction of surface functionalities with the epoxide group in
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the resin.  It can be seen that although both data analysis methodologies (CSTF and Kelly-
Tyson) show the same general trends, there are some differences.  For example, the apparent
interfacial shear strength and CSTF values increase with increasing surface functionality up to
a point after which the CSTF values reach an apparent optimum degree of adhesion, whereas
the values of apparent interfacial shear strength may increase or decrease at high
concentrations of functional groups.  The CSTF methodology predicts an equivalent optimum
level of stress transfer whereas the apparent interfacial shear strength is much less consistent
(Figs. 2 & 3).  The limiting value of CSTF with fibre functionality can be attributed to an
optimum interaction between the carboxylic acid groups on the fibre and the epoxide groups
in the resin to provide maximum adhesion to that matrix resin, as shown by the yielding of the
matrix (Figs. 2 & 3).  This aspect is taken into account in the calculation of CSTF value.
However, the apparent interfacial shear strength (τ a ) calculation does not take the plasticity
of the matrix into account so that τ a  is invariable larger that the matrix shear yield strength
[14].

An improvement in the degree of adhesion relative to the untreated fibre is observed for the
acrylic acid and allylamine functionalised coatings.  However, the coatings of allylalcohol are
much less effective with a value less than that for the untreated carbon fibres (Table 2).  The
inference from these results is that the hydroxyl groups do not bond chemically with the resin,
and that the small increase in adhesion is a consequence of relatively weak dipole-dipole
interactions.

Two specific trends observed in Table 2 (Acrylic acid + hexane, 0.5 and 0.75 mol %;
Allylalcohol + hexane, 0 and 0.25 mol %) highlight the superiority of the CSTF technique
over the Kelly-Tyson methodology.  It can be seen that the value of apparent interfacial shear
strength decreases, rather than increasing, with an increase in the percentage of active surface
functionalities.  Although this may be attributed to the standard deviation in the interfacial
shear strength measurement from the Kelly-Tyson model.  However, the CSTF methodology
is able to predict the logical trend.  This shows that the CSTF technique is clearly more
sensitive to fibre surface modification than the data reduction technique based on the Kelly-
Tyson model.

It is well known that different modes of failure are observed in single fibre composites at
differing degrees of fibre-matrix adhesion [17,22].  It has been previously reported that
transverse matrix cracks occur at a high level of adhesion; interfacial crack growth at an
intermediate level and frictional debonding at a low level [22].  We observed the same trends
in this study (Fig. 4.).  However, in some samples, as reported in Table 2, a mixed mode could
be observed at intermediate degrees of adhesion where interfacial debonding and transverse
matrix cracking co-existed.  This appears to occur when the actual interfacial shear strength is
close to the shear yield strength of the matrix (Fig. 2).

Transverse matrix cracking dominates the damage micromechanics when the apparent
interfacial shear strength (as measured from the Kelly-Tyson model) exceeds the shear yield
strength of the matrix (Fig. 2).  The CSTF value (the stress transferred to the fibre) decreases
with the increased surface functionality when transverse matrix cracking dominates the
interfacial micromechanics.  Thus the apparent maximum in CSTF value can be understood
because at increased surface functionalities, the capability of the matrix to transfer stress to
the fibre will be reduced in the presence of a matrix crack, despite the fact that the interfacial
bond may be stronger.  The influence of these transverse matrix cracks on the stress
transferred to fibre end needs further investigation so that a more accurate prediction can be



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 699

made.  At the moment, the plasticity effect model cannot account for these mechanisms.
However, using the CSTF methodology, it is possible to identify “an optimum interface” in
terms of its stress transfer capability rather than a “strong interface” inferred from the high
value of apparent interfacial shear strength.  This so called “strong interface” may lead to
brittle fracture of high fibre volume fraction composites, leading to premature fracture without
the full utilisation of fibre properties.

CONCLUSIONS

In this study, radio frequency induced plasma copolymerisation of acrylic acid/hexane,
allylalcohol/hexane and allylamine/octadiene gas mixtures is used to obtain a range of
functionalised coatings on Type A carbon fibre surfaces.  The single fibre fragmentation test
has been employed to establish the relationship between the chemical composition of the fibre
surface and the adhesion of the modified fibres to an epoxy resin.  Coatings prepared by the
homopolymerisation of hexane and that of the octadiene are strongly hydrocarbon in nature
and inhibit chemical interaction between the fibre and matrix resulting in poorer adhesion
than the parent untreated fibres.  The introduction of comonomers, acrylic acid, allylalcohol
and allylamine individually to the plasma feed resulted in increased levels of specific fibre
surface functionalities and improvements in the degree of adhesion.  This is ascribed to the
formation of covalent chemical bonds between the fibre surface functionalities and epoxide
groups with the matrix resin.  Within this context, carboxylic acid and amine groups are more
effective than hydroxyl groups, reflecting the generally recognised reactivity of these species
towards epoxides.  The effectiveness of the CSTF analysis (based on the plasticity effect
model) for the quantification of interfacial adhesion between Type A carbon fibres and epoxy
resin has been demonstrated.  A comparison with the conventional data reduction technique,
based on the Kelly-Tyson model, for the calculation of apparent interfacial shear strength is
also made.  The results have shown that CSTF values increase with the increased
concentration of surface functionalities up to an optimum degree of interfacial adhesion.
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A STUDY OF THE TENSILE FAILURE MODE OF
LASER MICRO-PERFORATED CARBON FIBRE

REINFORCED THERMOPLASTICS
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SUMMARY:   A study has been made of the tensile failure of carbon fibre composites based
on two different thermoplastic matrices.  The introduction of an array of fine holes into such
materials is of interest in view of the consequent improvements in formability, provided this
can be achieved without unacceptable degradation of properties.  It is found that a reduction
in tensile strength of around 25% is induced in unidirectional composites by the presence of
an array of fine holes designed to reduce the fibre length to 20 mm.  The fracture path in
perforated specimens runs between the holes along the fibre axis  -  ie parallel to the direction
of loading.  Lesser reductions in strength were observed with fewer holes or with other
stacking sequences.  The cracking parallel to the applied load was less pronounced in these
specimens, although it still occurred to some degree.  It has been established that this form of
cracking is caused by shear stresses which peak at the surface of the holes.  Computed values
of these stresses are appreciably above the critical values for these systems.  This information
will be useful in designing hole patterns for optimisation of the microperforation process.

KEYWORDS:  Thermoplastic Composites, Microperforation, Laser Processing, Tensile
Strength, FEM Modelling, Failure Criteria, Shear Failure.

INTRODUCTION

A major problem with long fibre reinforced thermoplastics is that the formability is strongly
impaired by the presence of the fibres.  Attempts to form such material, during or after
consolidation, tend to cause major microstructural defects such as wrinkling, buckling or
fracturing of groups of fibres [1,2].  A promising approach to this problem is to break up the
fibres in a controlled manner, such that the formability is enhanced, but leaving the average
fibre aspect ratio sufficiently high for the stiffness and strength to be relatively unimpaired.

Several fibre fragmentation methods have been proposed, giving products ranging from
chopped strand mat to Du Pont’s Long Discontinuous Fibre™ (LDF) material [3-5].  The
chopped strand mat compounds tend to have very short fibres in a planar random orientation.
This limits the fibre content and results in mechanical performance well below that of the
corresponding long fibre material.  LDF is manufactured by a complex stretch-breaking
process, prior to resin infiltration.  This leads to a high volume fraction (58vol%) composite,
with fibres of varyin length (typically ~50 mm). Chang [3] found that LDF materials showed
excellent mechanical properties - comparable with continuous fibre composites.  Schuster [6]
extended the work of Chang to include mechanical testing of deformed LDF, using a hot press
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integrated within a tensile testing machine.  Schuster reported an increase in static strength for
very small strains (up to 3%), attributed to an improvement in fibre alignment.  However,
there are various practical drawbacks associated with the production process which may
inhibit widespread use of LDF material.

Recent studies [7,8] have outlined the development of a novel fibre fragmentation process,
based on use of a laser beam to break fibres up in a controlled manner.  This has certain
important advantages over the LDF process, including no requirement to modify the pre-preg
manufacturing process and considerable versatility with regard to the spatial distribution of
fibre fracture sites.  It has been shown [8] that the loads needed to deform such laser
perforated material are considerably lower than those required for corresponding unperforated
laminates.  There is, however, concern about the effect of the arrays of fibre fracture sites
produced by laser perforation on the mechanical properties of the composite.  The current
paper presents an investigation of the failure characteristics exhibited by microperforated
carbon fibre composites under tensile loads.

EXPERIMENTAL PROCEDURES

The Perforation Process

Two composite systems have been studied.  These are (a) PEEK-61vol%C (APC-2) and
(b) PPS-57vol%C.  Details of these systems are available in the literature [9,10].  The laser
microperforation process, the principle of which was developed by Integrated Materials
Technology Ltd [11], was applied to pre-pregs of these materials.  This process involves
moving the pre-preg past a laser head which is being fired at pre-determined intervals.
Micrographs of single holes, and a schematic of the pattern of holes, produced in this way are
shown in Fig.1.  For the perforation operation applied to the specimens described here, the
pattern parameters indicated in Fig.1(c) had the values shown in Table 1.  Two fibre lengths
were chosen for the current work: 20 mm and 100 mm.  A small degree of overlap between
adjacent holes is necessary to ensure that all fibres become cut to the selected length.
However, the hole pattern was designed to ensure that the zones of stress concentration
adjacent to individual holes  did not overlap at all when the material was loaded parallel to the
fibre axis.

Although the laser beam was circular in section (with a diameter of about 80 µm), the holes
are approximately ellipsoidal as a result of the continuous relative motion between beam and
specimen.  (The distance travelled during the firing period of the laser was about 100 µm.)  It
should also be noted that the holes exhibit a considerable degree of taper  -  see Fig.1(b).  The
diameters quoted in Table 1 are average values through the thickness of the pre-preg.  The
severity of this taper is dependent on the thermal properties of the pre-preg and the laser firing
conditions.

It can be seen in Fig. 1(b) that the hole was completely refilled with resin during
consolidation.  Although the filled hole will still act as a stress concentrator (since the resin is
very compliant), this means that the resin will afford environmental protection to the fibres.
A further point is that some fibre swelling can be seen adjacent to the hole.  This is
presumably due to inelastic changes in the fibre structure, or possibly entrapment of gas,
induced by thermal shock and exposure to very high local temperature.
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Table 1. Perforation pattern parameters

Pattern
Code

Diameter
(⊥ fibre axis)

Dx (µm)

Diameter
(// fibre axis)

Dy (µm)

Pitch
(⊥ fibre axis)

Px (mm)

Pitch
(// fibre axis)

Py (mm)

Overlap
(⊥ fibre axis)

δx (µm)

Fibre
length

Ly (mm)

L20 150 80 1.0 2.0 50 20
L100 150 80 2.2 4.54 50 100

Mechanical Testing

Once perforated, the pre-preg material was consolidated into uni-directional, UD, cross-ply
(0/90°), and quasi-isotropic ([0/+45/-45/90]s), QI, laminates.   These laminates were made
from 8 plies of pre-preg, each being 0.125mm (APC-2) or 0.140mm (PPS-C) in thickness.
Consolidation parameters were based on those recommended by the pre-preg manufacturers
[9,10].

After consolidation, tensile test specimens of length 250 mm, width 20 mm and thickness
≈1 mm were cut from the laminates.  For the UD material, off-axis specimens were produced
with the long axis at selected angles to the fibre direction.  Specimen dimensions conformed
to those set down in the CRAG testing procedures [12].  Specimens were end-tabbed using
50 x 22 x 1.6 mm aluminium tabs, bonded using Redux 420 adhesive.  This is a two-part
epoxy-based adhesive, cured in a heated platen press for 2 hours.   For off-axis loading,
slightly smaller specimens (150 x 20 x  1 mm) were used, due to limits on material
availability.  Strain gauges (5 mm Kyowa) were used to obtain failure strain and modulus
data.
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Mechanical testing was carried out using a 100 kN Schenck screw-driven testing machine.
Tensile test samples for UD, 0/90° and QI specimens were loaded at a strain rate of 5 x 10-5 s-1,
load and strain data being logged on a Macintosh via a MacLab data acquisition unit.  The
majority of the tests were repeated about 5-8 times and appropriate average values were
calculated.

RESULTS

Elastic Constants

Strain gauges placed parallel to the fibre direction were used to determine the axial Young’s
modulus, E1, of both perforated and unperforated material.  This was calculated from the
initial gradient of the true stress / true strain plot.  Data for PPS-C laminates are shown in
Table 2.  It can be seen that the moduli of the perforated materials are almost identical to
those of the corresponding unperforated material, even for the shortest fibres.  This is hardly
surprising, since the aspect ratio of the 20 mm fibres is almost 3000.  With this large aspect
ratio, full load transfer [13] is expected to occur, giving a stiffness similar to that for
continuous fibres.

Table 2. Young’s Modulus data for perforated and unperforated PPS-C Laminates.

Specimen
Code

Young’s
modulus

E1 ± σn  (GPa)

Specimen
Code

Young’s
modulus

E1 ± σn  (GPa)

Specimen
Code

Young’s
modulus

E1 ± σn  (GPa)
UD-L∞ 133.3 ± 6.23 0/90-L∞ 67.87 ± 2.35 QI-L∞ 45.09 ± 0.91

UD-L100 136.3 ± 2.77 0/90-L100 67.63 ± 1.44 QI-L100 45.01 ± 0.68
UD-L20 134.2 ± 5.60 0/90-L20 60.94 ± 3.44 QI-L20 45.00 ± 1.77

Strength of Laminates

Failure strength data for APC-2 laminates are shown in Fig.2.  The measured strengths of
unperforated material (plotted at a fibre length corresponding to the specimen length) are
broadly consistent with data in the literature [9,14].  It can be seen that introduction of the
perforations has had a significant effect in reducing the strength of the unidirectional material,
with a drop of about 25% effected by reducing the fibre length to 20 mm.  The degradation on
reducing the fibre length from 100 mm to 20 mm suggests that it is not simply the stress-
concentrating effect of isolated holes which is responsible for the strength reduction, but
rather that some interaction can occur between them which facilitates failure.  This was
confirmed by several experiments in which single holes of similar diameter to the laser
perforations were drilled in the material.  The resulting reductions in strength were small and
were in all cases significantly less pronounced than in specimens with arrays of holes.  It may
also be noted that the observed reductions in strength on perforation are appreciably less
marked for the cross-ply material, although still detectable.
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Corresponding data for the PPS-C material are shown in Fig.3.  These show broadly similar
trends to the APC-2 results.  There is a significant reduction in the failure stress as the fibre
length is reduced, ie as the density of microperforations is increased.  However, it is
noticeable that only a small reduction from the long fibre case is observed when the fibre
length is 100 mm, particularly for the UD material.  This suggests a slightly different type of
interaction between the holes compared with the APC-2, possibly related to differences in
interfacial bond strength or matrix properties.
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Fractography

Study of the fracture surfaces from UD specimens clearly suggested an interaction between
individual holes.  It is clear from SEM micrographs such as that of Fig.4(a) that there is a
strong tendency for cracks to run between perforations, parallel to the applied load and fibre
axis.  A characteristic zig-zag crack path is thus produced, of the form shown schematically in
Fig.5.  Each layer of pre-preg in a laminate exhibited its own independent zig-zag pattern of
this type.  This involves only failure of the matrix material or fibre-matrix interface and no
fibre fracture is necessary.  It is not, however, immediately obvious how the applied tensile
load can give rise to stresses within the specimen which could cause this mode of failure.

Figure 5  Schematic depiction of the fracture path followed in UD laminates, with the laser-
drilled holes being linked up by extensive cracking parallel to the fibre direction.
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A tendency for this mode of failure to occur was also apparent in the 0/90° and QI laminates.
This can be seen in Fig.4(b).  However, in these cases the cracking parallel to the loading axis
in 0° plies is largely suppressed by the presence of transversely-oriented fibres in adjacent
plies.  The extensive fracture surface areas normal to the loading direction, seen in the UD
specimens, were therefore absent in these materials, although debonded bundles of fibres,
terminating in a laser-drilled perforation, could clearly be seen.

Off-Axis Testing.

To investigate the zig-zag failures seen in the UD laminates, more information was needed
regarding the transverse and shear properties of the composite.  A series of off-axis tests was
therefore undertaken, aimed at establishing the shear and transverse strengths of
unidirectional material relative to the fibre axis, τ12u and σ2u.  A number of tensile test coupons
were cut from an 8-ply laminate of unperforated UD APC-2.  Specimens were cut at 0°, 30°,
60° and 90°, with at least three specimens per orientation.  Specimens were end-tabbed as
before, using aluminium tabs and Redux adhesive, and loaded to failure.  The results are
plotted in the form of measured strength against loading angle, φ, in Fig.6.

These data can be used to generate estimates for τ12u and σ12u, by using either the maximum
stress or the Tsai-Hill failure criterion.  In each case, a best fit curve is obtained for the
experimental data.  The equations [15] governing the maximum stress criterion  -  equations
(1a), (1b) and (1c)  -  and those for the Tsai-Hill failure criterion - equation (2) are given
below.

σφ* = f(σ1u,cos2φ) (1a)

σφ* = f(σ2u,sin2φ) (1b)

σφ* = f(τ12u,sinφ cosφ) (1c)

σφ* = bbc[( f(cos2φ(cos2φ - sin2φ),σ2
1u) + f(sin4φ,σ2

2u) + f(cos2φsin2φ,τ2
12u) ) -1/2 (2)

The value of σ2u can be obtained directly as the measured strength at φ = 90°, which is about
84 MPa.  Since the data for φ = 60° lie almost exactly on the transverse failure curve, only the
data for φ = 30° can be used to estimate τ12u.  This leads to a prediction of τ12u = 73 MPa if the
maximum stress criterion is used, and τ12u = 80 MPa if the Tsai-Hill criterion is used.  A more
detailed study, with many more data points in the range 10-30°, of the off-axis properties of
APC-2 has been carried out by Cervenka [16] and his results led to an estimate of τ12u = 78
MPa;  this  correlates well with the results presented here.
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Figure 6  Measured strength data from off axis testing of APC-2 UD Laminates, together with
predicted variations obtained using the maximum  stress and Tsai-Hill criteria.

MODELLING OF STRESS FIELDS AROUND HOLES

Mesh Generation

An ABAQUS finite element model was set up in order to study the stress fields generated
around the holes when a uniaxial load was applied in the fibre direction.   Quadratic plane
stress elements with 8 nodes were used for this analysis.  Figure 7 shows the mesh.  This
represents three circular holes in an anisotropic continuum.  There has been no attempt to
model fibres and matrix separately.  This also means that the model does not consider any
differential Poisson contractions that may occur, which might give rise to transverse tensile
stresses across the fibre/matrix interface.  The holes have a diameter of 150 µm and are
displaced from each other by 2 mm in the 1-direction and 100 µm in the 2-direction.  This
geometry corresponds to the perforation pattern used here for the fibre length of 20 mm.  In
this model, the fibre direction, i.e. the stiff direction, is the 1-direction.  The left hand column
of nodes was fixed, and a uniaxial tensile load of 2000 MPa was applied to the nodes on the
right hand edge of the mesh in the 1-direction.  The introduction of resin into the holes does
not significantly affect the computed stress distributions.
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ANALYSIS OF STRESS DISTRIBUTIONS

The distributions of the σ22 and τ12 stresses are of particular interest, since they are expected to
be responsible for cracking parallel to the fibres and hence to control the zig-zag failure mode
seen in the perforated unidirectional composites.  Study of the σ22 stresses revealed that they
were all very low.  This is expected, since there is no obvious origin for such stresses in a
single ply when the composite is treated as a continuum (so that differential Poisson
contraction between fibre and matrix is neglected).  In practice, tensile σ22 stresses could arise
in 0_ plies within a laminate, as a result of differential Poisson contraction between plies, but
this is clearly not responsible for the observed fracture mode of the unidirectional laminates.

Figure 8.  Distribution of τ12 stress around a single perforation in a UD laminate loaded
parallel to the fibre axis.

The distribution of τ12 stresses is given in Fig.8.  This shows that significant shear stresses
arise on planes parallel to the applied load, particularly those which are close to being
tangential to the hole.  These shear stresses arise as a direct consequence of the stress
concentrating effect of the hole, since the high σ11 stresses borne by sections passing close to
the hole must fall off rapidly in sections which pass through the hole.   Furthermore, the shear
stresses peak at the hole surface, where they are likely to initiate propagation of the cracks
which link the perforations.  The predicted peak value is around 400 MPa, with values of over
100 MPa persisting to distances of about 2 hole diameters.  In practice, the peak shear stress
might be expected to be somewhat less than this as a result of some load sharing with adjacent
plies  -  in which the holes would in general not be located in the same positions in the 1-2
plane.  On the other hand, the actual holes are elliptical in section, with the major axis in the
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2-direction, so that the σ11 stress concentration, and hence the peak τ12 stress, would be higher
than for circular holes.   In any event, comparison between the computed τ12 stresses and
estimated values for τ12u of around 70-80 MPa indicates that it is very likely that the observed
tendency for extensive cracking parallel to the fibres in 0° plies arises in this way.

CONCLUSIONS

1. The tensile strength of two carbon fibre reinforced thermoplastic composite systems has
been measured with and without arrays of fine holes produced by laser drilling, in
unidirectional, cross-ply and quasi-isotropic laminates.  The hole patterns were designed
to break the fibres up into selected lengths, while minimising the degree to which stress
concentration zones around them would overlap.

2. Significant reductions in strength resulted from incorporation of the holes, particularly
when the hole density was increased so as to reduce the fibre length.  This effect was
more pronounced for the unidirectional composites than for the other lay-ups.  There
were only minor differences between the behaviour of the two composite systems.

3. The reduction in strength is largely attributed to interaction between individual holes in
such a way that fracture occurred on planes parallel to the fibre axis, along the direction
of loading, so as to link up the perforations without needing to fracture any fibres.

4. The stresses responsible for this mode of failure are shear stresses on planes parallel to
the loading axis, which reach a peak at the surface of the hole.  Computation of these
shear stresses has been carried out using FEM.

5. Experimental measurements have been carried out on unperforated unidirectional
composite material in order to establish the transverse and shear strengths and also to
investigate the failure under mixed mode loading.  Comparison between measured shear
strengths and computed shear stress distributions has confirmed that these shear stresses
are likely to be responsible for the observed mode of failure and hence for at least a
significant proportion of the observed loss in strength of the laminates.  The implications
of this for optimisation of perforation patterns are currently under study.
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EFFECT OF INTERFACIAL SHEAR DEBONDING
ON THE TENSILE STRENGTH AND RELIABILITY

OF FIBROUS COMPOSITES: FINITE ELEMENT
SIMULATION

Koichi Goda

Department of Mechanical Engineering, Yamaguchi University
Tokiwadai, Ube 755, Japan

SUMMARY:  For the purpose of clarifying the effect of interfacial shear strength on the axial
tensile strength and reliability of fibrous composites, a Monte-Carlo simulation technique
based on a finite element method was developed. The results showed that the interfacial shear
strength value which increased the average strength of the composites corresponded to the
value which decreased their coefficient of variation. The simulated strength and reliability
was closely related with the degree of damage and its type around a fiber break. That is to say,
small-scale debonding promotes comparatively the cumulative effect of fiber breaks and plays
a role in increasing the composite strength and reliability.

KEYWORDS:  fibrous composites, tensile strength, interfacial shear strength, debonding,
strength and reliability, Monte-Carlo simulation, finite element method, Weibull distribution

INTRODUCTION

It is well-known that interfacial bond properties and mechanical properties of the matrix can
significantly influence the tensile strength of fiber-reinforced polymer matrix composites
[1][2]. That is, a low interfacial bond promotes large-scale debonding and reduces the load-
carrying capacity of the adjacent fiber. On the other hand, a high interfacial bond tends to
extend cracks transversely into the matrix at fiber breaks and results in increasing stress
concentrations around these breaks. The same phenomenon occurs when matrices are brittle
[3]. Such large-scale debonding and matrix cracking are major factors which decrease the
strengths of both polymer matrix [1][2] and metal matrix composites [4]. However, there are
few reports which use analytical approaches to explain these phenomena.

The present study simulates the above phenomena to clarify the effect of interfacial shear
strength on the tensile strength and reliability of fiber-reinforced polymer matrix composites,
using a Monte-Carlo simulation technique based on a finite element method. A boron/epoxy
monolayer composite is used as the simulation model, and five hundred simulations are
carried out using various interfacial shear strengths. Additionally, this study discusses the role
of interfacial debonding in increasing the strength and reliability of the composites.
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ANALYSIS
Finite Element and Mesh

Microdamage following fiber breaks in a fiber-reinforced polymer matrix composite is as
follows [5]:

(i) If the interface is weak, a shear stress concentration at the fiber-matrix interface often 
causes interfacial shear debonding along the fiber-axis.

(ii) However, if the interface has a strong bond, a crack initiates at the fiber break and 
extends into the matrix perpendicular to the fiber-axis.
If the matrix consists of a ductile material, it yields and the yield zone spreads along 
the broken fiber.

The shear-lag model [6] is widely used for estimating axial fiber stress distributions around
fiber break points in a composite, simulating its axial fracture process and so on. However,
the effect of (i) is not contained in the shear-lag model. Therefore, in the present study a finite
element method is applied for modeling interfacial debonding and matrix cracking. The
present finite element model is based on the model of a monolayer composite suggested by
Mandel, et al. [7]. Figure 1 shows the model and mesh, in which a 2-node line element
representing a fiber element is incorporated into the nodes along y-axis of a 4-node
isoparametric element based on a plane stress condition. This plane element represents a
matrix element and takes into account the multi-axial stress state of tensile and shear stresses
around a fiber break. Furthermore, a shear spring element representing an interfacial bond
(referred to as "interface element") connects the fiber and matrix elements. Deformation
resistance of the interface element is determined by the spring constant and the relative
displacement of the fiber and matrix elements. The stiffness matrix of a shear spring element
is determined by the size of the bond layer and the shear modulus, similar to the formulation
taken for a 2-node line element. A global stiffness matrix is constituted from the three element
stiffness matrices, and therefore the whole structural analysis can be carried out following an
ordinary finite element procedure. In this study a relatively brittle material such as epoxy is
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used as a matrix, so that the effect of (iii) was not taken into account. Thus, it is assumed that
the matrix and interface elements as well as the fiber element behave as a linear elastic body,
respectively, and are statically fractured when the local stress satisfies the corresponding
fracture criterion. Namely, the Young's modulus of a fiber element is changed to zero if its
normal stress achieves its tensile strength. The shear modulus of an interface element is
changed to zero if its shear stress achieves the so-called interfacial shear strength. For a
matrix element, the Von Mises criterion is applied, in which the elastic modulus of the
element is changed to zero if its equivalent stress achieves its tensile strength. In the
remainder of this article, we call their fractures "damages", and individually we call them
fiber break, interfacial debonding and matrix fracture, respectively.

The composite model used in this study is a boron/epoxy monolayer composite, and the finite
element mesh has ten fibers of which each is divided into twenty elements. The number of
nodes is 462, and the numbers of fiber, matrix and interface elements are 200, 220 and 190,
respectively.

Simulation Procedure

Occurrences of fiber breaks, matrix fracture and interfacial debonding would cause
complicated stress distributions throughout a composite. Therefore, a method for estimating
reasonably what type of damage occurs in each element, should be incorporated within the
simulation procedure. In order to achieve such an estimation, an r-minimum method [8] is
employed in this study, which was originally used in searching for yielding regions in a metal
with an elastic-plastic finite element method. According to this method, a ratio of the
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difference between strength and stress in each element to the stress increment is calculated,
and the element giving the minimum ratio takes precedence for the damage, i.e. the fiber
break, the matrix fracture or the interfacial debonding. The following is the present simulation
procedure:

1. A strength of a fiber element obeys the following 2-parameter Weibull distribution:

  (1)

where, m and σ0 are the Weibull shape and scale parameters, L is an arbitrary fiber length,
and in this study is equivalent to the fiber element length, L0 is a standard gage length at
which the Weibull parameters are estimated. By substituting a uniform random number into
the inverse function of eqn 1, we can generate a random Weibull strength to assign to a fiber
element.

2. The unknown nodal displacements ∆ui are computed under the boundary condition of
displacement increment at the fiber and matrix ends, as shown in Fig.1. The computation is
carried out incrementally, but the increment width is not fixed. In this study an arbitrary large
increment ∆U enough to damage almost all the elements was given to the ends even at the
first calculation stage. The stresses and the stress components acting in the elements are
calculated from the computed displacements. Then, the ratios r are calculated for all the
elements.

3. Next, a possibility of the damage occurrence and its type are determined by the rmin
method. The outcome will change the boundary condition, as shown in Fig.2 and as follows,
i) If rmin <= 1, all the stresses calculated in this stage are modified to the exact stresses by
multiplying rmin with the stress increment in each element (see Fig.2 (a)). Then the [ D ]
matrix components of the element giving the rmin are changed to zero. If this element is a fiber
element or a matrix element, then in the next stage the load Pi acting in this element is
released through its nodes along y-axis under the boundary condition of load increment and
the fixed condition at the fiber and matrix ends (see Fig.2 (b)). If rmin <= 1 is still satisfied, the
next stage is consumed to release the load acting in the new damaged element, together with
the residual load of the previous stage in the same way. This procedure is repeated until r > 1.
ii) If rmin > 1, then damage does not occur. The boundary condition of displacement increment
is applied again at the fiber and matrix ends, as described in 2.

4.  As the damage accumulates in a composite, the support force along y-axis begins to
decrease largely at a certain strain level. It was assumed that when such behavior occurs, or
when the composite stress achieves a stress level less than 80% of the maximum stress, the
composite fracture criterion is satisfied.
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5. Following the above procedure, five hundred of simulations were carried out under
different sets of random numbers. Finally the average and coefficient of variation in the
simulated strengths were calculated.

The present study simulates the tensile strength and reliability of a boron/epoxy monolayer
composite. In Table 1, the material constants used in the present simulation are shown. The
Weibull parameters of the boron fiber (Boron/Tungsten 5.6mil, AVCO) and the tensile
strength of the epoxy resin (Arardite CY230/Hardener HY2967, Ciba-Geigy Co.) were
determined experimentally.

RESULTS

Effect of interfacial shear strength on the strength and reliability

Figure 3 shows typical stress-strain curves of the simulation results. In the computation,
interfacial shear strengths, τI = 11.7, 20.4 and 35.0 MPa were used under the same set of
random numbers for fiber strength. Therefore the stress levels at the first fiber break are all
the same, but the behavior following the break is completely different. Figure (a) shows a
similar fracture process to that of a bundle consisting of small number of fibers. That is, the
first fiber break indicates the maximum stress and is followed by the other individual fiber
breaks which occur at stress levels less than maximum. However in figure (b) the level of the
second peak is larger than the first level and indicates the maximum stress. Figure (c) shows
that the stress level drops in a moment after the first peak, though recovering slightly around
0.8% strain. These results show that τI =20.4MPa gives the highest strength, and imply that
the more cumulative fiber break pattern increase the composite strength.
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Figure 4 (a) and (b) shows the effect of the interfacial shear strength on the average and
coefficient of variation in simulated strengths, respectively. Solid symbols at τI= 0 MPa in the
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figure indicates the results of 5000 bundle simulations. The results show that the average
strength shown in open circles gradually increases with increasing interfacial shear strength,
but decreases after the peak at τI=20.4MPa. The coefficient of variation shown in open
triangles decreases up to τI =23.3MPa and then increases abruptly. It is predicted from both of
the behaviors that there is an optimum interfacial shear strength which improves the strength
and reliability of the composite around τI =20 MPa. The shear strength of epoxy is estimated
to be 26.3MPa according to Von Mises' criterion. Figure 4 also implies that an optimal
interfacial shear strength introduced in the above could be slightly less than 26.3 MPa. Note
that the averages and coefficients of variation result in almost the same values for levels of
τI=29.1MPa and more. This is because matrix fracture, assumed to be a deterministic
phenomenon, governs most of the damages following fiber-breaks.

In Fig.4(a) and (b) the effect of random interfacial shear strength is additionally indicated
(solid squares). It is implied that the interfacial shear strength is a random variable with a
relatively large variation [9]. So, random interfacial shear strengths were assigned to all the
interface elements, on the condition that the interfacial shear strength obeys a 2-parameter
Weibull distribution. The Weibull shape parameter was assumed to be 2.5, in order to express
a large variation. As the representative interfacial shear strength value in plotting the results,
‘median’ was selected. Since a median is a function of the Weibull scale parameter,
composite strengths with random interfacial shear strengths were simulated by changing this
parameter. In Fig.4(a) the average strength shown in solid circles gradually increases with
increasing the interfacial shear strength (i.e. the median, τM) in the similar way to that in the
constant interfacial shear strength, and the peak is indicated at τM=17.5MPa. In Fig.4(b) the
minimum of the coefficients of variation is also seen in at τM=17.5MPa. The both statistics are
inferior to the peak and minimum given in the constant interfacial shear strength. However,
this inferiority is reversed at τM=29.1MPa and 35.0MPa.

Stress distributions around a broken fiber element

It is considered that stress-strain behaviors and strengths of the composite are closely related
with the degrees of matrix and interfacial damages following fiber breaks. Figure 5 shows the
fiber stress distributions around a broken fiber element simulated for τI = 11.7, 20.4 and 35.0
MPa, on the condition of the constant interfacial shear strength. In the figure the fiber
element, fifth from the left-hand and tenth from the fiber end, was broken intentionally at the
fiber stress of 1960 MPa. Figure 6 shows the damage states of the matrix and interface
obtained in the above simulations. The stress distributions on the fiber elements adjacent to
the broken element are shown in Fig.5 (a), in which the largest stress acts on the nearest fiber
element. The degree of the stress concentration depends largely on the interfacial shear
strengths. That is to say, the strongest bond, i.e. τI=35.0MPa, propagates matrix fractures into
the surrounding matrix elements, as shown in Fig.6(c), and gives the largest stress
concentration. On the other hand, the lowest interfacial shear strength, i.e. τI=11.7MPa,
promotes large-scale debonding, as shown in Fig.6(a), and gives the lowest stress
concentration, as shown in Fig.5(a). Figure 5(b) shows the stress distributions of fiber element
along the broken fiber. Since in τI=35.0MPa the load-carrying capacity of the broken fiber is
reduced, particularly in the region where the matrix fractures occur, the stress recovery is
delayed. The weakest bond, i.e. τI= 11.7MPa, yields the poorest load-carrying capacity for the
broken fiber, due to large-scale debonding. The intermediate value for bond strength, i.e.
τI=20.4MPa, yields small-scale debonding and brings the highest load-carrying capacity.
Figures 5 and 6 imply that there is an appropriate interfacial shear strength which can generate
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a state with a relatively small stress concentration around broken fibers and a high load-
carrying capacity for broken fibers. And the appropriate bond strength can possibly increase
the composite strength, as shown in the previous section. Such a relation between composite
strength and matrix damage is verified in the experiment in which the effect of interfacial
bond on the tensile strength of a boron/ epoxy composite is investigated [2].
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In Fig.4(a) and (b) random interfacial shear strengths decrease the optimum values for the
average and coefficient of variation. It is predicted from the above stress distributions that the
effect of large-scale debonding still remains due to its random nature, even if the median of
interfacial shear strength increases. Therefore, the both statistics are not improved.
Conversely, the effect of small-scale debonding still appears in the random interfacial shear
strength with large medians, and therefore its averages and coefficients of variation are
superior to those in the constant interfacial shear strength at τM =29.1MPa and 35.0MPa,
respectively.

DISCUSSION

It was shown that the small and large interfacial shear strengths cause large-scale debonding
and matrix fracture, respectively, and they both reduced the average composite strength. On
the other hand, the intermediate values of interfacial shear strengths resulted in increased
average strength. However why do the interfacial shear strengths increasing the average yet
also produce the low coefficients of variation? The author considers that the strength and
reliability of fibrous composites is closely related with damage accumulation up to the
maximum stress, which in this study is equivalent to the number of broken fiber elements. For
example, in Fig.3(a), (b) and (c) these numbers are 1, 2 and 1, respectively (referred to as "i-
break"). Figure 7 shows the ratio of the number of broken fiber elements to the total number
of simulations versus the constant interfacial shear strength. In the present simulation most of
composites indicated 1-, 2- or 3-break, and four or more breaks was not a major figure (in any
case approximately 1 to 3 %.). The transition of the ratio is comparable to that shown in Fig.4.
That is to say, the ratio of 1-break, non-cumulative failure mode, shows the minimum value at
τI=17.5 MPa, and increases up to around 0.5 with an increase in interfacial shear strength. On
the other hand, the ratio of 3-break or more, cumulative failure mode, behaves to be contrary
to the case of 1-break. Namely, this ratio gives the peak at τI=17.5 MPa, and then decreases to
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a value less than 0.2 and shows almost a constant. In the case of 2-break, intermediate failure
mode, the ratio shows approximately a constant, though it keeps a slightly higher level at
τI=11.7 MPa to 23.3 MPa. Such a correspondence to Fig.7 tells us that a composite with
large-scale debonding and matrix fracture yield a smaller number of fiber breaks than a
composite with small-scale debonding. If failure of the weakest fiber in a composite
immediately leads to composite fracture without accumulation of fiber breaks, the variability
in composite strength will reflect that in fiber strength and represent an upper bound*1. In
other words a less cumulative failure mode will approach to this degree of scatter. Therefore
both small and large interfacial shear strengths induce significant scatter in composite
strength. On the other hand, more cumulative fiber breaks further increases the stress level, so
that the strength distribution of survival fibers would shrink in width toward the upper side.
The shrinkage might be concerned with decreasing a scatter in composite strength. Such a
situation accompanied with the more cumulative fiber breaks is generated by small-scale
debondings, and therefore contribute to improving the strength and reliability of composites.

CONCLUSION

A Monte-Carlo simulation technique based on a finite element method was developed in order
to uncover the effect of interfacial shear strength on the tensile strength and reliability of
fibrous composites. In the simulation a boron/epoxy monolayer composite with ten fibers was
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modeled, and five hundreds simulations were carried out using various interfacial shear
strengths. The main results of this work were as follows:

(1) The interfacial shear strength value which increased the average strength of the
composites corresponded to the value which decreased their coefficient of variation. This
implied an existence of an optimum value of interfacial shear strength which can increase the
strength and reliability. This value was estimated to be slightly less than the matrix shear
strength.

(2) The simulated strength and reliability was closely related with the degree of matrix
damage and its type following a fiber break. Large-scale debonding and matrix fracture
reduced the number of fiber breaks accumulated up to the maximum achieved stress, and
decreased the strength and reliability. On the other hand, small-scale debonding promoted
comparatively the cumulative effect of fiber breaks and play a key role in increasing
composite strength and reliability.
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SUMMARY:  Single fibre pull-out specimens with carbon fibres (AS4, T300, T700, T800)
embedded in PEEK or PPS matrix were produced using a hot stage. Transcrystallinity, or the
formation of row nucleated crystalline matrix cylindrites, was induced through fibre shearing
during matrix recrystallisation, resulting in the formation of a banded crystalline matrix
structure. The interfacial shear strength has been evaluated to study the influence of
transcrystallinity on fibre/matrix adhesion of thermoplastic composites. Transcrystallinity was
found to have little or no positive influence on the interfacial shear strength of CF/PEEK
systems, and a negative influence on CF/PPS systems. Under these circumstances, the merit of
inducing transcrystallinity in composite systems should be reassessed.

KEYWORDS:  transcrystallinity, fibre/matrix interface, matrix morphology, interfacial shear
strength, PPS, PEEK, thermoplastic composite

INTRODUCTION

Studies of the region between the fibre and matrix of a composite system, known as an
interface or interphase, are of major interest in the determination of composite properties. The
strength of a composite is dependent on the properties of its component matrix and
reinforcing fibre, but importantly it is also a product of the ability to transfer stress between
the fibre and matrix. Therefore an understanding of the interaction between fibre and matrix is
essential to evaluation and optimisation of composite properties. Much of the work on
semicrystalline thermoplastic composite interfaces has concerned the formation of
transcrystalline layers around the reinforcing fibres. These layers are created through closely
spaced nucleation on the reinforcing fibre [1], creating cylindrites around the reinforcing
fibre. The methods of processing that will induce transcrystalline zones around single fibres
has been very well documented, particularly for GF/polypropylene composites [1-2], either
with shearing of the fibre or with the fibre undisturbed [3]. However, it was evident in the
literature that the effects of the transcrystalline matrix structure on stress transfer mechanisms
was not clearly understood.

In the present work, the interfacial shear strengths were studied using single fibre pull-out
tests for PEEK and PPS polymer with four different types of carbon fibres, namely AS4,
T300, T700 and T800. The single fibre pull-out specimens were produced with and without
transcrystalline layers. Effects of transcrystalline and non-transcrystalline matrix structures on
pull-out strengths are investigated, and discussed in terms of their importance to bulk
composite properties.
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SPECIMEN PREPARATION AND TESTING METHOD

A schematic of the single fibre pull-out specimen, containing a carbon fibre (Hercules AS4, or
T300, T700 and T800 from Torayca) and a semicrystalline matrix (PEEK or PPS) is shown in
Fig. 1. Filaments of PEEK matrix were obtained, separating them from commingled yarn
CF/PEEK (supplied by BASF), with a diameter of approximately 30 µm. PPS fibres were
obtained by melting PPS powder (supplied by Phillips Petroleum), and spinning filaments of a
diameter between 20 µm and 50 µm from the just-molten liquid with a scalpel blade. One
matrix filament was placed on one half of a glass slide, with a single carbon fibre attached to
the other half with cyanoacrylate adhesive. The two halves of the slide were then placed
adjacent to one another, with the carbon fibre placed across and perpendicular to the matrix
filament. A glass cover slip was then placed over the fibre and matrix. A Mettler FP82 hot
stage, controlled by a Mettler FP90 central processor, was used to heat the specimen to its
processing temperature, where the carbon fibre becomes embedded in the matrix which
subsequently holds the fibre at its recrystallisation temperature.

Ten specimens of each fibre/matrix system were produced with or without transcrystallinity,
respectively. For the CF/PEEK systems, pull-out specimens were heated to 375°C, held for 15
minutes, then cooled at 20°C/min to a recrystallisation temperature of 310°C, creating the
normal matrix morphology without transcrystallinity. Specimens with transcrystallinity were
produced through slightly pulling the fibre at the beginning of the recrystallisation period.
Similarly the CF/PPS pull-out specimens were produced, holding at a melt temperature of
320°C for 10 mins with a recrystallisation temperature of 240°C. Transcrystalline CF/PPS pull-
out specimens followed the same processing method, with a slight pulling of the fibre at 250°C
during the cooling stage. After cooling the single fibre pull-out specimen to ambient
temperature, the fibre was pulled out of its surrounding matrix at a speed of 0.4 mm/min using
an Instron 5567 machine with a 2.5N load cell. After testing, the embedded length of the fibre
was measured using an image analysis system attached to a Leica DM-RXE microscope. The
interfacial shear strength (IFSS) was calculated as

                     (1)

where P is the maximum load, r the fibre radius and l the embedded fibre length.

Glass
Slide
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Filament
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Fig. 1: Schematic of specimen for single fibre pull-out test.

IFSS =  
P

2 rlπ
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EXPERIMENTAL RESULTS

The formation of the transcrystalline layer for an AS4/PEEK single fibre pull-out specimen is
shown in partly cross-polarised light micrographs (Figs. 2a-c). Upon reaching the
recrystallisation temperature of 310°C, the fibre was pulled approximately 15 µm, and a bright
band appeared around the carbon fibre (Fig. 2a). The orientation of polymer chains caused by
the shearing stress appears to increase the transmissibility of light, giving a whitened region in
the transmission light micrograph. The transcrystalline layer then continued to grow (Fig. 2b)
with time. Eventually the banded formation of the transcrystalline layer can clearly be
identified, as described by Varga and Karger-Kocsis [1] for glass fibre/polypropylene systems.
With increased holding time, crystalline structures began to form in the bulk of the PEEK
matrix (Fig. 2c). However, in this study the formation of spherulites in the PEEK was restricted
by the processing temperature of 375°C (the maximum temperature of the Mettler FP82 hot
stage). Rather than the near-spherical crystalline spherulites traditionally associated with semi-
crystalline polymers, the PEEK forms into highly axial, sheaf-like crystallites. Jar et al [5] found
that PEEK processed at a temperature less than 395°C formed a densely nucleated matrix, and
subsequently proposed that the formation of 1-2 µm sheaves of PEEK results from a melting
temperature lower than 395°C, above which the self-seeding effect of PEEK matrix is
removed. The cross-polarised light micrograph of the transcrystalline AS4/PEEK pull-out
specimen shown in Fig. 3a clearly illustrates a prominent banded structure. However, the size
of the transcrystalline layer is quite small compared to equivalent structures formed in glass
fibre/polypropylene systems [1]. It is presumed that the low processing temperature of the
specimen (375°C) promotes the fast formation of crystalline structures in the bulk matrix,
limiting the size of growth of the transcrystalline layer.

A similar process for the formation of the transcrystalline layer for a T800/PPS single fibre pull-
out specimen is shown in Figs. 2d-f. The bright band surrounding the carbon fibre after shearing
(Fig. 2d) is clearer in PPS than the PEEK, due either to the darker colour of the PPS matrix or a
more ordered molecular chain arrangement on shearing. Spherulites developing in the PPS
matrix (Fig. 2f) are randomly nucleated ball-shaped formations, rather than the sheaf formation
found in the AS4/PEEK specimens. The cross-polarised light micrograph in Fig. 3b clearly
illustrates the transcrystalline layer in T800/PPS pull-out specimens. However, the
transcrystalline zone in T800/PPS is less clear than the equivalent PEEK structure after
processing.
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(a)

(b)

(c)

(d)

(e)

(f)

Fig. 2: Growth of transcrystalline layer:
(a) - (c) for AS4/PEEK, and (d) - (f) for T800/PPS.
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a

(a)

(b)
Fig 9: Cross polarised micrograph of transcrystalline pull out specimens:Fig. 3:  Cross-polarised micrograph of transcrystalline pull-out specimens: (a)

AS4/PEEK and (b) T800/PSS.
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The interfacial shear strengths (IFSS) of AS4, T300, T700 and T800 carbon fibres embedded
in PEEK matrix with and without transcrystallinity are shown in Fig. 4. It should be noted that
comparisons between specimens of different fibre types may not be valid, as an adequate
control could not be maintained over variables such as humidity between fibre groups.
Testing of transcrystalline and non-transcrystalline specimens was alternated for each fibre
group, and therefore only comparisons between the transcrystalline and non-transcrystalline
specimens should be made. The effect of transcrystallinity on the IFSS of the embedded fibre
is only apparent in the AS4 fibre specimens, with transcrystalline specimens showing a higher
IFSS than non-transcrystalline specimens. There appears to be some similar influence in T300
fibre specimens, but this is not significant enough to draw conclusive results. Also, while on
average the transcrystalline T700 and T800 specimens had higher IFSS than the non-
transcrystalline specimens, the scatter of each shows that no inference can be drawn from
these results. The influence of different fibre type should also be considered. Both the AS4
and T700 are pitch-based carbon fibres, and have a very smooth fibre surface. T300 and T800
fibres, on the other hand, are PAN-based and have a ribbed surface. However, the above
aspects do not favour one carbon fibre type with respect to the pull-out behaviour of
transcrystalline and non-transcrystalline specimens. It is noted that AS4 fibre and T300 fibres
are low in modulus compared to T700 and T800 fibres. Also, the radius of AS4 and T300
fibres, at 7 µm each, gives a higher surface area than the T700 fibre (6 µm) or T800 fibre
(5 µm).

The IFSS for AS4, T300, T700 and T800 carbon fibres embedded in PPS matrix with and
without transcrystallinity are shown in  Fig. 5. It should again be stressed that comparisons
between the IFSS of different fibre types may be invalid. However there is an overall trend to
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Fig. 4: Interfacial shear strength of different carbon fibres with PEEK.
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lower IFSS with transcrystalline formations in all fibre types. This suggests that
transcrystalline formations of PPS around carbon fibres do not improve IFSS. Studies by
Moon [4] suggest that differing levels of contraction stress exist around the fibre with
different crystalline polymer formations. The transcrystalline zone, which forms almost
immediately around the fibre, will impose a different constraint condition around the fibre to a
randomly nucleated matrix, creating different levels of contraction stresses. Comparing the
influence of contraction stresses on CF/PPS with CF/PEEK specimens is difficult, due to the
markedly different formation of crystal structure in the PEEK matrix with the chosen
processing conditions. Therefore, it not possible to verify the influence of this mechanism
with the current data.

It is fair to state, given the apparent influence of transcrystalline formations on the stress
transfer mechanism of model single fibre composites, the influence of transcrystallinity on the
properties of bulk composites may be limited. Furthermore, special processing conditions
may be required to induce transcrystallinity in bulk composites. Specifically, the requirement
of inducing relative shear between fibre and matrix, when fibres in a bulk composite are very
closely packed, may be very difficult to achieve, and add substantially to the processing costs,
without tangible benefits. Under this circumstance, more positive properties of
transcrystalline matrix structures will be required to justify a very specialised processing
methodology.
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Fig. 5: Interfacial shear strength of different carbon fibres with PPS.
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CONCLUSION

The formation of transcrystalline zones around carbon fibres has been studied in PEEK and
PPS matrices, and the interfacial shear strengths (IFSS) of AS4, T300, T700 and T800 carbon
fibres have been evaluated for PEEK and PPS matrix, with and without transcrystallinity. The
formation of the transcrystalline zone, which results from a dense concentration of nucleation
sites near or along the carbon fibre surface after pulling, was shown to have a banded
formation in both the PEEK and PPS matrices, being similar to GF/PP systems shown in
previous studies. Pull-out testing of carbon fibres from PEEK and PPS matrices has shown
that transcrystallinity is not significant in improving IFSS. In fact, pull-out specimens for PPS
appear to have decreased in IFSS as a result of the presence of transcrystallinity. Special
processing conditions of temperature and holding time had to be adopted to form
transcrystalline zones in these model single fibre composites, and this would probably involve
additional expense in processing. Also, the likelihood of transcrystalline zone formation in
bulk composites is low, as relative shear may be needed between the reinforcing fibre and its
surrounding matrix during processing.

In conclusion, attention to the matrix morphology at the fibre interface does not appear to be
rewarded with increased interfacial shear performance, which is critical to the overall
mechanical performance of the bulk composite. Further work would need to be conducted to
identify more positive aspects of transcrystalline formations, before transcrystallinity is
adopted as a matrix microstructure to improve the composite performance.
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SUMMARY: The ultimate properties of carbon-carbon (CC) composite are determined by its
processing history and interfacial structure to a great extent [1,2]. As the complexity of
manufacture and the difficulty to control it, The CC composite’s quality varies with the
fluctuation of processing condition intensely. Thus, it is essential to optimize the processing
to increase and stabilize its quality by monitoring the interfacial properties during
manufacture. In this paper, the author investigates the inter-bundle and outer-bundle
interfacial bond strength of three dimensional woven and pierced CC composite after each
graphitization treatment cycle. Results show that the inter-bundle interface has nearly reached
the highest bond strength after four graphitization treatment cycles, while the outer-bundle
interface does not display best interfacial performance until six graphitization treatment
cycles.

KEY WORDS:  carbon-carbon composites, interfacial micro-mechanical properties, push out
test method, three dimensional woven structure

INTRODUCTION

Carbon-carbon material is one of the important advanced composites with many excellent
properties. It does not only occupy outstanding ablation resistance, remarkable high
temperature resistance and low density property(theory density is 2.2g/cm3), but also displays
best wear-resisting property and dimensional stability. CC composite has been used from the
primitive aero-space field such as wing leading edge, nose cap and rocket  generator sprayer
nozzle, etc. to transport, sport and medical fields to day [3,4]. There is evidence to belief that
in the near future, the CC composite will play a more important role in a widespread range.
However, two problems limit its further using now. The first case is the high cost of
production,  another is the fluctuation of properties. In some special field, the cost may be
unimportant, but  fluctuation of quality is always a fatal problem that prevents its
development. One of the important reason is that the random variation in manufacture.
Generally, CC processing includes five to six cycles of impregnating with resin, carbonization
and graphitization treatments. Too many parameters and too long producing period result in
difficulty to control the processing in uniform condition. Up to now, many researchers have
engaged in studying on CC composite, and their fields can be summarized into four aspects:
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1. Investigating physical structure and chemical composition in matrix and interface by 
scanning electron microscope(SEM), transmission electron microscope(TEM), 
scanning tunnel microscope (STM) and atomic force microscope(AFM), etc.[5,6,7,8].

2. Designing new weaving method and program using CAD & CAM techniques [9].
3. Analyzing mechanical performance and fracture properties through mathematics 

model and mechanical theory [8,10].
4. Characterizing mechanical, ablation and thermal properties, etc. based on 

experimental techniques [11]

Although the focus of the four aspects is much different, each of them has realized the
importance of interface in CC material. The structure condition of interface directly influences
CC composite’s mechanical properties. And in further, it can effect on ablation resistance as
well. With perfect interfacial bond state, the CC material generally appears excellent behavior
of resisting airstream washing, heat shock and shear and prevents the big piece of carbon
matrix peeled off composite block during ablation condition. Well, it does not mean that the
stronger the interface bond strength is, the better the properties of CC composite are. For CC
composite, both the fiber and matrix is brittle material that too stronger interfacial bond state
can induce to brittle fracture.

In addition, during the tension test on 3-D woven CC composite, many fiber bundles are
pulled out when fracture is happened and while the higher tension strength always obtained
correspondingly(Fig.1). It implies that there is a new type of interfacial structure in woven CC
composite besides the conventional interface that exists between the single fiber and matrix.
In fact, the newer is a type of macro-interface that is between one bundle of carbon fibers and
the surrounding matrix. For sake of distinguishing, the macro-interface can be termed as
outer-bundle interface and the conventional can be termed as inter-bundle interface(Fig.2).
The whole properties of CC composite are determined by the cooperation of  them. The
purpose of this paper is to investigate the different bond strength of  them in different CC
specimens using push-out test method. During the test, a load-displacement curve is recorded,
and from the curve and through simple calculation, the interfacial shear strength can be
obtained.

  Fig.1:  Tension fracture picture of 3-D CC                    Fig 2: Iinterface in 3-D CC
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EXPERIMENT

Specimens Preparation

The experimental material is three dimensional woven pierced carbon-carbon composite made
from PAN based carbon fiber and coal pitch. First, the fiber  preform impregnated with pitch
under 8 atm., and then impregnated under 10 atm.. The material is treated by impregnation,
carbonization and graphitization for six times in total. After each cycle, a piece of specimen is
cut off the block for test.

Test  Instrument

The interfacial bond force is characterized by a modified push-out instrument, its diagram and
the test technique are shown in Fig.3 and 4.

1

                                                                        7

                                                                         

2                         4

                         5

3

                         6

1-CCD camera, 2- microscope, 3-XY translation stage, 4-load and displacement cells, 5-
sample, 6-loading device, 7-data acquisition system

Fig. 3 Illustration of equipment used for carbon-carbon composites push-out test

            

         PROBE

 MATRIX                                                    FIBER

    SUPPORTING

                B

Fig. 4 Schematic illustration of push-out test
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RESULTS AND DISCUSSION

Load-Displacement Curve of Push-Out

Fig. 5 gives out the SEM photographs of inter-bundle and outer-bundle interface after push-
out test. In Fig. 6-7 the displacement is the relative displacement between probe tip and
specimen surface. The interfacial shear strength (IFSS) is evaluated from the follows
equation.

τ= P/pdL       (1)

Fig. 5 the SEM picture of the push-out specimens

Fig.6  Inter-bundle interface push-out curve  Fig.7 Outer-bundle interface push-out
curve

The curves show that the push out procedures of fiber and fiber bundle are both divided into
two stages. The first is interfacial debonding stage as indicated in the curves from P0 to Pd
section. In this sequence, with the increase in displacement the load linearly increases until
reaches the interfacial critical bonding strength, and then appears a sudden drop. The load on
the moment is regarded as the maximum bond force of interface. Subsequently, the frictional
sliding stage starts that fiber or fiber bundle is gradually pushed out of the matrix. But in Fig.6
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the single fiber sliding stage is not distinct that the load continues to increase immediately
after a small drop happened, which is because that the diamond probe tip comes into contact
with the surrounding matrix surface after the fiber’s axial movement (Fig.4). Whereas, in the
case of fiber bundle(Fig.7), the sliding procedure is distinctly visible. Sometimes, the
maximum frictional stress even surpasses the maximum bond stress(Pd) due to the roughness
of  debonding fiber bundle surface.

Besides, from the bundle push-out curve it can be seen that there is a small stress peak(Px)
appeared before the maximum stress(Pd) reaches. Although the small peak is not always
appeared in test, its existing implies that the debonding process of fiber bundle does not
happened at one time, partial debonding or inter-bundle debonding may occur before the
complete debonding happens. It induces to more difficulty to analyze the failure mechanism
of outer-bundle interface.

Effect of Graphitization Treatment Processing on Interfacial Strength

The specimens are divided into six groups signed as 1G#, 2G#, 3G#, 4G#, 5G#, 6G#, which
expresses the different graphitization treatment times respectively. The shear strength values
of inter-bundle and outer-bundle interfaces are shown in Fig. 8.
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Fig. 8: The shear strength of inter-bundle and outer-bundle interfaces in different
graphitization treatment

In Fig. 8, the treatment temperature of graphitization is basically similar except for the forth
cycle (2800°C) And it is shown that the two kinds of interfacial strength values have similar
increase tendency with the increase in graphitization times before the forth graphitization
treatment. Whereas, after the forth cycle, they display quite different tendency that while the
inter-bundle interfacial shear strength changes to monotonically decreases, the outer-bundle
interfacial shear strength continues to monotonically increase after a small drop. The reason is
that the formation speeds of two kinds of interface are not equal. In other words, the matrix in
the fiber bundle reaches the densified structure after the forth cycle, and expresses high
interfacial shear strength. The subsequent graphitization treatment has few effects on the
densification of matrix. On the contrary, it can induce to further crystallization and
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contraction of volume in matrix, which results in additional stress produced in interface and
decrease of inter-bundle interfacial shear strength. At the same condition, matrices between
the bundles need six cycles to reach more densified structure at least. Thus, in the whole
treatment procedure the shear strength of outer-bundle interface continues to increase except
for the drop that caused by temperature case.

The above phenomenon is directly related with the woven structure of  CC material. In the
fiber preform, fibers in the bundles are closed together while between the bundles are spaced
apart. If the preform is impregnated with pitch, more pitch will fill between bundles and when
the pitch is heated and sintered into carbon, big bubbles will be generated between the fiber
bundles as more pitch and space exists. When the pressure in bubbles gradually increases to
the critical degree, the bubbles will break into many small drops and squeeze in fiber bundles,
while the resin in bundles can not generate big bubbles for the restriction of surrounding
fibers and it sinters into carbon in-situ. In Fig. 8, the shear strength drop of outer-bundle
interface at the forth cycle reveals the same reason that the loose matrix and interface
structure at the forth cycle between fiber bundles is easy to produce cracks under the high
treatment temperature, but in the densified  fiber bundles that can not appear.

From the discussion above, clearly the adjustment of process can induce to different
interfacial structure. This may provide useful information for material design.

CONCLUSION

There are two kinds of interface in multidimensional woven carbon-carbon composites that
one kind is inter-bundle interface, another is outer-bundle interface. Their performation
speeds during the manufacture procedure are not equal. The push-out test results show that
before the forth graphitization cycle, matrix in fiber bundles is densified faster than that out of
bundles at same condition. That is to say, the inter-bundle interfacial strength increases more
quickly than outer-bundle interfacial strength. The high graphitization treatment in the forth
cycle effects the outer-bundle interface more obviously that inter-bundle interface as the
different densities of them.
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SUMMARY: This paper presents investigations concerning the effectiveness of MAH-PP
copolymers as coupling agents in jute-polypropylene composites. The cyclic-dynamic values,
gained at the load increasing test, pointed out, that the coupling agent reduces the progress in
damage at higher limit stresses. Dynamic strength of the MAH-PP modified composites is
therefore raised for about 40%. SEM investigations allow to explain the increase of the
characteristic values by an improved fiber-matrix adhesion, a less inclination to fiber pull-outs
was determined. The improved fiber-matrix adhesion led to a decrease in impact damping-
index and loss-energy.

INTRODUCTION

Natural fiber composites combine good mechanical properties with a low specific mass. But,
the high level of moisture absorption by natural fibers, their poor wettability, and the
insufficient adhesion between untreated fibers and the polymeric matrix, leads to debonding
with age [1,4,6].

In all cases, cellulose is the main component of vegetable fibers (at jute approximatly 64 wt.-
%) [7]. The elemetary unit of a cellulose macromolecule is anhydro-d-glucose, which
contains three hydroxyls (-OH). These hydroxyls form hydrogen bonds inside the
macromolecule itself (intramolecular) and between other cellulose macromolecules
(intermolecular) as well as with hydroxyl groups from moist air. Therefore, all vegetable
fibers are hydrophilic in nature, and their moisture content can reach  3-13 % [2].

To improve the properties of the composites the reinforcing natural fibers can be modified by
physical and chemical methods. Physical methods, such as stretching [17], calandering
[18,19], thermotreatment [20], and the production of hybrid yarns [21,22] do not change the
chemical composition or structural and surfacial  properties of the fiber.

The most important chemical modification methods are the chemical coupling methods. The
coupling agent used hereby contain chemical groups, where the one can react with the fiber
and the other with the polymer. The formed bonds are covalent and hydrogen bonds as well,

they improve the interfacial adhesion. Graft copolymerizates [15,16] are common methods
used for natural fiber reinforcing plastics and will be described in this article. Of common
usage is also the treatment with compounds which contain methylol groups [22,23], the
treatment with isocyanates [8,9], triazine [6,11] or organosilanes [1,5,12] as coupling agents.
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Sterzynski et al. [24] used dimethylurea (in aqueous and methanolic solutions) as coupling
agent for injection molded flax-iPP composites. This treatment caused, up to a dimethylurea
concentration of 12 wt.-% an 25%-increase of tensile strength and a 20%-increase of Young's
modulus. Simultaneously, water repellency was improved.

Other important coupling agents for polypropylenes are silanes. The application of
alkylfunctionalized silanes, according to Mieck et al. [25], does not lead to chemical bonds
between the cellulose fibers and the PP-matrix. But, it seems to be realistic to assume that the
long hydrocarbon chains, provided by the silane application influence the water household
and wettability of the fibers and that the chemical affinity to the PP is improved.

Hydrogen bonds as well as covalent bonding mechanisms  can be found in the flax-silane
system. By this, Mieck et al. [25] found an 60%-increase of shear strength, using a methanolic
solution of vinyltrimethoxysilane (dibutylic  dilaurat of tin was added as catalyzer), depending
on the silane concentration and on the type of catalyzer.

Kokta et al. [16] investigated the influence of different silane types (3% by weight of the
fiber) and polymethylene polyphenylisocyanate (PMPPIC, 1% by weight of polymer) on the
mechanical properties of wood pulp filled polypropylene. The strength of the silane modified
composites was not changed appreciatively. Whereas, the treatment with PMPPIC led to
incresed strength and stiffness values, caused by chemical bonds between the isocyanate and
the hydroxyl groups of the wood fiber surface.

A lot of publications [27-30] are concerned with the effectiveness of MAH-PP copolymers as
coupling agent. Mieck et al. [27] determined an increased shear and tensile strength for about
100% respectively 25% at flax-polypropylene composites, whereby the coupling agent was
applied on the flax-fibers before the composite was processed. These raised values are
dependend on the grafting rate and on the average molar mass of the graftcopolymer.

Similarly increasing values could be attained with PP as matrix material modified with MAH.
The acidic anhydride groups of the MAH-PP coupling agent are able to built both, hydrogen-
as well as chemical bonds with the hydroxyl group of the flax fiber, wherby a tight anchoring
of the coupling agent on the fiber surface is achieved. Besides, the long PP-chains of the
MAH-PP coupling agent lead to an adaptation of the very different surface energies of matrix
and reinforcement fiber, which allows a good wetting of the fiber for viscous polymers. Again
an improved wetting can increase adhesion strength by an increased work of adhesion.

Scanning Electron Microscopy (SEM) investigations on MAH-PP modified cellulose fibers
(filter paper) proved, according to Felix et al. [29], that this treatment improves wetting, what
results in an improved fiber-PP-matrix adhesion compared to unmodified fiber matrix
systems. An increase of the composite strength with increasing cellulose content was
achieved, similar to Karmaker et al. [30] by the covalent bonds, which were introduced by the
addition of a coupling agent.

Similarly improved mechanical properties (tensile- and impact properties) were determined
by Avella et al. [28] at MAH-modified iPP composites reinforced with wheat straw fibers.
The occuring reduction of moisture uptake was explained by covalent bonds between
molecules of acidic maleic anhydride and the fibers.
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The chemical bondings between the anhydride- and the hydroxyl groups cause a better force
transfer from the matrix into the fibers, which leads to a higher tensile strength [30].
Karmaker et al. [30] determined an increasing composite strength with increasing fiber
content when only the MAH-PP coupling agent was used to  reinforce jute-PP (average fiber
length = 2mm).

MATERIALS AND EXPERIMENTAL TECHNIQUES

Materials

The tested composites were made of tossa jute-fibers (ng = 2 - woven  from  J. Schilgen

GmbH & Co.) with a fineness of about 280 tex, which were embedded in an PP-Matrix from

Vestolen GmbH Germany  (Vestolen® P 6000F-Table 1) by using the film stacking
technique.

Table 1: Technical specification of  Vestolen® P 6000F - homopolymer3

Characteristic Value Value

Viscosity
Melting Flow Index - MVR/230/2.16

Melting Point
Young's Modulus
Shear Modulus

Vicat Softening Temperature

240 cm³/g
7.4 cm³/10 min.

164 - 168 °C
1500 N/mm²
800 N/mm²

90°C

To gain a higher fiber matrix adhesion, a fiber modification with MAH-PP (®Hostaprime HC
5 from Hoechst, Germany) was applied. For this procedure the fibers first, had to be dewaxed
in an alcoholic solution for 24 hours, removing the woving size (potatoe starch and waxes),
subsequently the fibers were washed with distillized water. The following MAH-PP treatment
similarly was carried out in an alcoholic solution. The fiber treatment was finished with a 2-
hours drying process in a vacuum oven at 75°C.

Mechanical Tests

To determine the influence of the MAH-PP-coupling agent on the mechanical composite
properties, the quasi-static flexural test DIN EN 63 (test speed = 2 mm/min) was used. Ten
samples were investigated for each case with an standard deviation < 10%.

The load increasing fatigue tests were carried out in accordance to DIN 50 100. At the Institut
für Werkstofftechnik a dynamic material testing system, called InDyMat (Intelligent Dynamic

Material Testing) was developed [31]. This system is especially qualified to be used for visco-
elastic materials, because the system provides additional informations about damping,
dynamic modulus and the cumulated loss-energy (according to Lazan`s definition [32]) of the
material. Due to the visco-elastic behaviour of natural fiber composites, a phase shift occurs
between applied stress and the material extension.
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A sinus-shaped stimulation of the sample, e.g. with a hydropulser, results in a sinus-shaped
extension of the sample. The two sinus curves are then separated by a phase angle from each
other. Overlaying the two measured signals in a load-extension diagram, results in a hysterese
loop. InDyMat, the computer program, records the hysterese loop at certain intervals
(approximately 1000 values each time) and evaluates them.

The load increasing fatigue tests were carried out as repeated tensile stress tests, with 4

samples (geometry: 120*25*4 mm3 ). Testing frequency "ftest" and stress ratio "R"  were

chosen to 10Hz and 0.1. The maximum heating of the samples did not exeed 7°C.

With the "non-penetration" falling weight impact test [31], the material can be loaded with
single or multiple impacts until penetration occurs. The impact energy can be easily adjusted
by variing the drop heigt or the drop wight. The impact testing equipment was developed
according to DIN 53443 and DIN 53373. The impact force is measured with a piezoelectric
sensor right behind the impactor tip. The deflection (movement of the impactor) is measured
by a position sensitive detector. Impact force history and deflection are recorded and
evaluated by a personal computer.  If impact force is plotted against deflection, a non-
penetration impact results in an open hysteresis loop defined as loss energy. The area under
the hysteresis-loop is defined as strain energy. The ratio between loss and strain energy is
defined as damping-index. Five samples with  the dimension 60*60*4 mm³ were tested.

RESULTS AND DISCUSSIONS

The increased characteristic values caused by the MAH-PP coupling agent (Figure 1) are
mainly based [13,33] on a reduction of fiber pull-outs and less fiber-matrix debondings,
which would lead to e.g. micropores in the interface [33]. The improved fiber-matrix interface
leads to a lowering of the critical fiber length for a most effective stress transfer and because
of that to a higher composite strength [33].

Figure 1 demonstrates that, the reinforcing effect and with this the flexural strength of the
composite, increases, as a result of the improved force transfer from matrix to fiber [30],
caused by the improved fiber-matrix adhesion. In comparison to the investigations of
Karmaker et al. [30], where jute-fibers with an average fiber length of 2mm were used to
reinforce polypropylene, and  to the investigations of Felix et al. [29] at PP reinforced with
filter paper, this  investigations found an increase of flexural strength, through the higher fiber
length,  with increasing fiber content at jute reinforced PP even without an application of a
coupling agent.
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The investigations made by Mieck et al. [27] on PP reinforced with flax fibers (green flax
ribbons, comb ribbon: 4.5 ktex) seem to be comparable to the here made investigations
concerning the fiber length. Tensile strength of the composites is influenced similarly by the
fiber content as it can be seen in figure 1. The values for flexural strength do not differ
distinctly between modified and unmodified flax-PP composites up to a fiber content of about
10 vol.-%. Shear strength of the unmodified composites even decreases, after a maximum at
15% fiber content, caused by a gliding of the interface.

The improved fiber-matrix adhesion of the modified jute-polypropylene composites leads
(figure 2) at comparable fiber contents to a distinctly higher dynamic strength, which is the
stress at fracture measured in the load increasing test. Progress of damage (i.e. the cumulative
loss-energy becomes a nonlinear function with an increasing number of load cycles [14,31])
at unmodified jute-PP composites is nearly independent of the fiber content, which results in
independent maximal stresses.
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It is only the improved fiber-matrix adhesion, caused by the MAH-PP coupling agent and the
thereby improved force transfer, which reduces the progress of damage with increasing fiber
content and leads to an increasing dynamic strength.

Contrastingly to untreated jute-polypropylene composites, an 40%-increase of dynamic
strength, at comparable fiber contents (ca. 40 vol.-%),  is attained through the usage of the
coupling agent. Our investigations showed furthermore (figure 3 and 4) that the damage of the
jute-PP composites (modified as well as unmodified ones) does not occur spontaneously, but
occurs continously with the increasing stress. Whereby the limit stress i.e. the over
proportional increase of the damping ( ΛSDC) [10],  is moved to higher stresses (exemplarly
shown for jute-PP composites modified with MAH-PP).
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The damage of the composites, modified with MAH-PP, starts at distinct higher upper stress
values, which were for about 20 N/mm2 (figure 4). Whereas the unmodified jute-PP
composites already show an remakable increasing damping at the starting values of the upper
stress, which was 10 N/mm2.

Figure 5 show that the damping-index responds sensitive to change in fiber-matrix adhesion.
At the first impact the damping ratio, i.e. damping of untreated to treated composites, is about
1.6. At the first impact, the (cumulated) loss-energy is only slightly higher for the specimens
with untreated fibers (figure 6). The different slopes of the cumulated impact loss-energy
curves show that due to fiber-matrix debonding more energy is dissipated by the specimen
without treatment when they are subkected to repeated impact.
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CONCLUSION

Distinct risings of the characteristic values of jute-polypropylene composites were attained
with the application of MAH-PP copolymers. Flexural strength was increased for 40%, a
40%-increase was also measured for the dynamic strength in the load increasing test.

The improved fiber-matrix adhesion is caused by the  chemical bonds between fiber and
matrix which were provided by the coupling agent. With this, the force transfer from matrix to
fiber is improved which leads to an improved reinforcing effect than in unmodified
composites.

The improved fiber-matrix adhesion led to a higher damage resistance at cyclic-dynamic
loadings. This was to be observed by a shift of the beginning damage towards higher maximal
stresses and by a slower progress of damage with increasing load cycles respectively max.
stresses. The tested composites without coupling agent independently of the fiber content (21
vol.-% to 37 vol.-%) showed a nearly identical behaviour towards constant values for the
dynamic strength. With the application of MAH-PP coupling agent it was possible to reduce,
with increased fiber contents, the progress of damage and with this to attain an increasing
dynamic strength.

The improved fiber-matrix adhesion led to a decrease in damping-index and (cululated) loss-
energy at impact loadings.
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SUMMARY:   The blends of Bismaleimide (BMI) and Polyphenylene oxide (PPO) were
prepared with the aims of toughening BMI and improving PPO’s thermal and chemical
resistance.  Good miscibility was exhibited in the BMI/PPO blends prepared by a solution
method.  A dispersion of the BMI phase in the blends was found with an increase in the PPO
content in an optical microscopic study.  In the form of filler particles, PPO affected the
curing and melting behaviours of BMI.  An increase in  the curing temperature and a decrease
in the reaction heat were observed in DSC studies, while the melting process tended to be
more independent of the presence of PPO.  The improvement in the PPO’s thermostability
was confirmed in the blends through TGA and TMA analyses, and  the semi-IPN structure
was verified through TGA experiments.

KEYWORDS:   bismaleimide (BMI), polyphenylene oxide (PPO), blends, semi-IPN, thermal
resistant material

INTRODUCTION

In less than twenty years advanced composites have been established as efficient high-
performance structural materials.  Among them, the polyimide matrix composites are widely
used as heat-resistant polymeric materials in a variety of civil and military applications
including aircraft structures, aeropropulsion, missiles and space vehicles.  Although
polyimides are excellent materials in thermal-oxidative stability, most of them have the
drawback of poor processability and their practical applications are thus greatly restricted.
However, Bismaleimide (BMI) offers a comprehensively good performance in both
thermostability and processability.  Its advantages over common epoxy in better thermal-
oxidative stability are attributed to its high crosslink density and the aromatic and heterocyclic
structures in the network.  In addition to its thermal-oxidative stability, a low moisture
absorption can be achieved because the imide functionality has lower capacity for hydrogen
bonding than -OH or -NH2 containing polymers.  Most significantly, BMI resins can be
fabricated using epoxy-like conditions and the addition polymerization mechanism gives
void-free structures.  Hot-melt and solution methods are commonly applied to impregnate
fibres in the preparation of BMI composites.  Compression moulding, autoclave moulding,
filament winding and even resin transfer moulding (RTM)  are all practical methods in
making BMI composites [1].
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Nevertheless, the inherent brittleness in BMI materials has been the major disadvantage which
limits their application.  They are usually high modulus materials with very low elongation at
break.  Other problems include the susceptibility to microcracking and the tendency of impact
damage in composite laminates.  Therefore, modification of BMI to improve its brittleness
without a drastic sacrifice in high-temperature performance has aroused much interest in the
field of material research and development.  A number of methods have been explored in this
aspect.  One of the popular methods is through the copolymerization with reactive modifiers,
such as diamine and diallyl compounds.  Other chemicals including epoxy, divinyl benzene
and vinyl ester resins have also been tried. Various complicated reactions are yet involved in
the modification, and a lot of work still needs to be done before the chemistry and kinetics are
clearly known and the microstructure and final properties of the material understood.  Another
convenient method in modifying BMI is blending with engineering thermoplastics. Through
blending with appropriate high-performance thermoplastics, desirable thermal-mechanical
properties may be imparted to the  BMI to produce blends with promising behaviours.  It has
been concluded that the backbone chemistry, molecular weight, toughness of the
thermoplastics, as well as the adhesion between the phases, influence the toughness properties
of the corresponding BMI blend system [2,3].  Some authors [4-8] have also studied blends of
modified BMI with thermoplastics including polysulfone, polyether sulfone, polyether imide,
poly(arylene ether ketone), and encouraging results have been revealed.

As one of the commonly used engineering thermoplastics, polyphenylene oxide (PPO) has
superior mechanical properties and excellent processability.  Although PPO is quite adequate
for certain practical high temperature applications, its thermo-oxidative stability is much
worse than most polyimides.  Through blending with BMI to form a semi-IPN structure, its
high temperature performance is expected to be improved.  Moreover, chemical resistance is
also expected to be improved as a result of the semi-IPN structure.

In this paper, PPO was used as the thermoplastic modifier in the blending modification of
BMI.   The miscibility of the BMI with the PPO was studied. DSC, TMA and TGA were
utilised in the investigation of the thermal and mechanical behaviours of the blends.

EXPERIMENTAL

Chemicals

Most chemicals were purchased from Aldrich Chemical Company (USA): 1,1’-(Methylene-
di-4,1-phenylene)-bismaleimide (BMI), 95%; Poly(2,6-dimethyl-1,4-phenylene oxide);
Diethylene chloromethane; trichloromethane.

Material preparation and characterization

A mixed solvent of dichloromethane and trichloromethane was used in the  solution blending
of PPO with BMI.  After the solvent was stripped off, the samples were dried under vacuum.
In order to study the morphology before curing,  the blend solutions were degassed in an
ultrasonic bath and applied to glass plates to obtain thin samples when dried under vacuum.
The films were studied using episcopic light in a Nikon Microphot FXA microscope. A
Perkin-Elmer DSC 7 was used to investigate the melting and curing behaviours of the BMI,
PPO and their blends.  Compression moulding was applied for the curing process.  The
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thermogravimetric and thermomechnical performances of the blends were evaluated using a
Perkin-Elmer TGA 7 and TMA systems.

RESULTS AND DISCUSSION

Miscibility of the blends

Both cured and uncured samples of the blends with different compositions were observed
under an optical microscope.  The miscibility of the BMI and PPO in the blends prepared by
the solution method is fairly good and the two phases are evenly distributed.  The microscope
photos in Fig. 1 show the change in morphology in relation to the PPO content.  It can be seen
from the pictures that the size of the BMI particles decreases with an increase in the PPO
content.  When the PPO content exceeds 50%, a continuous phase of PPO is formed, with the
BMI dispersed inside it in the form of filler particles.  This is more obviously shown in the
picture for the sample with 45%PPO under higher magnification in which BMI spreads into
very fine particles distributed in the PPO continuous phase.  Upon curing, the BMI particles
disappear as they first melt and then undergo the crosslinking reaction to form the semi-IPN
structure where the PPO phase is confined in the BMI network.

DSC melting and curing behaviours

As a crystalline monomer with reactive polyfunctional maleimide groups, BMI melts upon
heating and undergoes the curing reaction under high temperatures, even in the absence of an
initiator.  A three-dimensional network structure is formed as a result of crosslinking during
curing.  In the  DSC themogram (Fig. 2), the endothermic peak around 156 oC represents the
melting of BMI, while the broad exothermic peak over the temperature range of 170 ~ 270 oC
indicates the release of reaction heat during the curing process.  PPO is one of the high-
performance engineering plastics with stable thermal-properties over a wide temperature
range: only a small endothermal peak appears around 250oC, inferring its melting at this
temperature.  PPO itself does not participate in the crosslinking reaction during the curing
process, but it acts as a filler and affects BMI’s melting and curing behaviours.
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The DSC melting and curing behaviours for the blends show different dependence on the
composition.  The thermograms for BMI and its blends with PPO of contents up to 50% are
shown in Fig. 3.  It can be seen that as the PPO content increases the curing peak shifts to
higher temperature and is broadened, while the melting peak remains quite steady at its
position.  It is known that parameters obtained from DSC are strongly dependent upon the
scanning rate used in dynamic DSC testing.  In order to find the zero-scanning DSC
parameters, experiments at a series of scanning rates, 2.5, 5, 10, 20 oC/min, were performed
on samples of various compositions and the data were processed by extrapolation against the
scanning rate.  The extrapolated curing temperature tends to increase and the reaction heat
tends to decrease, even after considering the weight change of BMI in the blends of different
compositions ( Table 1 and Fig. 4 ).  It is concluded that although the PPO phase in the blends
brings toughness to the material through lowering the crosslinking density of the network, it
increases the steric hindrance at the reactive maleimido groups in curing, and therefore shows
a tendency to retard the BMI’s curing reaction.   On the other hand, the melting of BMI seems
more independent of the composition changes in the blends.  The extrapolated melting
temperature fluctuates only within a narrow range and the melting enthalpy is fairly constant
after correction for blend composition (broken line in Fig. 5 ).  Part of the reason for this may
be that melting is more likely a local behaviour and not prone to the influence of the
environment in which BMI monomers are situated.
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Table 1  DSC parameters for BMI and its blends at zero-scanning rate

PPO% Melting Curing
(wt.) Tp (

 oC) ∆ H (J/g) ∆ H (J/g)* Tp (
 oC) ∆ H (J/g)+ ∆ H (J/g)*

0 155.5 61.6 61.6 182.1 -107.1 -107.1
10 157.3 56.7 63.0 203.2 -71.8 -79.7
20 157.1 51.2 64.0 208.8 -50.5 -63.1
30 158.4 47.0 67.1 208.0 -60.0 -85.7
40 157.8 43.0 71.7 208.9 -52.0 -86.7
50 158.0 34.5 69.0 205.4 -39.9 -79.8

+  Negative values of enthalpy indicate an exothermic process
* After correction for composition of the blend
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Fig. 4  Extrapolated DSC parameters in
curing of BMI with different PPO contents

Fig. 5  Extrapolated DSC parameters in
melting of BMI with different PPO contents

Kinetic study

DSC is a quick and convenient method with which to study the reaction kinetics.  Compared
with the Borchardt-Daniels method, which is generally used by the commercial software
packaged with many DSC systems, the Kissinger method is more suitable for modelling
multiple consecutive reactions [9].  It deals with the position of the peak maximum obtained
under various DSC scanning rates, and it is based on the following equation:

ln( / ) / ln( / )φ T
p

E RT
p

AR E2 = − +

where φ  is the scanning rate (K/min), Tp is the peak temperature in Kelvin,  E and A are the
apparent activation energy (kJ/mol) and the frequency factor respectively.  A plot of

ln( / )φ T
p
2  against 1/Tp will provide the solution to E.  For the frequency factor A, Kissinger

derived the following semi-empirical expression for nth-order reactions:

A
E E RT
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Here, α p  is the extent of reaction at the peak exotherm.  He argued that n p
n( )1 11− ≈−α  and

is independent of heating rate.

Fig. 6 is the plot of  ln(φ  /Tp2 ) against 1/Tp.  The linear regression results are listed in Table
2.  It is reasonable that BMI shows the lowest E and A compared with the blends, while E
tends to decline with an increase in the PPO content.  PPO disperses the BMI monomer in the
blends, causing hindrance to the curing process, so resulting in an increase in the activation
energy.

6

7

8

9

10

11

12

1.90E-03 1.95E-03 2.00E-03 2.05E-03 2.10E-03 2.15E-03 2.20E-03

1/Tp

-
ln(

φ
/T

p2)

BMI
10% PPO
20% PPO
30% PPO
40% PPO

Fig. 6  Application of theKissinger method in kinetics study

Table 2  Kinetic parameters from Kissinger analysis in curing of BMI and its blends

PPO % (wt.) a b R2 E ( kJ/mol ) lnA
0 12143 15.30 0.9931 101.0 24.7
10 16215 22.59 0.9691 134.8 32.2
20 15648 20.98 0.9710 130.1 30.6
30 15137 20.01 0.9877 125.8 29.6
40 15580 20.84 0.9926 129.5 30.5

( a, slope;  b, intercept;  R2, least-square regression coefficient )

Thermogravimetric analysis

Samples of BMI, PPO and their blends were tested in a Perkin-Elmer TGA 7.  The diagrams
shown in Fig. 7 exhibit the pattern of one-stage degradation for all the samples.  This proves
the semi-IPN structure of the BMI/PPO blends and indicates the retardance of degradation of
the PPO phase when confined by the BMI network.

The relevant parameters in the decomposition of the materials are listed in Table 3.  The
maximum decomposition temperature (Tmax) obtained from the first derivative analysis
indicates the temperature under which a drastic decomposition and an overall break-down of
the material occurs.  T1/2  is known as the temperature at 50% weight retention, and the final
weight retention at the end of material decomposition is the char yield.  A comparison of the
onset decomposition temperature (Tonset) and Tmax at different PPO contents clearly shows that
both Tonset and Tmax decrease with an increase in the PPO content (Fig. 8), but apparent drop is
not observed until the PPO content reaches 20%.  When the simple rule of mixtures (dotted
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lines) is taken for comparison, it is found that the Tonset of the blend sample is lower than the
temperature estimated from the mixing rule, while Tmax gives higher values.  The drop in Tonset

for the blended samples may be due to the possible presence of an un-confined PPO phase
which causes the early degradation of parts of the sample.  Nonetheless, the overall semi-IPN
structure contributes to the heat-resistance of the  blend, hence raises Tmax,which is the
characteristic parameter for the heat-resistant property of the entire material.  In other words,
PPO’s thermogravimetric resistance is improved by blending with BMI.  Moreover, a
decrease is observed in both T1/2 and the char yield with the increase in the PPO content of the
blends.  It is expected that the char yield follows the mixing rule (dotted line in Fig. 9) since it
is a mixture of the ashes of the BMI and PPO.
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Fig. 7:  Thermogravimetric analysis of BMI, PPO and BMI/PPO blends

Table 4:  TGA results for BMI and its blend systems

PPO % (wt.) Tonset (
 oC) Tmax (

 oC) T1/2 (
 oC) Char yield (%)

0 549.9 556.6 757.8 46.7
5 550.0 562.7 692.9 43.4
10 544.9 556.5 698.8 43.7
15 545.4 559.8 695.8 42.6
20 543.7 561.0 672.3 39.7
25 535.8 551.5 685.8 42.8
30 530.1 549.4 681.7 42.7
40 526.2 553.4 638.0 38.9
50 520.6 543.2 653.9 38.9
100 513.9 531.5 541.3 28.4
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Thermomechanical analysis

While dynamic TGA provides an indication of short-term thermal stability, TMA studies the
mechanical changes during heating including the expansion of samples.  Fig. 10  is the TMA
thermographs for BMI material and its blends with 10-30% PPO.  Apparently there is no
obvious change in dimensions over the wide temperature range up to 400 oC, and the simple
thermal expansion is fairly steady.  None of the glass-transitions in both BMI and PPO phases
can be observed from the thermographs.  The high crosslink density of the network structure
in the materials is believed to restrict the mobility of the molecular segments and thus
suppresses the dimensional changes in the materials under test.  The PPO phase is extensively
distributed in the BMI network and its segmental movement is greatly restricted by the
network structure.  Therefore, the promising thermal mechanical stability is reflected from the
TMA results of BMI and its blends with PPO.  However, a difference in the change of
expansion coefficient in different temperature ranges is noticeable as shown in Table 4. In the
high temperature range (300-350 oC), BMI gives smaller expansion coefficient as the result of
its high crosslink density of the network.  Higher expansion coefficients are observed for the
blend samples due to the higher expansion coefficient of embedded PPO (5.2 x10-5/oC) [10] in
the semi-IPN structure.
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Table 4  Comparison of thermal Expansion coefficient (α ) from TMA

α  ( 10-6 /oC ) BMI 10% PPO 20% PPO 30% PPO

50 ~ 100 oC 10.8 18.8 9.3 8.6
300 ~ 350 oC 10.1 29.1 19.7 18.3

CONCLUSION

BMI exhibits good miscibility in blending with PPO through solution method.  Optical
microscopy shows the dispersion of BMI phase with the increase in PPO content.  The PPO
phase affects the curing behaviour of BMI in the blends, increasing its curing temperature and
reducing the reaction heat.  On the other hand, BMI’s melting behaviour is quite independent
upon the presence of PPO.  The improvement in PPO’s thermostability has been confirmed in
the blends through TGA and TMA analyses.  The semi-IPN structure is also verified through
TGA experiments.
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SUMMARY: The novel poly(aryl ether ketone)s containing chloro-side group were
synthesized by nucleophilic substitution reactions of 4,4’-biphenol and chlorohydroquinone
with either 4,4’-difluorobenzophenone (BP/CH/DF) or 1,4-bis(p-fluorobenzoyl)benzene
(BP/CH/BF) and their thermotropic liquid crystalline properties were characterized by a
variety of experimental techniques. The mesogen/hydroxy- quinone ratio is vared in the
copolymers and the thermotropic liquid crystalline behavior was observed in the copolymers
containing 50 and 70% biphenol. DSC results indicate that the copolymers had two melting
transitions.The lower temperature transitions represent the crystal-to-liquid crystal
transitions(Tm) while the higher temperature transitions refer to the liquid crystal-to-isotropic
transitions (Ti). A banded texture was formed after shearing the sample in the liquid
crystalline state.  The novel poly(aryl ether ketone)s had relatively higher glass transition
temperature (Tg) and lower melting temperature (Tm) .

KEYWORDS:  thermotropic liquid crystal polymer, poly(aryl ether ketone)s synthesis, liquid
crystal behavior

INTRODUCTION

Poly(aryl ether ketone)s have been found very useful as advanced materials in applications
because of their excellent thermal stability and good chemical resistance. However, poly(aryl
ether ketone)s have several limitations in processing due to high melting termperature and
high melt viscosities (1). Thermotropic liquid crystalline polymers (TLCP) are known to have
melt viscosities significantly lower than structurally similar isotropic polymers. Furthermore,
the TLCP matherials exhibit anisotropy in extruded and molded articles as a result of
preferential orientation of LCP domains or individual chains (2). Although 4,4’-biphenol-
based homopoly(aryl ether ketone)s have been shown no liquid crystal properties, copolymers
based on a crystal-disrupting monomer and a mesogenic biphenyl monomer may be an
effective method to synthesize thermotropic poly(aryl ether ketone)s. Recently, Bennett and
Farris (3)  reported the synthesis and characterization of the novel thermotropic liquid
crystalline poly(aryl ether ketone)s. These materials have potential applications as engineering
thermoplastics or fibers. In addition, the materials may be useful as processing aids or
reinforcing agents in blending with isotropic poly(aryl ether kethone)s. In this work, a series
of thermotropic liquid crystalline poly(aryl ether ketone)s based on chlorohydroquinone and
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biphenyl mesogen with either 4,4’-difluorobenzophenone or 1,4-bis(p-fluorobenzoyl)benzene
were synthesized by the nucleophilic substitution reaction and characterized by several
experimental techniques.

EXPERIMENTAL

Materials

The material 4,4’-biphenol was obtained from Honshu Kaggaku Ltd. in the hightest available
purity. Chlorohydroquinone (Tokyo Kasei Co. Ltd.)  was recrystalized from chloroform.
Anhydrous potassium carbonate was ground and dried in an oven at 150°C. The xylene and
tetramethylene sulfone (TMSO2) were distilled under vacuum before use. 4,4’-
difluorobenzophenone and 1,4-bis(p-fluorobenzoyl)benzene were prepared in our laboratory
by the standard procedures.

Synthesis

The synthesis route of the copolymers is illustrated in a schematic (Fig.1). In a typical
procedure, a three-necked flask was outfit with a platinum thermometer, nitrogen inlet,
magnetic stirrer  and a Dean-Stark  trap. Appropriate mole ratio of  the monomers were added
into the reactor under nitrogen atmosphere. The temperature was slowly raised to 160°C over
a periord of 3h to allow phenolate formation and  water / xylene  azeotrope distillation which
was collected in the trap. Subsequently the reaction temperature gradually raised to 200-
220°C for polymerization over a period of 8h. The resulting polymer was seperated by
precipitation of the reaction mixture in methanol. The crude product was purified by hot
methanol and water.

Characterization

The thermal analysis was carried out with a Perkin-Elmer DSC-7 instrument. The
temperatures and heat flow scales were carefully calibrated by using standard materials
indium and tin over a wide timperature range. Heating and cooling rates of 10/min were used
under nitrogen atmosphere and the maximum of endotherm was taken as the transition
temperature. A polarizing light microscope (PLM) of Opton R Pol was used for texture
charaterization of the copolymer samples. The wide angle x-ray diffraction (WAXD) was
carried out in Japan D/max-γA X-ray instrument (Cu Kα radiation). The inherent viscosities
of the copolymers were measured in a mixed solvent of p-chlorophenol/1,1,2,2-
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tetrachloroethane at 45°C. Thermogravimetric analysis (TGA) was performed in a Perkin-
Elmer TGA7 thermogravimetric analyser, using a heating rate of 20°C/min in nitrogen
atmosphere.

RESULTS AND DISCUSION

The data of the thermal properties are collected in Table 1. All of the copolymers had higher
glass transition temperatures (Tg) between 160(C and 200(C as determined by DSC.  The
thermal stability (Td) were also measured by TGA in the range of 430 ~ 520(C. The
biphenol-based homopoly(aryl ether ketone)s,100BP/100DF and 100BP/100BF, had one
melting transitions(Tm).PLM results show that they have no birefringence above their Tms.
The side chains homopoly(aryl ether ketone)s,100CH/100DF,and 100CH/100BF, had one
glassy transition temperature(Tg).WAXD results show that they are amorphorous
polymers.Copolymers based on a crystal-disruptintg dide-goup monomer and a mesogenic
biphenyl monomer is an effective method to synthesize thermotropic liquid crystal poly(aryl
ether ketone)s . The thermotropic liquid crystal behavior was observed in the copolymers
containing 50 and 70% biphenol. As expected, each of the copolymers had relatively lower
melting transition Tm (290 ~ 340(C) than the isotropic poly(aryl ether ketone) containing
biphenyl because of the copolymerization effect of the side-group monomer.Both the
crystalline-to-LC transitions (Tm) and the LC-to-isotropic transitions (Ti) were observed in
the DSC thermograms of the copolymers, which were further confirmed by PLM observation.
As the content of nonmesogenic comonomer units increased, the crystalline-to-LC transition
(Tm) became broader and of lesser intensity. The later was indicated by the decrease in heat
of fusion (∆Hm) in Table1.

For further characterization of the thermotropic liquid crystalline behavior, the copolymers
were evaluated by visual observations on PLM. The thin samples were heated at 400(C for a
few minutes, subsequently cooled slowly to liquid crystalline state and annealed at the
temperature for 1h, and then quenched to room temperature.

Table 1: Thermal Properies of The Novel Copolymers
Sample n x Tg

((C)
Tm
((C)

Ti
((C)

∆Hm
(kJ/g)

∆Hi
(kJ/g)

Td
((C)

100BP/100DF
70BP/30CH/100DF
50BP/50CH/100DF
30BP/70CH/100DF

100CH/100DF
100BP/100BF

70BP/30CH/100BF
50BP/50CH/100BF
30BP/70CH/100BF

100CH/100BF

0
0
0
0
0
1
1
1
1
1

0
0.3
0.5
0.7
1
0

0.3
0.5
0.7
1

181
168
185
183
158
183
197
190
165
163

409
338
336
328
---
412
318
289
308
---

---
368
350
---
---
---
353
314
---
---

169
115
19
7
---
153
34
9
4
---

---
6
19
---
---
---
11
26
---
---

520
430
458
476
480
520
487
490
480
485

Fig.2a shows a photomicrograph of copolymer 70BP/30CH/100DF isothermally heat treated
at 330(C for 1h. It displays a threaded texture, which is often found in the nematic phase.
However, after the mechanical shearing and slight relaxation banded texture can be observed.
The formation of banded textures after shearing is nearly ubiquitous for nematic polymers
(7,8) (Fig.2b). This banded texture which is perpendiculer to the shear direction has a width of
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about 2µm. For the copolymer 50BP/50CH/100DF, a second type of texture, fanlike textrure,
has been observed, which was recorded at room temperature after annealing the sample at
300(C for 1h and then air quenching (Fig.3). This fanlike texture shows that the copolymer
50BP/50CH/100DF has a ordered smectic phase.

Furthermore, the copolymer 70BP/30CH/100BF exhibited threaded texture, while the
copolymer 50BP/50CH/100BF showed fanlike texture, too. The above results are well
consistent to the results of DSC. Cooling the copolymer 70BP/30CH/100BF from 400(C at
5(C/min resulted in the formation of threaded texture at 350(Fig.4a) and fanlike texture at
290(Fig.4b). Quenching the copolymer from 400(C resulted in another fanlike
texture(Fig.4c). The reason is not known now. The copolymer 50BP/50CH/100BF  formed
the plate-like texture at 290(C (Fig.5). It is interesting to mention here that micrometer-size
monodomains may also form in the copolymer 70BP/30CH/100BF in LC state under a strong
mechanical, periodic shear force field (Fig.6). In general, one way to obtain monodomain in
liquid crystalline polymers is to develop a homogenous orientation of the chain directors
parallel to the substrate surface. Mechanical shearing may result in a homogeneous orientation
in which the mesogenic moieties lie parallel to the substrate suface (9). Although molecular
connectivity between the mesogenic moieties in liquid crystalline polymers may significally
affect this orientation process, the monodomain of nematic polymer has also been achieved by
Cheng et al. under strong shearing (10).

Fig.2:  Optical micrographs of the copolymer 70BP/30CH/100DF after cooling from
400(C to 330(C and annealing for 1h and then quenching to room temperature,  (a)
without mechanical shearing and (b) with mechanical shearing.   The arrow shows

the shear direction.
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 CONCLUSION

The thermotropic liquid crystallinity can be achieved in the novel poly(aryl ether ketone)s.
The copolymers containing 70% and 50% biphenol mesogen showed nematic and smectic
texture, respectively. These copolymers may be of interest as potential engineering
thermoplastics, fibers or films with unique anisotreopic properties.
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Fig.5: Optical micrograph of the sample
50BP/50CH/100BF after cooling from

400 to 290 and annealing for 1h
and then quenching to room temperature.

Fig.6: The monodomain of the copolymer
70BP/30CH/100BF after strong mechanical

shearing at 350 and then air  quenching.
The arrow shows the shear direction.
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EFFECT OF SURFACE TREATMENT ON MODE I
INTERLAMINAR FRACTURE BEHAVIOUR OF
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SUMMARY:  A round-robin test programme has been carried out to characterize the mode I
interlaminar fracture behaviour of E-glass woven fabric reinforced vinyl ester matrix
composites.  Special emphasis has been placed on the effect of silane coupling agent on the
stability of interlaminar crack propagation and the fracture toughness. Twenty laboratories
were invited to participate in this programme. Each laboratory was supplied with composite
laminates of thickness of its own choice which were fabricated by the Society for Interfacial
Materials Science (SIMS), and conducted the tests to its own procedures. The results
submitted by each laboratory are presented, and the observations and implications are
discussed.

KEYWORDS:  E-glass woven fabric reinforced vinyl ester composites; mode I interlaminar
fracture toughness; silane coupling agents; interface; stability of crack propagation
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INTRODUCTION

Composite laminates made from glass woven fabrics and vinyl ester resin have been
developed for printed circuit board (PCB) applications, specifically aimed at low-end to mid-
range systems. To improve the efficiency of stress transfer across the fibre-matrix interface
glass fibres are commonly treated with silane coupling agents [1]. There are several factors
which influence the chemical, physical and mechanical properties of the interface. They
include the silane structure in treating solution and its organo-functionality, the drying
conditions, and the morphology and chemical composition of the fibre surface. The
concentration of coupling agent has been found to be a critical factor in determining the
mechanical performance and fracture behaviour of the composite. An interface with strong
adhesion is expected to give a composite with good shear, compressive and off-axis strengths,
and the silane agents applied on glass make the composites more durable in hygrothermal
environment [2].

The Society for Interfacial Materials Science (SIMS) has been established in 1993 with the
aims to enhance our fundamental understanding of the science in composite interfaces of
various nature by bridging the gap between material science, mechanics and manufacturing of
composite materials, and to encourage the interactions between the research communities
from academia and relevant industries for international collaborations in applied research and
development. As one of the most important activities organized by the SIMS, the round robin
test (RRT) program was developed to study the effect of fibre surface treatment on the
mechanical properties of glass fibre reinforced vinyl ester matrix composites. In the first RRT
program, tensile and bending strengths and moduli were measured of the composites
containing woven fabrics treated with five different silane coupling agents: namely 0.01, 0.4
and 1.0 wt% methacryl silane (designated as M0.01, M0.4 and M1.0, respectively), methanol
washed 0.4 wt% methacryl silane (MW0.4) and 0.4 wt% epoxy silane (E0.4).

Table 1 gives the average values of the results which were presented at the 10th International
Conference on Composite Materials (ICCM-10) held in August 1995 [3]. The composites
containing M0.01 had the lowest strength both in tension and bending. An increase in
methacryl silane concentration resulted in improvement of these strengths. The tensile
modulus was found to be relatively insensitive to the type and concentration of silane agents,
whereas an increase in methacryl silane gave rise to marginal enhancement of bending
modulus. Washing the treated fibres using methanol enhanced to a certain extent both the
strength and modulus. Composites containing E0.4 displayed relatively lower strength than
those containing fibres with methacryl silane treatment of the same concentration.

Following the success of the first RRT programme, twenty major laboratories were invited
worldwide to participate in the second RRT, among which fifteen laboratories have completed
the tests when this paper was written, see Table 2. The major aim of the present programme
was to determine the effect of silane treatments on mode I interlaminar fracture behaviour. It
is generally accepted that delamination represents the weakest failure mode, and is considered
to be the most prevalent life-limiting failure modes in laminate composites. As such, ever-
increasing attention has been directed toward proper characterization of the failure mode as
well as to improve the durability against delamination.



Volume IV: Composites Processing and Microstructure

IV - 800

EXPERIMENTAL PROCEDURES

Materials and Test Specimen

Test materials were fabricated by the SIMS, and were supplied to the participating
laboratories. Materials including fibres, matrix materials, silane coupling agents and
fabrication procedures of the composite laminates employed in the present program were
essentially the same as those used in the first RRT programme. The E-glass plain woven
fabrics contained 44 (warp) x 34 (weft) strands per 2.5 cm x 2.5 cm square area (WE18W,
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supplied by Nitto Boseki Co, Ltd., Japan). Each strand consisted of 400 filaments of 9 mm in
diameter. The matrix material was made from an unsaturated vinyl ester resin (Ripoxy R806;
Showa High Polymer, Japan) which was polymerised with 0.7 phr. methyl-ethyl-ketone
(MEK) peroxide. The coupling agents used were g-methacryloxy-propyltrimethoxysilane
(methacryl silane, A-174; Nippon Unicar Co., Japan) and g-glycidoxy-propyltrimethoxysilane
(epoxy silane, A-187; Nippon Unicar Co., Japan). The aqueous solutions of silane coupling
agents were acidified with acetic acid at pH 4.0. Five different combinations of silane
coupling agents were used for fibre surface treatment: 0.01, 0.4 and 1.0 wt% methacryl silane
(designated as M0.01, M0.4 and M1.0 respectively); methanol washed 0.4 wt% methacryl
silane (MW0.4); and 0.4 wt% epoxy silane (E0.4). The glass fabrics were dipped into the
aqueous solutions of the silane agents, which were subsequently squeezed between rollers and
were dried for 10 min at 110°C.

The laminates were prepared by hand lay-up such that all warp strands were aligned in one
direction, and were cured for 48 h at room temperature, followed by post cure for 3 h at 80°C
and for 2 h at 150°C in an oven. A 40 mm thick polytetrafluoroethylene (PTFE) film was
inserted at the mid-plane of the laminate as an initial crack during the lay-up. The average
fibre volume fraction was found to be approximately 42.6% [3]. The instructions on the
laminate thickness and the length of precracks were specified by each participating laboratory.

Each participating laboratory cut the laminates to its desired sizes and geometry. Typical
double cantilever beam (DCB) specimen is illustrated in Figure 1. In most laboratories,
specimen edges were painted with white correction liquid on which fine lines were scribed at
certain intervals to assist locate the advancing crack tip. Either aluminium tabs or piano
hinges were bonded to the specimens to allow gripping and loading the specimen in tension.
Crack length was monitored with the corresponding load and displacement recorded
simultaneously. Compliance values were taken in the interrupted unloading and reloading
experiments. Each laboratory calculated the mode I interlaminar fracture toughness, GIc,
using its own data reduction schemes. Table 3 gives the details of the test specimen
dimensions and test conditions used by each participating laboratory.

Data Reduction Schemes

There are basically four different linear elastic fracture mechanics methods to analyze the data
obtained from the load-displacement records [4]: namely, (i) the area method; (ii) the
compliance method; (iii) the load method; and (iv) the displacement method. Because the
details of the relevant equations for GIc values and the measurement techniques are given
elsewhere [4], the same will not be repeated here. Due to the effects of various aspects of the
practical DCB tests, such as end rotation and deflection of the crack tip, effective shortening
of the beam and stiffening effect of the beam due to the presence of the end tabs, modified
compliance methods have been proposed as standard methods.
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RESULTS AND OBSERVATIONS

Figure 2 shows typical load-displacement curves of the interlaminar fracture tests obtained for
laminates containing fibres with different silane agent treatments. Based on the stability of
crack propagation these curves can be classified into two groups: M0.01 and E0.4 for stable
fracture; and M0.4, M1.0 and MW0.4 for unstable fracture. For the laminates in the first
group, the load increased in a linear manner to a maximum, which was followed by a gradual
decrease with further crack extension [5]. The crack propagated in a slow and stable manner.
In sharp contrast, for the specimens M0.4, M1.0 and MW0.4, the load-displacement curves
displayed "saw-teeth" type behaviour where the rising portion and the abrupt drop of the load
corresponded to stable crack re-initiation and crack arrest after rapid, unstable crack
propagation, respectively. The unstable fracture behaviour did not allow the measurement of
the propagation GIc values.



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 803



Volume IV: Composites Processing and Microstructure

IV - 804

In the modified compliance calibration  method specified by ASTM D5528-94a, the GIc value
for crack propagation is given by:

where a2 is determined empirically.

Figure 3 gives the initiation and propagation GIc values from all participating laboratories.
Due to the unstable crack propagation as discussed above, only the initiation GIc values are
reported for specimens M0.4, M1.0 and MW0.4.  It is found that the initiation GIc value
decrease in general with increasing the methacryl silane concentration: in particular it is found
that the GIc value is higher for M0.01 than for M1.0 (nearby 100%) except for a few isolated
cases such as Laboratories 3, 4 and 13.  Washing of the treated fibres with methanol did not
change much the overall fracture behaviour (maximum of 40% and often below 10%), with
largely varying initiation GIc values for different laboratories.

It is presumed that in composites containing M0.4 and M1.0 silane agents a thick and densely
cross-linked, brittle interlayer is formed at the fibre-matrix interface region which was mainly
responsible for the brittle, unstable crack propagation. In composites with M0.01 and E0.4, a
more ductile, compliant interlayer is developed, giving rise to a stable, ductile crack growth.
The concentration of the coupling agents has a drastic effect on interlaminar fracture
behaviour of the laminates. An increase in methacrylate silane agent showed deteriorating
effect on the stability of crack propagation and thus the fracture resistance of the laminate.
Contrary to the expectation, removal of the loosely bound interlayer of the silane agent by
washing with methanol did not improve greatly the overall fracture behaviour of the
laminates. From the comparison between the specimens M0.4 and E0.4 which contain the
same silane concentration, it is noted that the epoxy silane yielded significantly higher for a
majority of laboratory and stable fracture resistance than methacryl silane.  It is found that
GIC values at initiation and propagation are higher for M0.01 specimens than for E0.4
specimens, except for two isolated cases (lab.5 and 6 at initiation).
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Figure 4 shows typical crack growth resistance GIc curves for specimens M0.01 and E0.4. GIc
values increased significantly with increasing crack length. This behaviour is ascribed to the
presence of fibre bridging in the wake of the propagating crack in woven fabric laminates [6].
The fibre bridging contained the growth of the cracks, enhancing the stability of crack
propagation. Certainly, the extent of the fibre bridging phenomenon is influenced by the fibre
surface treatment, as it modifies the nature of interface bonding and the mechanical properties
of the interface region.
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Examinations of the fracture surfaces using scanning electron microscopes suggested the
followings:

(i) For M0.01 and E0.4 specimens, the fibres were exposed on the fracture surface without
resin adhering onto them.

(ii) For M0.4 and M1.0 specimens, much of the fibre surface was covered by the matrix
resin, in particular on the fracture surface corresponding to the unstable crack
propagation.

(iii) Much more fibres were covered with resin in specimens MW0.4 than M0.4.

The foregoing observations suggest that:

(i) Crack propagation along the fibre-matrix interface region is relatively slower and more
stable than crack propagation in the matrix material away from the interface.

(ii) Change of the crack path occurred from the interface region to the matrix with
increasing the methanol silane concentration. Wash of silane treated fibres with
methanol further encouraged this behaviour, aggravating the unstability of crack
propagation.

CONCLUDING REMARKS

A round-robin test programme has been undertaken to characterize the mode I interlaminar
fracture behaviour of glass woven fabric-vinyl ester matrix composites containing five
different silane coupling agents on the fibres. All test materials were fabricated in a laboratory
of the SIMS, and were supplied to the participating laboratories. The format of the
programme was maintained loose in an effort of assess the current practice of the test method
and the variability of test results affected by different specimen dimensions and data reduction
procedures. For each test, the general procedures were pretty much similar, and major
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differences were identified in the specimen dimensions and data reduction procedures used by
some laboratories. The differences in the details of the tests and data reduction procedures
resulted in a high degree of data scatter between the laboratories, albeit the general trend of
interlaminar fracture toughness influenced by different silane agents were much consistent.
To decrease the data scatter, the standards such as ASTM, JIS, ESIS etc. will be harmonized
within the next 3 or 4 years under the cover of an ISO standard (ISO / CD.2 15024).  It is
considered that such movement will direct toward the helpful method which exchanges the
concepts of many researchers and improve the durability against delamination in laminate
composites.

M0.01 and E0.4 specimens displayed stable, slow crack propagation, whereas M0.4, M1.0
and MW0.4 specimens showed rapid, unstable crack propagation. As expected the GIc values
increased with crack extension for both the specimens containing M0.01 and E0.04 which
showed stable crack propagation.  In this RRT programme, an over 100% variation was
observed by all the laboratories on initiation values of mode I interlaminar fracture toughness
with different silane treatments.  These variations were higher than that of the results
previously obtained for tensile and bending tests (below 25% on moduli and below 10% on
strengths) and  reported in the first RRT programme.  Moreover the mode I method makes it
possible to separate the cracks initiation and the cracks propagation phenomena on which the
interface quality has a specific incidence.  Hence, mode I interlaminar fracture toughness tests
seem to be interesting method to investigate the fracture behavior of composite materials with
interfaces of different qualities.
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THERMOPLASTIC COMPOSITE BEARINGS:
TRIBOLOGICAL PROPERTIES AS A FUNCTION OF

THE MATERIAL STRUCTURE
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 Institute for Composite Materials, Ltd., University of Kaiserslautern,
PO Box 3049, D - 67653 Kaiserslautern, Germany

SUMMARY:   In the study presented here, thermoplastic filament winding of journal
bearings with functional properties over their cross sections was performed by the use of
different commingled yarns. The raw material of the sliding surface consisted of PTFE-,
aramid-, and polyamide fibers, of which the latter were molten and then transferred into the
final matrix of the composite tube element. For this special filament winding process, the
processing parameters were optimized, in order to realize a bulk composite structure. The
composition of the raw materials and the winding geometry were varied. Thus, the influence
of these parameters on the tribological behaviour of the bearing could be determined.

KEYWORDS:  Thermoplastic filament winding, thermoplastic composite materials, friction,
wear, coefficient of friction, winding parameters, injection molding

INTRODUCTION

Polymeric composites are predestinated for low weight and high stiffness constructions. New
developments have also focussed on the use of thermoplastic matrices, because of their
advantageous mechanical properties, especially the higher toughness when compared to
traditional thermosets. Another advantage of these thermoplastic matrices is that no final
curing process in an oven or autoclave is necessary. Therefore, these materials are especially
suitable for continuous manufacturing processes such as thermoplastic filament winding [1,2]
or pultrusion [3]. Impregnation, consolidation and cooling are performed continuously during
the manufacturing process. However, still a major problem in processing of thermoplastic
composites is the high viscosity of the matrix material. As a result, processing parameters like
temperature, pressure and winding speed have to be optimized properly in order to achieve
both, a good fiber distribution and a strong bonding between fibers and matrix [4].

Composite journal bearings are presently manufactured by a thermoset filament winding
technology. A better alternative, based on fundamental tribological studies, would be
however, to use continuous fiber reinforced thermoplastic composites, because of their
superior friction and wear properties. But one problem in using these materials for such
purposes is, that special manufacturing processes are required.
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THERMOPLASTIC FILAMENT WINDING EQUIPMENT

The possibility of welding continuous fiber reinforced thermoplastics enables the com-
bination of two manufacturing steps, i.e. filament winding and consolidation, in one con-
tinuous production process. Filament winding of composite materials with thermoplastic
matrices is more complicated than wet winding of thermosetting composites, due to the higher
viscosity of thermoplastic polymers. During this process, the incoming yarn has to be melt
impregnated and immediately consolidated onto the previously wound surface at the lay down
point (nip point). The in situ filament winding device is shown in Figure 1. A two axis motion
controller coordinated the mandrel's rotation and the movement of the support to which the
tow guidance system was attached. Hence, a predetermined fiber path could be realized. Tow
tension was measured and controlled. A defined compaction force was applied by employing
a compaction roller, or a temperature controlled sliding shoe.

Tow Tension 
Measurement

Preheating 
Zone

Air Volume Flow 
Measurement

Heated 
Mandrel

Brake

Hot Air 
Guns

Compaction 
Roller

Infrared Line 
Heater

Nip-PointTow Tension 
Controller

Prewarming 
Chamber

Bobbin with 
Commingled 

Yarn Tow Wound Ring

Figure 1: Thermoplastic filament winding device

The melting of the tow material was realized in the following way: The raw material bobbin was
positioned in a prewarming chamber (Fig. 1), which raised the temperature of the tow in front of
the preheating zone from room temperature up to about 200°C. In this way, the difference
between the raw material temperature and the matrix material's melting temperature was
significantly reduced. After leaving the prewarming chamber, the tow passed through a hot air
preheating zone. The final heating arrangement occured in the nip point area, which consisted of
two hot air guns, the first one heating the incoming yarn, the second one the previously wound
surface. An additional infrared line heater provided a fine tuning of the nip point temperature.
The mandrel temperature was also measured and controlled. Measurements of the ring surface
temperatures were carried out by two pyrometers. The first one was focused at the nip point, the
second one at the incoming surface of the wound part before reaching the hot air zone. In this
arrangement, the filament winding parameters were: winding speed (vw), mandrel temperature
(TM), nip point temperature (TNP), preheating temperature (TPH),  prewarming temperature
(TPW), consolidation force (FC), and tow tension (FT).
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RAW MATERIALS FOR FILAMENT WINDING

The first type of yarn used in this study consisted of PTFE-, aramid-, and polyamide fibers, of
which the latter were melted and therefore transferred into the final matrix of the composite tube
element (Figure 2). The second material investigated was a polymer powder impregnated and
with a thin polymer matrix sheath surrounded flexible reinforcing fiber bundle. The particular
components consisted of glass fibers and a polyethyleneterephtalate matrix material (GF-PET-
1200tex).

Polymer 
Sheath

Glass FiberPolymer Powder

Powder Impregnated Yarn Commingled Yarn

 Aramid 
Fiber

PA Fiber

PTFE Fiber

Figure 2: Raw materials for thermoplastic filament winding

INJECTION MOLDING EQUIPMENT AND PARAMETERS

In this study a commercially available fully hydraulic injection molding machine (ARBURG
ALLROUNDER® 270 V) equiped with a SELOGICA® process control system was used. The
most important processing parameters were the temperature of the molten thermoplastic, the
mold temperature, the injection pressure, the injection time, the holding pressure and the
holding time. Optimum processing parameters for a certain part were not only a function of
the thermoplastic used but also a function of the mold geometry. For every commercially
available, injection moldable thermoplastic polymer the processing properties are given in a
certain range. Starting from this point, the injection parameters were systematically varied and
optimized. At first, simple rings with an inner diameter of 40 mm, a width of 20 mm and a
wall thickness of 4 mm were injection molded out of PA66, filled with 30 wt % short glass
fibers. In the next step a filament wound ring with an inner diameter of 40 mm, a width of 20
mm and a thickness of about 2 mm was placed as an insert into the same mold and then
preheated with a hot air gun (400°C) for one minute. Subsequently, it was embedded into a
glass fiber reinforced thermoplastic PA66 matrix by injection molding. For this process, also
the injection parameters such as mass temperature, tool temperature and injection pressure
had to be optimized in order to achieve optimum material properties and strong bonding
between insert and injected material.



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 811

COMBINATION OF FILAMENT WINDING AND INJECTION MOLDING

Alternatively to the complete manufacturing of the bearings by filament winding, a thinner
filament wound bearing layer could be encapsulated by short glass fiber reinforced
polyamide, injection molded around the wound insert [5]. Critical processing issues were (1)
the control of the adhesion between the composite insert and the surrounding material, and (2)
the different thermal expansion conditions of the two partners in contact. The correct design
between the two is a basic requirement for dimensional stability of the final component.

Thermoplastic 
Filament Winding

Granules

Ring Structure with 
Fiber Orientation

Insert

T
F

Injection Molding Complex Part

Tow Material  
Commingled Yarn

Figure 3: Combination of thermoplastic filament winding and injection molding

Injection molding technology allows the production of very complex geometries. The
disadvantage is that only short fiber reinforced thermoplastics can be processed, and
furthermore, that fiber orientation is highly dependent on the mold geometry and processing
parameters. Thermoplastic filament winding, on the other hand, allows the production of
continuous fiber reinforced, relatively simple structures such as rings with a defined fiber
orientation and a high fiber volume content [1, 2]. The combination of these two technologies
permits the fabrication of structural parts with complex geometries and functional properties.
During this study, a thermoplastic filament wound ring was used as an insert embedded in a
short fiber reinforced thermoplastic component of a different geometry, produced by injection
molding (Figure 3).

TESTING OF THE COMPOSITE BEARINGS

Testing of this final component in a journal bearing tester indicated its good performance in
terms of low coefficient of friction, low wear and high thermal stability under various
pressure, temperature and velocity conditions. A cross section of the inner layer of such a
bearing is presented in Figure 4.
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Figure 4 : Cross section of the sliding surface of a thermoplastic composite bearing

Using optimized thermoplastic filament winding parameters, the winding angles and the
composition of the sliding surface material were varied systematically. The influence of these
parameters on the tribological properties of the bearings were investigated using a journal
bearing tester. The components indicated a good performance in terms of low coefficient of
friction, low wear and high thermal stability, in relation to competitive thermoset bearings
under comparable pressure, temperature and velocity conditions. The correlation between
winding angle and coefficient of friction is given in Figure 5. This lay down angle of the raw
material on the mandrel was varied between 0° (hoop winding) and 30°. In the range between
0°and 7°, the coefficient of friction is nearly constant at a value of about 0,085. A further
increase of the winding angle let to friction coefficients of 0,16.
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Figure 7: Coefficient of friction of filament wound  thermoplastic composite bearings
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In further experiments, the composition of the composite material was varied. The weight
content of PTFE was altered between 0 and 14%. The results can be seen in Figure 7. An
increase of PTFE weight content resulted in lower coefficients of friction. In fact, the best
coefficient of friction of 0.085 was measured with a PTFE content of 14% and a winding
angle of 0°.

RESULTS OF INJECTION MOLDING EXPERIMENTS

The results of the injection molding experiments are given in Figure 8 and 9. In these
experiments the filament wound sliding surface was used as an insert and the outer structure
was injection molded around it. A preheating of the insert using hot air of 400°C was
necessary to guarantee a strong bonding between insert and surrounding polymer. This
bonding was determined using a special shear test [6]. The influence of the polymer's mass
temperature during injection molding on the interlaminar shear strength between insert and
polymer is shown in Figure 8. The mass temperature was varied between 260°C and 340°C.
An increase of mass temperature up to 300°C resulted in shear strength values of 18 MPa. A
further increase could not improve the bonding.
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The correlation between tool temperature and shear strength is given in Figure 9. During these
experiments the tool temperature was varied between 20°C and 120°C. Here, an increase of
temperature resulted in higher shear values. The highest tool temperature of 120°C let to shear
values of about 20 MPa.
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CONCLUSIONS

The manufacturing of a new type of bearing using thermoplastic matrix composites processed
by filament winding, optionally in combination with injection molding, led to the following
results: (a) Aramid fibers provided high strength and PTFE fibers, both embedded in a PA66
matrix, resulted in a low coefficient of friction of the bearings. The best results could be
obtained with a PTFE weight content of 14 % and a winding angle of 0° (hoop winding). (b)
During injection molding, preheating of insert rings resulted in much better adhesion to the
injection molded outer part. For the materials investigated (PA66), a mass temperature of
300°C in combination with a tool temperature of 120 °C resulted in the best adhesion between
insert and surrounding polymer. (c) Further work needs to be done in order to optimize the
bearings by the use of a finer commingling quality of yarn, the adjustment of optimum fiber
orientation angles in the sliding surface and other fiber matrix material combinations.
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SUMMARY:  The chirped Bragg grating technique have opened up new ways to measure
transient strain events such as acoustic waves without encountering problems concerning the
large dynamic range. Theoretical analysis shows that by using the "Chirped Grating
Interferometer", CGI, concept with global strain and temperature compensation the sensor
would mechanically maintain full sensitivity over global strain and temperature variations. A
sensor that discriminates against global strain and temperature variations could be adapted to
acoustic waves such as acoustic emission or other strain gradients. Properly adapted to the
acoustic wavelength the two chirped gratings of the sensor will experience strain amplitudes
of different sign and effectively enlarge the path imbalance of the sensor. Initial calculations
for the acoustic application indicate that PZT-performance or even better is within reach.

KEY WORDS:  fiber optic sensor, chirped gratings, gratings in fibers, acoustic emission,
acoustic sensing, temperature compensation, strain compensation

INTRODUCTION

Background

In the field of "Aircraft Health Monitoring" one major objective is the continuous monitoring
and characterisation of damage. Very few concepts of NDT are capable of an in service
monitoring of damage evolution. However, the sensing of acoustic emission, AE, is a
technique with such a potential and is therefore considered the primary candidate for a passive
damage evolution monitoring scheme. The AE technique involves many complex and
ambiguous interpretation procedures but does also have the benefit of a sensing range
extending out from the sensor and also a limited location ability. Fiber optic sensing of AE is
difficult due to several physical circumstances such as small displacements, short acoustic
wavelengths and large bandwidth. Previous evaluation has been limited to various Fabry-
Pérot interferometers (FPI) since quasi point wise interferometry offers a high degree of
sensitivity at a specific location, see figure 1, Henriksson [1].
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Figure 1. A Bragg grating Fabry-Pérot interferometer

The full Aircraft Structural Health Monitoring concept includes the monitoring of strain,
temperature and damage evolution through a fiber optic sensor network embedded in an
aircraft wing structure. In order to secure the sensor function but also to minimise the negative
effects imposed by embedded sensors on the load carrying structure, the sensors should be
solid and without inherent stress concentrations. Fiber optic sensors consisting of fiber Bragg
grating elements seems to be the answer to most needs of smart structures; they have similar
structural properties as those of an optical fiber, they do not cause higher stress concentrations
than the optical fiber itself and reflectivity and bandwidth can be tailored to a large extent. A
major problem with using FPI-sensors has been the need to keep the sensor at quadrature due
to the "blind spots" in the sensing range. The quadrature refers to a phase difference of a
quarter wavelength between the reflections that result in half fringe amplitude and maximum
sensitivity. Much effort has so far been sunk into keeping the interferometer sensors at
quadrature over global strain variations.

One of the drawbacks of most fibre optic sensors is the inability to discriminate between
temperature and strain. Of the several methods to achieve this discrimination, most of them
are based on using double sensors with different sensitivity factors to strain and temperature.
A technically interesting alternative sensor concept to overcome the discrimination problem is
the Chirped Grating Interferometer-, CGI-sensor, Henriksson [2], Henriksson et. al. [3].
According to this concept the sensor can be tailored to compensate for signals from global
measurands such as temperature and global strain and hence effectively be insensitive to that
input. Under some circumstances the compensation can even become selective and hence
provide a discrimination concept. A sensor that compensates against global strain and
temperature variations in the described manor would be very sensitive to strain gradients such
as acoustic waves. For a sensor adapted to acoustic waves such as acoustic emission, with a
length equal to half the acoustic wavelength, Henriksson [4], the minute displacements
involved can very well be resolved.

Bragg Grating Sensors

A fibre optic Bragg grating is a periodic modulation of the refractive index in the core of an
optical fibre. Such a modulation forms by itself a wavelength selective reflector, or rejection
filter. In recent years this has rapidly become the dominant method to create reflectors inside
optical fibres. The gratings are "written" in the optical fibre by exposure to a UV-light pattern.
Like all gratings the Bragg grating is characterised by the physical length of the grating pitch,
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i.e. the periodicity, Λ, and the effective refractive index neff for the wave guided mode. These
quantities in turn defines the Bragg resonance wavelength λ B = 2neff Λ . Furthermore the pitch
of the grating, physically being a length, changes with strain and temperature. Hence the
strain and temperature will affect the wavelength of the reflected light. The linearity and the
fact that the sensor is a real strain sensor rather than a differential displacement sensor and the
integrating length can be made small makes the method very attractive. The difficulty,
however, is to separate strain and temperature induced signals.

Sometimes the gratings are "chirped", i.e. the grating pitch varies over the grating length,
Λ=Λ(x). This has two major effects: The spectrum of the reflected light is broadened and the
penetration depth of a light pulse will vary with strain and temperature. The latter effect is
explained by considering the in-grating position of the particular pitch that will reflect the
incident light. The match will occur at different in-grating positions under affected compared
to non-affected conditions. Commonly a chirped grating is a grating with a monotonic chirp,
i. e. the grating pitch increases or decreases from one end of the grating to the other. The
grating can of course be adapted to some arbitrary variation as well. This concept extends the
tailoring potential of the gratings even more, not least for sensing applications. A rather new
concept of using the tailoring potential of the grating has been described by Kersey and Davis
[5], where a chirped Bragg grating is utilised to mechanically enlarge the optical path
imbalance of a fibre optic Michelson interferometer, when used in conjunction with a pulsed
light source. This is accomplished since the centre of reflection in the Bragg grating for the
well specified wavelength actually is shifted along the grating as it is strained. This effect can
naturally be used twice in a Bragg grating Fabry-Pérot sensor as illustrated in figure 2.

Figure 2. A Fabry-Pérot interferometer with chirped Bragg gratings as reflectors. The
concept could be applied as well for signal enhancement as for signal compensation.

THE COMPENSATION

The CGI-Concept

The Chirped Grating Interferometer, CGI, concept is based on a fiber optic Fabry-Pérot
interferometer with two chirped Bragg gratings as reflectors. This combination provides a
powerful tool for the tailoring of fibre optic sensors. In the combined interferometer
configuration of the CGI-sensor the optical path difference between the reflections is caused
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by two effects. Primarily, the ordinary Fabry-Pérot interferometer type path difference; strain
and temperature changes the physical distance between the reflectors but also the refractive
index of the glass in between. Secondly, the penetration depth in either chirped grating
changes with strain and temperature. Unless both gratings have exactly the same chirp
function this will add or subtract an additional distance between the reflectors.

By utilizing the difference in penetration depth of the two chirped grating reflectors in an
interferometer configuration the sensor response can be greatly altered or even cancelled.
Differently put, the centre of the reflection in a chirped grating is effectively shifted along the
grating as it is affected by the measurand and the amount of shift is controlled by the chirp
function. Hence, it is possible to create a sensor with two different chirp functions and thereby
controlling the path imbalance of the sensor. The sensor output can be tailored to range from
negative signal response via cancellation to significantly enlarged. Figure 3 shows an attempt
to graphically illustrate the sensor function.

The differential chirp function that will compensate for the input signal can hence be derived
by equating the two contributions cavity and chirp induced change in optical path. This chirp
function is referred to as differential since it concerns difference in shift of penetration depths.
By subtracting half of this differential chirp function from a "basic" chirp function of the first
grating and adding it to the "basic" chirp function of the second grating, the effective
difference will be an exact match. The interested reader can find the full derivation in
Henriksson et. al. [4]. The principle is illustrated in figure 3.

Figure 3. Diagram illustrating the compensation function of the CGI-sensor.

Variations in inherent optical fibre strain and temperature responsivity from plain fibre to
grating would enable such a cancellation to be selective and provide a new discrimination
approach for fibre optic Fabry-Pérot type sensors. Such variations could either be caused by
the exposure to UV-light during the manufacturing process of fibre Bragg gratings or
artificially created by using a different fibre in part of the sensor. If the chirp functions of the
two gratings are properly matched to one another, the sensor geometry and its boundary
conditions, the sensor can be designed to discriminate against either temperature or global
strains. Some examples of applications are: strain-, temperature- and acoustic- sensors. The
sensor has been given the acronym CGI-, sensor for Chirped Grating Interferometer- sensor.
Eqs. (1) expresses the optical path in an optical fibre as a function of strain and temperature
variation for plain fibre and fibre grating respectively. The correction factors of ηε  and ηT
are introduced to handle possible changes in responsivity as a result of structural changes in
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the grating. Factors n0i and kmi are refractive index and the refractive index dependence to the
measurand m for the different sections i of the sensor respectively.

Γψ ε,∆T( )∝ nψ
0 + k ψ

ε ε + k ψ
T ∆T( )1+ ε + k ψ

α ∆T( )
Γγ ε,∆T( )∝ nγ

0 + ηε k ψ
ε ε + η Tk ψ

T ∆T( )1+ ε + k γ
α ∆T( )

 
 
 

  
                     (1)

The discrimination condition is hence that eqs. (1) are linearly independent. If not, any
compensation will cancel both global strain and temperature signals. The relevant
discrimination is not however between the true strain and temperature but rather between load
induced strains and temperature induced changes in the optical path length of the sensor.

Simulations of the Compensation Effects

Simulations were carried out according to a geometric grating model assuming continuous
chirp and a strict geometrical reflection criterion. In these simulations the correction factors
ηε  and ηT  are assumed to be non-unity. These simulations illustrate the compensation effect
for free sensors subjected to a matrix of load and temperature variation, figures 4 and 5.

ACOUSTIC SENSING ANALYSIS

Acoustic Sensing

This work is mainly focused on the acoustic respons of the chirped grating interferometer
(CGI-sensor), Henriksson et al [6]. Even though the discrimination concept is a very
interesting potential in itself a perhaps even more spectacular property of the sensor is the
extreme sensitivity to acoustic waves and strain gradients. To optimize the sensor for acoustic
waves the sensor length needs to match half the acoustic wave length so that the two gratings
will experience strains of different signs. For e.g. acoustic emission the proper length can be
rather short, only a few mm. In previous attempts to detect acoustic emission, AE, using
EFPI- and FFPI-sensors one major problem has been to maintain the sensor at quadrature,
Henriksson [1]. Choosing the compensated design as in this approach the sensor would
mechanically maintain itself at quadrature over global strain and temperature variations. The
sensor acoustic response, however, is mainly caused by the chirp induced change of the cavity
length of the sensor. When the sensor length is adapted to the propagating acoustic wave
mode of the AE such that the two reflectors of the sensor will experience strain amplitudes of
different sign the chirp will effectively increase the response to the acoustic wave as
compared to regular FPI-sensors, see figure 6.
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Figure 4. Simulated temperature and strain
response for an ordinary FP-sensor with

straight gratings as reflectors.

Figure 5. Simulated strain and temperature
response for a temperature compensated FP-

sensor with chirped grating reflectors.

Figure 6. Diagram illustrating the large shift in penetration depth for a small amplitude
acoustic wave.

The Chirp Limitations

Effectively the slope of the chirp function determines the dynamic range of the sensor. If the
strain gradient of the acoustic wave is larger than the slope of the chirp function there can
form double reflections within each grating that will disturb the interferometer output. Hence
the limiting factor of the chirp function is that the slope should exceed the expected strain
gradient of the largest acoustic wave. Apparently the resolution is opposed to the dynamic
range but there is no definite theoretical limitation to the resolution.
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Displacement Resolution Estimate

Approximating an AE with its dominating harmonic, e.g. a sinusoidal wave with the
frequency 150 kHz, and applying a rather large AE-amplitude e.g. 1nm the dynamic range can
be determined together with the minimum slope of the chirp function. The displacement of the
wave is:

u = A sin (ω t + kz )  (1)

where A is the amplitude, ω is the circular frequency and k is the circular wave number. The
first derivative of the displacement equals the strain wave:

ε = du
dz

= kA cos(ω t + kz) (2)

and the second is the strain gradient:

dε
dz = −k2A sin(ω t + kz )  (3)

Hence the slope of the chirp function K should be:

K ≥ dε
dz max

= k2A       (4)

Strain effects on the refractive index are in this context less than the order 10-6 and can be
neglected. Inserting values for the wave number and the amplitude, e.g. k=π/3mm, A=1nm,
yields a chirp function slope of about 1.1·10-3. A very moderate interferometer performance
even for high a bandwidth is a fringe SNR of about 100. Used with an optical wavelength of
1550nm the resolution for length changes in the cavity is about 1.64nm. Splitting this number
for the two gratings each grating apparently has to shift its penetration depth 0.82nm for
detection when the sensor is at quadrature. With the penetration depth shifted 0.82nm and the
strain field applied the Bragg resonance criteria should be fulfilled just as with Λ0:

Λ0 = Λ0 1+ Kz( ) 1+ ε( ) 1− ηε

n0
2

2
P12 − ν P11 + P12( )[ ]ε 

 
  

 
 (5)

Keeping just the first order terms in ε and Kz the equation is easily solved:

ε ≈ − Kz

1− ηε

n0

2

2
P12 − ν P11 + P12( )[ ] 

 
  

 

≈ −1.32Kz = −1.19⋅10−12       (6)

The strain that would generate a shift of detectable magnitude is no larger than 1.2·10-12.
When the acoustic wave of that strain amplitude is integrated once the resulting displacement
amplitude is as small as 1.1·10-15! This level of sensitivity is for the proper acoustic
wavelength match only. Obviously, the sensor will be sensing strain gradients in the material
and not the displacements. In this respect much like the PZT-transducers commonly used to
detect AE that sense accelerations. However, unlike the more or less resonant PZT-
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transducers, the only bandwidth limiting factor is the sensor length. Hence the CGIA-sensor
signal can be integrated twice into the true displacement amplitude. For other wavelengths the
amplitude would naturally have to be larger to be detected.

Acoustic Sensor Conditions

For the acoustic sensing there are no discrimination requirements. The difference would
merely be whether or not the sensor would detect temperature variations. Any such response
would easily be filtered out, however, and the sensor function would be similar. The
difficulties regarding the acoustic sensor are of a rather practical nature. If the target is AE the
sensor would have to be rather short to span no more than half an acoustic wavelength. This
imposes problems to the realization of the sensor since the applicability of the penetration
depth function of Ouelette [7] for chirped gratings of such short lengths is questionable.
Possibly somewhat longer gratings allowing for some overlap between the two gratings would
be an option. Still, some response is expected even for short gratings and sensors.

Simulations of Acoustic Response

In the simulation the sensor models are subjected to a sinusoidal displacement wave with both
time and position dependence. The simulated responses are illustrated in figures 7 and 8 for a
sensor with straight and chirped gratings respectively. The slope of the chirp function in this

case is 0.24 m-1, i. e. much steeper than optimized, and the acoustic wavelength is 30 mm.
Theoretically the increase in sensitivity for this particular combination is 661 times. The
sensor would of course be sensing strain gradients in the material and not the actual
displacement. It is an exact analogy with the acceleration detecting PZT-transducers
commonly used to detect AE but with respect to position rather than time. This is actually
what provides the sensitivity of these two methods; they will both detect second order
derivatives of the displacement. For non-dispersive wave propagation these signals would, in
principal, be identical.

Figure 7. The phase response of a sensor
with straight regular gratings to an acoustic

wave.

Figure 8. The phase response of a sensor
with chirped gratings to an acoustic wave.
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Experiments

Experimental determination of the doze dependent correction factors for strain and
temperature dependence of the refractive index within the grating was carried out for boron
co-doped fibre. Fibre optic gratings of different reflectivities were examined to determine the
doze influence of the refractive index strain and temperature dependencies. Two different
gratings of identical period and length but of significantly different UV-doze were subjected
to temperature and load variations separately. The shift of the Bragg wavelength in response
to the variations was taken as an indication of the doze dependencies.

The results  showed no significant discrepancy. For boron co-doped hydrogen sensitised
fibres no deviations could be detected. Hence, for such fibre, artificial variation of
temperature dependence over the sensor is required to achieve discrimination. Though this is
not a success for the discrimination concept it is indeed still interesting for the acoustic
sensing concept. Effectively the compensated sensor would remain stable for both
temperature and strain variations while very sensitive to acoustic waves. Evaluations are
underway to see if fibre gratings formed with other physical mechanisms will perform
differently.

The planned evaluation of the CGI-prototypes will involve composite DCB specimens with
embedded fibre optic sensors. The fibre optic sensor response to the AE generated by the
central mode I delamination will be registered parallel to the signals of conventional PZT-
transducers. The relative waveforms and frequency contents from either sensor will be
demonstrated together with the PZT-recordings for the same waves.

CONCLUSIONS

To accurately determine the correct chirp function of the sensor gratings each individual fibre
would have to be evaluated with respect to photo elastic constants, thermal expansion
coefficient and temperature dependence of the refractive index. Equally important is to
consider the boundary conditions of the sensing environment. The compensation of an
embedded sensor requires other chirps than compensation of a free sensor. The CGI-sensors
acoustic sensitivity is not dependent on the discrimination between temperature and strain. In
fact, the sensor would be even more stable if both the strain and temperature responses were
removed. Then the sensor would inevitably be operational with a stable detectability by
keeping the at quadrature.

A couple of comparisons are of interest:

Compared to the best results by previous fiber optic AE-systems obtained by Henriksson, [1],
using the same detection scheme and circuitry the CGI-sensor concept offers a theoretical
improvement in the order of 106 times regarding displacement resolution for AE. If these
theoretical figures are experimentally verified they will indeed signify a breakthrough.

Even compared to the performance of conventional PZT AE-transducers the performance is
good. So far the PZT-transducers have been outstanding in their very reliable and extremely
sensitive operation. The PZT-transducer is actually an accelerometer for high bandwidths and
as such it responds to force across the crystal or acceleration. The integrations to displacement
resolution is of course bandwidth dependent and not exactly straight forward. Still, Pollack,
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[8], claims an impressing PZT resolution of no more than 25·10-12m. Even resolutions in the
order of 10-14m have been claimed, Brüel&Kjaer [9]. In comparison to these values the
estimated 1.1·10-15m resolution of the CGIA-sensor is very encouraging.

The CGI-sensor acoustic sensitivity is not dependant on the compensation. The sensor can
indeed be operated with any chirp functions with varying sensitivity. The compensation does
however enable a stable detectability by keeping the sensor at quadrature. It was shown in this
study that optical fibers that would not discriminate between strain and temperature in the
CGI-configuration are commonly available. Hence the compensation for global variations
includes both of these measurands. If preferred the acoustic sensing could of course be
combined with simultaneous temperature readings if the discrimination is enabled by an
appropriate choice of fibre. Shifts due to temperature variations are easily dealt with. Mainly
due to the difference in dynamic range.

For a complete aircraft health monitoring system, where strain, temperature and AE is
acquired a combination of CGI-sensors appears to be very interesting. Generally in fiber optic
sensing the discrimination between strain and temperature is the problem. With this approach
however, the discrimination issue can be between AE and temperature variations. This task is
considerably much easier since the dynamic range of the two measurands are so different, in
the order of 1 Hz for temperature and 100 kHz for AE, and could easily be solved by simple
filtering. A system including CGIS-sensors for strain detection and CGIT-sensors for
temperature and AE detection holds a high potential to fulfil the needs of a health monitoring
system .

The manufacturing of a chirped grating of the required accuracy is obviously very difficult.
The compensating chirp functions are close to linear and if the manufacturing process would
benefit from this it could of course be approximated as such. However, at IOF, the Institute of
optical research in Stockholm, a technique to accomplish extremely accurate and repetitive
chirped gratings of an arbitrary chirp function has been developed. Using this technique very
long and superstructured gratings are composed by writing a set of consecutive sub gratings
with interferometric control of the relative positions between sub gratings, R. Stubbe et. al.
[10]. For chirped gratings, the chirp function is basically formed by imprinting the sub
gratings with its own specific phase shift as compared to the former prints. In this manor very
long gratings with a very accurate chirp function has successfully been manufactured.
Attempts to realize the various CGI-sensors are currently underway.
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SUMMARY:  Fiber-reinforced plastic (FRP) rebars, long rods produced by the “pultrusion”
process and containing by volume about 55% E-glass fiber and about 45% thermoset resin,
have been successfully applied as concrete reinforcement in many construction applications.
However, creep, fatigue, and corrosion from alkaline environment of concrete are areas of
concern for any large-scale application. In this investigation the creep study was limited to
determine whether the commercially available FRP rebars would creep under a sustained
tensile load over a wide range of temperatures: low temperature (–23°C, –10°F), room
temperature (21°C, 70°F), and high temperature (49°C, 120°F). Because these rebars have
fibers generally oriented in the longitudinal direction 12.70, 15.88 and 19.05 mm (1/2, 5/8,
and 3/4 in.), the load would be carried primarily by the fibers. Six FRP rebars in nominal
diameters with a spirally wrapped glass fiber strand were instrumented with strain gages to
measure both the longitudinal and diametral strains under dead weight loads adjusted to
tension each of these rebars to about 50 percent of its yield stress. In order to monitor
temperatures, a thermocouple was attached to each rebar. For the room temperature tests,
strain was measured for 1800 hours (75 days) and over this period the strain did not show any
trend to continue to increase. The low temperature tests was continued for 3,552 hours and
again no discernible trend of increasing strain was observed. The high temperature test was
performed for 3,792 hours (158 days). From the creep data in which a very small trend of
increasing strain could be observed, the values of creep parameters m and n were determined
as m = 9.45, and n =  0.297. These values closely match with published values for
commercially available pultruded FRP WF beams.

KEYWORDS:  creep, composites, low temperature, FRP, polymer composites, sustained load,
viscoelastic materials

INTRODUCTION

In recent times, FRP reinforcing bars are receiving increasing attention as the tension element
in reinforced concrete [1]. This is primarily because corrosion of steel reinforcement in
concrete by chloride ions has been determined to be the major cause of premature
deterioration of concrete structures [2]. As available in market, these rebars, as long rods, are
made of very fine continuous glass fiber strands which are bound together with a thermosetting
polymer. Wu et al. [3] have reported that E-glass reinforced composite rods, from which these
rebars are made, may have tensile strength in excess of 689 MPa (105 psi) and longitudinal
elastic modulus about 51.7 GPa (7.5×106 psi). In tensile tests the bars fail without any
significant yield (brittle failure).
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Table 1. Comparison of mechanical properties of steel and FRP rebars [4].

Properties Steel rebar FRP rebar
Specific gravity 7.9 1.5– 2.0
Tensile strength MPa (psi × 103) 483–690 (70–100) 517–1207 (75–175)
Yield strength MPa (psi × 103) 276–414 (40–60) —
Compressive strength MPa (psi × 103) 276–414 (40–60) 310–482 (45–70)
Tensile modulus, GPa (psi × 106) 200 (29) 41–55 (5.9–8.0)
Coeff. thermal expansion 10–6/°C (°F) 11.7 (6.5) 9.9 (5.5)

The rods are produced by pultrusion process. Since glass is commonly used as the reinforcing
fibers in these rebars, these rebars are also designated as GFRP (G stands for glass). Currently
there are several FRP rebar companies actively marketing their products in the USA. Most
FRP rebars contain by volume about 55 percent E-glass fiber and about 45 percent thermoset
resin. The sizes (diameter) of the rebars follow the size designations of the steel rebars (e.g.,
#3, #4, or #7 rebars). Faza [4] has reported a number of successful applications of rebars in
the USA, including applications in sea walls, hospital magnetic resonance imagers (MRIs),
reactor pads, compass calibration pads, mill roofs, laser test facilities, highway barriers,
residential foundations, and bridge decks. Table 1 gives a comparison of mechanical
properties of the steel rebars and the FRP rebars.

The light weight, corrosion resistant and nonmagnetic properties make the FRP rebars an
improved alternative to steel. One of the most critical problems to be overcome in large-scale
applications of the FRP rebars is developing improved bond strength with concrete. Some
available designs provide a helically convex surface made with a strand spirally wound and
cured on the surface. Other designs suggest use of sand or grit coating on the rebars. A recent
design includes a pultruded ribbed surface. A comparative survey of the bond quality of these
surface modifications is still not available. Bond strength of composite rebars and the bending
response for carrying concrete stresses had been investigated by many including GangaRao
and Faza [5], Pleimann [6], Daniali [7], Larralde and Siva [8], Iyer and Anigol [9], Tao et al.
[10], Challal and Benmokrane [11], Challal and Benmokrane [12], and Malavar [13].

There are several major barriers to FRP rebar applications. These include lack of sufficient
data on durability or performance under extreme environments [14, 15). Creep, fatigue, and
corrosion from the alkaline environment of concrete are the areas of concern for any large-
scale application of FRP rebars. Unlike steel the FRP rebar is viewed as a viscoelastic
material, and, as such, many of its properties are suspected to be time dependent. Creep refers
to the slow deformation with time under a constant stress which is less than the yield stress.
When a constant load is applied (except for a short initial duration when the strain may
increase quite rapidly) to a viscoelastic material, the strain increases steadily. This increase of
strain is the creep. If the creep increases beyond a certain limit, the effective stress owing to
decrease in cross-section area increases. The increased stress results in further deformation,
which in turn increases the stress even more. Thus, the deformation suddenly accelerates,
leading to the failure of the material.

At the microstructural level the creep occurs due to the presence of mobile defects, such as
dislocations that move (enlarge) primarily at increased stress and temperatures. Thus the
general mathematical formulation of creep rate takes the form

dε/dt = F(σ,T) (1)
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where ε is the strain, t is time variable, and F(σ,T) is the function of the stress σ, and
temperature T.

In the case of composites, F is a function of the stresses produced in all the components, since
the net creep resistance will depend on the creep resistance of all the components. If the two
components of the composites have two different creep resistance, the creep of the low
resistance component will be checked by the high resistance material owing to adhesion
between them. Thus, with higher bond strength between the components a creep resistance
even greater than that of its components should result.

Creep in polymeric composites has been the subject of investigation for a long time [16, 17].
Tunik and Tomashevskii [18] discussed creep and long time strength of glass FRP in
interlaminar shear. Weidmann and Ogorkiewicz [19] studied tensile creep of a unidirectional
glass fiber epoxy laminate. Creep strength of discontinuous fiber composite has also been
studied by Bocker-Pedersen [20)]. The power law approach to modeling the creep behavior of
plastics and FRP is primarily due to the original work by Findley [21] which he again updated
in 1987 [22]. Numerous other projects have also been reported in composites literature about
creep behavior of FRP in general. These include the work by Holmes and Rahman [23] on
creep in FRP beams. Brinson et al. [24], Hiel and Brinson [25], and Dillard and Brinson [26]
used numerical methods of predicting creep and delayed failures. Transverse creep and tensile
behavior of composite laminates were studied by Eggleston [27], whereas Huang and Gibson
[28] performed both theoretical and experimental studies on sandwich beams with linear
viscoelastic cores. Creep behavior of Kevlar/epoxy composites was studied by Beckwith [29],
who concluded that the creep behavior in the laminate composites is primarily “fiber-
dominated,” and independent of resin modulus. Krishnaswamy et al. [30] presented the results
of a finite element model of ductile behavior of polymers. The creep effects in composite
columns were studied by Chen and Lottman [31], Ueng [32], and Vinogradov [32]. Slattery
[34] developed the procedure for predicting the accelerated failure rate by extrapolating short-
term data and by taking into consideration the progression of fundamental damage
mechanism. Recently, Mossalam and Bank [35], and Mossalam and Chambers [36] presented
a simplified and efficient design procedure to predict deflection of pultruded composites
under sustained load and a laboratory procedure for determining the creep coefficients. Thus,
while a large volume of information is available on the creep characteristics of the FRP
materials in general, the specific information on whether the FRP rebars would creep or not
under sustained loading is very scant.

In this investigation the scope of the creep study was limited to determine whether the
commercially available FRP rebars would creep under a sustained tensile load over a wide
range of temperatures: low temperature (–23°C, –10°F), room temperature (21°C, 70°F), and
high temperature (49°C, 120°F). Because these rebars have fibers generally oriented in the
longitudinal direction, the load would be carried primarily by the fibers.

TEST DESCRIPTION

Commercially available fiberglass composite rebars (Fig. 1) made with 5- to 10-micron E-
glass fibers in a polyester resin matrix were selected for this creep study. The mechanical
characteristics of these bars as provided by the manufacturer is given in Table 2.
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To conduct the creep tests, the deadweight creep test fixture shown in Fig. 2 was designed and
fabricated. The gripping mechanism is shown in Fig. 3. The fixture provides a mechanical
advantage of approximately 50 to 1. Six of these creep-test fixtures were mounted on a
common base frame (Fig. 4).

Fig. 1: Examples of commercially available glass fiber reinforced composite rebars.

Initially six fiberglass composite rebars made by a vendor were selected for the tests. The
rebars were obtained in 12.70, 15.88, and 19.05 mm (1/2, 5/8, and 3/4 in.) nominal diameters
with a spirally wrapped glass fiber strand, wound approximately 19.05 mm (3/4 in.) in pitch.
The entire rod was redipped in the resin and then cured to obtain an irregular wavy but drip
surface to promote adhesion to the concrete. For fixing on the test jigs the 19.05-mm (3/4-in.)
diameter rebar specimen proved to be the most difficult one to be gripped and was finally
rejected from the test batch. Only 12.70-mm and 15.88-mm (1/2-in and 5/8-in.) diameter bars
were finally tested.

Each composite rebar was instrumented with electrical foil strain gages to measure both the
longitudinal and diametrical strains (Fig. 5). Only longitudinal strains were of interest in this
creep study. The gages were centrally located along the length of each specimen and
diametrically opposite to each other. Each longitudinal gage was axially aligned with the fiber
direction and positioned so as not to interfere with the spiral wrapping of the rebar. They had
an effective length of 1.58 mm (0.062 in.), 350-ohm resistance, and were temperature
compensated for steel. The gages were bonded to the rebar surface according to the
manufacturer’s recommended procedure. To avoid modifying the rebar specimen resin, as per
the gage manufacturer’s instructions, the gages were cured overnight at room temperature. No
elevated temperature curing was attempted. For measuring strain, each gage was put in full
bridge configuration and initially balanced in a switching and balancing unit. All subsequent
readings were referenced to this initial balance.
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Fig. 2: Deadweight creep test fixture.

Table 2. Mechanical characteristics of composite rebars.

Density 1.85 g/cm3 (0.067 lb/in.3)
Ultimate tensile strength 117.9 MPa (17,098 psi)

Tensile modulus 54.206 GPa (7.86 × 106 psi)
Coefficient of therm. exp. 9.9 × 10–6 mm/mm/°C

(5.5 × 10–6 in./in./°F)
Matrix Derakane 411–45 polyester resin
Fiber E-glass

Spiral fiber pitch 0.75 in. (190.5 mm)

The deadweights were adjusted to tension of each of these rebars to about 50 percent of its
ultimate strength, as specified by manufacturer of the rebars. In order to monitor
temperatures, a thermocouple was attached to each rebar. Once the tension for the rebar was
fixed, the apparatus was not disturbed. For the room temperature tests, temperature and strain
readings were taken once a day for 1800 hours (75 days). The strain data are shown in Fig. 6a
and b for the 12.70 mm (1/2 in.) and 15.88 mm (5/8 in.) bar, respectively. If any creep
occurred, then the strain readings would be expected to continue to increase. However, the
results show that over this period the strain did not indicate any trend to increase. The
temperature variation of the room in which the test fixture was placed caused the daily
variation of the strain as seen by the zigzag lines of the record, but the general trend did not
reveal development of any creep under the test conditions.

If no creep could be detected at room temperature, then we should not expect any creep to
occur at low temperature (–23°C, –10°F). However, creep might result if the low temperature
induces any microcracking or degradation of the interface bond by the induced thermal



Proceedings of ICCM–11, Gold Coast, Australia, 14th-18th July 1997

IV - 849

stresses from the thermal expansion coefficient mismatch between fibers and matrix. A
relatively longer period of test was necessary to develop these effects. Accordingly the dead
weight test fixture was placed in a refrigerated coldroom where the temperature was
constantly maintained at approximately –10°C (–23°F). This test was continued for 3,552
hours (148 days). The strain records of the 12.70-mm (1/2-in.) and 15.88-mm (5/8-in.) rebars
are shown in Fig. 7a and b. Again no discernible trend of increasing strain was observed.

Fig. 3: Details of the gripping mechanism of the creep test fixture

For high temperature (120°F, 49°C) creep test a special environment chamber of 1.22 × 1.22
× 2.44 m (4 × 4 × 8 ft) was built with a thermostatically controlled hot air blowing system that
would control the temperature of the chamber between 50°C (122°F) and 47.2°C (117°F). At
the end of the coldroom test, the strain gages on the 15.88 mm (5/8 in.) rebars were damaged
and the bars were unsuitable for further testing. Accordingly only two 12.70 mm (1/2 in.)
diameter rebars were tested in the high temperature chamber. Each of these specimens were
instrumented with a thermocouple sensor, and a third thermocouple measured the air
temperature of the chamber near the specimens. These specimens were subjected to again for
a long period of test, from 25 April  to 30 September, a total of 3,792 hours (158 days). The
strain readings taken approximately once a week were remarkably steady over this period.
The numerical data recorded for this test are shown in table 16. Fig. 8a and b gives the plotted
data.
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Fig. 4: Creep test platform with six creep test fixtures.

Fig. 5: Strain gage instrumentation on the test specimens. Test specimens shown removed
from the test fixture after the test is over.
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Fig. 6: Records of room temperature creep strain at (a) 12.70 mm (1/2 in.) diameter rebar, and
(b) 15.88 mm (5/8 in.) diameter rebar.

Fig. 7: Records of low temperature (–10(F, –23(C) creep strain at (a) 12.70 (1/2 in.)
diameter rebar, and (b) 15.88 mm (5/8 in.) diameter rebar.

Fig. 8: Records of high temperature (49(C, 120(F) creep strain at (a) 12.70 mm (1/2 in.)
diameter rebar, and (b) 15.88 mm (5/8 in.) diameter rebar.
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ANALYSIS AND DISCUSSION

Findley’s general theory [21] of creep behavior of viscoelastic polymer is represented by

ε = ε0 + p (t/t0)q (2)

where ε = the total strain
ε0 = stress dependent strain
p = the coefficient of time dependent term, which is dependent on stress level
t = duration of loading (hours)

t0 = unit time (hour)
q = a material constant, independent of stress.

Parameters p, and q are known as creep parameters. To obtain the particular values of p and q
Eqn 2  can be rearranged and written in the form:

log (ε – ε0 ) = log (p) + q log (t/t0) (3)

Table 3. FRP rebar creep test data at 49°C (120°F).

Chamber temp Microstrain* Microstrain*
Date (°F) in rebar no.5 in rebar no. 6
04/25/94 120 1209 1281
05/02/94 120 1209 1273
05/09/94 119 1220 1279
05/16/94 119 1221 1274
05/23/94 120 1216 1273
06/01/94 120 1218 1276
06/07/94 120 1220 1270
06/15/94 119 1222 1276
06/22/94 121 1211 1268
07/01/94 119 1215 1269
07/05/94 121 1220 1272
07/06/94 122 1220 1272
07/07/94 121 1215 1272
07/15/94 121 1218 1275
07/21/94 118 1213 1273
08/01/94 119 1217 1268
08/08/94 118 1216 1272
08/15/94 121 1221 1276
08/22/94 121 1223 1277
09/01/94 122 1219 1276
09/07/94 122 1221 1276
09/15/94 120 1221 1271
09/20/94 121 1221 1271
09/30/94 118 1216 1262

*microstrain = strain × 10–6
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Equation 3 represents a straight line of slope n and intercept m at unit time if log (ε – ε0 ) is
plotted against log (t/t0). Using the creep data of Table 3, in which a very small trend of
increasing strain could be observed, the values of m and n were determined as p = 9.45, and q
= 0.297. These values closely match Mosallam and Chamber’s [36] published values for
commercially available pultruded FRP WF beams: p = 9.72, and q = 0.298. Findley’s
equation, when plotted over the Table 3 data points as shown in Fig. 9, but the match is not
very clear because of the scatter in the data. If the tests were continued over a longer time, a
more discernible creep strain might have developed. The data at room temperature and low
temperature had not shown any trend of increasing; therefore they were not analyzed with
Findley’s equation. It must be noted that Findley’s theory applies very well to viscoelastic
polymers, but in FRC composites rebars, when the stress is applied in the fiber direction, the
behavior is not totally viscoelastic. In fact, with higher volume fraction of glass fibers
oriented in loading direction creep in FRP composites is not expected to be a problem.

Fig. 9: Comparison of high temperature creep data with Findley’s equation.
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SUMMARY: Bismaleimide is a kind of thermosetting resin developed in 1970s, it has got
the wide application in engineering field and aviation technology. However, its friction and
wear properties, such as the influences of inorganic packings on its tribological
characteristics, are not yet reported in current references. In order to develop a particular
organic frictional material, a new bismaleimide was chosen. Under test, it was discovered that
dry frictional coefficient of bismaleimide was higher but decreased with time and adhesive
wear occured between the bismaleimide and some metals. For the sake of improving its
tribological characterisics, three kinds of inorganic fillers, namely CuO, Sillimanite and
Wollastonite, were chosen as frictional modifier. The influences of the concentration of these
fillers and the size of Sillmanite and wollastonite on sliding frictional properties of
bismaleimide aganist hard AL (LY 12) were studied respectively with a ring-on-ring
tribological machine and the modified mechanisms of these fillers were investigated
primarily.

KEYWORDS:  CuO, sillimanite, wollastonite, bismaleimide, friction material

INTRODUCTION

The friction and wear properties of polymer-based composite filled by inorganic packings
have been studied frequently by scholars in tribology field. The fillers such as metal powder,
oxide and other inorganic chemical compounds have been studied carefully, while the study
on some natural mineral as filler is seldom done. The study on polymer has been mainly
focused on thermoplastic polymers[1-5] such as HDPE, PTFE, PI, PA11 and PEEK, while the
study on other kinds of polymers, especially thermosetting polymer is hardly done[6-7]. There
are many opinions on the mechanism of friction and wear effects of fillers on polymers, but
consistent conclusion has not been achieved until now[8].

Bismaleimide which is a new kind of thermosetting resin, has got wide applications in
aviation and spaceflight industry field at first, and then, widely used in civil industry as
engineering plastic with high temperature resistance in recent years. It has not only the
superior properties, such as resistance to high temperature and humidity, high modulus of
elasticity, moderate hardness, and high adhesive reliability to inorganic materials, but also it
can be produced by the forming process similar to that of epoxy resin, which makes its
production costs come down. In particular, it’s supposed to be an adhesive to organic
frictional materials[9], because its temperature resistance is superior to that of phenolic resin.
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However, there is little research done in the field of friction and wear characteristics of BMI,
especially the field of inorganic fillers; influence on its tribological characteristis.

In order to develop a special organic frictional material, a new kind of bismaleimide was
selected as adhesive. The experiment on pure BMI polymer showed that its dry frictional
coefficient was high, but the coefficient decreased with time. Furthermore, adhesive wear
occured between the bismaleimide and dual metials. Therefore, three kinds of inorganic
fillers, namely CuO, sillimanite and wollastonite, were chosen as frictional modifer.
Sillimanite and wollastonite which is abundant is two kinds of natural mineral fillers with low
price. When BMI is filled by them, the composite’s cost is lowered while properties
improved. CuO is kind of inorganic chemical compound which has been studied carefully. It
has been found out that when CuO is filled in thermoplastic polymer, the wear resistance is
raisen, so is their frictional coefficient[4-5]. But the influences when BMI is filled by CuO,
are not yet reported in current references.

EXPERIMENT
Sample Preparation

Sample ingredient: three protions of sillimanite powder with the size of 100#, 200# and 300#
respectively, main ingradient: AL2O3 and SiO2, hardness: 6.5-7.0 Mohs; three protions of
wollastonite powder with the size of 400#, 800# and 2000# respectively, main ingredient:
SiO2 and CaO, hardness: 4.5 Mohs; hardness of CuO: 3-3.5 Mohs; bismaleimide HF-9401
(BMI), hardness: HRM122

Sample making: These proder of wollastonite and sillmanite was rinsed with the mixture of
alcohol and acetone, then was dried out. In proportion as weight, take 100 portions of BMI, 5,
10, 15, 20 portions of four concentrations of sillimanite respectively, 50, 100, 200 portions of
three concentrations of wollastonite respectively, and mix them according to different size of
powder, then using pressing methold, produce bibasic system circular BMI sample, the size of
which is . Polish the top and bottom surface of the sample with 600# and 800# water sand
paper respectively, rinse it with alchol repeatedly, then finish making sample by dring it.

Experiment Procedure

The sliding test was accomplished with a ring-on-ring tribological machine MPX-200. The
upper ring which rubbed against the composite sample was hard AL (LY12). Its size was
with two edge sides polished with 800# water sand paper. It had been rinsed and dried defore
the experiment. The vertical pressure: 60N. The speed of main shaft: 370rpm. The duration of
experimental time: 30min. Wear volume of the sample was measured by the weight difference
befor and after experiment, with precision of 0.0001g. The unit of wear rate is g/Nmm in this
paper. The experiment was done in a state of dry friction under indoor temperature.

RESULTS AND DISCUSSIONS

Influence of CuO on the Friction and Wear Properties of Bismaleimide

As fig.1 shows, when BMI was filled by CuO, the frictional coefficient between the binary
composite and AL ring tended to rise with the increasing of CuO weight fraction, while the
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wear rate between them tended to decrease. But there was little influence on the wear rate
when the concentration of CuO was over 25 protions. The cause of the phenomenon refered
above is that CuO filled in BMI promotes the formation of the transfer film on the AL, as a
result, the adhesive wear tendency liable to happen between pure BMI and AL ring declines.
Under test, observing the surface appearance of AL ring which had rubbed against BMI which
was filled by CuO, a layer of well-distributed black tranfer matter which couldn’t be cleaned
up by absorbent cotton could be found. This shows transfer film has been formed and adhered
tightly to AL ring. It’s the protection of the transfer film on AL ring that make AL ring’s wear
rate drop. The wear resistance of the transfer film restrains the wear caused by the matter
tranfer on the composite’s surface, and thus, decrease its wear rate. Friction and wear takes
place between BMI’s composite and the tranfer film, the friction and wear model of which is
shown in Fig.2, and there is strong molecular force between them. Furthermore, because CuO
fraction is a substance with hardness, when it is filled in BMI, the mechanic meshing effect
between the frictional pairs is strengthened. In conclusion, the increasing of both the
mechanic effect and molecular force between the frictional pairs leads to the rise of friction
coefficient between the composite and AL ring.

Fig. 1:  Variation of wear rate and friction coefficient of BMI composite and AL ring with
CuO weight fraction 1.BMI comosite 2.AL ring 3.friction coefficient
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Fig.2 The sliding model of BMI composite filled by CuO against AL.

The effects of CuO have also been verified by Bahadure[4-5]. They found through
experiment, the friction coefficient and wear resistance of thermoplastic polymer wear raised
when CuO was filled in the polymer. The study in this paper shows the effects of CuO may be
similar to different kinds of polymer.

Influence of Wollastonite on the Friction and Wear Properties of Bismaleimide

As Fig.3 shows, when BMI was filled by wollastonite powder, the frictional coefficient of
BMI drops with the increase of wollastonite concentration. In addition, the antifriction effect
of wollastanite on BMI was different according to the size of wollastonite powder. The size is
larger, the decline of the friction coefficient is less.

Wollastonite weight fraction

Fig.3 Variation of friction coefficient of BMI composite with wollastonite weight fraction.
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Wollastonite weight fraction

Figure 4: Variation of wear rate of BMI composite with wollastonite weight fraction

Wollastonite weight fraction

Figure 5: Variation of wear rate of AL ring with wollastonite weight fraction

As Fig.4 and Fig.5 show, when wollastonite powder was filled in BMI, the wear rate of BMI
and the AL ring droped obviously. Moreover, the antifriction effect was raised with the
increasing concentration and decreasing size of wollastonite powder. But it’s difficult for the
wollastonite powder to be well distributed when it is ground mixedly, if the size of the
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powder is too small. The wear resistance effect of wollastonite powder thanks to the inorganic
filler’s short-fiber structure with length and diameter in a ratio of 5:1-15:1. It’s main
ingredient is CaO and SiO2. As refered above, the rub of pure BMI against AL ring is in the
form of adhering transfer film which is not firm. When wollastonite powder is filled, in the
break strength of the composite is raisen. In addition, the slender and hard particles of
wollastonite cause polishing effect, which makes the oxidic film on the surface of AL ring
peeled off and fresh surface exposed. CaO and SiO2 which are composed of wollastonite can
promote the formation of transfer film and the film’s adherence of AL ring, which makes the
film firm[8]. The wear of AL ring is allieviated because the sliding friction is between the
surfaces of the transfer film and BMI’s composite. Moreover, the wear resistance of the
composite is raisen because the film which is firm and hard to wear away, prevent the further
wear of the composite. Observed after experiment, the analysis above can be confirmed by the
brown transfer film on the surface of AL ring and such smooth frictional surface appearance
of BMI’s composite as Fig.6 shows.

Fig. 6:  Optical micrographs of wear of BMI composite and AL ring surface (arrow
indicating sliding direction x500)

Influence of Sillimanite on the Friction and Wear Properties of Bismaleimide

As shown in Fig.7, the frictional coefficient of the compound system was raised with the
increasing of concentration and size of the sillmanite powder filled in BMI. Fig.8 shows the
variation of the frictional coefficient of BMI’s compoite filled by 200# sillimanite with time,
from which we learn the fact that the frictional coefficient of pure BMI increases first with
time to a high value, then decline gradually and the variation is not stable. When sillimanite
was filled, the frictional coefficient in a stable state was raised, the tribological characteristics
were improved. The frictional coefficient increased with time and remained steady when it
had risen to a high value. However it took longer to reach the stable state of friction if the
concentration of sillimanite increased.
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Fig. 7:  Effect of sillimanite weight fraction on friction coefficient of BMI composite.
1. 100# sillimanite   2.  200# sillimanite   3. 300# sillimanite

Fig. 8:  Variation of friction coefficient of BMI composite filled by 200# size sillimanite with
time.  1.  Pure BMI   2.  BMI + 5% sillimanite   3.  BMI + 10%  4.  BMI + 15%

The main reason of the phenomenon refered above is, if sillimanite which is rigid particle
with high hardness filled in BMI, it is analogous to scatter relatively hard particles to soft
basic body, therefore, sillimanite particles on sliding surface do great damage to the transfer
film which influence the frictional stability. The sliding model is shown in fig.9. In addition,
the uneven surface of the composite which is due to the different wear volume between the
soft and hard materials strengthens mechanic meshing effect when rubbed against AL ring.
Consequently, the frictional coefficient of BMI’s composite raises, and then tends to be
stable. The wear resistance of the composite is raised. Furthermore, as fig.10 shows, the wear
rate is less, the rise of wear resistance is more remarkable, with the increasing of sillimanite
concentration and its size. But it’s not suitable if the concentration of sillimanite is too much,
otherwise, it’ll take longer for frictional coefficient to reach stability and the wear of dual AL
ring will be grave. Under test, it’s found if the content of sillimanite is over 15%, the wear of
AL ring is serious, and the wear rate of AL ring against BMI filled by sillimanite is high than
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that AL ring against pure BMI. Therefore, if the frictional material against AL ring is to be
made, the content of sillimanite in the material is not suitable to be over 10%.

The main reason that sillimanite can improve BMI’s composite’s properties of wear resistance
is analysed as the following. Sillmanite, the crystalline grain of which is needlelike has high
ability to adhere to BMI resin and the adhesive strength is fairly high. The sillimanite particles
on the sliding surface sustain the load in the process of friction, which decreases alleviates the
wear of the basic bldy. In addition, it will cost much frictional work to remove the sillimanite
particles from basic body. Therefore, the wear resistance of BMI’s composite filled by
sillimanite is raised and the effect is more notable with increasing of the concentration and
size of sillmanite. In the process of friction, because sillimanite is harder than AL, its partides
which have been filled in BMI on the sliding surface destroy the formation of the transfer film
and its protective effect. Moreover, grave ploughing wear occures on the relatively soft basic
body of AL ring, which makes its wear rate increase.

Figure. 9:  The sliding model of BMI composite filled by sillimanite against AL.

Fig. 10:  Variation of wear rate of BMI composite and AL ring with sillimanite weight
fraction. ● 100# sillimanite,× 200#, ▲ 300#
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CONCLUSION

1. Wollastonite, CuO and sillimanite, all of them can improve the wear resistance of BMI,
and they are listed in an order from strong effect to  weak one. CuO and sillimanite can
raise the frictional coefficient of BMI, and sillimanite can also improve BMI’s
tribological characteristics.

2. The fact that wollastonite and CuO can improve the wear resistance of BMI and AL
ring, mainly relates to the protective tranfer film. Cao and SiO2 in both CuO and
wollastonite can promote the formation of the film, which makes its adhesive strength
to basic body rise. Sillimanite can improve the wear resistance of BMI. Its mechanism
is that the load is sustained by particles with high hardness, consequently, the wear of
BMI is prevented. However, the wear of AL ring is raised because ploughing effect of
hard particles destroys the formation of transfer film.

3. The frictional coefficient and wear resistance of BMI and AL ring is raised with the
accumulation of CuO’s concentration, while the rise slows down when the
concentration is over 30 protions. As far as wellastonite is concerned, the wear
resistance of BMI and AL ring is raised while the frictional coefficient between them
declines with the increasing concentration and decreasing size of wollastonite.
Moreover, the difference of the influence is little when the concentration is over
100protions. The influence is almost identical when the size of wollastonite is 800# and
2000#. However, it’s suitable to chose the size of 800# when well-distribute extent is
taken into account. although sillimanite which is inorganic particles with high hardness
can improve the wear resistance and frictional coefficient of BMI with the increasing of
its concentration and size, the wear of the AL ring against BMI filled by sillmanite is
aggravated. Therefore, its concentration should not exceed 10 portions and it’s suitable
to choose its size of 200#.
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